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Preface 


Experimental  and  Applied  Mechanics  represents  one  of  eight  volumes  of  technical  papers  presented  at 
the  Society  for  Experimental  Mechanics  Annual  Conference  &  Exposition  on  Experimental  and  Applied 
Mechanics,  held  at  Uncasville,  Connecticut,  June  13-16,  2011.  The  full  set  of  proceedings  also  includes 
volumes  on  Dynamic  Behavior  of  Materials,  Mechanics  of  Biological  Systems  and  Materials,  Challenges 
in  Mechanics  of  Time-Dependent  Materials  and  Processes  in  Conventional  and  Multifunctional  Materials, 
MEMS  and  Nanotechnology;  Optical  Measurements,  Modeling  and,  Metrology;  Experimental  and 
Applied  Mechanics,  Thermomechanics  and  Infra-Red  Imaging,  and  Engineering  Applications  of 
Residual  Stress. 

Each  collection  presents  early  findings  from  experimental  and  computational  investigations  on  an 
important  area  within  Experimental  Mechanics.  Experimental  and  Applied  Mechanics  was  organized  by: 
Carlos  E.  Ventura,  University  of  British  Columbia;  Hugh  A.  Bruck,  University  of  Maryland;  Wendy  C. 
Crone,  University  of  Wisconsin-Madison 

Experimental  and  Applied  Mechanics  covers  the  wide  variety  of  subjects  that  are  related  to  the  broad 
field  of  experimental  or  applied  mechanics.  It  is  SEM's  mission  to  disseminate  information  on  a  good 
selection  of  subjects.  To  this  end,  research  and  application  papers  relate  to  the  broad  field  of 
experimental  mechanics.  The  current  volume  on  Experimental  and  Applied  Mechanics  includes  studies 
on: 

Fracture  and  Fatigue 

Fatigue  and  Failure  of  Non- traditional  Materials 

Composite  Materials 

Composite  Damage 

Characterizing  Composite  Materials 

Modal  Analysis:  Measurement  Techniques 

Modal  Analysis:  Analytical  Methods 

Dynamic  Phenomena 

Measurements  and  Modeling 


VI 


The  Organizers  would  like  to  thank  the  presenters,  authors  and  session  chairs  for  their  participation. 

The  opinions  expressed  herein  are  those  of  the  individual  authors  and  not  necessarily  those  of  the 
Society  for  Experimental  Mechanics,  Inc. 

Bethel,  Connecticut  Dr.  Thomas  Proulx 

Society  for  Experimental  Mechanics,  Inc 
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Abstract 

The  dynamic  crack  velocity  is  a  key-parameter  involved  in  the  micro-mechanics  based  modelling  of  the  tensile 
damage  of  geomaterials  under  impact  loading.  However,  because  of  technical  difficulties,  very  few 
experimental  methods  have  been  proposed  in  the  literature.  In  this  work,  a  new  set-up  is  presented  based  on 
spalling  tests.  A  compressive  pulse  is  transmitted  to  a  parallelepipedic  specimen  by  means  of  a  Hopkinson 
bar.  It  is  reflected  as  a  tensile  wave  on  the  opposite  free  surface  of  the  sample.  A  short  notch  is  used  to  trigger 
a  single  crack  whereas  a  larger  notch  provides  a  rocking  effect  of  the  rear  part  of  the  specimen.  This 
experimental  configuration  has  been  optimized  using  numerical  simulation  analysis.  Finally,  a  series  of  tests 
have  been  conducted  on  dry  and  wet  concrete.  Crack  gauges  and  ultra-high  speed  camera  coupled  to  Digital 
Image  Correlation  have  been  used  to  determine  the  crack  speed  in  this  material. 

Experimental  set  up 

A  gas  gun  launches  a  projectile  made  of  aluminium  alloy  65  mm  in  length  and  45  mm  as  diameter  that  hits  the 
Hopkinson  bar  of  the  same  diameter  and  1200  mm  length,  Fig.  1 -right.  The  pulse  is  then  transmitted  to  the 
specimen  which  has  been  put  in  contact  with  the  bar.  An  ultra-high  speed  camera  is  used  to  visualize  the 
crack  propagation  during  the  test.  This  camera  has  a  312x260  pp  resolution  and  is  able  to  acquire  102  images 
with  an  inter-frame  time  up  to  1  micro-second.  In  addition,  because  of  the  rocking  effect  of  the  specimen  two 
lasers  interferometer  are  placed  pointing  on  the  rear  edge  of  the  specimen,  one  on  the  top  of  the  rear  edge 
and  the  other  on  the  bottom.  A  series  of  numerical  modeling  has  been  conducted  to  optimize  the  design  of  the 
specimen  and  the  projectile  velocity  with  the  aim  to  increase  the  stress  intensity  factor  for  triggering  the  crack 
without  damaging  the  target.  The  specimen,  Fig.  1 -left,  is  parallelepipedic  120x60x20  m3.  Each  sample  is  pre- 
notched  to  favour  the  crack  initiation.  Also,  a  high  density  random  pattern  is  applied  to  the  filmed  face  of  the 
specimen  in  order  to  perform  a  Digital  Image  Correlation  post-treatment  [1].  Moreover,  a  strain  gauge  is 
placed  close  to  the  contact  edge  for  recording  the  transmitted  pulse  and  a  crack  gauge  is  stucked  on  the 
opposite  face  close  to  notch  tip,  where  the  crack  initiation  is  expected,  to  characterize  the  crack  propagation. 


Fig.1:  Optimized  specimen  geometry  used  in  the  rocking  spalling  tests  (left).  Experimental  set  up  used  for 

dynamic  crack  propagation  testing  (right). 
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Experimental  results 

Seven  tests  have  been  performed  with  two  sets  of  sample:  water  saturated  specimens  and  dried  specimens. 
The  dried  specimens  others  were  stored  at  65^  unti  I  they  reached  a  stabilized  mass.  Two  results  are  plotted 
in  Fig. 2  for  dry  and  wet  specimens.  Both  tests  show  a  gap  in  time  regarding  the  crack  initiation  between  the 
crack  gauge  signal  and  the  DIC  results.  It  is  supposedly  due  to  a  lack  of  resolution  of  the  crack  gages. 
Nevertheless,  a  consistent  value  of  crack  propagation  velocity  has  been  found  out  (1300  ms"1). 
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Fig. 2:  Crack  velocity  in  R30A7  concrete:  comparison  between  crack  gauge  and  DIC  results  for  dry  specimen 

(left)  and  wet  specimen  (right). 

Crack  propagation  with  DIC  is  determined  from  an  analytical  method  [2]  based  on  the  Crack  Opening 
Displacement  measurements.  This  method  allows  evaluating  the  crack  tip  position  (Fig. 3)  and  cracking 
velocity,  (Fig. 2). 


Fig. 3:  Axial  displacement  field  (vertical  orientation  on  figure)  in  pixel  measured  by  DIC  for  dry  specimen  A2 
(Correli  Q4  software,  1  pixel  =  0.1923  mm).  Estimation  of  the  crack  tip  position  for  t  =  66  |js  and  t  =  78  |js. 

Conclusion 

This  work  presents  a  new  experimental  methodology  named  Rocking  Spalling  test  performed  to  determine  the 
crack  propagation  velocity  in  concrete  materials.  Technical  difficulties  related  to  single  crack  initiation 
problems  have  been  analysed  numerically.  Crack  velocity  has  been  measured  by  crack  gauge  and  Digital 
Image  Correlation.  The  latter  gives  more  accurate  results  for  this  material. 
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ABSTRACT 

Numerical  and  experimental  results  are  presented  from  a  project  aimed  at  predicting 
the  fatigue  life  of  a  rotorcraft  airframe  component  subjected  to  flight  load  spectrum. 
The  airframe  component  is  a  riveted  joint  used  on  cabin  frame  cap  splices  of  several 
civilian  and  military  helicopters  which  hereafter  is  modeled  as  lap-joined  nested-angle 
plates.  This  component  is  fatigue  sensitive  due  to  the  highly  cyclic  and  vibratory  ro- 
torcraft mission  spectrum  and  as  such  prediction  of  its  fatigue  life  is  an  important  part 
of  the  design  cycle.  This  paper  presents  a  systematic  approach  that  combines  3D  finite 
element  simulation  in  ABAQUS  and  2D  damage  analysis  in  NASGRO  to  estimate  the 
life  of  the  component.  In  the  numerical  analysis,  fatigue  crack  growth  rates  for  through- 
the-thickness  crack  initiating  from  fastener  holes  is  computed  using  2D  standard  and 
weight  function  models  with  the  crack  plane  stress  field  obtained  from  3D  FEA  analysis. 
Effect  of  load  interaction  due  to  tensile  overload  is  included  using  strip-yield  retardation 
model.  Finally  results  of  the  numerical  simulations  are  compared  with  representative 
experimental  data  obtained  under  similar  spectrum  loading  condition. 

1      Introduction 

Fatigue  crack  growth  prediction  albeit  being  a  relatively  old  subject,  over  150  years,  is  still  an 
empirical  science  rather  than  a  theoretical  one.  In  the  early  days,  SN  curves  were  used  to  design 
fail-safe  structures  for  infinite  life[l,  2].  The  empirical  constants  of  SN  curves,  however,  are  derived 
from  constant  amplitude  cyclic  tests  and  hence  are  not  representative  of  the  random  spectrum  load 
that  many  airframe  structures  are  exposed  to.  Moreover,  it  has  been  determined  that  [3,  4]  the 
experimental  fatigue  lives  of  specimens  and  components  subjected  to  random  amplitude  loading  can 
be  well  below  the  fatigue  lives  predicted  by  the  SN  data.  Hence  a  better  design  strategy  is  required. 

With  the  advent  of  fracture  mechanics,  the  damage  tolerance  design  philosophy  begins  to  evolve 
mainly  in  the  aerospace  industry.  Fundamental  to  the  damage  tolerant  approach  is  an  understand- 
ing of  structural  performance  in  the  presence  of  cracks  or  damage  [  ,  ]  where  emphasis  was  on 
determination  of  critical  flaw  size  in  a  give  time  and  usage  condition.  Hence  models  for  crack  growth 
prediction  have  to  be  formulated.  Paris  (1961)  [  ]  was  the  first  to  develop  a  relationship  to  describe 
the  crack  progression  rate  or  da/dN  and  the  cyclical  component  AK  of  the  Irwin  stress  (or  stress 
intensity  factor).  Paris  power  law  is  give  by, 
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where  C  and  n  are  empirical  parameters  determined  from  curve  fitting  of  experimental  data.  The 
Paris  law,  although  the  most  popular  model  among  the  material  science  and  fracture  mechanics 
community  [  ]  doesn't  describe  the  experimentally  observed  threshold  and  critical  growth  behaviors. 
Moreover,  Equation(l)  predicts  the  same  fatigue  life  regardless  of  the  mean-stress  history  of  the 
spectrum.  Walker  (1970)  [  ]  re-formulated  Paris'  law  by  including  effects  of  mean-stress  through  the 
use  of  a  load  ratio,  R,  where  R  =  (Jmin/^max  or  Kmin/Kmax.  The  Walker  equation  is  give  by, 
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where  C,  n  and  m  are  again  empirical  parameters  determined  from  a  curve  fit  to  a  set  of  fatigue 
crack  growth  (FCG)  experimental  data.  Different  values  of  m  are  required  in  eq.(2)  depending  on 
whether  R  is  greater  than  or  less  than  zero.  Forman  (1972)  [  ]  further  modified  the  Paris'  power 
law  by  introducing  a  factor  depending  on  (1  —  R)  instead  of  R  where  R  =  (Jmin/^maxi 
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here  AKrms  and  Rrms  are  the  RMS  (Root  Mean  Square) stress  intensity  factor  range  and  stress 
ratio,  n  and  c  are  curve  fitting  constants.  The  above  three  crack  growth  equations  (eqs.(l),(2),(3) 
or  Paris,  Walker,  and  Forman)  doesn't  take  into  account  crack  retardation  phenomenon  and  hence 
are  not  very  accurate  for  estimation  of  crack  growth  in  spectrum  loaded  components. 
A  more  ambition  predictive  model  comes  from  Forman  and  Newman  (1984)  [  ]  who  modified  the 
power  law  by  including  effects  of  plasticity-induced  crack  closure  using  what  they  called  crack  opening 
function.  They  developed  what  is  now  known  as  the  NASGRO  equation  [11].  The  NASGRO  (or 
Nasgro)  equation  is  a  full-range  crack  model  that  mathematically  represents  all  the  three  regions  of 
the  FCG  curves  while  taking  into  account  mean  stress  and  crack  closure  effects.  It  is  given  by, 
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where  AK  is  the  applied  stress-intensity  factor  range,  and  R  is  the  stress  ratio;  AKth  is  the  fatigue 
threshold,  Kmax  is  the  stress-intensity  factor  corresponding  to  the  peak  applied  load,  and  Kc  is 
the  critical  stress  intensity  factor;  p  and  q  are  curve  fitting  constants  that  control  the  shape  of  the 
fitting  in  the  threshold  and  critical  crack  growth  regions  respectively;  and  /  is  Newman's  crack 
opening  function.  The  constants  C  and  n,  which  are  the  main  fitting  parameters  are  determined  by 
minimizing  the  curve  fitting  error  equation  given  by, 
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Equation  (4)  estimates  crack  growth  behavior  in  near  threshold  and  critical  growth  regimes  better 
than  any  other  model  and  is  probably  the  most  accurate  empirical  model  currently  available  [11]. 
It  is  also  good  to  note  that  the  Nasgro  equation  may  be  reduced  to  the  Paris  law  eq.(l)  by  setting 
parameters  p  and  q  to  zero  and  ignoring  the  effect  of  crack  closure,  i.e.  by  setting  /  =  R  for 
0<R<  1. 

This  paper  uses  the  NASGRO  equation  with  stress  gradients  obtained  from  3D  finite  element  analysis 
(ABAQUS)  to  predict  spectrum  crack  growth  in  preloaded  nested-angled  plates.  The  3D  FEA 
stress  gradient  is  the  result  of  the  combined  action  of  fastener  preload,  bearing  contact  load  and 
friction  shear  forces  acting  on  the  plates.  The  numerical  predictions  so  obtained  are  compared  with 
experimental  data  from  fatigue  tests  of  two  nominally  identical  nested-angle  specimens. 


2     Experiments 

The  goal  of  the  experimental  study  was  to  determine  fatigue  crack  growth  in  nested  angle  specimens 
under  loads  that  simulate  the  various  flight  regimes  of  a  typical  rotorcraft.  All  tests  are  performed 
in  ambient  laboratory  conditions  using  a  servo-hydraulic  test  frame  which  applies  a  predetermined 
spectrum  load  at  a  constant  frequency.  The  test  specimens  are  made  of  aerospace  grade  Al  7075-T6 
alloy  angle-plates  with  thickness  of  0.063in.  Schematics  of  the  nested-angle  plates  is  shown  in  Fig.(l). 
The  two  plates  shown  in  the  figure  are  lap  joined  using  stainless- steel  fasteners  with  a  bolt-load  of 
8001bf.  The  fastener  holes  are  uniformly  spaced  in  intervals  of  1.1 2in  and  are  drilled  and  rimmed  to 
a  nominal  diameter  of  <fi  =  0.1875in.  Detailed  description  of  the  experimental  setup  is  available  in 
[12,  13,  14] 

Displacement  symmetry 
boundary  condition 


Fig.  1:  Geometry  of  the  nested  angle  test  specimen.  The  two  plates  are  made  from  Al  7075-T6  and 
the  fasteners  are  stainless  steel.  The  critical  holes  are  the  locations  of  maximum  principal  stresses 
where  crack  will  most  likely  initiate.  The  broken  lines  show  the  displacement  symmetry  plane  in 
the  FEA  model. 

The  first  test  specimen  (specimen-A)  is  run  at  a  constant  load  amplitude  of  33501bf  and  a  stress  ratio 
R=0.1  until  it  fails  by  fracture.  The  remaining  two  specimens  (B  &  C)  were  tested  under  variable 
flight  load  spectrum  that  peak  at  Pmax=25001bf  and  30001bf  respectively.  The  flight  spectrum 
used  to  test  specimens  B  and  C  is  developed  from  a  representative  mission  profile  of  a  UH-60 
type  class  helicopter  undergoing  predefined  maneuvers.  The  spectrum  cycles  are  then  constructed 
from  recorded  strain  gage  data  where  internal  loads  (or  stresses)  at  control  points  are  available 
for  a  combination  of  velocity,  load  factor  and  flight  maneuvers.  During  individual  specimen  tests 
the  flight  spectrum  is  scaled  by  the  peak  test  load  and  is  input  to  the  servo-hydraulic  test  frame 
controller.  Fig.  (2)  shows  a  segment  of  the  normalized  UH-60  single  flight  mission  spectrum  used  in 
this  experiment. 

3     Numerical  simulations 

3.1      Stress  analysis 

The  numerical  analysis  conducted  herein  involves  full  3D  finite  element  simulation  of  the  constant 
spectrum  test  (specimen-A)  at  its  peak  load  Pmax=33501bf.  Stress  analysis  for  the  variable  spectrum 
specimens  were  obtained  by  scaling  the  stress  values  of  specimen-A  by  the  load  ratios  i.e.  the  stress 
distribution  for  specimen-B  is  calculated  by  multiplying  the  stress  distribution  of  specimen-A  by 
2500/3350  likewise  for  specimen-C  it  is  3000/3350  times  stresses  on  specimen-A,  assuming  linear 
behavior. 

The  purpose  of  the  3D  stress  analysis  is  two- fold.  First,  the  analysis  is  used  to  calculate  the  crack 
plane  stress  gradient  resulting  from  the  combined  action  of  the  applied  load,  contact  load,  and  surface 
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Fig.  2:  A  segment  of  the  normalized  flight  mission  spectrum  (see  also 
by  Psca/e =2500  for  specimen-B  and  Psca^e=3000  for  specimen-C. 
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shear  forces  resulting  from  friction  contact  pairs.  Second,  the  analysis  is  used  to  calculate  the  stress 
intensity  factors  at  the  peak  load  to  verify  if  the  3D  FEA  obtained  stress  intensity  factors  (SIF) 
correlate  to  the  one  obtained  from  the  damage  tolerance  analysis  code  (NASGRO).  It  is  agreed  upon 
that  the  stress  intensity  factors  computed  using  the  3D  finite  element  analysis  would  give  a  better 
estimate  of  the  crack  tip  intensity  as  it  takes  full  account  of  the  stress  field  near  the  crack  tip  arising 
from  friction  and  contact  interactions.  Close  correlation  of  the  FEA  SIF  values  with  NASGRO  SIF  is 
generally  taken  as  an  indication  to  the  accuracy  of  the  2D  life  prediction  methodology  of  NASGRO. 
The  finite  element  model  is  also  required  to  identify  the  location  of  the  maximum  tensile  stress  (or 
hot  spots)  near  the  critical  fastener  hole.  This  is  where  cracking  will  very  likely  initiate. 
Using  Abaqus,  a  nonlinear,  static,  large  deflection  finite  element  model  with  contact  and  friction  was 
developed  using  the  displacement  symmetry  model  shown  in  Fig.(l).  The  symmetry  model  enables 
to  refine  the  mesh  and  also  to  simplify  the  geometry  into  a  form  that  is  readily  compatible  with 
Nasgro's  simple  library  models.  Surface-to-surface  contact  with  friction  was  included  to  represent 
the  part-to-part  interaction  between  the  two  plates  and  the  stainless-steel  fasteners.  A  frictionless 
contact  was  later  simulated  and  compared  with  the  frictional  contact  to  see  if  introduction  of  friction 
has  any  effect  on  the  predicted  fatigue  life  of  the  specimen. 

We  applied  the  FEA  loads  into  simulation  steps.  The  first  load  step  was  used  to  resolve  fastener 
clamp-up  (bolt-load  of  8001bf)  and  establish  contact  throughout  the  model.  In  the  second  step,  the 
remote  load  is  ramped  up  to  its  final  magnitude  of  33501bf.  Analyses  sanity  checks  (such  as  mesh 
convergence  and  load  equilibrium)  were  performed  to  ensure  that  the  finite  element  model  performs 
well. 


3.2     Finite  element  results 

Figure  (3)  shows  the  maximum  principal  stress  contour  near  the  critical  hole  of  the  small  leg  spec- 
imen (the  smaller  of  the  two  nested  plates  shown  in  Fig.(l)  for  cases  /i=0.6  and  /i=0  upper  and 
lower  figures  respectively.  For  the  case  where  /i=0.6,  the  peak  value  of  the  principal  tensile  stress  is 
45.5  ksi  and  this  stress  is  located  at  the  faying  surface  between  the  two  plates  away  from  the  critical 
hole  (see  Fig.(l)  for  critical  hole).  For  the  second  case  where  /i=0,  the  hot  spot  is  located  at  the 
usual  location  near  the  edge  of  the  critical  hole  in  the  3  and  9  o'clock  directions  with  the  maximum 
principal  stress  being  77.6  ksi. 

As  can  be  seen,  the  maximum  principal  stress  (magnitude  and  location)  is  affected  by  the  introduc- 
tion of  contact  friction.  Moreover,  the  load  transfer  by  each  of  the  eight  fasteners  also  depends  on 
the  extent  of  the  friction  coefficient  fi.  In  the  extreme  case  where  a  higher  friction  coefficient  is  as- 
sumed, most  of  the  load  transfer  between  the  plates  is  through  surface  shear  and  the  contribution  of 
the  load  transfer  through  fastener  shank  is  minimal.  For  /i=0.6,  large  amount  of  load  is  transferred 


by  each  fastener  through  friction  contact  between  fastener  heads  and  the  plates.  For  /i=0,  the  load 
transfer  is  mainly  between  fastener  shank  and  the  hole.  Figure  (4)  shows  the  principal  normal  stress 
contour  in  the  symmetry  model. 

As  noted  earlier,  the  finite  element  analysis  is  the  first  step  of  the  damage  tolerance  analysis  and 
its  purpose  is  to  calculate  the  stress  fields  that  are  needed  by  NASGRO  library  models.  Fig.  (4) 
shows  sections  on  the  plate  where  stress  distributions  are  required  to  run  NASGRO  code.  The  cross 
section  stress  at  sections  1  and  2  {Seel  and  Sec. 2)  are  used  as  inputs  to  NASGRO's  TC03  model 
whereas  the  stress  at  section  3  (Sec. 3)  is  used  as  an  input  to  run  model  TC13. 


Fig.  3:  Principal  tensile  stress  contours  around  the  critical  fastener  hole.  The  upper  figure  shows 
the  stress  contours  for  simulation  case  1  where  \i  =  0.6,  Pmax  —  3350/6/,  Boltload  =  8001b  f  ,o~max  = 
45.5/csi  and  the  lower  figure  shows  the  stress  contrours  for  simulation  case  2  where  \i  =  0,  Pmax  — 
3350/6 /,  Boltload  =  800lbf,amax  =  77.6ksi.  Note  that  the  location  of  the  hot-spot  do  not  coincide 
on  the  figures. 


Fig.  4:  Principal  stress  contours  on  the  small-leg  symmetry  model  for  simulation  case  1.  Seel  and 
Sec. 2  are  planes  where  normal  stresses  are  extracted  for  input  into  NASGRO's  TC03  model.  Sec. 3 
is  the  section  stress  input  into  TC13. 


3.3     Fatigue  crack  growth  predictions 

Fatigue  crack  growth  prediction  for  the  constant  and  mission  spectrum  loads  are  conducted  using 
Nasgro.  Since  Nasgro  doesn't  have  a  library  crack  geometry  that  models  the  nested-angle  configu- 


ration  some  assumptions  are  needed.  First,  the  half  symmetry  angle  specimen  is  modeled  as  flat  (or 
2D)  assuming  that  the  edge  radius  doesn't  significantly  alter  the  stress  distribution  near  crack  tip 
throughout  the  loading  cycle.  Second,  contact  friction  is  represented  implicitly  within  bearing  and 
bypass  stresses  as  there  is  no  field  in  Nasgro  GUI  that  allows  for  friction  input. 
We  used  two  library  crack  models  for  the  life  estimation.  The  weighted  function  stress  intensity 
model  TC13  shown  in  Fig.  (5)  was  used  since  it  allows  modeling  of  a  through  crack  at  an  offset-hole 
in  a  finite  plate  with  a  nonlinear  stress  gradient  input.  The  stress  gradient  information  for  fric- 
tional  and  frictionless  contact  cases  are  obtained  from  the  3D  stress  analysis  as  depicted  by  Sec.  3 
in  Fig.  (4).  Figure  (5)  shows  the  principal  stress  distribution  used  as  Nasgro  inputs  for  the  friction 
and  frictionless  cases. 

A  second  simulation  was  conducted  using  the  classical  library  model  TC03  shown  in  Fig.  (6).  TC03 
requires  the  remote  stress  field  and  bearing  load  be  specified  at  the  critical  fastener  hole  locations. 
The  remote  stress  field  was  again  obtained  from  FE  simulation  by  mapping  the  principal  stresses 
across  sections  1  and  2  as  shown  in  Fig.  (6).  Since  part  of  the  load  is  transferred  through  friction, 
the  resultant  of  the  stresses  from  sections  1  and  2  and  bearing  load  P  in  TC03  model  won't  satisfy 
equilibrium.  Hence  contact  friction  has  to  be  included  indirectly  as  discussed  below. 
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Fig.  5:  NASGRO  TC13  library  model  and  the  corresponding  crack  plane  stress  inputs  for  fi  =  0.6 
and  \i  =  0.  The  various  curves  on  the  graph  show  the  stress  distribution  at  certain  depth  through 
the  plate  thickness  at  Sec. 3.  Note  that  the  principal  stress  near  the  hole  are  maximum  for  \i  =  0  in 
addition  the  difference  in  principal  stress  between  the  two  cases  becomes  small  away  from  the  hole. 


3.4     Including  effects  of  friction 

The  crack  plane  stress  gradient  input  into  Nasgro's  TCI 3  has  the  friction  effect  included  in  it  and 
hence  doesn't  require  further  consideration.  However  this  is  not  the  case  for  TC03.  As  shown  in  the 
FEA  analysis  (see  Fig.  (5)),  the  large  bolt  preload  used  to  clamp- up  the  two  nested  plates  and  the 
high  friction  coefficient  resulted  in  a  significant  surface  shear  between  the  plates  and  fastener  heads. 
This  shear  force  has  shown  to  alter  the  magnitude  and  location  of  the  maximum  principal  stress  and 
the  likely  location  of  crack  initiation  point  on  the  plates(Fig.(3)).  A  logical  question  that  needed  to 
be  addressed  was  whether  or  not  this  friction  induced  shear  force  will  affect  the  fatigue  life  of  the 
specimens.  Also  how  may  friction  shear  stress  be  included  in  Nasgro's  TC03  model?  To  address 
these  questions  a  parametric  study  has  been  conducted.  The  study  involves  partitioning  the  FEA 
calculated  friction  forces  and  adding  a  certain  fraction  of  it  into  the  bearing  load  (P)  and  bypass 
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Fig.  6:  NASGRO  TC03  library  model  and  the  corresponding  section  stresses  for  fi  =  0.6.  The  stress 
at  Sec.2  corresponds  to  the  bypass  stress  So  on  TC03.  The  bearing  load  P  is  also  obtained  from  the 
finite  element  analysis. 

stress  (So)  of  Nasgro's  TC03  while  maintaining  force  equilibrium  of  the  model.  Four  analysis  cases 
were  considered:  (1).  TC03-1  all  the  friction  force  is  added  onto  the  bearing  hole  P,  (2).  TC03-2 
half  of  the  friction  force  is  added  onto  bearing  load  P  and  the  other  half  is  added  onto  the  bypass 
stress  So,  (3).  TC03-3  half  of  the  friction  force  is  added  onto  the  bearing  load  and  the  other  half  is 
ignored  (thrown  away),  (4).  TC03-4  all  the  friction  force  is  ignored.  These  four  cases  were  simulated 
with  the  scaled  flight  spectrum  loads  and  results  are  compared  with  experimental  data. 


4     Results  and  discussions 

Figure  (7)  presents  crack  size  vs.  log-cycles  for  the  spectrum  load  specimens  (B&C)  considered  in 
this  work.  In  each  life  prediction  plots  are  five  curves  consisting  of  TC13  and  the  four  cases  of  TC03 
discussed  above.  Simulation  results  for  strip-yield  interaction  model  are  also  shown. 
In  all  TC03  cases,  the  simulations  considering  any  portion  of  the  friction  shear  stress  resulted  in 
highly  conservative  life  estimates.  The  50-50  approach  (case  2),  i.e.,  dividing  the  friction  into  two 
and  adding  it  into  bearing  and  bypass  stresses  has  resulted  in  insignificant  life  change  compared  to 
the  100%  on-bearing  (case  1).  A  big  jump,  however,  is  observed  when  half  of  the  friction  is  added 
into  the  bypass  stress  and  the  other  half  is  ignored.  Better  TC03  correlation  with  the  experimental 
data  was  observed  when  the  effect  of  friction  shear  stress  is  ignored  altogether.  This  observation 
seems  to  contradict  the  finite  element  simulations  that  have  shown  significant  stress  field  around 
the  fastener  holes  as  seen  in  Fig.  (5).  One  possible  explanation  for  this  disparity  could  be  made 
by  observing  that;  the  friction  shear  forces  do  cancel  each  other  i.e.  the  friction  shear  distribution 
above  and  below  the  crack  plane  act  in  the  same  direction  so  that  one  half  of  these  force  aids  the 
crack  opening  force  whereas  the  other  half  tends  to  close  the  crack  with  the  same  magnitude.  These 
actions  resulted  in  a  net  zero  crack  plane  displacement  as  verified  by  the  good  correlation  of  TC03-4 
with  the  experimental  data.  The  crack  retardation  models  (strip-yield)  in  general  have  resulted 
in  the  prediction  curves  to  shift  slightly  to  the  right.  This  is  always  true  since  the  crack  opening 
stress  Kopen  is  higher  when  crack  advances  in  the  wake  of  plastically  deformed  material  [?].  Figure 
(8)  compares  the  stress  intensity  factors  calculated  by  the  3D  FEA  analysis  and  the  2D  Nasgro 
simulation.  The  observed  close  correlation  between  FEA  SIF  and  TC13  and  TC03-4  SIF  values 
justified  the  accuracy  of  the  2D  assumption  made  at  the  beginning  of  the  analysis. 
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Fig.  7:  Comparison  of  numerical  simulations  and  experimental  data  for  specimen-B  (left  two  plots) 
and  specimen- C (right  two  plots).  The  four  cases  of  friction  are  shown  as  TC03-1  through  -4.  The 
upper  plots  show  crack  length  vs.  cycle  without  considering  load  interaction  (load  history)  and  the 
lower  two  plots  show  results  for  strip-yield  interaction  model.  Better  correlation  with  experimental 
data  is  observed  for  TC13  and  TC03-4  simulations  with  strip-yield  interaction  option  engaged. 


5     Conclusions 

Numerical  fatigue  crack  growth  analysis  on  a  representative  rotorcraft  structural  component  has  been 
presented.  The  later  is  a  riveted  joint  used  on  cabin  frame  splice  of  several  military  and  civilian 
rotorcrafts.  The  stress  field  around  the  critical  hole  resulting  from  the  combined  action  of  applied 
load,  fastener  preload  and  friction  are  obtained  using  3D  finite  element  analysis.  Fatigue  crack  growth 
and  life  prediction  is  performed  using  Nasgros  TC03  and  TC13  library  models  with  and  without  load 
interactions.  In  general,  Nasgro  crack  growth  prediction  using  TC13  (with  crake  plane  stress  gradient 
input  from  3D  FEA)  shows  a  better  agreement  with  the  experimental  data.  TC03  predictions 
without  the  inclusion  of  contact  friction  also  provided  a  well  correlated  life  estimate.  However, 
inclusion  of  any  portion  of  friction  stress  in  the  analysis  has  resulted  in  a  highly  conservative  life 
prediction  by  the  model.  Effort  is  still  underway  to  further  refine  the  analysis  with  more  experimental 
data. 
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ABSTRACT 

Hydroxyapatite  (HAP)  displays  very  excellent  biocompatibility  in  the  body  and  is  for  the  most  part  used  in  biomedical 
applications  thanks  to  well  biocompatibility  for  replacement  of  bone.  In  fact,  Boron  and  Ti  containing  HAP  are  the 
bioactive  materials  and  it  can  incorporate  into  bone  structures,  supporting  bone  in-growth  without  breaking  down  or 
dissolving,  and  it  interacts  with  the  living  tissue  due  to  the  presence  of  free  calcium  and  phosphate  compounds.  Boron 
containing  HAP  are  also  extensively  useful  for  the  manufacturing  of  bio-ceramics  in  order  to  improve  the  physical  and 
chemical  properties  of  biomaterials.  Boron  nowadays  used  in  HAP  applications  is  a  very  successful  candidate  material 
for  bioceramic  engineering.  Generally,  A1203  powder  is  added  to  HAP  powder  in  order  to  obtain  high  fracture  toughness. 
A1203  has  good  mechanical  properties  as  compared  with  HAP,  and  exhibits  extremely  high  stability  with  human  tissues. 
In  this  paper,  the  effect  of  microwave  sintering  temperature  on  the  relative  density,  hardness,  and  phase  purity  of 
compacted  bovine  Hydroxyapatite  (BHA)  powder  was  reported.  This  research  is  a  comprehensive  attempt  to  develop 
Hydroxyapatite  bio  composite  ceramics  reinforced  with  alumina  -  A1203,  pure  metallic  titanium  and  pure  pulverised 
boron  powders.  A  Finite  Element  (FEM)  analysis  is  also  used  to  simulate  the  macroscopic  behaviour  of  this  material, 
taking  into  account  the  relevant  microscopic  scales.  Generally,  microwave-sintered  samples  showed  much  small  grain 
size  and  a  uniform  micro  structure.  For  this  reason,  the  behaviour  of  bio  ceramics  in  case  of  rapid  heating  in  microwave 
was  also  discussed.  Recent  results  revealed  that  microwave  processing  was  a  promising  method  for  sintering  porous  bio 
ceramics  thanks  to  clean  and  shorter  sintering  time  regarding  to  conventional  sintering  methods. 

Keywords:  HAP  Bio  ceramics;  Microwave  sintering;  FE  analysis;  Interface;  Boron;  Titanium 

1.  Introduction 

Biomaterials  are  designed  and  fabricated  for  implantation  within  or  incorporation  with  a  living  system  to  replace  or  repair 
the  living  tissues  or  organs  which  form  an  interface  between  the  living  and  non-living  parts  [1,2].  Biomaterials  are  based 
on  polymers,  metals,  ceramics,  or  composites  of  these  [3].  Hydroxyapatite  (HAP),  Cai0(PO4)6(OH)2  is  a  very  well  known 
phosphate  in  the  biologically  active  phosphate  ceramic  family  by  virtue  of  its  similarity  to  natural  bone  mineral. 
Synthetic  and  naturally  produced  hydroxyapatite  finds  a  variety  of  biological  applications  and  brings  out  the  formation  of 
an  apatite  layer  at  the  interface  with  bone  tissue  [4,  7,  8].  This  property  makes  HAP  extremely  attractive  and  widely  used 
as  a  material  for  bone  implants.  Nevertheless,  fracture  strength  and  toughness  of  this  ceramic  are  low,  and  it  cannot 
endure  practical  use.  For  this  reason,  HAP  is  usually  reinforced  with  various  biocompatible  materials  that  can  improve 
the  strength  of  the  pure  HAP.  Titanium  is  a  successful  biocompatible  material  that  is  extensively  used  for  biomedical 
applications,  especially  for  bone-anchoring  systems,  such  as  dental,  orthopaedic  implants  and  osteosynthesis 
applications.  It  has  advantageous  bulk  mechanical  properties  such  as  a  low  modulus  of  elasticity,  a  high  strength-to- 
weight  ratio,  and  passive  surface  properties  i.e.  excellent  corrosion  resistance  and  low  rates  of  ion  release  as  well  as  a 
high  degree  of  biocompatibility  which  is  largely  attributed  to  an  inert  surface  oxide  film.  Alumina,  another  material  used 
to  make  implantable  orthopaedic  devices,  is  a  very  well  tolerated  material  with  minimum  tissue  reaction  after 
implantation.  It  exhibits  high  mechanical  strength  and  minimum  wearing.  Therefore,  it  is  frequently  used  in  high  load- 
bearing  sites  such  as  hip  prostheses  and  dental  implants  [3-8,  10-16]. 

Additionally,  Paraffin  is  very  successful  additive  in  HAP  for  creating  micro  porosity  in  the  structure.  During  the  heating, 
Paraffin  is  burned  and  leaved  its  place  as  micro  porosity  homogeneously  distributed  in  the  structure.  Paraffin  was  used  in 
this  study  as  a  well  substitution  of  naphthalene  that  is  irritant  material.  Concerning  borohydroxyapatite  compounds 
(Boron  containing  HAP),  they  are  extensively  useful  for  the  manufacturing  of  bio-ceramics  in  order  to  improve  the 
physical  and  chemical  properties  of  biomaterials.  Boron  very  often  used  in  HAP  application,  is  a  very  successful 
candidate  material  for  bioceramic  applications.  Recent  scientific  researches  indicate  that  Boron  will  be  more  useful  with 
other  materials  in  future  bioceramic  applications. 

In  this  paper,  a  net  shape  microwave  sintering  procedure  was  used  in  the  frame  of  the  "Bioceramic"  research  project  by 
using  pure  metallic  titanium  and  pure  pulverised  boron  powders  and  a  few  percent  of  paraffin  to  create  a  micro  porous 
structure  that  was  well  replaced  the  other  materials  to  create  porous  structure.  A  special  attention  was  given  for  the 
microstructural  evolution  with  recently  developed  compositions  to  give  practical  significance  for  the  application  of  the 
biomaterials. 
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2.  Experimental  study 

In  this  preliminary  study,  a  new  microwave  sintering  method  (lower  energy  costs  and  shorter  processing  times)  has  been 
carried  out  for  manufacturing  of  bio  composite  materials  that  all  the  details  were  given  in  former  paper  [2].  The  compacts 
geometry  was  prepared  based  on  the  fixed  matrix  natural  HAP  +  10%  alumina  (A1203)  reinforced  with  pure  metallic 
titanium  and  pure  pulverised  boron  with  Yttrium  and  Zirconia  (VWR-France).  Before  process,  alumina  was  doped  with 
MgO  (1%).  Then,  the  blended  powders  homogenized  by  ball  milling  during  one  hour  were  compacted  by  uniaxial  cold 
isostatic  pressing  with  a  green  compact  pressure  of  300  MPa,  intending  to  produce  an  initial  green  density  ranging  90%. 
The  aspect  ratio  of  this  geometry  was  between  0.9-1.  Cylindrical  test  specimens  were  prepared  (Height=llmm, 
Diameter=llmm)  according  to  the  British  Standards-BS  7253,  and  then  sintered  for  a  short  time  (up  to  30  min)  in 
microwave  oven.  At  the  second  stage,  micro  hardness  and  quasi  static  compression  tests  were  performed  on  the  sintered 
samples  to  study  the  influence  of  micro  structure  and  phase  composition  on  the  micro-mechanical  behaviour  of  the 
recently  formed  compositions.  For  etching,  acetic  and  lactic  acids  were  used  for  micro  structural  surface  analysis.  For 
evaluation  of  fracture  surfaces  of  the  specimens,  failed  during  the  compression  test  have  been  analysed  in  Scanning 
Electron  Microscope  and  chemical  analysis  by  "EDS"  analysis.  Some  of  the  specimens  were  analyzed  by  XRD  to 
distinguish  the  possible  phases  that  can  be  occurred  in  high  temperatures  during  sintering.  Experimental  results  were  used 
for  a  Finite  Element  (FEM)  analysis  to  create  a  simple  and  for  an  easy  understandable  model  the  behaviour  of  the 
bioceramic  materials  during  the  deformation. 

2.1.  Microwave  -  Sintering 

The  application  of  microwave  energy  to  the  processing  of  various  materials  such  as  ceramics,  metals  and  composites 
offers  several  advantages  over  conventional  heating  methods.  Microwave  heating  results  in  lower  energy  costs  and 
decreased  processing  times  for  many  industrial  processes.  These  advantages  include  unique  micro  structure  and 
properties,  improved  product  yield,  energy  savings,  reduction  in  manufacturing  cost  and  synthesis  of  new  materials. 
At  the  beginning  of  the  test,  some  of  the  specimens  were  sintered  in  an  electrical  -  conventional  furnace  (High 
Temperature  Furnace)  in  order  to  compare  the  microstructural  evolution  regarding  to  the  sintered  specimens  in 
microwave  oven.  In  this  project,  the  primary  aim,  however  is  to  use  a  house  type  microwave  oven  in  laboratory 
conditions.  For  this  reason,  a  house  type  (2.45  GHz)  microwave  oven  was  used  by  converting  some  of  the  conditions  of 
the  microwave  oven.  Temperature  measurement  system  was  adapted  to  the  microwave  by  using  a  special  thermocouples 
covered  with  safety  insulating  cables  to  prevent  the  electrical  contact  of  the  thermocouples  when  microwave  works.  The 
accuracy  of  temperature  measurement  with  this  device  was  determined  to  be  within  -10°C  of  the  temperature  measured. 
The  thermo  couples  were  inserted  inside  of  the  alumina  crucible  that  it  was  very  close  (2  -3  mm)  to  the  specimens.  All  of 
the  details  for  this  sintering  method  in  former  papers  [6,  7,  9].  Compared  to  the  conventional  sintering,  there  was  a  slight 
increase  in  density  of  the  specimens  sintered  using  microwave  conditions.  Since  the  microwave  sintering  took  much 
shorter  time,  densification  rate  in  the  microwave  sintering  process  may  be  considered  to  be  higher  than  in  the 
conventional  sintering.  For  effective  sintering  time  for  these  samples  were  chosen  20  minutes. 

3.  Results  and  Discussion 

3.1.  Experimental  part 

Natural  HAP  was  obtained  from  calcinated  fresh  -  young  bovine  bones  by  following  the  method  developed  formerly  in 
SUPMECA/LISMMA-Paris  [6,  7-8];  after  cutting,  the  femurs  were  undergone  deproteinized  with  NaOH  treatment.  After 
repeated  washing,  they  were  heat  treated  at  850°C.  The  treated  HAP  powder  (particle  sizes  of  l-2um)  was  one  by  one 
mixed  in  different  percentages.  Figures  1  and  2  show  the  micro  structure  natural  HAP  taken  from  the  SEM  image  with 
"EDS"  analysis,  containing  5%  and  10%  pure  pulverised  metallic  boron  powder  that  was  distributed  homogeneously  in 
the  structure.  The  average  grain  size  measured  of  this  mixture  varies  from  1  to  5 urn.  This  structure  verifies  that  the 
microwave  sintering  gives  a  clean,  lower  energy  costs  and  shorter  processing  times  for  these  materials. 


Echelle  =       88    cps 


Curscui:  6. 


Fig.  la.  Microstructure  of  the  sample  containing  only  5%B 
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Figure  lb  shows  the  distribution  map  (SEM-cartography)  of  main  elements  resulting  from  Figure  la.  The  diffusion  of 
Alumina  and  Calcium  show  very  uniform  distribution,  it  means  that  much  more  improvement  has  been  carried  out  in  the 
compositions  containing  boron  powder  from  5%  volume  fraction.  In  reality,  alumina  shows  an  easy  diffusion  even  if  it 
does  not  show  high  thermodynamic  tendency.  Doping  of  Alumina  with  MgO  before  sintering  process  facilitates  to  react 
easily  with  HAP  matrix.  Looking  at  the  illuminated  areas  in  the  back-scattering  (BS)  SEM  images  of  Figure  lb,  it  is 
noted  that  the  Alumina-associated  phases  were  uniformly  distributed  in  the  bulk  of  composite  materials. 


Fig.  lb.  Distribution  map  (SEM)  of  main  elements  resulting  from  Figure  la  (sample  containing  5%B) 


0  2  4  6  8  10 
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Fig.  2.  Microstructure  of  the  sample  containing  only  10%B 


The  SEM  images  shown  in  the  Figures  3  and  4  indicate  SEM  micrograph  of  the  sample  containing  20%B+15%Ti  and 
20%B+20%Ti  respectively.  Very  perfect  sintering  has  occurred  with  these  composition  with  very  hard  structure  (see 
Table  1),  and  also  the  formation  of  certain  amount  of  a  glassy  phase  was  identified.  Ti  always  shows  a  high 
thermodynamic  tendency  to  diffuse  and  then  to  react  with  HAP  matrix  easily. 


16 


Echelle  =      112   cps 


Curseur:8, 
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Fig.  3.  SEM  micrograph  contair  ing  20%B+15%Ti+3%Yi2O3+3%ZrO2 

Echelle  =      78  cps 
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Fig.  4.  SEM  micrograph  containing  20%B+20%Ti+3%Yi2O3+3%ZrO2 

The  phases  containing  titanium  elements  were  distributed  uniformly  in  the  structure  even  if  there  are  an  excess  of  Ti  at 
the  grain  boundaries.  Finally,  a  well  fusion  was  observed  in  the  structure  and  some  of  the  specimen  showed  a  regular 
micro  porosity  in  the  matrix.  The  diffusion  of  Ti  is  much  more  even  inside  the  matrix  compared  to  Al.  As  explained  in 
the  section  of  experimental  conditions,  these  compositions  have  been  processed  with  Yttrium  and  Zirconium.  It  seems 
that  both  of  these  elements  give  a  fine  and  stable  structure  and  noticeable  effect  on  the  homogenous  distribution  of  the 
additional  elements  in  the  structure. 

More  interesting  structure  has  been  obtained  in  the  samples  containing  40%B  having  a  very  high  hardness  values.  They 
have  been  processed  with  natural  HAP  and  they  were  stabilised  by  doping  with  1%  MgO.  However,  many  of  the 
specimens  with  this  composition  showed  microcracks  and  also  micro  porosities  in  the  structures  after  sintering.  From 
these  Figures,  it  is  concluded  that  the  samples  containing  boron  were  considerably  crystallized  at  all  boron  containing 
compositions.  In  fact,  all  the  compositions  given  in  this  paper  indicate  that  the  densification  was  highly  improved. 
Recently,  to  evaluate  of  the  machining  of  the  samples  containing  boron,  some  of  the  samples  were  machined  by  drilling 
and  turning.  The  preliminary  results  have  shown  that  manufacturing  of  these  materials  in  different  shape  is  possible;  they 
do  not  show  brittleness  during  machining  that  have  been  evaluated  in  former  study  [17]. 


Fig.  5.  SEM  Micrograph  and  fracture  surface  of  the  sample  containing  only  40%B 


Figure  6  shows  SEM  Micro  structure  of  the  samples  containing  a)  15%Ti02  and  b)  20%TiO2  respectively.  These  samples 
have  been  manufactured  for  obtaining  a  micro  porous  structure  by  adding  10%  paraffin  and  3%Yi203+3%Zr02). 
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In  practical  point  of  view,  additions  of  Yi203  and  Zr02  stabilise  the  microstructure  by  making  fine  grain  and 
homogeneous  structure.  By  using  paraffin,  the  natural  micro  porosity  is  greatly  improved  (up  to  20%)  and  homogenous 
distribution  of  the  natural  micro  porosity  in  the  structure.  It  means  that  an  artificial  porosity  was  well  created  by  using 
Similar  results  have  been  obtained  in  the  structures  given  in  Figure  7  that  indicates  SEM  Micrograph  of  the  sample 
containing  20%TiO2  +10%  paraffm+3%Yi203+3%Zr02. 

Paraffin  wax  has  a  very  smooth  effect  on  the  size  and  distribution  of  the  artificial  porosity.  These  results  original  and 
gives  successfully  new  results  on  the  bio  ceramics  containing  pure  Ti  and  pure  Boron  with  additive  of  paraffin. 


Fig.  6.  a)  Microstructure  of  the  sample  containing  a)  15%TiO2+10%  paraffin  and  b)  20%TiO2+10%  paraffin 


Experimental  results  of  compressive  strength  and  microhardness  of  the  samples  with  different  compositions  (volume 
fraction)  were  summarised  in  Table  1 . 

At  least  five  specimens  were  tested  for  each  composition  and  mean  values  have  been  considered.  Compressive  strength 
values  of  high  boron  containing  (>10%)  are  better  than  the  other  composition.  For  the  sake  of  simplicity,  only  limited 
experimental  results  were  used  for  a  FEM  study  has  been  carried  out  to  give  a  practical  idea  for  the  manufacturing  of 
bioceramics.  Naturally,  we  could  not  give  more  detail  on  the  FEM  carried  out  in  the  frame  of  this  project  going  on  due  to 
limited  page  of  the  SEM  proceedings 


Curseur:4. 


Fig.  7.  SEM  Microstructure  of  the  sample  containing  20%TiO2  +10%  paraffm+3%Yi203+3%Zr02 


3.2.  A  microstructural  model  and  FE  simulations 

The  idealized  microstructure  considered  in  this  study  consists  of  a  random  arrangement  of  cylindrical  inclusions 
embedded  in  a  continuous  HAP  bio  composites,  matrix.  The  volume  fraction  of  inclusions  is  varied  from  10%  to  20% 
and  the  micro-macro  transition  schemes  are  evaluated  in  many  case.  However,  when  the  volume  fraction  increases, 
nearby  inclusions  start  to  interact  and  this  affects  the  overall  mechanical  behaviour.  The  generation  of  the  random 
distribution  follows  cylinders  filled  with  identical  and  aligned  cylindrical  inclusions.  The  RVE  microstructure  is  periodic 
along  the  3  directions,  allowing  us  to  apply  periodic  boundary  conditions  to  the  external  faces  of  the  specimens.  The 
inclusion  positioning  is  constrained  by  the  practical  limitation  of  generating  an  acceptable  FE  mesh.  A  criterion  is  applied 
to  the  minimal  distance  between  each  inclusion  surface  and  the  external  faces  of  the  specimen.  The  volume  of  one 
particular  cell  inclusion  is  less  than  1  mm3. 

The  representative  cells  are  meshed  with  quadratic  tetrahedral.  FE  simulations  are  performed  using  ABAQUS  (2008)  and 
the  whole  volume  is  meshed  using  4-node  C3D4  tetrahedral  in  ABAQUS),  enabling  us  to  better  capture  the  strain 
gradients  in  the  matrix.  Convergence  study  was  successfully  conducted  by  comparing  the  predictions  (effective  response 
and  average  inclusion  response)  to  those  obtained  with  finer  meshes.  Figure  8a  show  typical  meshes  for  a  composite  with 
various  %  of  inclusions  and  variable  geometry  of  specimen  are  used.  The  macroscopic  stress  predicted  by  the  FE  analysis 
is  computed  from  a  volume  average  of  the  stress  tensor  given  at  each  integration  point  over  the  RVE  of  domain  i: 


_  1        NK 

V(i)6 


(i) 


3.2.1.  Numerical  procedure 

It  is  aimed  to  compute  the  macroscopic  stresses  and  strains  using  a  homogenization  procedure.  The  procedure  consists  on 
defining  the  deformation  state  at  each  integration  point,  in  the  FE  model,  as  well  as  the  current  matrix  average  state  that 
depends  on  the  corresponding  state  at  the  previous  step  time.  FE  analysis  provides  an  alternative  approach  for  estimating 
material  properties.  A  FE  model  for  the  heterogeneous  test  is  constructed  in  which  the  material  parameters  to  be 
determined  are  considered  as  variable.  The  simulation  is  performed  and  results  are  compared  to  data  from  a  comparable 
experiment  data  set.  The  agreement  between  the  model  predictions  and  the  data  is  quantified  and  judged  to  be  adequate 
or  not.  If  the  agreement  is  not  adequate,  the  parameter  values  are  updated,  a  new  FE  model  is  created  and  run,  and  the 
process  continues  till  obtaining  satisfactory  results. 

3.2.2.  Boundary  conditions  and  material  properties 

The  boundary  condition  is  so  set  that  at  the  bottom  border  Ux,  Uy,  Uz  =  0  and  at  the  upper  face  of  the  specimen  is 
imposed  a  negative  displacement  load  Uy  in  y-direction  to  make  via  the  rigid  plate  indenter.  A  static  step  with  small  step 
time  is  used  to  assess  the  gradual  evolution  of  stresses  and  strains  in  the  elements  model,  the  equivalent  reaction  force  is 
calculated  and  used  to  furnishes  the  maximum  load,  when  the  deformation  at  the  contact  zone  riches  comparable  value 
with  the  considered  limited  experimental  one. 

The  mechanical  HAP  bio  composite  material  properties  are  derived  from  the  particles  inclusions  properties. 
Hydroxyapatite  bio  composite  ceramics  reinforced  with  alumina  -  A1203,  pure  titanium  and  pure  pulverised  boron 
powder.  The  inclusion  material  is  assumed  to  be  linearly  elastic  with  elastic  modulus  Ep  =390GPa  and  Poisson's  ratio 
u=0.33.  Pure  titanium  with  high  purity  fraction  is  selected  to  be  the  metallic  matrix  with  elastic  modulus  Em  =114GPa, 
Poisson's  ratio  u=0.34. 

The  FE  solution  used  to  simulate  two-phase  composites  consisting  of  an  elasto-plastic  matrix  reinforced  by  linear  elastic 
inclusions.  Uniaxial  compressive  loading  are  successively  applied  to  the  multi  particle  cells  embedded  in  the  ceramic 
matrix.  The  average  of  the  macroscopic  strain  over  a  RVE  computed  at  each  time  step  provides  the  loading  history  for 
the  corresponding  FE  models. 

Average  equivalent  stress  in  the  inclusions  of  two  phase  composite  materials  is  determined  for  different  volume  fractions 
of  the  reinforcing  phase.  Multiparticles,  FE  predictions  (FE  with  25%  volume  fraction)  correspond  to  a  uniaxial 
compression  test.  For  comparison,  the  predictions  of  the  compressive  results,  by  mean  of  deformation  and  maximum 
loading  were  presented  for  uniaxial  compression  (Figures  8b,  c  and  9  and  also  Table  1).  The  average  volume  fractions  for 
particles  were  indicated  in  the  same  table.  Only  results  due  to  compressive  tests  using  a  rigid  plate  are  presented  here. 


Compression  with 
rigid  plate 

Fig.  8.  a)  Experimental  setup  scheme  for  modelling  under  compression  with  plate  indenter  and  b,  c)  FEM 


Fig.  9.  a)  Microstructure  of  the  sample  containing  20%  Boron  (b)  details  of  sheet  and  plate  indenter  and  c)  FEM 
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Table  1 .  Physical  and  mechanical  properties  with  different  aspect  ratio  of  the  HAP  composites 


Composition 
Matrix^(HAP+10%Al2O3) 

Aspect 

ratio, 

(H/D) 

Mean 
HV02 

^compressive 

Exp 
(MPa) 

^compressive 

FEM 
(MPa) 

Density 

(g/cm3) 

10%Ti 

1 

111 

15±6 

37 

1,81 

15%Ti 

1 

137 

39±5 

48 

1,84 

20%Ti 

0,95 

114 

43±7 

45 

1,89 

20%Ti+3%Y+3%Zr 

1 

124 

45±13 

54 

1,91 

5%B 

0,95 

145 

59±5 

105 

1,86 

10%B 

0,9 

420 

85±12 

119 

1,85 

20%B 

0,9 

519 

65±15 

171 

1,79 

10%Ti+10%B 

1 

620 

135±15 

167 

1,92 

15%TiO2+10%B 

0,89 

700 

205±15 

250 

1,94 

20%B+15%Ti+3%Yi2O3+3%ZrO2 

0,9 

740 

265±15 

278 

1,94 

20%B+20%Ti+3%Yi2O3+3%ZrO2 

0.9 

734 

245±15 

275 

1,90 

40%B 

0,85 

745 

260±10 

300 

1,93 

4.  Conclusions 

This  preliminary  study  revealed  that  the  addition  of  the  pure  metallic  boron  (atomic  pulverised)  and  pure  titanium 
powders  improve  the  structure  and  mechanical  behaviour  of  the  samples  produced  by  microwave  sintering.  The  hardness 
and  compressive  strength  were  greatly  achieved.  Addition  of  the  Paraffin  gives  very  smooth  porous  structure. 
Compressive  strength  values  of  the  higher  boron  containing  samples  were  demonstrated  the  superiority  of  mechanical 
properties  for  all  cases  after  microwave  sintering. 

As  for  FEM,  the  reaction  of  the  inclusions  in  the  HAP  matrix  can  be  predicted  based  on  the  solution  of  inclusions  in  a 
finite  medium  having  the  properties  of  the  matrix.  Here  only  a  simple  FEM  allowing  heterogeneous  field  was  proposed  to 
solve  an  equivalent  inclusion  problem.  Macroscopic  deformation  histories  corresponding  to  the  non-monotonic  uniaxial 
and  the  plane  strain  compression  were  consecutively  considered.  Here,  a  simple  prediction  has  made  by  using  a  simple 
FEM  Naturally,  development  of  HAP  biocomposites  needs  more  investigations  to  attempt  a  high  accuracy  between 
experimental  results  and  their  equivalent  FE  predictions. 
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ABSTRACT 

This  paper  reports  damage  analysis  of  TiB2  (ceramic  particles)  reinforced  steel  matrix  composite  sheets.  This 
new  steel  composite  receives  much  attention  as  potential  structural  materials  due  to  their  high  specific  strength 
and  stiffness.  The  goal  of  the  research  described  in  this  paper  is  to  study  the  usage  of  this  new  steel  family  in  the 
manufacture  of  light  structures.  Therefore,  titanium  diboride  TiB2  reinforced  steel  matrix  composite  sheets  were 
characterized  by  optical  and  scanning  electron  microscopes  after  the  mechanical  tests  carried  out  on  the  base 
metal  and  welded  specimens  under  dynamic  and  static  test  conditions.  However,  the  non  homogeneity  of  the 
structure  in  this  type  of  composites  makes  deeply  complexity  of  their  numerical  and  analytical  modelling  to 
predict  their  damage  during  the  loading.  For  example,  the  interfaces  essentially  play  a  key  role  in  determining 
mechanical  and  physical  properties.  A  Finite  Element  (FEM)  analysis  is  also  used  for  modelling  to  simulate  the 
macroscopic  behaviour  of  this  material,  taking  into  account  the  relevant  microscopic  scales. 

Keywords:  Steel  matrix  composites;  Ceramic  particles-TiB2;  Crash  test;  Welding;  Weldability 

1.  Introduction 

Metal  Matrix  Composites  (MMCs)  have  recently  received  considerable  attention  in  manufacturing  engineering 
as  potential  structural  materials  due  to  their  high  specific  strength  and  stiffness  [1-6,  8-12].  While  most  work  on 
MMCs  is  directed  towards  producing  novel  and  lightweight  engineering  materials,  there  is  also  considerable 
interest  in  developing  iron  and  steel  matrix  composites.  Iron  and  steel  matrix  composites  reinforced  with 
TiB2/TiC  ceramic  particulates  have  been  the  focus  of  intensive  investigation  due  to  their  ease  of  fabrication,  low 
costs  and  isotropic  properties.  These  materials  potentially  have  good  wear  resistance  with  an  excellent 
combination  of  low  density  and  high  toughness  values  [1,  4,  5].  For  this  reason,  MMCs  with  fresh,  ultrafme  and 
stable  ceramic  reinforcements  can  demonstrate  outstanding  mechanical  properties  [6].  Among  various  ceramic 
particulates,  titanium  carbide  (TiC)  and  titanium  diboride  (TiB2)  are  good  candidate  materials  because  of  their 
excellent  properties  such  as  high  hardness,  low  density,  high  melting  temperature,  high  modulus,  good  wear  and 
corrosion  resistance  [5,  7,  10-12].  These  materials  are  highly  attractive  for  automotive  applications,  because  their 
lightness  and  high  toughness  make  them  conducive  to  the  production  of  environmentally  friendly  cars.  However, 
several  limitations  associated  with  the  use  of  pure  TiC  and  TiB2  were  found  in  the  literature  [5-7,  9-12]. 
The  first  theme  concerns  the  microstructural  evolution  of  the  composite  sheets  as  base  and  welded  structures  due 
to  their  potential  use  in  the  automotive  industry.  The  second  theme  is  the  relationship  between  microstructural 
and  mechanical  properties,  notably  weldability  and  the  ductile  brittle  transition  temperature  of  these  steel  matrix 
composite  (TiB2-RSMCs)  sheets  recently  invented  and  developed  by  the  ARCELOR  Research  Group  in  France 
[1].  Introducing  these  new  composite  steels  in  cars  will  reduce  the  total  vehicle  weight.  This  is  a  major  topic  of 
interest  in  support  of  the  general  goal  of  reducing  fuel  consumption  and  C02  emissions  in  future  car  designs. 

2  Experimental  conditions 

Initially,  the  plate  materials  with  a  thickness  of  2,  2,5  and  3mm  were  made  of  special  continuous  casting  and  hot 
and  cold  rolling  (classical  steel  manufacturing  method)  by  ARCELOR  Research  Group-France.  The  values  of 
carbon  and  manganese  are  0.04%  and  0.40%  respectively.  Some  of  the  steel  sheets  were  welded  only  one  fusion 
weld  line  by  Gas  Tungsten  Arc  (GTAW)  process.  Basically  TiB2  ceramic  particulates  were  used  as  reinforced 
materials  in  the  iron  matrix.  All  other  details  can  be  found  easily  in  the  documents  [1,2]. 

First  of  all,  a  detail  metallographic  analysis  has  been  carried  out.  Evolution  of  TiB2  ceramic  particulates  were 
observed  in  the  welded  and  base-metal  parts.  Secondly,  micro  hardness  tests  have  been  done  on  the  polished 
metallographic  specimens.  In  order  to  evaluate  the  toughness  properties  of  the  TiB2-RSMCs,  impact  -crash- 
tensile  tests  (ITT)  have  been  carried  out  at  different  temperatures  on  the  test  specimens  with  a  special  geometry 
containing  a  smooth  part  (BM)  and  notched  part  (WM)  with  a  special  device  mounted  on  an  impact  pendulum 
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[7,  8].  Finally,  static  compressive  tests,  under  a  rigid  spherical  indenter  with  fixed  radius  (r  =  3mm)  have  been 
carried  out  and  the  results  were  compared  with  that  of  the  numerical  analysis  carried  by  using  ABAQUS  Code. 
Fracture  and  deformed  surfaces  of  the  sheet  specimens  were  analysed  by  means  of  Scanning  Electron 
Microscope  (SEM)  for  understand  the  damage  behaviour  of  the  TiB2-RSMCs  specimens  under  crash  and  static 
compression  tests. 

3  Results  and  Discussion 

3.1  Microstructural  evaluation 

Different  mechanisms  due  to  the  reinforcements  in  steel  matrix  were  effective  in  the  microstructure.  This 
evaluation  indicates  the  size  effect  and  distribution  of  the  ceramic  particulates  in  the  matrix.  The  morphology  of 
the  ceramic  particulates  and  the  matrix  has  been  evaluated  in  metallurgical  point  of  view.  This  information  has 
allowed  understanding  the  cohesion  and  wetability  of  the  ceramic  particulates  with  matrix.  Generally,  TiB2 
ceramic  particulates  grew  in  hexagonal  prismatic  or  rectangular  shape.  The  micrograph  given  in  Figure  1  shows 
the  morphology  and  distribution  of  TiB2  reinforcements  produced  in  steel  matrix  and  eutectic  structure  in  the 
weld  bead.  The  details  of  microstructure  evolution  in  Weld  Metal  -  WM,  and  Heat  Affected  Zone,  HAZ  were 
discussed  in  former  papers  [2]. 


Fig.  1.  Evolution  of  the  microstructure  of  TiB2-RSMCs  specimens  in  base  metal  (left)  and  weld  bead  (right) 

In  fact,  solubility  of  iron  in  the  TiB    remains  less  than  4  %  it  means  that  system  Fe/TiB    keeps  intact  the 

mechanical  properties  of  TiB    In  the  system  Fe-B-Ti,  TiB   precipitates  in  steel  by  eutectic  solidification  (this 

avoids  the  primary  precipitation  of  borides  in  the  liquid  metal).  (Volume  fraction  is  around  15  %,  eutectic 
composition).  These  values  were  found  with  the  surface  percentages  of  the  TiB2  ceramic  particulates  calculated 
by  image  analysis.  Weld  Bead,  after  solidification,  gives  regularly  a  dendritic  structure.  This  type  of  structure  is 
always  developed  around  the  ferrite  nuclei. 

3.2  Evaluation  of  micro  hardness  and  impact  tensile  test  behaviour 

Micro  hardness  measurement  was  given  in  the  Figure  2  as  the  mean  values  for  three  different  zones  (BM,  HAZ, 
and  WM).  The  values  for  the  new  steel  sheets,  without  welding  (only  base  metal),  has  been  added  in  this 
diagram.  The  population  of  TiB2  particles  distributed  in  the  matrix  plays  an  important  role  on  the  hardness 
evolution  in  the  steel  sheets. 


HV02 

350  ■ 

HAZ 

300  • 

Weld  Metals* 

Base  Metal 

200  ■ 

HAZ 

150  ■ 

— •— Microhardness  value,  t=3mm 

•    New  Steel,  without  welding,  t=2,5mm 

i         nl 

Distance  in  mm 


Fig.  2.  Hardness  evolution  in  different  parts  of  the  steel  sheets  (WM,  HAZ  and  Base  metal) 


Impact  tensile  tests  results  were  given  in  the  Figure  3.  All  the  details  with  this  special  test  technique  can  be  found 
in  former  works  [2].  As  indicated  in  the  ductile  -  brittle  transition  behaviour  of  the  test  specimens  are  deeply 
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different.  As  the  base  metal  (without  welding  specimens  in  Figure  3a)  gives  a  satisfaction  transition  values 
(around  -80°C)  the  welded  specimens  show  a  transitions  varying  between  -40  and  -10°C  depending  on  the 
thickness  and  also  steel  grades  (Figure  3a  and  3b).  However,  these  results  are  very  successful  results  for  a  steel 
matrix  reinforced  ceramic  particles. 
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Fig.  3.  Impact  Tensile  Test  (ITT)  results  for  the  base  metal  and  welded  specimens  with  test  device  and  developed 
specimen  geometry  and  also  FE  stress  distribution  model  with  Abaqus  stress  analysis 

Evidently,  fracture  surfaces  of  these  specimens  verify  these  experimental  results  in  case  of  the  ductile  and  brittle 
failure  conditions  as  indicated  in  Figure  4. 


Fig.4.  Impact  tensile  test  results  for  the  specimen  failed  in  ductile  (left)  and  brittle  (right)  fracture  conditions 
3.3.  Compressive  tests,  under  a  rigid  spherical  indenter 


Static  compression  tests  have  been  carried  out  under  a  rigid  spherical  indenter  (r=3mm)  and  deformed  zone  areas 
were  measured  for  each  test  specimen  (only  base  metal)  and  fractographic  analysis  were  also  made  for  each 
specimen.  This  test  is  a  typical  damage  test  to  understand  the  behaviour  of  the  steel  sheets  containing  ceramic 
reinforcements  (Figure  5).  The  development  of  this  product  requires  a  better  understanding  of  the  relationship 
between  crack  propagation  and  microstructure.  For  this  reason,  a  finite  element  based  model  was  build  which  is 
inspired  from  the  microstructure  of  the  material.  The  micro  hardness  testing  and  the  compressive  tests  are  thus 
selected  to  compare  between  performances  of  this  material  based  on  experimental  tests  results  and  also 
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numerical  macro  FE  structural  study.  The  dispersion  of  TiB2  particles  in  iron  matrix  is  somewhat  heterogeneous 
containing  relatively  regular  shape  of  TiB2  particles. 


Fig.  5.  Static  compression  test  under  a  rigid  spherical  indenter:  deformed  area  on  the  sheet  and  fracture  surface 

after  deformation 

Naturally,  ITT  and  compression  test  carried  out  here  as  similar  to  the  deep  drawability  tests  cannot  be  positioned 
on  the  same  plane.  In  other  words,  ITT  characterises  a  ductile-brittle  transition  mode  in  fracture  in  dynamic 
loading  conditions.  So,  it  is  sensitive  to  the  physical  parameters,  which  play  a  role  on  the  cleavage  (grain  size, 
other  defects,  etc.).  However,  static  compression  test,  of  which  ultimate  stage  is  mostly  the  plastic  failure,  is 
mainly  sensitive  to  the  flow  rule  of  materials  during  the  deformation  and  also  to  the  presence  of  particles  of  the 
second  phase  as  indicated  in  these  sheets  reinforced  with  TiB2  ceramic  particles.  Meanwhile,  to  make  a 
correlation  between  these  two  different  test  variables  should  be  considered  as  an  indicative  presentation,  because 
both  of  these  tests  reflect  micro-structural  parameters  which  influent  both  of  these  two  type  of  tests.  These 
parameters  give  practical  information  about  the  damage  behaviour  of  these  materials. 

4.  Microstructural  Model  and  Finite  Element  (FE)  simulations 

In  order  to  understand  well  the  stress  strain  mechanism  of  steel  matrix  composites  reinforced  with  TiB2  ceramic 
particles,  a  finite  element  model  (FEM)  based  on  the  actual  microstructures  was  build.  This  model  is  stimulated 
from  the  micromechanical  composition  of  the  Fe-TiB2  as  MMC  material.  Also,  this  model  can  provide  the 
distribution  of  von  Mises  effective  stress,  strain  and  the  maximum  principal  stress  in  the  matrix  and  particles. 
The  model  is  used  to  perform  a  comparison  between  experimental  results  and  numerical  results  of  compression 
tests.  Figure  6  describes  schematically  the  conditions  of  experimental  compression  tests,  under  a  rigid  spherical 
indenter  with  fixed  radius  (r  =  3mm).  Geometric  variables  were  illustrated  used  in  this  model  and  the  geometry 
and  mesh  parameters  were  also  used  to  analyse  these  experimental  tests. 


Fig.  6.  Two-phases  of  steel  matrix  reinforced  with  TiB2  ceramic  particles  under  deformation 


The  ideal  microstructure  considered  in  this  study  consists  of  a  random  arrangement  of  cylindrical  inclusions 
(quasi  hexagonal)  embedded  in  a  continuous  steel  matrix  containing  low  carbon  (Figure  7).  The  volume  fraction 
of  inclusions  can  vary  from  10%  to  20%  and  the  micro-macro  transition  schemes  are  evaluated  in  many  cases. 
However,  when  the  volume  fraction  increases,  nearby  inclusions  start  to  interact  and  this  case  influences  the 
overall  mechanical  behaviour.  Simulations  must  then  be  performed  on  a  Representative  Element  Volume  (REV) 
of  the  microstructure.  Indeed,  the  spread  of  the  macroscopic  response  for  several  distributions  of  various 
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inclusions  is  lower  than  5%.  The  generation  of  the  random  distribution  follows  rectangular  cylinders  filled  with 
identical  and  aligned  cylindrical  inclusions.  The  RVE  micro  structure  is  periodic  along  the  3  directions,  allowing 
us  to  apply  periodic  boundary  conditions  to  the  external  faces  of  the  specimens. 
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Fig. 7.  MMC  Fe-TiB2  under  compressive  test  a)  FE  model,  b)  the  compressive  scheme  and  b)  different  model 

parts  and  mesh  representation 

The  inclusion  positioning  is  constrained  by  the  practical  limitation  of  generating  an  acceptable  FE  mesh.  A 
criterion  is  applied  to  the  minimal  distance  between  each  inclusion  surface  and  the  external  faces  of  the 
specimen.  The  volume  of  one  particular  cell  inclusion  is  less  then  1  mm3. 

The  representative  cells  are  then  meshed  with  quadratic  tetrahedral  elements.  FE  simulations  are  performed 
using  ABAQUS  (2008)  and  the  whole  volume  is  meshed  using  4-node  C3D4  tetrahedra  in  ABAQUS),  enabling 
us  to  better  capture  the  strain  gradients  in  the  matrix  [12-14].  After  that,  a  convergence  study  was  successfully 
conducted  by  comparing  the  predictions  (effective  response  and  average  inclusion  response)  to  those  obtained 
with  finer  meshes.  The  macroscopic  stress  predicted  by  the  FE  analysis  is  computed  from  a  volume  average  of 
the  stress  tensor  given  at  each  integration  point  over  the  REV  of  domain  "i": 
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4.1.  Numerical  procedure 

The  macroscopic  stresses  and  strains  values  were  aimed  to  compute  using  a  homogenization  procedure 
according  to  the  Mori-Tanaka  (M-T  model)  [12].  In  fact,  the  computations  of  the  matrix  average  stress  and  the 
macroscopic  stresses  are  identical  to  the  M-T  model.  The  procedure  is  fully  history-dependent,  the  deformation 
state  at  each  integration  point  in  the  FE  discretion  as  well  as  the  current  matrix  average  state  depends  on  the 
corresponding  state  at  the  previous  step  time.  Therefore,  for  any  loading  condition,  even  non-monotonic  or  non- 
proportional  may  be  considered.  The  Mori-Tanaka  scheme  coupled  with  a  FE  solution  of  the  equivalent 
inclusion  problem.  FE  analysis  provides  an  alternative  approach  for  estimating  the  material  properties.  A  FE 
model  for  the  heterogeneous  test  is  constructed  in  which  the  material  parameters  to  be  determined  are  considered 
as  variable.  The  simulation  is  then  performed  and  results  are  compared  to  data  from  a  comparable  experiment 
data  set.  The  agreement  between  the  model  predictions  and  the  data  is  quantified  and  judged  to  be  sufficient  or 
insufficient.  If  the  agreement  is  not  adequate,  the  parameter  values  are  updated,  a  new  FE  model  is  created  and 
run,  and  the  process  continues.  Development  of  an  effective  parametric  FE  procedure  requires  automation  of 
model  creation,  submission,  results  extraction,  and  comparison  with  experimental  data.  Within  the  context  of 
Abaqus,  the  Python  scripting  language  allows  for  such  automation.  The  inclusion  average  stress  may  be  directly 
extracted  from  the  FE  simulation  using  a  Python  script  file.  The  computation  of  the  average  stress  in  each  phase 
affects  only  the  effective  response  of  the  composite,  not  the  prediction  of  the  stress-strain  partitioning.  This  holds 
provided  that  all  components  of  the  macroscopic  strain  are  given. 

Here,  a  combination  of  tools  was  used  to  drive  the  optimization  process.  A  Matlab  interface  was  developed  to 
create  the  Abaqus  input  file  with  all  the  necessary  geometries,  material  parameter  assignments,  and  also  FE 
results  acquisition.  Python  scripts  were  used  to  extract  reaction  forces,  displacements  and  other  variables  from 
the  output  database,  which  were  fed  back  into  the  Matlab  process  for  comparison  with  the  experimental  data. 
The  FE  solution  is  used  to  simulate  two-phase  composites  consisting  of  an  elasto-plastic  matrix  reinforced  by 
linear  elastic  inclusions.  The  predictions  of  the  mean-field  models  are  compared  to  reference  results  from  FE 
computations  on  representative  cells  containing  a  random  arrangement  of  multiple  inclusions  (Figure  7). 
Uniaxial  and  plane  strain  loading  are  successively  applied  to  the  multi-particle  cells.  The  average  of  the 
macroscopic  strain  over  a  representative  equivalent  volume  (REV)  computed  at  each  time  step  provides  the 
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loading  history  for  the  corresponding  MF  models.  Therefore,  results  corresponding  to  the  same  macroscopic 
strain  history,  consistently  with  a  strain  homogenization  procedure. 

Average  equivalent  stress  in  the  inclusions  of  two  phase  MMC  material  is  determined  for  different  volume 
fractions  of  the  reinforcing  phase.  The  multi-particle,  FE  predictions  (FE  with  20%  volume  fraction)  correspond 
to  a  uniaxial  compression  test,  while  the  predictions  of  the  FE  model  are  obtained  imposing  the  same  strain 
history  as  in  the  multi  particle  simulation. 

4.2.  Boundary  conditions  and  material  properties 


The  boundary  condition  is  so  set  that  at  the  bottom  border  as  Ux,  Uy,  Uz  =  0  and  at  the  upper  face  of  the  specimen 
is  imposed  a  negative  displacement  load  Uy  in  y-direction  via  the  rigid  spherical  or  the  plate  indenter.  A  static 
step  with  small  step  time  is  used  to  assess  the  gradual  evolution  of  stresses  and  strains  in  the  elements  model,  the 
equivalent  reaction  force  is  calculated  and  used  to  furnishes  the  maximum  load,  when  the  deformation  at  the 
contact  zone  riches  comparable  value  with  the  considered  limited  experimental  one. 

The  mechanical  Fe-TiB2  MMC  material  properties  are  derived  from  the  particle  inclusion  properties  of  the  TiB2 
and  those  of  pure  iron  as  matrix.  The  inclusion  material  is  assumed  to  be  linearly  elastic  with  elastic  modulus 
Ep=300  GPa  and  Poisson's  ratio  u  =  0.3.  In  the  same  way,  iron  is  selected  to  be  the  metallic  matrix  with  elastic 
modulus  Em=210  GPa,  Poisson's  ratio  x>=  0.33.  The  inclusion  average  stress  may  be  directly  extracted  from  the 
FE  simulation  using  a  Python  script  file.  The  computation  of  the  average  stress  in  each  phase  influences  only  the 
effective  response  of  the  composite,  not  the  prediction  of  the  stress-strain  partitioning.  This  holds  provided  that 
all  of  the  components  of  the  macroscopic  strain  are  given.  At  this  stage,  a  combination  of  tools  was  used  to  drive 
the  calculation  process. 


4.3.  Results 

The  FE  solution  used  to  simulate  two-phase  composites  consisting  of  an  elasto-plastic  matrix  reinforced  by 
linear  elastic  inclusions.  The  predictions  of  the  mean-field  models  are  compared  to  the  reference  results  from  FE 
computations  on  representative  cells  containing  a  random  arrangement  of  multiple  inclusions.  Uniaxial 
compressive  loading  are  successively  applied  to  the  multi  particle  cells  embedded  in  the  metal  iron  matrix.  The 
average  of  the  macroscopic  strain  computed  at  each  time  step  provides  the  loading  history  for  the  corresponding 
FE  models. 

Average  equivalent  stress  in  the  inclusions  of  two  phase  MMC  material  is  determined  for  2  volume  fractions  of 
the  reinforcing  phase  10  %  and  20%.  For  comparison,  the  predictions  of  the  compressive  results,  by  mean  of 
deformation  and  maximum  loading  are  shown  for  uniaxial  compression  Figures  8,  9  and  Table  1.  The  average 
volume  fraction  for  specimens  in  Table  1  is  taken  to  be  15  %.  Only  the  results  due  to  compressive  tests  using  a 
rigid  sphere  are  presented  here. 


Fig.  8.  FEM  measurements  of  the  deformation  depth  under  compression  of  the  MMC  under  compressive  tests 
(Equivalent  plastic  strain  distributions  in  the  contact  area) 

In  fact,  Figure  9  gives  comprehensive  evaluation  of  the  deformation  behaviour  of  this  material  as  noted  form 
experimental  and  FEM  variation  of  the  compressive  load  as  a  function  of  displacement  under  compressive  tests. 
However,  interesting  results  have  been  obtained  from  hardness  measurements  carried  out  in  vertical  and 
horizontal  direction  under  the  deformed  area  due  to  compression  test  (experimental)  and  also  very  similar  results 
were  obtained  from  variation  of  the  stress  a2  as  a  function  of  displacement  due  to  compression  test  (FEM). 
These  results  show  clearly  that  a  strain  hardening  mechanism  does  not  occur  in  this  material  what  ever  the 
deformation  level  (from  small  stress  levels  up  to  stresses  induced  failure); 
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First  of  all,  the  structure  of  the  matrix  is  similar  that  of  the  pure  iron.  It  contains  very  low  carbon  and  the 
microstructure  contains  very  low  dislocation  density  that  does  not  increase  during  the  deformation  even  if  the 
microstructure  with  small  grain  size.  Most  probably,  the  hardness  values  around  the  deformed  area  and  also 
variation  of  the  stress  a2  as  a  function  of  displacement  do  not  change  during  the  deformation  and  the  materials 
does  not  show  a  noticed  work  hardening  phenomenon. 
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Fig.  9.  a)  Experimental  and  FEM  variation  of  the  compressive  load  as  a  function  of  displacement  of  the  MMC 

under  compressive  tests  and  b)Hardness  evolution  in  different  direction  after  compression  test  (experimental) 

and  c)  FEM  variation  of  the  stress  a2  as  a  function  of  displacement  of  the  MMC  under  compressive  tests 

4.4.  Partial  Discussion  of  FE  results 


The  inclusions  response  is  predicted  based  on  the  solution  of  inclusions  in  a  finite  medium  having  the  properties 
of  the  matrix.  This  equivalent  inclusion  problem  is  solved  by  the  FE  method,  allowing  field  heterogeneities  to 
take  place  in  the  made  up  matrix.  In  this  model  the  scheme  of  Mori-Tanaka  model  is  used,  the  average  of  the 
strain  in  the  actual  matrix  of  the  composite  is  taken  as  far-field  strain.  The  new  method  is  applied  to  this 
composite  made  of  an  elasto-plastic  iron  matrix  reinforced  by  spherical  or  cylindrical  elastic  TiB2  inclusions. 
Macroscopic  deformation  histories  corresponding  to  non-monotonic  uniaxial  and  plane  strain 
tension/compression  are  successively  considered.  In  all  cases,  predictions  of  the  approaches  are  compared  to 
reference  results  obtained  by  FE  simulations  on  cells  containing  inclusions. 

This  FE  study  showed  that  the  M-T  assumption  is  able  to  simulate  the  effective  response  of  such  composites 
almost  for  less  then  20%  of  inclusion  volume  fraction.  However,  the  predicted  inclusion  response  is,  in  general, 
less  accurate  than  the  macroscopic  real  one  so  that  the  stress  level  in  low  inclusion  fraction  is  underestimated  by 
the  mean- field  model,  this  fact  was  well  discussed  in  a  number  of  previous  works  [15-17].  This  effect  is  due  to  a 
certain  extent,  compensated  by  the  matrix  prediction  which  raises  the  stress  level  in  the  effective  response.  This 
is  due  to  a  slight  overestimation  of  the  matrix  average  strain  combined  with  the  present  comparison  material  for 
the  matrix.  For  higher  volume  fractions  (from  20  %)  the  single  inclusion  modelling  yields  very  poor  predictions 
of  the  inclusion  response.  This  can  be  explained  by  plastic  localization  taking  place  between  inclusions  in  the 
real  composite,  which  is  overlooked  by  the  FE  model  (Figure  9). 

Figure  10  illustrates  the  history  of  energy  for  the  same  plate,  both  total  energy  and  strain  energy  figure  17  a  and  c 
show  the  same  shape  at  the  loading  step,  then  the  energy  falls  to  low  values  and  this  sharp  drop  can  join  the 
experimental  results  obtained  with  Charpy  choc  test  as  the  energy  transition  was  dropped  sharply  from  the 
ductile  to  the  brittle  zone.  This  sudden  jump  is  due  to  the  repartition  and  the  size  of  the  TiB2  particles. 
Development  of  a  new  iron  matrix,  composite  reinforced  with  TiB2,  needs  more  investigations  to  attempt  a  high 
accuracy  between  experimental  results  and  their  equivalent  FE  predictions.  The  best  choice  of  the  volume 
fraction  and  the  size  particle  is  a  competitive  compromise  that  could  be  defined  accordingly  to  the  industrial 
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destination  of  the  MMC  material.  In  fact,  a  larger  investigation  in  the  development  of  these  materials  can  lead  to 
the  development  of  a  smart  strategy  that  can  be  easily  used  in  the  future  to  design  smart  MMC  materials  that  can 
be  adapted  to  the  functionality  of  this  latter.  So  that  the  material  composition  and  the  geometry  design  of  the 
phase  distribution  in  the  MMC  matrix  could  be  monitored  from  an  application  to  other. 


Fig.  10.  FEM  variation  of  the  stress  energy  history  of  the  MMC  under  compressive  tests 


Table  1 

.  General  evaluation  to  compare  experimental  and  FE  results  form  compression  test 

Test 
n° 

N°of 
specimen 

Specimen 
size  (mm) 

FE.  Max 
force  (N) 

Exp.  max 
force  (N) 

Rayon 
R          Rx  mm 

FE. 
x  (mm) 

Exp 
x  (mm) 

1 

AC-x 

25x30x3 

3           2,04 

0,82 

0,80036367 

2 

AC-1 

24x28x2 

31104 

31025,4 

3           2,15 

0,91 

0,9077524 

3 

AC-2 

21x21x2 

29800 

29038,5 

3           2,03 

0,78 

0,79113151 

4 

AC-3 

25x30x3 

31600 

31570,4 

3           2,3 

1,14 

1,07386397 

5 

AC-4 

21x7x3 

25700 

25636,2 

3           2,97 

2,56 

2,57679792 

6 

AC-5 

28x26x2 

26800 

26735,6 

3           2,01 

0,771 

0,77291671 

7 

AC-6 

12x27x2 

24400 

24334,6 

3           2,17 

0,95 

0,92850296 

8 

AC-7 

25x30x3 

14400 

14334,5 

4,75       1,74 

0,33 

0,33016969 

5.  General  Conclusion 


Some  of  the  conclusions  can  be  driven  from  partial  results  of  this  study; 

-  TiB2  particulate  reinforced  MMCS  sheets  were  successfully  manufactured  as  proposed  in  the  Patent. 

-  Weldability  of  this  new  steel  family  has  a  big  potential  success  in  manufacturing  engineering  (Formability  of 
tailored  welded  blanks,  TWBs) 

-  Weld  bead  shows  finer  structure 

-  There  is  no  abnormal  evolution  in  HAZ  during  the  welding  (e.g.  grain  growth) 
-The  weld  bead  shows  a  fine  eutectic  structure. 

-There  is  no  abnormal  evolution  in  the  HAZ  (e.g.,  grain  growth). 

-  Preliminary  work  suggests  that  this  product  (originally  developed  for  the  car  industry)  should  find  other 
applications  for  all  of  the  structures  designed  by  stiffness  (ex:  energy  domain,  road  transport  and  railway) 

-  A  finite  element  model  of  the  MMC  material  has  been  developed  using  a  specimen  with  specific  geometry  and 
material  properties.  Accurate  determination  of  material  parameters  is  an  integral  component  of  developing  a  Fe  - 
TiB2  MMC.  For  most  direct  estimation,  parameters  would  be  determined  using  standard  experimental  test 
techniques  (e.g.  uniaxial  tension  or  compression).  For  intention  of  modelling  MMC  iron  composites,  preparation 
of  excised  samples  presents  a  number  of  difficulties.  If  insertion  of  inclusion  particles  is  not  well  designed,  it 
could  affect  the  final  result  of  simulation  and  it  can  induce  false  correlation  between  external  and  internal 
variables.  Finally,  even  if  uniaxial  properties  are  precisely  measured,  the  applicability  of  such  data,  and  resulting 
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material  parameters,  need  a  robust  simulation  to  reach  the  satisfactory  conclusions  about  the  mechanical 
behaviour  of  those  materials. 

-  In  general,  the  development  of  this  MMC  material  is  enhanced  for  many  causes,  in  particular  as  far  as  we  are 
looking  for  improving  some  roughness  properties,  we  can  associate  particular  attention  to  the  grain  size,  because 
when  it  is  reduced  at  a  large  scale,  the  presence  of  stresses  and  imperfections  introduced  by  mechanical  alloying 
enhance  the  roughness  property;  the  overall  roughness  property  is  a  competition  between  decrease  in  grain  size 
and  increase  in  strain.  An  enhancement  of  the  numerical  model  to  a  nano  scale  can  be  with  a  great  utility  to  bring 
more  light  and  answers  on  the  mechanical  improvement  of  this  material. 
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ABSTRACT  Gaskets/seals  in  PEM  fuel  cells  are  exposed  to  acidic,  humid  air,  mechanical  compressive  pressure 
and  cyclic  temperature  environment.  Chemical  degradation  of  three  elastomeric  gasket  materials  in  a  simulated 
and  an  aggressive  accelerated  fuel  cell  solution  at  80°C  up  to  63  weeks  was  investigated  in  this  work  using 
dynamic  mechanical  analysis  (DMA)  which  assesses  the  change  of  dynamic  mechanical  properties  of  the  three 
material  samples  as  they  aged.  The  three  materials  tested  are  copolymeric  resin  (CR),  liquid  silicone  rubber 
(LSR),  and  fluorosilicone  rubber  (FSR). 

Keywords:  DMA,  glass  transition  temperature,  elastomeric  gasket  material,  PEM  fuel  cell 

1.  INTRODUCTION 

Gaskets  in  PEM  fuel  cells  are  typically  made  of  elastomeric  materials  and  are  exposed  to  acidic  liquid  solution, 
humid  air  and  hydrogen,  as  well  as  subjected  to  mechanical  stress.  The  long-term  stability  and  durability  of  the 
gaskets  materials  are  therefore  critical  to  both  sealing  and  the  electrochemical  performance  of  the  fuel  cells.  In 
this  study,  three  polymeric  materials  that  are  or  have  potential  to  be  used  as  gasket  or  seals  in  PEM  fuel  cells 
were  first  aged  in  a  simulated  or  an  accelerated  fuel  cell  environment  solutions  at  80°C  which  is  close  to  the  PEM 
fuel  cell  operating  temperature.  The  dynamic  mechanical  characteristics  of  the  virgin  and  aged  materials  were 
then  studied  using  a  DMA  (TA  Instruments,  RSA-III). 

2.  EXPERIMENT  DESCRIPTIONS 

2.1  Materials  and  Simulated  Fuel  Cell  Environment  Solutions 
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Three  elastomeric  sealing  materials,  namely,  Copolymeric  Resin  (CR),  Fluorosilicone  Rubber  (FSR),  and  Liquid 
Silicone  Rubber  (LSR),  are,  among  others,  currently  been  used,  or  are  considered  to  use,  in  PEM  fuel  cells  as  the 
gasket/seal. 

Two  solutions  were  used  to  age  the  three  materials.  The  first  is  an  accelerated  durability  test  (ADT)  solution.  The 
final  composition  is  1M  H2S04,  10ppm  HF  and  reagent  grade  water  having  18Mega  Ohm  resistances.  The  pH 
value  is  less  than  one.  The  second  solution  is  termed  a  "Regular"  solution.  Chemical  composition  of  the  solution  is 
12ppm  H2S04  and  1.8ppm  HF  with  reagent  grade  water  having  18Mega  Ohm  resistances. 

2.2  Aging  and  Characterization  Methods 

Rectangular-shaped  specimens  were  prepared  and  exposed  to  either  the  ADT  or  the  Regular  solution.  The 
dimensions  of  the  specimens  are  70mm  in  length,  20mm  in  width,  and  2.0mm  in  thickness,  except  Copolymeric 
Resin  (CR)  which  has  a  thickness  of  1.5mm.  The  samples  were  submerged  in  the  ADT  and  Regular  solutions  in 
different  bottles  placed  in  an  oven  at  a  temperature  of  80°C.  The  aged  samples  were  taken  out  of  the  test  bottles 
at  selected  times  for  observation  and  tests.    The  process  completed  in  63weeks. 

3.  RESULTS  AND  DISCUSSIONS 

3.1  Material  Properties  from  DMA 


3.1.1  Copolymeric  Resin  (CR) 

The  CR  samples  at  different  aging  weeks  were  used  to  reveal  the  dynamic  mechanical  properties.  Fig.  1(A) 
presented  the  storage  modulus  (E')  and  the  loss  modulus  (E").  Fig.  1(B)  is  the  Tan  5  versus  temperature  for  the 
samples  aged  in  the  Regular  solution.  Fig.  2  is  for  CR  in  the  ADT  solution. 

Figs.  1  and  2  show  that  the  glass  transition  temperature  (Tg)  is  about  -48°C  and  no  change  after  aging.  Tg  is 
identified  in  Fig.  1  as  the  temperature  where  sharp  decrease  in  E'  or  the  peak  in  Fig  2  occurs. 

In  the  Regular  solution  (see  Fig.  1(A)),  the  E'  and  E"  increased  slightly  as  the  samples  aged;  but  in  the  ADT 
solution  (see  Fig.  2(A))  they  tend  to  decrease  as  it  ages. 

Both  E'  and  E"  are  stable  and  maintain  a  nearly  constant  value  for  temperatures  higher  than  Tg  for  both  virgin  and 
aged  samples.  Note  that  in  our  previous  work  [1],  the  surface  chemistry  of  CR  changed  notably  after  exposure  to 
the  environment  (particularly  in  the  ADT  solution),  see  the  FTIR  results  in  [1].  CR  material  in  Regular  solution  is 
more  chemically  stable  than  in  ADT  solution  under  current  test  conditions.  The  current  data  shows  however  that 
the  bulk,  dynamic  mechanical  properties  of  the  material  is  affected  very  little  by  aging  in  the  environments. 
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(A)  (B) 

(A)  Storage  modulus  E'  and  loss  modulus  E",  and  (B)  tangent  delta  versus  temperature  of  virgin  and  aged 

CR  samples  exposed  to  the  Regular  solution 
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Fig.  2.    (A)  Storage  modulus  E'  and  loss  modulus  E",  and  (B)  tangent  delta  versus  temperature  of  virgin  and  aged 
CR  samples  exposed  to  the  ADT  solution.    The  optical  pictures  show  the  surface  conditions  of  the  virgin  and  63- 
week  aged  specimens. 

3.1.2  Fluorosilicone  Rubber  (FSR) 

Test  data  for  FSR  samples  are  shown  in  Figs.  3  and  4  in  the  Regular  and  the  ADT  solution,  respectively.  Figs. 
3(A)  and  4(A)  present  the  storage  modulus  (E')  and  the  loss  modulus  (E").  Figs.  3(B)  and  4(B)  are  the  Tan  5 
versus  temperature. 

Figs.  3  and  4  show  that  the  glass  transition  temperature  (Tg)  is  about  -50°C  and  has  no  change  after  aging. 
Above  Tg,  both  E'  and  E"  decrease  fast  between  Tg  and  room  temperature  and  slowly  after  room  temperature. 
The  aging  appears  to  increase  the  modulus  slightly. 

Note  that  in  our  previous  study  [1],  no  FTIR  spectrum  change  was  observed  for  FSR  in  either  Regular  or  ADT 
solution.    FSR  appeared  to  be  the  most  stable  materials  among  the  three  tested  in  FTIR  tests. 


1  .C+IU 

:    -                                                     — \frgin-FSR 

-    3                                                 —  Regula--FSR-4W 

1.E+09 

!     Jk                                            —  Regula--FSR-25W 

'as1' 

:     iJfla                                                   Regula--F$R-36W 

~1.E+08 

1\                                           — Regula--FSR-63W 

ol.E+07 

^^^^ 

^ 

X^^^tatatota^^^ 

X,          '"  *  *  ^^^^^^^^^MMl  f 

1.E+06 

^***^ 

-80    -60    -40    -20      0      20     40     60     80    100 
Temperature  f6J 


0.8 


0.6 


0.2 


— \<>igin-FSR 

—  Regula--FSR-4W 
Regular  SR-25W 

—  Regular  SR-36W 

—  Regular-FSR-63W 


-80     -60     -40     -20       0       20       40      60       30     100 

Temperature  (*C) 


(A)  (B) 

Fig.  3.    (A)  Storage  modulus  E'  and  loss  modulus  E",  and  (B)  tangent  delta  versus  temperature  of  virgin  and  aged 

FSR  samples  exposed  to  the  Regular  solution 
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Fig.  4.    (A)  Storage  modulus  E'  and  loss  modulus  E",  and  (B)  tangent  delta  versus  temperature  of  virgin  and  aged 
FSR  samples  exposed  to  the  ADT  solution 

3.1 .3  Liquid  Silicone  Rubber  (LSR) 

Test  data  for  LSR  samples  are  shown  in  Figs.  5  and  6  in  the  Regular  and  the  ADT  solution,  respectively.  Figs. 
5(A)  and  6(A)  present  the  storage  modulus  (E')  and  the  loss  modulus  (E").  Figs.  5(B)  and  6(B)  are  the  Tan  5 
versus  temperature. 

Figs.  5  and  6  show  that  the  glass  transition  temperature  (Tg)  is  about  -42°C  and  has  no  change  after  aging.  The 
Tg  is  consistent  with  our  previous  data  reported  in  [1].  Above  Tg,  E'  is  nearly  constant,  but  E"  gradually 
decreases  with  temperature.    The  aging  appears  to  increase  the  modulus  slightly  in  both  solutions. 

Note  that  surface  appearance  of  the  LSR  in  ADT  changed  from  black  to  white  after  63weeks  (see  the  discussion 
in  [1]).  It  was  concluded  in  [1]  that  there  are  significant  surface  chemical  changes  for  LSR  samples  exposed  to 
ADT  solution  at  80°C  over  time.  The  chemical  degradation  is  likely  due  to  de-crosslinking  and  chain  scissoring  in 
the  rubber  backbone  in  the  environment.  However,  the  bulk,  dynamic  mechanical  properties  of  the  LSR  material 
had  very  little  change  aged  in  both  solutions  according  to  the  current  test  data. 
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Fig.  5.    (A)  Storage  modulus  E'  and  loss  modulus  E",  and  (B)  tangent  delta  versus  temperature  of  virgin  and  aged 

LSR  samples  exposed  to  the  Regular  solution 
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Fig.  6.    (A)  Storage  modulus  E'  and  loss  modulus  E",  and  (B)  tangent  delta  versus  temperature  of  virgin  and  aged 
LSR  samples  exposed  to  the  ADT  solution.    The  optical  pictures  show  the  surface  conditions  of  the  virgin 

and  63-week  aged  specimens 

4.  CONCLUSIONS  AND  FUTURE  STUDY 

From  the  DMA  data  and  discussions  above,  it  appears  that  CR,  LSR  and  EPDM  are  good  candidates  for  PEM 
fuel  cell  applications,  in  terms  of  both  Tg  and  the  storage  modulus  E\  Among  the  three,  EPDM  seems  to  be  the 
best,  as 

(a)  In  ADT  solution,  CR  showed  cracks  and  both  CR  and  LSR  lost  weights  to  about  45%  after  ageing  [1]. 

(b)  CR  and  LSR  had  significant  amount  of  silicone  leachants  in  ADT  solution  [1]. 

(c)  CR  and  LSR  had  chemical  degradation  in  ADT  solution  as  shown  by  our  FTIR  analysis  [1]. 

Note  that  in  the  Regular  solution,  all  three  materials  performed  equally  well  in  our  chemical  degradation  studies 
[1,2]. 
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ABSTRACT 

Planar  Solid  Oxide  Fuel  Cells  (SOFCs)  are  made  up  of  repeating  sequences  of  thin  layers  of  cermet  electrodes, 
ceramic  electrolytes,  seals,  and  current-collectors.  For  electro-chemical  reasons  it  is  best  to  keep  the  electrolyte 
layers  as  thin  as  possible.  However,  for  electrolyte-supported  cells,  the  thin  electrolytes  are  more  susceptible  to 
damage  during  production,  assembly,  and  operation.  The  latest-generation  electrolyte-supported  SOFCs  employ 
a  honeycomb-type  support  structure  that  includes  both  thick  and  thin  regions  within  the  electrolyte.  The  thin 
regions  are  more  electro-chemically  efficient,  while  the  thick  regions  provide  mechanical  support. 

The  performance  of  the  electrolyte  within  the  context  of  a  mechanically  and  thermally  loaded  stack  is  being 
investigated.  Temperature  profiles  are  obtained  from  CFD  models.  Mechanical  and  thermal  material  properties 
are  obtained  from  experiments  with  individual  components.  Single-component  models  are  used  to  further 
characterize  components  with  complex  geometries,  particularly  the  electrolyte  and  the  compliant,  electrically 
conducting  metal  foams.  A  2-D  stack  model  uses  the  data  from  experiments  and  single-component  models  to 
evaluate  the  mechanical  response  of  the  cells  to  loads  comparable  to  those  experienced  in  assembly  and 
operation.  The  model  is  run  both  at  room  temperature  and  at  operating  temperature  to  determine  which 
parameters  can  best  reduce  the  demands  on  the  brittle  electrolyte  without  sacrificing  electro-chemical  efficiency. 

I.  INTRODUCTION 

Fuel  cells  are  electro-chemical  devices  which  consist  of  an  electrolyte  and  two  electrodes  which  enable  reactions 
in  fuel  and  oxidant  to  produce  energy.  Solid  Oxide  Fuel  Cells  (SOFCs)  in  particular  are  characterized  by  a  solid 
electrolyte  which  is  electrically  non-conducting  and  impermeable  to  gas  diffusion,  but  permits  ions  to  migrate 
through  it.  When  brought  up  to  their  operating  temperatures,  the  anode  strips  electrons  from  the  fuel  to  form 
oxygen  ions,  which  pass  through  the  electrolyte  to  the  cathode.  The  stripped  electrons,  which  cannot  pass 
through  the  electrolyte,  are  routed  to  the  cathode  through  an  external  circuit,  thus  providing  electrical  power. 
Electrons  arriving  at  the  cathode  combine  with  oxygen  ions  and  with  hydrogen  in  the  fuel  to  produce  water  [1],[2]  . 

SOFCs  are  generally  characterized  by  both  their  geometric  configuration,  most  commonly  tubular  or  planar,  and 
by  which  of  the  ceramic  layers  provides  the  primary  mechanical  support,  generally  the  anode  or  the  electrolyte. 
Tubular  cells  have  the  advantage  of  being  much  easier  to  seal  against  cross-contamination  of  gases,  but  planar 
cells  are  generally  preferable  due  to  the  potential  for  increased  power  density,  for  easier  cell-to-cell 
interconnection,  and  significantly  reduced  manufacturing  costs. [3].  Electrolyte-supported  cells  are  advantageous 
over  anode-supported  cells  because  they  are  less  susceptible  to  failure  due  to  anode  reoxidation  or  cathode 
reduction.  However,  the  thicker  electrolyte  results  in  higher  resistance  and  requires  higher  operating  temperatures 
to  minimize  ohmic  losses  [4].  Electrolyte-support  is  also  preferable  because  the  porous  anodes  are  generally 
harder  to  seal. 
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Fig.  1:  In-plane  geometry  of  a  FlexCell  Electrolyte 

For  electro-chemical  reasons,  it  is  best  to  keep  the  electrolyte  as  thin  as  possible.  Thinner  electrolytes  can  allow 
for  lower  operating  temperatures  and  have  lower  resistive  losses  [5].  However,  it  remains  important  to  maintain 
sufficient  thickness  that  the  electrolyte  is  mechanically  robust  enough  to  provide  mechanical  support. 

In  order  to  produce  cells  which  are  mechanically  robust  while  electro-chemically  efficient,  NexTech  Materials  Ltd. 
has  developed  a  new  planar,  electrolyte-supported  SOFCs  which  it  calls  the  FlexCell™  [6].  The  design 
incorporates  an  electrolyte  layer  made  up  of  alternating  regions  of  thin,  "active"  regions  supported  by  a  thicker, 
hexagonal  mesh,  as  shown  in  Fig.  1.  The  thin  regions,  which  are  approximately  40  microns  in  thickness,  allow  for 
more  electrochemically  efficient  energy  production,  while  the  thicker  regions,  approximately  200  microns,  provide 
mechanical  support.  The  cells  are  produced  in  layers  which  are  on  the  order  of  100-1000  square  centimeters  in 
area,  making  them  upwards  of  2500  times  larger  in  length  in-plane  than  they  are  through  the  thickness. 

To  ensure  robust,  efficient  designs,  the  ability  to  model  the  cells  using  finite  element  analysis  is  desirable. 
Previous  work,  which  focused  solely  on  the  electrolyte,  employed  a  two-scale  modeling  approach.  Small-scale 
local  geometry  was  studied  with  a  full  3-D  unit-cell  model,  and  large-scale  effects  were  studied  with  a  shell- 
element  model  that  did  not  require  prohibitively  many  elements  [7].  To  study  the  performance  of  the  electrolyte  in 
the  context  of  a  full  SOFC  stack,  further  modeling  and  experiments  have  been  run  to  characterize  the  surrounding 
SOFC  components. 

II.  SOFC  STACK  COMPONENTS 

Aside  from  the  electrolyte,  a  number  of  other  components  must  be  considered  in  order  to  model  a  full  stack. 
Figure  2  is  a  schematic  of  a  generic  stack  and  shows  all  the  different  components  down  to  the  cell  level.  A  porous 
anode  and  cathode  are  bonded  to  either  side  of  the  electrolyte,  forming  an  energy-producing  assembly  that  is 
often  referred  to  as  positive  electrode-electrolyte-  negative  electrode,  or  PEN  for  short  [8].  On  either  side  of  the 
electrodes,  compliant,  metal  foams  are  used  to  direct  current  from  the  electrodes  to  the  interconnect,  while 
allowing  gases  to  diffuse  to  and  from  the  PEN  layer.  The  steel  interconnects  form  a  separation  between  cells,  as 
well  as  contain  channels  to  direct  the  flow  of  gases.  Additionally,  seals  are  needed  at  the  edges  of  cells  to  prevent 
the  cross-contamination  of  fuel  and  oxidant  from  one  side  of  the  PEN  to  the  other. 


III.  REPEATING  CELL  MODEL 

To  begin  to  model  the  stack,  the  repeating  unit  shown  in  Fig.  2  is  modeled.  To  simplify  the  model,  the  electrolyte 
was  treated  as  a  solid  layer  with  uniform  thickness  and  equivalent  mechanical  properties  that  account  for  the 
effects  of  the  thin  regions.  Finite  element  modeling  was  used  previously  to  show  that  for  any  linear  elastic 
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Fig.  2:  Schematic  of  a  Planar  SOFC  Assembly 


material,  the  reduction  in  stiffness  of  a  FlexCell  electrolyte  is  dependent  on  the  percentage  of  'active  area' 
devoted  to  thinner,  active  hexes.  Percent  active  area  is  defined  as  follows: 


%AA 


Area  of  Hexes 
Total  Area  of  Region 


x  100% 


(1) 


For  example,  the  electrolyte  shown  in  Fig.  1  contains  a  combination  of  larger  and  smaller  hexes.  The  large  hexes 
are  4.5  mm  across  and  are  spaced  1.5  mm  apart,  taking  up  about  57%  of  their  surrounding  area.  The  small 
hexes,  which  are  3.0  mm  across  and  spaced  3.0  mm  apart,  take  up  about  36%.  The  frame  and  ribs  contain  no 
hexes,  so  their  %AA  is  zero. 

The  equivalent  stiffness,  Eeq  for  FlexCell  geometries  of  varying  thicknesses  is  written  as  follows: 


0/  Z7  ts+  f(%AA)tm 

%tpa  =  x  100% 

6q  ts+  tm 


(2) 


where  tm  is  the  thickness  of  the  active  membrane,  ts  is  the  additional  thickness  added  in  the  support  regions,  and 
f(%AA)  is  determined  by  a  curve  fit  of  35  finite  element  simulations: 


f(%AA)  =  100  -  1.8847  (%AA)  +  .90538  *  (%AA)2 


(3) 


To  further  simplify  the  repeating  cell  model,  it  has  also  been  assumed  that  the  mechanical  effects  of  the  anode 
and  cathode  are  minimal  when  compared  to  the  effect  of  the  electrolyte  itself.  The  anode  and  cathode  are  porous 
cermets  which  are  much  softer  than  the  electrolyte.  In  addition,  the  electrodes  are  applied  in  much  thinner  layers 
than  the  electrolyte,  thus  further  reducing  any  strength.  By  neglecting  the  electrodes  in  the  stack  model,  the  model 
avoids  having  to  devote  many  tiny  elements  to  their  region,  which  would  be  computationally  prohibitive.  Other 
researchers  have  shown  that  in  electrolyte-supported  cells,  the  difference  in  stress  on  the  electrolyte  between  an 
electrolyte  by  itself  and  a  full  PEN  assembly  is  only  around  10%  [9]. 
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Fig.  3:  3-D  Geometry  of  a  Current  Collector 

In  most  of  the  stack  components,  the  geometry  is  simple  and  the  material  properties  are  available  in  the  literature. 
The  electrolyte  is  typically  made  from  Yttria-Stabilized  Zirconia  (YSZ),  which  has  a  Young's  Modulus  of  around 
200  GPa  [10].  As  described  above,  in  active  regions  of  the  FlexCell  the  equivalent  stiffness  is  by  definition  lower. 
The  interconnect  layers  are  made  typically  from  Crofer®  22  APU  [11], [12].  The  seals  are  each  three  layers:  a 
steel  shim  sandwiched  between  two  glass-ceramic  seals  which  attach  to  the  electrolyte  frame  and  interconnect, 
respectively  [13].  With  the  exception  of  the  metal  foams,  all  component  geometries  are  able  to  be  modeled  as 
rectangles  in  a  2-D  cross-sectional  representation  of  the  stack. 

As  shown  in  Fig.  3,  the  foam  on  the  anode  side  is  a  nickel  foam  which  is  stamped  into  a  corrugated  pattern.  The 
cathode  side  foam  is  Crofer  which  has  been  formed  into  sheets  of  expanded  metal  mesh  and  then  stamped  into  a 
similar  corrugation  pattern.  Mechanical  properties  for  the  nickel  foam  are  obtained  from  existing  literature  [14], 
and  the  mechanical  behavior  of  the  expanded  metal  configuration  is  determined  below. 

IV.  MECHANICAL  RESPONSE  OF  CATHODE-SIDE  FOAM 

Samples  of  the  expanded  metal  were  compressed  from  an  initial  thickness  of  1.5mm  to  a  final  thickness  of  0.1 
mm,  resulting  in  the  load-displacement  data  in  Fig.  4.  The  samples  were  pressed  between  two  cylindrical  rods 
which  were  31.75  mm  in  diameter.  The  recorded  loads  were  divided  by  the  rods'  cross-sectional  area  to 
determine  a  contact  pressure.  This  contact  pressure  is  later  used  with  a  finite  element  simulation.  The 
experiments  were  performed  at  room  temperature,  although  there  are  plans  to  repeat  the  measurements  at  the 
SOFCs'  operating  temperature  of  up  to  850  °C. 
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Fig.  4:  Load-Displacement  Response  of  Corrugated  Expanded  Metal 
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Like  many  foams  found  in  literature,  the  deformed  material  initially  exhibits  a  linearly  elastic  response,  followed  by 
a  plateau  stress  in  which  the  deformation  is  believed  to  be  dominated  by  small-scale  failure  by  buckling  and/or 
plastic  yielding  [15].  After  a  plateau,  traditional  foams  enter  a  stage  called  densification,  in  which  the  voids  in  the 
foam  have  compressed  to  the  extent  that  opposite  faces  come  into  contact.  Foams  undergoing  densification 
exhibit  stress-strain  behavior  with  slopes  much  steeper  than  the  initial  elastic  response.  The  corrugated  expanded 
metal  appears  to  exhibit  an  analogous  slope,  but  there  is  an  additional  unexplained  behavior  between  the  plateau 
stress  and  densification.  Because  this  material  is  not  a  "true"  foam,  it  is  believed  that  this  extra  region  may 
correspond  to  the  flattening  of  the  corrugation  structure  as  both  faces  of  the  material  in  each  of  the  flat  regions 
come  into  contact  with  both  load  rods. 

Based  on  the  experimental  data,  a  single-component  model  of  the  expanded  metal  current  collector  was 
generated  in  ANSYS.  The  model  used  a  2-D  cross-section  of  the  corrugated  pattern  as  its  geometry  and  is 
treated  as  a  generic,  isotropic,  plastically-deformable  solid.  For  boundary  conditions,  the  nodes  along  the  bottom 
surface  of  the  foam  were  all  fixed  in  place  vertically,  while  the  top  surface  nodes  were  subjected  to  incremental 
displacements  downward.  The  model  underwent  compression  with  the  same  range  of  deformation  as  the  samples 


35 


plateau 


=  31.035  MPa 


E  =  413.8  IVIPa 


_j i i i_ 


0        005      01       0.15      0.2       0.25      0.3       0.35       0.4       0.45       05 
strain 
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Fig.  6:  Load  vs.  Displacement  in  Linear  and  Plateau  Regions 
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loaded  in  the  experiments.  The  material  parameters  in  the  model  were  modified  over  several  iterations  until  the 
reaction  forces  reported  by  the  displaced  nodes  agreed  with  the  contact  pressures  measured  by  the  load  frame. 
The  final  stress-strain  curve  for  the  modeled  material  is  given  in  Fig.  5.  Simulations  which  used  the  material  data 
from  Fig.  5  resulted  in  the  pressure  vs.  displacement  data  given  in  Fig.  6. 


V.  DISCUSSION  OF  RESULTS 

As  is  shown  in  Fig.  6,  the  model  was  able  to  replicate  the  load-displacement  response  in  the  elastic  and  plateau 
regions.  However,  the  model  was  unable  to  reproduce  the  response  of  the  later  regions,  regardless  of  the 
material  properties  that  were  defined.  There  are  a  number  of  possible  reasons  for  this  discrepancy.  In 
conventional  foams  the  expected  response  assumes  that  the  foam  is  uniformly  dense  and  undamaged  throughout 
the  material,  whereas  the  stamped  corrugations  imply  plastic  yielding  and  collapse  of  the  foam  in  and  around  the 
folds  of  the  corrugation  pattern.  Whatever  residual  stresses  or  damage  may  have  occurred  in  the  folds  is  not 
accounted  for  in  the  finite  element  model.  Regardless  of  prior  damage  or  yielding,  the  presence  of  the  folds  in  the 
model  represents  possible  sites  for  stress  concentration  and  plastic  hinges.  A  sample  stress  contour,  which 
shows  the  development  of  stress  concentrations,  is  shown  in  Fig.  7. 


Fig.  7:  Stress  Contours  Present  in  Compressed  Foam 
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For  the  purposes  of  building  a  full  stack  model,  the  ability  to  model  the  current  collectors  in  the  higher 
displacement  regimes  is  not  expected  to  be  critical.  What  matters  most  is  the  amount  offeree  transferred  from  the 
foam  to  the  electrolyte  under  a  given  displacement.  Because  of  the  way  that  the  material  properties  have  been 
identified,  the  desired  forces  are  automatically  produced.  Within  the  context  of  the  surrounding  stack,  it  is 
expected  that  by  the  time  the  foam  reaches  its  flattening  and  densification  regimes,  it  will  already  have  undergone 
considerable  displacement  and  the  damage  to  the  electrolyte  will  likely  have  already  compromised  the  cell. 


VI.  CONCLUSIONS 

In  order  to  produce  a  full  stack  model  for  the  FlexCell  design,  characterization  of  the  surrounding  components 
must  be  performed.  Many  of  the  components  exhibit  simple  geometries  with  well-understood  properties,  but  a 
few,  including  the  patterned,  metal  foam  current-collectors,  do  not.  To  evaluate  the  impact  on  the  electrolyte,  it  is 
critical  to  understand  how  loads  and  displacements  are  transferred  between  components.  Since  it  is  not  important 
to  understand  the  material  response  of  the  actual  components,  effective  properties  can  usually  be  used. 

There  is  still  further  work  to  be  done  in  evaluating  the  mechanical  performance  of  the  FlexCell.  The  above 
characterization  needs  to  be  repeated  at  higher  temperature,  and  the  results  need  to  be  incorporated  into  a  model 
which  includes  the  rest  of  the  stack.  Figure  8  shows  a  region  of  a  cell  containing  both  foams  and  seals.  The  stack 
model  itself  is  computationally  complex,  containing  nonlinear  behaviors  associated  with  materials  and 
components  which  deform  plastically,  have  sliding  contact  between  components,  and  have  coupled  thermal- 
structural  responses. 
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ABSTRACT 

The  impulse  imparted  onto  a  structure  is  a  major  component  in  the  study  of  fluid-structure  interactions  during  a 
blast  loading  event.  A  better  understanding  of  the  impulse  transferred  to  a  structure  will  lead  to  an  improved 
evaluation  of  an  object's  blast  performance.  However,  limited  experimental  studies  have  been  performed  to 
determine  the  impulse  imparted  to  a  structure  during  a  blast  event.  In  this  study,  a  comprehensive  experimental 
study  on  the  impulse  imparted  to  free  standing  monolithic  plates  under  blast  loading  is  conducted.  A  series  of 
aluminum  and  steel  cylindrical  plates  were  subjected  to  various  experimental  loading  conditions  using  a  shock 
tube  apparatus.  The  motion  of  the  specimens  was  captured  using  a  high  speed  camera,  Photron  SA1,  to 
determine  their  velocity  and  momentum.  The  relationship  between  the  impulse  transferred  to  the  specimens  and 
the  shock  wave  pressures  was  analyzed.  These  results  were  compared  with  the  theories  developed  by  Xue  and 
Hutchinson,  2004  and  Kambouchev,  et  al,  2006,  2007.  The  comparisons  show  that  the  current  fluid-structure 
model  needs  to  be  modified  in  air  blast  when  the  compressibility  of  the  fluid  cannot  be  ignored. 

INTRODUCTION 

The  impulse  imparted  onto  a  structure  is  a  major  component  in  the  study  of  fluid-structure  interactions  during  a 
blast  loading  event.  A  better  understanding  of  the  impulse  transferred  to  a  structure  will  lead  to  an  improved 
evaluation  of  an  object's  blast  performance.  This  in  turn  will  help  direct  the  design  of  new  structures  with  greater 
blast  resistance. 

The  momentum  imparted  into  a  structure  during  a  blast  event  is  typically  calculated  via  fluid-structure  interaction. 
This  problem  was  first  solved  by  Taylor  [2]  who  calculated  the  solution  for  a  one  dimensional  wave  impinging  and 
reflecting  on  a  solid  plate  to  derive  the  momentum  transmitted  into  the  plate.  From  this,  the  momentum 
transmitted  to  a  plate  during  a  blast  loading  was  found  to  derive  from  the  density  of  the  fluid,  the  wave  speed,  the 
blast  decay  time  and  the  areal  density  of  the  plate.  This  fluid  structure  interaction  during  a  blast  loading  has  been 
continuously  studied  for  the  many  years  [2-8]  and  in  particular  Taylor's  solution  has  been  used  to  evaluate  the 
blast  resistance  of  sandwich  composites  with  different  core  topologies  [5-7].  However  these  researchers  did  not 
include  the  non-linear  compressibility  of  the  fluid  in  their  studies.  Due  to  the  non-linear  compressibility  of  air 
during  blast  loading  events  the  results  have  been  questioned  [11].  In  addition,  Kambouchev,  et  al  [3-4]  revised 
Taylor's  model  by  including  the  compressibility  of  the  air.  This  compressibility  however,  was  for  waves  under  the 
acoustic  limit  which  means  that  they  are  governed  by  the  linear  wave  equation  with  a  constant  wave  speed.  This 
may  be  valid  for  a  low  intensity  air  blasts  but  for  high  intensity  air  blasts,  one  for  which  there  is  a  noticeable 
difference  between  the  velocities  of  the  incident  and  reflected  shock  wave  [1]  further  considerations  may  be 
needed.  Some  researchers  [9-10]  used  pendulum  experiments  to  estimate  the  impulse  transmitted  to  the 
structures  from  a  blast  loading.  This  method  can  only  estimate  the  final  impulse  transmitted  to  the  structures  and 
shows  neither  the  impulse  redistribution  behavior  nor  the  imparted  impulse  history  during  the  blast  event. 

In  this  paper,  a  series  of  well-designed  shock  wave  loading  experiments  were  conducted  on  free-standing 
monolithic  flat  plates  to  simulate  the  one-dimensional  shock  wave  loading  status  using  a  shock  tube  apparatus. 
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The  specimen  momentum  history  was  obtained  from  both  the  high-speed  photography  technique  and  the 
measured  pressure-time  profiles.  The  experimental  results  were  carefully  analyzed  and  compared  with  the 
theoretical  prediction  from  the  existing  models. 

2.  EXPERIMENT  SETUP 

2.1  MATERIALS  AND  SPECIMENS 

The  metallic  cylindrical  plates  used  were  6061  T6  aluminum  and  1018  steel  of  dimensions  77.8  mm  in  diameter, 
which  is  slightly  larger  than  the  inner  diameter  of  the  shock  tube  (76.2  mm),  and  6.4  mm  thick  with  masses  of  81 .5 
g  and  232  g  respectively.  Cylindrical  plates  were  used  to  ensure  that  any  loading  on  the  specimens  was  limited  to 
the  area  of  the  muzzle  opening,  to  (as  close  as  possible)  maintain  the  conditions  for  a  one  dimensional  uniform 
blast  loading. 

2.2  EXPERIMENTAL  PROCEDURE 

A  shock  tube  apparatus  was  utilized  in  the  present  study  to  generate  a  controlled  blast  loading.  It  consisted  of 
both  a  driver  and  driven  section  which  had  an  overall  length  of  8  m.  These  two  sections  were  separated  by  a 
destructible  diaphragm.  A  picture  of  the  shock  tube  can  be  seen  in  Figure  1 .  The  driver  section  was  pressurized 
with  high  pressure  Helium  gas  which  created  a  pressure  difference  across  the  diaphragm.  When  this  difference 
became  great  enough  the  diaphragm  ruptured  quickly  releasing  the  gas.  This  gas  then  traveled  down  the  driven 
section  and  created  a  planar  shock  wave  which  imparted  an  impulse  upon  the  specimen.  Two  pressure 
transducers  (PCB102A)  were  mounted  at  the  end  of  the  muzzle  section  to  record  the  incident  and  reflected 
pressure  profiles.  The  first  pressure  sensor  was  mounted  20  mm  away  from  the  muzzle  and  the  second  was 
mounted  180  mm  away  (160  mm  separation  from  the  first  pressure  sensor).  The  final  muzzle  diameter  was  76.2 
mm.  Figure  2  shows  a  typical  measured  pressure  profile.  Four  incident  peak  pressures  of  the  shock  waves  were 
chosen  in  the  current  study:  .44,  .76,  1.03,  and  1.35  MPa  in  the  present  study. 
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Fig.1.  Shock  tube  apparatus 
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Fig.  2  Typical  experimental  pressure  profile 


The  specimen  was  placed  on  a  stand  created  to  ensure  placement  and  a  freestanding  boundary  condition  of  the 
specimen,  while  imparting  minimal  frictional  forces  upon  the  specimen  during  loading.  The  flat  face  of  the 
specimen  was  set  normal  to  the  axis  of  the  shock  tube  with  the  face  completely  covering  the  opening.  A  diagram 
of  this  set  up  can  be  seen  in  Figure  2.  At  least  two  specimens  of  each  type  were  tested  at  each  incident  pressure 
to  ensure  reliability. 


A  high  speed  photography  system  was  utilized  to  capture  the  motion  of  the  specimens  in  order  to  determine  their 
velocity  and  momentum.  The  lens  axis  of  the  camera  was  set  perpendicular  to  the  shock  tube  and  direction  of 
motion  of  the  as  shown  in  figure  3.  The  distance  between  the  camera  and  the  plate  was  chosen  to  be 
approximately  2  m,  which  is  more  than  20  times  that  of  the  plate's  dimension  (~  0.1  m)  and  10  times  that  of  the 
plate  displacement  in  the  images  (~  0.2  m),  to  avoid  image  distortion  during  plate  propagation.  In  addition,  the 
side  of  all  of  the  specimens  was  painted  white  to  give  good  contrast  between  the  object  and  the  background.  The 
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camera  was  a  Photron  SA1  high-speed  digital  camera  which  has  the  ability  to  capture  images  at  a  framing  rate  of 
40,000  fps  with  an  image  resolution  of  512x256  pixels  for  a  2  second  time  duration. 


Pressure  Pressure 
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(a)  Diagram  of  the  muzzle 


(b)  Real  muzzle  setup 


Fig.  2  The  muzzle  setup 


Photron  SA1 

High-Speed 

Digital  Camera 


Fig.  3  orientation  of  camera  to  shock  tube  and  specimen 


3.  EXPERIMENTAL  RESULTS  AND  DISCUSSION 
3.1  HIGH-SPEED  SIDE-VIEW  IMAGES 


The  real  time  observation  of  the  motion  of  the  aluminum  specimens  at  different  initial  overpressure  is  shown  in 
figure  5.  On  the  right  side  of  the  each  image  is  the  shock  tube  and  the  shock  wave  impinges  upon  the  plate  from 
this  side.  The  images  show  that  the  circular  plate  moves  linearly  away  from  the  shock  tube  near  the  time  of 
impact  and  then  rotates  slightly  as  it  travels  away  from  the  muzzle.  This  rotation  may  be  due  to  the  reflection  of 
the  expanded  gas  from  the  boundaries  of  the  dump  tank.  From  the  high-speed  images,  it  can  be  clearly  seen  that 
under  higher  incident  pressure,  the  plate  moved  faster  (with  larger  distance  to  the  muzzle  at  the  same  time). 
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Fig.  5  High-speed  side-view  images  of  aluminum  plates  for  different  shock  loadings 

3.2  MOMENTUM  OF  PLATE  FROM  HIGH  SPEED  IMAGES 

The  momentum  of  the  plates  can  be  obtained  from  the  high-speed  images  shown  in  Figure  5.  A  close-view  of  the 
typical  high-speed  side-view  image  is  shown  in  Figure  6.  Curve  fitting  methods,  such  as  cubic  spline  curve  fitting, 
can  be  used  to  pick  up  the  position  of  the  front  face  of  the  specimen.  An  example  of  the  7-point  cubic  spline  curve 
fitting  is  shown  in  Figure  6.  Since  the  specimen  did  not  show  any  compression  during  the  shock  wave  loading 
process,  this  curve  can  be  used  to  represent  the  position  of  the  specimen.  Then  the  displacement  profile  of  each 
point  on  the  specimen  can  be  obtained  by  correlating  the  position  of  the  specimen  in  each  image  to  that  in  the 
image  at  time  t  =  0.  The  differential  of  this  displacement  profile  with  respect  to  the  time  gives  the  velocity  profile. 
The  momentum  of  the  plate  can  be  evaluated  from  the  velocity  profile  and  the  areal  density  of  the  plate.  It  can  be 
expressed  as: 


Horizontal  momentum:  lfate  =\\\rnsuxds 


(1) 
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where,  ux  is  the  x  direction  (horizontal)  velocity  and  ds  is  the  areal  element  of  the  plate. 
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Fig.  6  Specimen  under  blast  load  with  cubic  spline 

3.3  MOMENTUM  OF  PLATE  FROM  MESURED  PRESSURE  PROFILES 

The  momentum  of  the  plates  can  be  also  obtained  from  the  measured  pressure  profiles.  Figure  7  shows  the 
measured  reflected  pressure  profiles  of  the  aluminum  plates  for  different  shock  loadings.  These  pressure  profiles 
are  considered  to  be  the  same  as  the  pressure  applied  upon  the  plates.  Since  the  cross-sectional  area  of  the 
muzzle  is  known.  The  pressure  impulse  applied  on  the  plates  can  be  calculated  as, 


1 

*  pressure  ~  J  \P reflected  ~  Po  )  ^"t 


(2) 


where,  p0  is  the  atmospheric  pressure. 

Consider  the  momentum  conservation  during  the  one  dimensional  shock  wave  loading,  the  momentum  of  the 
plate  should  be  identical  to  the  pressure  impulse  applied  to  it.  Figure  8  shows  the  momentum  of  the  plates 
measured  from  the  high-speed  images  and  the  pressure  impulse  of  aluminum  plates  for  different  shock  wave 
loadings.  It  can  be  seen  that  the  momentums  measured  from  the  high-speed  images  agree  with  the  pressure 
impulses  very  well.  This  verifies  that  the  momentum  is  conserved  during  the  loading  process. 
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Fig.  7  Reflected  pressure  profiles  of  the 
aluminum  plates  for  different  shock  loading 
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3.4  COMPARISON  WITH  THEORETICAL  PREDICTION 


The  reflected  pressure  profile  has  been  theoretical  predicted  by  Taylor  [2].  Though  Kambouchev,  et  al  [3-4]  have 
claimed  to  have  extended  Taylor's  model  to  consider  the  compressibility  of  the  gas,  their  results  are  compatible 
with  Taylor's  model  under  the  acoustic  limit.  Therefore,  only  Taylor's  model  is  given  here.  Assume  the  expression 
of  an  ideal  incident  pressure  profile  as  following, 


r  incident A  /        r  incident    peak  '  V    / 

where,  ppeak  is  the  peak  pressure  and  6  is  the  time  constant. 

Through  the  analysis  in  Taylor's  classic  paper  [2],  the  reflected  pressure  profile  can  be  calculated  as, 

~~q  -r incident  _  peak r 


reflected 


(0  =  2P, 


incident  _  peak 


¥-\ 


_t  _y/t 

e  *  —e  e 


(4) 


where,  y/  =  (poco0)/ ps   is  a  non-dimensional  parameter.  c0  is  the  wave  speed  in  the  gas.  p0  And  ps  are  the 
densities  of  the  gas  and  the  specimen,  respectively.  Thus,  when  t=0,  the  reflected  pressure  reach  its  peak  value, 


reflected  _  peak 


=  2P, 


incident  _  peak 


(5) 


Then,  the  impulse  imparted  on  the  specimen  can  be  calculated  as, 

*  impart  ~  JQ    P 'reflected 'Vjbut 


(6) 


The  relation  between  the  peak  reflected  pressure  and  the  peak  incident  pressure  is  shown  in  Figure  9.  It  can  be 
seen  that  the  prediction  is  close  to  the  experimental  result  when  the  peak  incident  pressure  is  very  low.  However, 
when  the  incident  shock  wave  is  very  intense,  there  are  large  differences  between  the  predicted  and  experimental 
results.  This  indicates  that  the  compressibility  of  the  gas  will  play  a  crucial  role  in  a  highly  intensive  shock  wave 
loading  process. 
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Fig.  9  The  relation  between  the  peak 
reflected  pressure  and  peak  incident  pressure 


Fig.  10  Comparison  between  the  experimental 
and  predicted  reflected  pressure  profile 
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Fig.  11  The  relation  between  the  peak  reflected 
pressure  and  peak  incident  pressure 

The  experimental  and  predicted  pressure  profiles  of  an  aluminum  plate  under  a  shock  loading  with  a  1.03  MPa 
incident  peak  pressure  are  plotted  in  Figure  10.  In  the  first  750  |js,  which  is  the  most  important  region  for  the  fluid 
structure  interaction,  the  predicted  pressure  profile  is  completely  different  than  the  experimental  one  no  matter  the 
amplitude  or  shape.  It  shows  that  it  will  induce  a  large  error  if  the  compressibility  of  the  gas  in  a  shock  wave 
loading  process  is  ignored.  It  should  be  noted  that  after  750  |js,  the  prediction  agrees  with  experimental  results 
very  well.  This  is  due  to  the  experimental  setup.  From  Figure  5,  it  can  be  seen  that  the  gap  between  the  specimen 
and  muzzle  was  very  large,  compared  to  the  specimen's  dimensions.  The  gas  can  escape  from  this  gap  and  the 
pressure  transducer,  which  is  located  on  the  muzzle,  is  far  from  the  specimen.  Therefore,  the  gas  at  the  pressure 
transducer  is  not  disturbed  too  much  by  the  specimen.  The  compressibility  of  the  gas  can  thus  be  ignored  for 
these  times/distances.  Figure  11  shows  the  impulses  calculated  from  the  pressure  profiles  in  Figure  10  and  Eq. 
(6).  It  can  be  clearly  seen  that  Taylor's  model  under  predicted  the  impulse  imparted  to  the  plates. 

5.  CONCLUSIONS 

In  this  paper,  a  series  of  shock  wave  loading  experiments  on  free-standing  monolithic  plates  was  conducted  using 
a  shock  tube  apparatus.  The  impulses  imparted  onto  the  plates  were  calculated  from  the  measured  reflected 
pressure  profile  and  verified  by  the  momentum  of  the  plates  measured  from  the  high  speed  images.  These 
experimental  pressure  and  impulse  results  were  compared  with  the  results  predicted  by  existing  theoretical 
models  [2-8].  The  results  show  that  in  the  early  time  of  the  shock  loading  process,  which  is  the  most  important 
region  for  the  fluid-structure  interaction,  the  existing  theoretical  model  cannot  predicted  the  experimental  results 
no  matter  the  peak  reflected  pressure  or  the  pressure  and  momentum  profiles.  This  indicates  that  the 
compressibility  of  the  gas  must  be  considered  in  future  models  especially  in  the  very  early  region  of  a  shock  wave 
loading  process. 
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ABSTRACT 

Nano-engineered  intermetallic  composites  have  been  recently  developed  and  identified  as  an  emerging 
technology  for  a  number  of  breakthrough  downhole  applications  at  Baker  Hughes.  This  type  of  intermetallic 
composite  is  composed  of  particulate  metallic  phases  with  specifically  designed  intermetallic  intergranular 
interphases,  which  may  behave  very  differently  from  conventional  metal-based  composites  and  alloys.  The 
customized  design  of  these  materials  yields  unique  mechanical  and  chemical  properties  preferred  for  various 
downhole  applications. 

To  characterize  the  shear  properties  of  the  material  that  often  needs  special  attention,  a  proven  shear  test  method, 
the  V-notched  beam  or  losipescu  shear  test  method  (ASTM  D5379),  was  used  for  the  targeted  materials. 
However,  when  this  test  method  was  applied  to  the  selected  intermetallic  composite,  complicated  off-axial  two- 
path  fractures,  rather  than  a  desired  pure  shear  failure  mode,  were  observed.  To  investigate  the  failure 
mechanism  and  the  effectiveness  of  the  ASTM  testing  method,  a  full  3-D  finite  element  model  was  created  and 
investigated  using  an  extended  finite  element  method  (XFEM).  Based  on  the  finite  element  analysis  results  and 
the  additional  shear  tests  of  a  reference  alloy  with  similar  base  metal  composition,  the  true  material  system- 
dependent  failure  mechanisms  were  identified  and  the  test  method  was  further  validated.  A  special  mechanical 
design  guideline  for  this  innovative  nano-engineered  intermetallic  composite  material  was  also  recommended. 

KEYWORDS 

Intermetallic  Composites,  V-notched  Beam  or  losipescu  Shear  Test  Method,  Failure  Mechanisms,  XFEM,  Crack 
Initiation  and  Propagation 

INTRODUCTION 

A  variety  of  service  tools  and  critical  components  such  as  removable  or  drillable  tools  used  in  oilfield  downhole 
operations  require  only  a  temporary  setting  or  a  limited  lifetime  in  the  wellbores.  After  the  services  are  completed, 
these  tools  or  components  need  to  be  removed  or  dispersed  from  the  wellbores  to  recover  fluid  paths  for 
hydrocarbon  production.  The  conventional  removal  technologies  such  as  retrieving,  drilling  or  milling  operations 
require  additional  trips  into  the  deep  well.  These  steps  usually  involve  various  intervention  tools  and  heavy 
surface  equipment.  These  operations  are  usually  time  consuming  and  very  expensive. 

Furthermore,  in  hydraulic  fracturing  operations,  a  series  of  molded  plastic  or  fiber-reinforced  plastic  tripping  balls 
with  varied  sizes  is  commonly  used  as  flow  and  pressure  control  means  for  fracturing  operations.  After  the 
fracturing  treatment  for  the  formation,  the  frac  balls  are  intended  to  be  flowed  back  to  the  surface  with  well  fluids. 
Frac  ball  technology  has  been  commonly  used  in  fracturing  operations,  but  there  is  still  a  big  concern  about 
limitations  of  strength,  stiffness  and  operating  temperature  of  the  currently  used  frac  balls  as  well  as  the  ball  flow- 
back  uncertainty. 
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An  ideal  solution  for  such  service  tools  and  components  is  to  have  a  specially  designed  "smart"  material  that 
would  have  high  mechanical  strength  in  the  initial  operating  state,  but  with  the  ability  to  degrade  or  dissolve  after  a 
certain  period  of  exposure  to  wellbore  conditions.  This  will  eliminate  all  the  expensive  interventional  operations 
and  the  concerns  and  uncertainty  in  current  hydraulic  fracturing  operations. 

To  solve  this  problem,  a  series  of  nano-engineered  intermetallic  composite  materials  (ICM)  with  high  mechanical 
strength  and  stiffness  and  a  controlled  dissolution  rate  was  developed  to  provide  such  smart  performance  for 
various  critical  downhole  applications.  The  ICM  is  commonly  composed  of  particulate  metallic  phases  with 
specifically  designed  intermetallic  intergranular  interphases.  Due  to  the  special  material  design,  this  material  may 
behave  very  differently  from  the  conventional  metal-based  composites  and  alloys.  In  order  to  understand  the 
mechanical  behavior  of  the  material  better  and  use  it  in  various  downhole  applications,  detailed  mechanical  and 
chemical  properties  must  be  characterized  to  provided  design  guidelines.  In  this  paper,  the  shear  mechanical 
properties  of  the  intermetallic  composite  material  are  investigated  using  the  V-notched  beam  method. 

The  V-notched  beam  or  losipescu  shear  test  method  was  first  proposed  by  N.  losipescu  in  1967  [1]  and  became 
ASTM  standard  shear  test  method  D5379  for  composite  materials  in  1995  [2,3].  This  test  method  has  been  known 
as  a  proven  shear  test  method  and  used  extensively  for  composite  and  other  material  systems  because  a  nearly 
uniform  pure  shear  stress  state  is  presented  in  the  notched  gage  section  of  the  test  specimen  under  a  shear  load. 
However,  when  this  test  method  was  applied  to  a  selected  intermetallic  composite  material,  complicated  off-axial 
two-path  fractures,  rather  than  a  desired  pure  shear  failure,  were  observed. 

This  observation  may  suggest  two  possible  mechanisms  for  such  an  undesirable  failure  mode:  (1)  improper 
geometry  of  the  test  specimen  or  test  method  resulted  in  a  different  failure  mode,  or  (2)  special  inherent  material 
behavior  of  the  new  intermetallic  composite  imposed  the  change  in  the  failure  mode.  To  investigate  the  failure 
mechanism  behind  the  undesirable  failure  mode  and  to  further  evaluate  the  V-notched  beam  test  specimen 
design,  a  3-D  finite  element  model  was  created  using  Abaqus™  advanced  modeling  technique,  the  extended 
finite  element  method  (XFEM).  By  using  the  XFEM  technology,  crack  initiation  and  propagation  was  investigated 
for  different  specimen  designs.  Also,  additional  V-notched  beam  shear  tests  were  further  conducted  with  the 
same  test  specimen  geometry  for  a  reference  metal  alloy  with  similar  base  metal  composition.  Based  on  the  finite 
element  analysis  and  additional  shear  test  results,  the  true  material  system-dependent  failure  mechanisms  were 
identified  and  the  test  method  was  further  validated. 

EXPERIMENTAL 

Material:  The  material  under  investigation  is  a  specially  designed  intermetallic  composite  material  (referred  as 
Baker  ICM  hereon).  It  is  composed  of  the  particulate  metal  phases  and  the  intermetallic  intergranular  phases  as 
shown  in  Figure  1.  The  nano-engineered  intergranular  interphases  are  designed  to  achieve  preferred  mechanical 
and  chemical  properties.  The  overall  intermetallic  composite  properties  are  then  governed  by  both  the  particulate 
metal  phases  and  the  intermetallic  intergranular  interphases. 


Fig.  1    SEM  micrograph  showing  typical  microstructure 
of  the  Baker  ICM  with  metallic  particulate  phases  and 
the  intermetallic  intergranular  interphases. 


Fig.  2    Schematic  of  loading  fixture  for  the  V-notched 
beam  shear  test. 
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V-Notched  Beam  Shear  Test:  The  shear  test  method  used  in  this  study  is  the  ASTM  standard  test  method 
D5379,  the  V-Notched  Beam  Method  [3].  In  this  shear  test  method,  a  standard  V-notched  beam  test  specimen  is 
mounted  at  two  end  sections  in  a  specially  designed  test  fixture  as  shown  in  Figure  2.  Under  shear  loading,  a 
nearly  uniform  shear  stress  is  generated  in  the  center  plane  of  the  notched  gage  section  of  the  specimen  as 
illustrated  in  the  literature  [3]. 

The  standard  test  fixture  used  in  this  study  was  provided  by  Wyoming  Test  Fixture  (WTF)  Inc.  A  photograph  of 
this  test  fixture  with  a  test  specimen  installed  in  place  is  presented  in  Figure  3.  The  geometry  of  a  standard  V- 
notched  beam  test  specimen  is  illustrated  in  a  sketch  shown  in  Figure  4a  and  a  wire-EDM  machined  V-notched 
beam  test  specimen  of  Baker  ICM  is  shown  in  Figure  4b. 

The  shear  tests  were  conducted  using  a  servo  hydraulic  MTS  test  frame  equipped  with  a  10  kip  load  cell.  To 
apply  shear  load,  the  actuator  is  moved  at  2  mm/min  under  displacement  control  mode  until  fracture  of  the  test 
specimen  occurs.  A  digital  video  camera  is  set  to  capture  the  fracture  process  for  supplemental  information.  For 
comparison,  additional  V-notched  beam  shear  tests  were  also  conducted  for  a  reference  standard  metal  alloy  with 
similar  base  metal  composition  as  in  the  ICM,  and  referred  as  Base  Alloy  hereon. 


38  mm 


45deg 


(a) 


76  mm 


Fig.  3    ASTM  D5379  standard  test  fixture  with  a  standard 
V-notched  beam  shear  test  specimen  installed. 


(b) 


Fig.  4    (a)  Standard  geometry  of  a  D5379  V- 
notched  beam  test  specimen  and  (b)  a  machined 
standard  test  specimen  of  Baker  ICM. 


Fig.  5    V-notched  beam  specimen  of  Baker  ICM  failed       Fig.  6    Digital  camera  video  picture  caught  the  crack 
in  an  off-axial  two-path  fracture  under  shear  loading.  propagation  direction  in  the  Baker  ICM  beam  specimen 

in  the  test  fixture  during  the  shear  test. 


Test  Results  and  Discussion:  Three  V-notched  beam  shear  tests  were  conducted  on  the  MTS  test  frame  using 
the  WTF  D5379  standard  test  fixture  as  described  previously.  Rather  than  a  desired  pure  shear  failure  across  the 
notched  gage  section,  all  the  test  specimens  were  actually  fractured  in  an  off-axial  two-path  mode  as  shown  in 
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Figure  5.  The  shearing  process  was  not  recorded  using  a  true  high-speed  camera,  but  the  video  recorded  was 
enough  to  identify  the  crack  propagation  direction  as  shown  in  Figure  6. 

From  the  observed  fracture  pattern  of  the  broken  specimen  as  well  as  the  recorded  video,  it  is  concluded  that  the 
crack  was  initiated  at  the  upper  or  lower  notch  surfaces  near  the  roots  of  the  notches  and  then  propagated  along 
the  direction  nearly  45°  from  the  principal  axis.  For  comparative  purpose,  four  additional  standard  V-notched 
beam  test  specimens  of  the  Base  Alloy  were  prepared  and  tested  under  the  same  testing  procedure,  at  the  same 
displacement  speed  and  using  the  same  test  fixture  per  ASTM  D5379.  With  all  the  Base  Alloy  specimens,  the 
desired  true  shear  failure  mode  across  the  notched  sections  was  indeed  observed  as  shown  in  Figure  7. 

To  make  the  test  data  more  intuitive  in  comparison  without  exposure  of  the  company's  proprietary  technical 
information,  the  stress  data  of  the  Baker  ICM  and  the  Base  Alloy  were  normalized  by  the  critical  shear  yield 
strength  of  the  Base  Alloy.  Typical  normalized  average  shear  stress  across  the  center  plane  of  the  notched  cross 
section  versus  displacement  curves  from  both  the  Baker  ICM  and  the  Base  Alloy  specimens  are  plotted  in  Figure 
8,  respectively.  The  normalized  mechanical  properties  of  the  Base  Alloy  and  the  Baker  ICM  are  presented  in 
Table  1  based  on  our  test  results  and  manufacturer  published  data. 


Fig.  7    V-notched  beam  specimen  of  base  alloy 
failed  in  a  true  shear  failure  mode  under  shear 
loading. 
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Fig.  8    Normalized  average  shear  stress  across  the 
notched  cross  section  versus  displacement  curves  for 
Baker  ICM  and  the  Base  Alloy  specimens. 


Table  1.    Comparison  of  Mechanical  Properties  of  Baker  ICM  with  Base  Alloy 
(Stress  data  are  normalized  by  the  shear  yield  strength  of  the  Base  Alloy) 


Tensile 
Strength 

Tensile 

Yield 

Strength 

Shear 

Stress 

at  failure 

Shear 

yield 

Strength 

Tensile 

Modulus 

initial 

Tensile 
Elongation 

Base  Alloy 

3.06 

2.59 

1.75 

1.0 

1.00 

1.00 

Baker  ICM 

2.12 

1.62 

0.82 

- 

1.09 

0.22 

From  the  normalized  average  shear  stress  versus  displacement  curves  presented  in  Figure  8  and  the  normalized 
test  results  presented  in  Table  1,  we  can  see  that  the  average  shear  stress  of  the  Base  Alloy  specimen  was 
running  through  its  yield  point  and  reached  its  ultimate  shear  stress  at  a  normalized  value  of  1.75.  This 
corresponds  to  an  ultimate  shear  strength  of  the  alloy  that  is  within  the  range  of  the  manufacturer  published 
values  for  the  alloy. 
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In  contrast,  the  average  maximum  shear  stress  in  the  notched  gage  section  of  the  Baker  ICM  specimen  is  found 
to  be  only  at  a  normalized  value  of  0.82,  with  an  off-axial  two-path  fracture  mode  indicating  an  unacceptable 
premature  failure  of  the  Baker  ICM  specimen  before  reaching  its  shear  yield  point.  To  understand  this  undesired 
failure  mode  and  failure  process,  it  is  important  to  uncover  the  failure  mechanisms  behind  them.  The  following  are 
some  our  considerations  on  the  possible  failure  mechanisms. 

It  is  noted  that  when  the  V-notched  beam  specimen  is  under  shear  loading  in  the  standard  test  fixture,  a  nearly 
uniform  pure  shear  stress  is  generated  in  the  center  plane  of  the  notched  gage-section.  The  shear  stress  direction 
is  parallel  to  the  shear  loading  direction  or  the  vertical  direction.  While  the  pure  shear  stress  is  distributed  in  the 
center  plane,  the  principal  stresses  in  tension  and  compression  are  also  distributed  and  applied  to  the  gage 
section  of  the  specimen  in  the  direction  of  ±45°  correspondingly.  Beside  this,  bending  moments  at  the  off-the- 
center-plane  locations  also  generate  certain  tensile  stresses  in  the  notched  sectional  area. 

It  is  also  noted  from  Table  1  that  the  tensile  yield  strength  and  the  ultimate  tensile  strength  of  the  Baker  ICM  are 
relatively  low.  When  the  maximum  principal  tensile  stress  along  the  45°  direction  in  the  notched  section  of  the 
specimen  reaches  or  approaches  the  tensile  strength  of  the  material,  a  small  crack  may  be  initiated  at  that 
location,  especially  in  the  brittle  interphase  areas.  The  crack  may  propagate  thereafter  before  the  shear  stress  in 
the  notched  gage  section  reaches  its  failure  level.  In  contrast,  the  Base  Alloy  shows  more  ductile  feature  with 
much  higher  tensile  yield  strength  and  ultimate  tensile  strength.  Therefore,  the  tensile-failure  induced  off-axial 
fracture  does  not  occur  when  the  shear  stress  reaches  its  shear  strength.  These  result  in  a  true  shear  failure 
mode  in  the  notched  Base  Alloy  specimen.  To  fully  and  clearly  understand  the  fracture  mechanism  of  the  Baker 
ICM  material  and  further  validate  the  V-notched  beam  test  method,  a  series  of  finite  element  analyses  were 
performed. 

FINITE  ELEMENT  ANALYSIS  OF  V-NOTCHED  BEAM  TEST 

XFEM  Model  and  Material  Modeling:  Due  to  the  complexity  of  the  shearing  process,  a  3D  finite  element  model 
was  used  to  fully  investigate  the  fracture  mechanism.  Because  of  the  difficulty  in  predicting  the  failure  mode  in  the 
notched  Baker  ICM  test  specimen  and  how  the  crack  will  initiate  and  propagate,  it  is  preferable  to  use  a 
simulation  technology  that  does  not  require  a  pre-defined  crack  path.  The  newly  developed  Abaqus  6.10  software 
[4]  is  equipped  with  an  advanced  new  feature,  the  extended  finite  element  method  (XFEM).  It  uses  enriched 
features  to  handle  crack  initiation  and  propagation  automatically,  based  on  the  pre-defined  material  properties 
including  fracture  toughness.  XFEM  technology  is  a  perfect  tool  to  simulate  crack  initiation  and  propagation  for  the 
Baker  ICM  notched  beam  shear  test. 

Figure  9  shows  the  established  3D  model  based  on  the  standard  notched  beam  shear  test  method.  During  the 
simulation,  the  notched  section  width  of  the  specimen  is  of  interest,  and  investigation  of  failure  mode  versus 
different  widths  was  conducted.  With  XFEM,  the  first-order  brick  and  tetrahedron  elements  are  required.  Since  our 
target  is  the  specimen,  enriched  feature  is  only  applied  to  the  specimen.  As  for  the  material  properties,  they  were 
obtained  from  previous  experiments,  and  the  fracture  toughness  was  estimated  based  on  the  mechanical  test 
results. 


Thickness 


Fig.  9    Full  3D  model  and  specimen  designation 
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XFEM  Results  and  Discussion:  Detailed  finite  element  analyses  were  conducted  for  the  specimens  with  five 
different  notched-section  widths,  specifically  50%,  75%,  100%  and  120%  of  the  standard  width,  and  one 
additional  without  a  notch.  The  standard  specimen  with  100%  of  the  standard  width  was  first  investigated  as  a 
benchmark  to  check  the  fidelity  of  the  simulation. 

Figure  10a  and  10c  show  crack  initiation  at  the  notch  surface  near  the  root  and  crack  propagation  through  the 
specimen  in  nearly  45°  off  axial  directions,  respectively,  based  on  the  analysis  defined  in  the  maximum  principal 
stress  field.  As  shown  in  these  two  figures,  the  simulated  fracture  mechanics  process  matches  closely  with  the 
experimental  result  as  shown  in  the  photo  presented  in  Figure  5.  This  confirmed  our  considerations  on  fracture 
mechanisms  for  the  Baker  ICM  specimens  in  the  tests. 

With  the  fracture  process  matching  closely  the  experimental  results,  it  is  reasonable  to  correlate  the  shear  stress 
from  the  simulation.  It  is  thus  noticed  that  the  corresponding  pure  shear  stress  distribution  in  the  center  plane  of 
the  notched  gage-section  is  as  expected,  nearly  uniform,  as  shown  in  Figure  10(b). 

As  soon  as  the  fidelity  of  the  model  was  verified,  we  wanted  to  know  how  the  notched  section  width  of  specimen 
would  affect  the  fracture  mode.  In  other  words,  was  it  possible  to  obtain  true  shear  failure  for  this  type  of  material? 
Figure  11a  shows  crack  initiation  and  propagation  for  all  five  different  geometry  configurations  defined  in  the 
maximum  principal  stress  field.  As  the  width  gets  smaller,  the  only  difference  is  that  the  calculated  average  shear 
stress  at  fracture  is  getting  smaller,  but  the  fracture  pattern  remains  the  same.  This  corrected  some  of  our  initial 
thinking  of  forcing  the  specimen  to  be  fractured  in  shear  mode  by  reducing  the  width  of  the  specimen's  notched 
section.  Figure  11b  shows  the  calculated  average  shear  stresses  in  the  notched  gage  section  of  the  specimens 
with  different  gage-section  widths,  normalized  by  the  maximum  principal  stress  limit.  It  shows  that  for  the  standard 
specimen,  the  average  shear  stress  reaches  almost  the  maximum  value.  This  partially  demonstrates  the  standard 
V-notched  specimen  design  is  at  its  optimized  geometry. 


(a)  Crack  initiation  during  shear  loading  defined  in  maximum  principal  stress  field;  (b)  Shear  stress 

distribution  in  the  center  plane  of  the  notched  gage  section;  (c)  Crack  propagated  to  closely  match  the 

experimental  results  defined  in  maximum  principal  stress  field. 

Fig.  10  XFEM  results  for  standard  specimen  geometry. 
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(a)  Crack  initiation  and  propagation  of  the  specimens 
with  different  gage-section  widths  defined  in  maximum 
principal  stress  filed 


(b)  Relative  average  shear  stress  in  the  notched  gage 
section  normalized  by  maximum  principal  stress  limit  of 
the  specimens  with  different  gage-section  widths 


Fig.  1 1    FEA  results  for  five  specimen  geometry  configurations. 


CONCLUSIONS  AND  RECOMMENDATION 

Based  on  the  experimental  results  of  the  V-notched  beam  shear  tests  from  both  the  Baker  ICM  and  the  Base 
Alloy  and  the  XFEM  analysis  results  for  the  V-notched  beam  test,  it  is  concluded  that: 

1 .  The  V-notched  Baker  ICM  shear  specimens  under  shear  loading  failed  in  an  off-axial  two-path  fracture 
mode  rather  than  a  desired  pure  shear  failure  mode  in  the  plane  between  the  two  notches.  Finite  element 
analysis  results  indicate  the  off-axial  fracture  was  initiated  from  a  maximum  principal  stress-induced 
tensile  failure  near  the  root  of  the  notches  and  propagated  along  the  principal  stress  direction  even  after 
reducing  the  notched  section  width.  However,  using  the  same  test  method  for  the  Base  Alloy  test 
specimens,  a  true  shear  failure  mode  was  obtained. 

2.  The  V-notched  beam  shear  test  method,  in  general,  is  a  valid  shear  test  method  and  the  geometry  of  the 
standard  V-notched  beam  test  specimen  is  in  optimized  condition  because  a  nearly  uniform  pure  shear 
stress  state  is  generated  in  its  notched  gage  section  under  a  shear  load.  Since  this  test  method  could  not 
generate  a  true  shear  failure  mode  with  the  current  Baker  ICM  material,  we  recommend  not  using  this  test 
method  for  determining  its  shear  strength.  However,  this  test  method  is  still  a  valid  method  for  shear 
modulus  determination  of  this  ICM  material  and  for  shear  property  determination  of  other  materials  so 
long  as  it  can  generate  a  true  shear  failure  mode. 

3.  In  component  design  and  analysis  with  the  current  Baker  ICM  material,  if  the  major  loading  condition 
involves  shear,  it  is  recommended  to  consider  examining  the  maximum  principal  stresses  and  identifying 
possible  tensile  failure  based  on  the  measured  tensile  properties  of  the  material. 
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ABSTRACT 

The  double  cleavage  drilled  compression  (DCDC)  fracture  test  uses  axial  compression  to  drive  stable  cracks  in 
glasses  and  brittle  polymers.  The  cracks  are  generated  by  regions  of  tension  in  a  rectangular  column  of  material 
containing  a  central  hole.  The  observed  relationship  between  crack  length  and  the  applied  axial  stress  is  fitted 
with  a  two-dimensional  finite  element  model  to  estimate  fracture  toughness.  The  model  is  applied  to  previous 
DCDC  experimental  results  for  poly(methyl  methacrylate)  (PMMA)  samples  of  varying  thicknesses.  Both  plane 
stress  and  plane  strain  cases  are  considered.  Three  dimensional  finite  element  models  of  the  DCDC  test  indicate 
plane  stress  analysis  is  the  most  applicable  condition  and  suggest  explanations  for  the  effect  of  sample  thickness. 

Keywords:  DCDC,  PMMA,  fracture,  healing,  toughness,  finite  element 

INTRODUCTION 

The  double  cleavage  drilled  compression  (DCDC)  fracture  test  uses  uniaxial  compression  to  generate  large 
cracks  in  a  brittle  material  [1].  The  DCDC  sample  is  a  tall,  rectangular  column  with  a  central,  through-thickness 
hole  (Figure  1a).  Under  compression,  regions  of  tension  at  the  apex  and  base  of  the  hole  create  and  propagate 
symmetric  mode  I  cracks.  The  length  of  the  cracks  is  controlled  by  the  axial  compression.  Several  models  have 
been  proposed  to  correlate  the  relationship  between  applied  stress  and  crack  length  with  fracture  toughness,  a 
quantitative  measure  of  the  material's  resistance  to  fracture. 

The  influence  of  DCDC  sample  height,  width,  and  hole  size  on  the  observed  fracture  behavior  has  been 
previously  studied  and  factored  into  proposed  fracture  toughness  models  [2].  Here,  we  examine  our  DCDC 
experiments  on  samples  with  different  thicknesses,  noting  the  thicker  samples  require  more  stress  to  propagate 
long  cracks.  We  use  two-  and  three-dimensional  finite  element  calculations  to  investigate  this  thickness  effect. 

EXPERIMENTAL 

DCDC  tests  were  conducted  on  poly(methyl  methacrylate)  (PMMA)  samples  with  thicknesses  of  3,  4,  5,  8,  and  1 1 
mm  [3].  The  samples  were  50  mm  tall  and  12  mm  wide  with  a  3  mm  diameter  central  hole.  The  thinnest  samples 
(3,  4,  and  5  mm)  were  loosely  fitted  with  a  brace  to  prevent  out-of-plane  buckling.  After  initiating  the  cracks, 
uniaxial  compression  was  applied  under  displacement  control  at  0.5  pm/sec.  The  crack  length  was  measured 
every  30  seconds  and  correlated  with  the  applied  load.  Increasing  sample  thickness  was  found  to  increase  the 
axial  stress  required  to  propagate  long  cracks  (cracks  longer  than  the  diameter  of  the  hole). 

COMPUTATIONAL 

A  two-dimensional  finite  element  calculation  was  developed  [3]  to  estimate  PMMA  fracture  toughness  using  the 
DCDC  experimental  data.  One  quarter  of  the  DCDC  geometry  was  modeled  with  shell  elements  and  a  linear 
elastic  material  model  (Figure  1b).  The  boundary  conditions  were  correlated  with  experimental  observations 
(applied  force  and  crack  length).  Extending  the  crack  in  the  calculation  yielded  a  change  in  internal  energy,  an 
energy  release  rate,  and  a  critical  stress  intensity  factor. 
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Figure  1.     (a)  DCDC  geometry,   (b)  2D  finite  element  model,   (c)  3D  3  mm  thick  finite  element  model,   (d)  3D 
1 1  mm  thick  finite  element  model. 

Plane  stress  and  plane  strain  conditions  in  this  2D  calculation  were  compared  as  an  approximation  of  the  effect  of 
thickness.  The  pronounced  thumbnail  shape  of  the  cracks  in  the  thicker  samples  suggested  an  internal  stress 
state  closer  to  plane  strain.  It  was  initially  assumed  that  plane  strain  and  plane  stress  represent  the  extreme 
cases  of  thick  and  thin  DCDC  geometries.  The  calculations,  however,  do  not  indicate  a  significant  difference  in 
axial  stress  at  the  same  crack  opening  stress  between  plane  stress  and  plane  strain  cases. 

New,  three-dimensional  finite  element  models  were  developed  to  better  study  the  influence  of  sample  thickness 
on  the  DCDC  test.  The  3  and  1 1  mm  geometries  were  modeled  (Figures  1c  and  1d)  following  a  similar  approach 
to  the  2D  case,  although  the  crack  lengths  were  fixed  at  twice  the  hole  diameter.  The  results  show  that  the 
samples  are  generally  in  plane  stress  in  both  cases,  and  the  thumbnail  crack  tip  shape  is  due  to  localized 
variations  in  the  stress  state.  Out-of-plane  tensile  stresses  were  observed  in  both  geometries,  an  effect  not 
captured  by  the  2D  calculations.  At  the  same  average  crack  opening  stress  along  the  crack  tip,  the  1 1  mm  thick 
geometry  required  more  axial  stress  than  the  3  mm  thick  geometry.  The  increase  in  axial  stress  is  less  than  half 
of  the  difference  observed  experimentally,  but  the  discrepancy  can  be  attributed  to  simplifying  assumptions, 
including  a  linear  elastic  material  model,  straight  crack  tip,  and  unconcentrated  mesh  at  the  crack  tip. 

CONCLUSIONS 

Double  cleavage  drilled  compression  (DCDC)  fracture  tests  of  PMMA  show  thicker  samples  require  more  axial 
stress  to  propagate  long  cracks.  Two-dimensional  finite  element  calculations  using  plane  strain  and  plane  stress 
assumptions  do  not  identify  the  reason.  Three-dimensional  finite  element  calculations  yield  out-of-plane  tensile 
stresses  and  higher  axial  stresses  for  thicker  samples.  These  results  indicate  that  increasing  DCDC  sample 
thickness  increases  the  overall  constraint  on  the  deformation  of  the  sample.  This  constraint  necessitates  more 
axial  stress  to  propagate  the  cracks. 
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ABSTRACT 

In  order  to  validate  an  existing  energy-based  fatigue  life  prediction  understanding,  the  strain  energy  accumulation 
for  interrupted  loading  cycles  was  analyzed.  The  life  prediction  method  being  validated  was  developed  based  on 
the  understanding  that  strain  energy  density  accumulated  during  monotonic  fracture  is  a  physical  damage 
quantity  that  is  equal  to  total  cumulative  hysteresis  strain  energies  in  a  fatigue  process.  If  this  understanding  is 
true,  it  is  possible  to  suspend  cyclic  loading  for  long  periods  during  a  fatigue  procedure,  and  then  resume  the 
procedure  to  failure,  resulting  in  the  same  fatigue  life  as  if  the  fatigue  test  was  conducted  continuously  to  failure. 
This  assumption,  along  with  critical  analyses  such  as  surface  roughness  and  loading  frequency,  is  tested 
empirically  on  Titanium  6AI-4V  (Ti64)  axial  tension-compression  specimens  in  the  lifetime  regime  of  5x1 03  and 
6x1 04.  The  failure  results  are  compared,  with  encouraging  results,  to  the  aforementioned  energy-based  prediction 
method,  thus  validating  the  theory  and  the  prediction  capability. 

1.     INTRODUCTION 

Fatigue  life  behavior  is  one  of  the  most  critical  material  properties  required  for  gas  turbine  engine  component 
design.  The  widely  used  design  tools  for  characterizing  fatigue  life  are  the  modified  Goodman  diagram  and  a 
Stress  versus  Fatigue  Life  (S-N)  curve  [1,  2].  For  an  accurate  characterization  of  fatigue  life,  tens  to  hundreds  of 
experimental  results  are  required  to  construct  Goodman  diagrams  and  S-N  curves.  Depending  on  the  desired 
lifing  limit,  significantly  long  time  periods  could  be  necessary  to  gather  these  experimental  results.  Therefore,  a 
fatigue  life  prediction  method  that  would  require  considerably  less  data  and  time  than  conventional  empirical 
fatigue  data  would  be  an  improvement  to  the  aforementioned  design  tools. 

In  order  to  reduce  the  amount  of  empirical  data  necessary  to  construct  a  fatigue  life  design  tool,  the  discovery  of  a 
physical  fatigue  damage  quantity  was  required.  The  simplest  way  to  attain  a  damage  quantity  that  is  cumulative 
with  fatigue  cycles  is  by  exploring  the  correlation  between  fatigue  life  and  energy.  This  correlation  was  studied  as 
early  as  1923  by  Jasper  [3];  however  extensive/successful  research  on  energy/failure  correlation  was  not 
conducted  until  the  second  half  of  the  20th  century.  In  1955,  Enomoto  validated  that  under  cyclic  loading  there 
exists  a  critical  energy  value  where  failure  occurs,  thus  validating  the  existence  of  a  physical  damage  quantity  for 
fatigue  [4].  This  critical  energy  value  was  defined  in  later  research  efforts  as  the  following:  the  accumulation  of 
hysteresis  plastic  energy  during  fatigue,  and  the  strain  energy  accumulated  during  monotonic  fracture  [5,  6,  7]. 
Both  of  these  physical  damage  quantities  have  been  used  to  predict  fatigue  life  of  materials  such  as  steel, 
aluminum  and  60Sn/40Pb  solder  [8,  9,  10,  11].  Also,  modifications  to  the  method  proposed  by  Stowell  has 
provided  an  energy-based  fatigue  life  prediction  method  capable  of  determining  fatigue  life  of  uniaxial  bending 
and  tension-compression  at  various  stress  ratios  [12,  13] 

Based  on  the  definition  of  the  fatigue  life  damage  quantity,  it  is  fair  to  say  that  cumulative  hysteresis  damage  is 
irreversible;  thus,  if  cyclic  loading  is  suspended  for  a  significant  time  frame  during  fatigue  testing,  fatigue  life  will 
not  be  affect.  This  theory  was  tested  for  uniaxial  tension-compression  loading  of  Ti64  at  two  distinct  fully-reversed 
stress  amplitude  values.  Also  analyzed  was  the  acceptability  of  the  variation  in  the  empirical  fatigue  life  results 
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associated  with  each  of  the  two  stress  amplitudes.  The  results  of  the  finding  are  presented  in  the  proceeding 
sections. 

2.     EXPERIMENTAL  PROCEDURE 

Cyclic  loading  experiments  on  Ti64  were  conducted  on  two  different  specimens:  (1)  a  continuous  radius  specimen 
and  (2)  a  uniform  gage-section  specimen,  both  shown  in  Figure  1  [14].  The  continuous  radius  specimen  is  used 
for  acquiring  fatigue  results  because  it  is  less  susceptible  than  the  uniform  gage-section  specimen  to  buckling  at 
higher  compressive  stress  magnitudes.  The  uniform  gage-section,  however,  is  more  compatible  with  a  MTS 
(Material  Testing  Systems)  634.12E-24  model  extensometer  because  they  both  have  the  same  gage  length 
(25.4mm);  thus,  it  is  used  for  low  frequency,  cyclic  testing  to  acquire  precise  hysteresis  stress-strain  results. 

Both  the  continuous  radius  and  the  uniform  gage-section  specimens  were  machined  via  waterjet  on  a  3.175mm 
thick  Ti64  plate,  where  the  geometry  is  based  on  recommendations  from  ASTM  E466  standard  for  load  controlled 
fatigue  testing  [14].  The  chosen  grain  direction  of  each  specimen  was  designated  to  be  perpendicular  to  the 
eventual  loading  axis.  No  delicate  post-machine  polishing  or  stress  relieving  procedure  was  conducted  on  any 
specimen  after  the  waterjet  cut.  The  effect  of  this  decision  is  analyzed  later  in  the  manuscript. 

The  fatigue  tests  were  conducted  on  an  axial  MTS  servohydraulic  load  frame  with  a  100KN  load  capacity.  The 
load  frame  was  controlled  using  a  MTS  TestStarlls  model  controller,  which  stores  load,  displacement,  and  also 
strain  via  a  MTS  634.12E-24  model  extensometer  mounted  on  the  specimen;  however,  the  only  data  required  by 
the  TestStarlls  during  fatigue  testing  was  load  amplitude  and  cycles  to  failure.  The  tension-compression  loads 
applied  during  the  cyclic  tests  were  fully-reversed  at  an  operating  frequency  between  the  range  of  5-1 5Hz,  where 
the  frequency  is  chosen  based  on  the  allowable  stroke  distance  and  load  amplitude  of  the  100KN  load  frame 
performance  chart  [15]. 

Low  frequency,  cyclic  tests  were  conducted  on  the  same  100KN  MTS  load  frame  as  the  fatigue  tests.  The 
tension-compression  loads  applied  during  the  cyclic  tests  were  fully-reversed  at  an  operating  frequency  of  0.1  Hz. 
This  frequency  was  chosen  because  it  provides  the  optimal  rate  for  accurate  hysteresis  strain  energy  calculation 
without  the  effects  of  anelasticity  [16].  The  TestStarlls  controller  was  used  to  acquire  time,  load,  strain  and 
displacement  data  during  testing  at  a  rate  of  2  points  per  second,  which  is  20  points  per  cycle. 

Monotonic  fracture  results  are  a  critical  part  of  the  energy-based  life  prediction  method.  These  results  were 
attained  from  specimens  that  were  waterjet  cut,  with  no  post-machine  polishing  or  stress  relieving  procedure,  from 
a  3.175mm  thick  Ti64  plate  according  to  the  recommendations  by  ASTM  E8  standard  for  tension  testing  of  metals 
[17].  Tests  were  conducted  on  the  100KN  MTS  load  frame.  Experiments  were  carried  out  at  a  displacement 
control  rate  of  0.0254  mm/sec.  Data  was  acquired  at  a  rate  of  0.5  data  points  per  second. 
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67 


3.     FATIGUE  LIFE  ANALYSIS 

Unlike  Aluminum  6061 -T6  results  from  previous  research  [12,  13],  Ti64  has  a  wide  fatigue  life  scatter.  Therefore, 
the  effects  of  several  material  behaviors  and  trends,  due  to  test  setup,  on  fatigue  life  were  analyzed.  Though  most 
of  these  trends  were  previously  observed  for  Al  6061 -T6,  it  was  important  to  show  that  the  material  behavior  of 
Ti64  showed  a  consistent  scatter  and  validated  irreversible  plastic  energy  accumulation  during  cyclic  loading. 

Frequency  Effect:  The  first  testing  effect  observed  was  the  MTS  load  frame  frequency  versus  fatigue  life.  This 
effect  was  observed  for  the  fully-reversed  stress-amplitudes  of  534MPa  and  724MPa.  These  stress  levels  were 
chosen  for  two  reasons:  1.)  the  values  were  high  enough  to  avoid  the  region  where  the  endurance  limit 
phenomenon  occurs,  and  2.)  time  constraints  prevented  testing  the  theory  of  irreversible  cumulative  hysteresis 
damage  at  higher  cycle  counts.  The  energy-based  life  prediction  calculation  determined  that  the  expected  life  for 
stress-amplitudes  of  534MPa  and  724MPa  was  approximately  4600  and  39000  cycles,  respectively,  and  it  was 
assumed  that  fatigue  failure  of  each  stress  level  would  occur  around  those  values  regardless  of  the  loading 
frequency.  The  analyzed  frequencies  were  15Hz,  10Hz  and  5Hz  for  534MPa,  and  10Hz  and  5Hz  for  724MPa. 
These  frequencies  were  chosen  based  on  the  allowable  stroke  distance  of  the  100KN  load  frame  performance 
chart  [15].  The  result  for  each  stress  level  is  shown  in  the  plots  of  Figure  2.  Also,  statistical  results  are  shown  in 
Table  1.  Though  the  results  of  this  analysis  shows  a  wide  scatter,  primarily  the  18%  relative  standard  deviation  of 
the  534MPa  results,  there  is  no  noticeable  trend  based  on  loading  frequency.  Therefore,  fatigue  results  at  stress 
amplitudes  above  700MPa,  which  are  run  at  10Hz  or  less,  can  be  plotted  with  fatigue  results  at  stress  levels 
below  500MPa,  which  are  conducted  at  15Hz. 
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Figure  2.  Frequency  versus  failure  cycles:  a.)  534MPa  and,  b.)  724MPa. 

Table  1.  Statistical  results  of  frequency  effect. 
534MPa  724MPa 


Lifetime  STD  = 

7859 

724 

Lifetime  Mean  = 

43545 

6643 

Rel.  STD  (%)  = 

18.05 

10.91 

Load  Effect:  The  applied  stress  amplitude  for  fatigue  experiments  are  determined  by  measuring  the  cross- 
sectional  area  of  the  specimen  being  tested.  Based  on  variation  with  the  waterjet  machine  tolerance  (+/- 
0.127mm),  the  +/-  0.2032mm  manufacturer  tolerance  of  the  Ti64  plate  thickness  and  slight  variance  in  hand 
measurements,  the  possibility  of  a  fatigue  life  trend  with  respect  to  the  applied  load  amplitude  was  likely.  This 
trend  was  observed  for  534MPa  and  724MPa.  The  graphical  observation  is  shown  on  the  plots  of  Figure  3,  and 
the  statistics  are  in  Table  2.  Like  the  frequency  effect  analysis,  these  results  cannot  verify  that  there  is  a  fatigue 
life  trend  based  on  loading  values. 
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Fatigue  Data  for  Fully-Reversed  Stress 
Amplitudes  =  534MPa 


Fatigue  Data  for  Fully-Reversed  Stress 
Amplitudes  =  724MPa 
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Figure  3.  Load  amplitude  versus  failure  cycles:  a.)  534MPa  and,  b.)  724MPa. 

Table  2.  Statistical  results  of  load  effect. 
534MPa        724MPa 


Load  STD  (KN)  = 

0.039 

0.231 

Load  Mean  (KN)  = 

10.77 

14.44 

Rel.  STD  (%)  = 

0.358 

1.599 

Surface  Roughness  Effect:  Ti64  is  a  more  sensitive  material  than  Al  6061 -T6,  which  is  the  material  the  energy- 
based  life  prediction  method  was  developed  upon.  Though  previous  research  shows  there  is  no  correlation 
between  fatigue  performance  and  surface  roughness,  this  analysis  was  conducted  by  comparison  with  two  post- 
machining  surface  polishing  techniques  and  does  not  regard  a  non-polished  surface  roughness  [18].  Since  there 
is  no  post-waterjet  polish  or  LSG  (Low  Stress  Grind)  process  for  the  fatigue  specimens  in  this  study,  the  surface 
roughness  of  each  specimen  have  a  higher  probability  of  lacking  consistency.  Furthermore,  handling  the 
specimens  (delivery,  storage,  etc.)  could  also  induce  unwanted  residual  stresses.  Therefore,  fatigue  results  of  the 
three  different  batches  of  Ti64  specimens  were  compared;  note,  the  batches  are  from  the  same  Ti64  plate  stock 
and  are  designated  as  specimens  machined  at  three  different  times.  The  results,  which  are  compared  on  the  S-N 
plot  of  Figure  4,  show  a  consistent  trend  for  fatigue  behavior. 
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Figure  4.  Fatigue  results  for  Ti64. 

Loading  Delay  Analysis:  Previously  stated,  the  energy-based  fatigue  life  prediction  method  was  developed 
based  on  the  understanding  that  a  physical  damage  quantity  exists  for  fatigue  failure.  The  damage  quantity  is 
accumulated   plastic  strain  energy  from   hysteresis   loading,  which   is  irreversible.   In   order  to  validate  this 
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understanding,  fatigue  analysis  was  conducted  at  the  same  stress  amplitude  values  used  in  the  previous  analysis 
(534MPa  and  724MPa).  The  scope  of  the  analysis  was  to  see  if  suspending  cyclic  loading  during  fatigue  testing 
would  affect  fatigue  life.  The  analysis  was  conducted  to  answer  two  key  questions:  1.)  will  suspending  cyclic 
loading  present  a  noticeable  trend  between  fatigue  life  and  loading  delay  time,  and  2.)  will  the  fatigue  life  results 
from  the  delayed  tests  fall  within  the  scatter  of  continuous  cyclic  loaded  fatigue  results?  To  answer  the  first 
question,  empirical  Ti64  results  were  viewed  on  the  plots  of  Figure  5  for  534MPa  and  724MPa.  The  results  show 
no  trend  for  both  stress  levels  and  minimal  variation  at  724MPa. 

In  order  to  see  if  fatigue  life  results  fell  within  acceptable  Ti64  scatter,  all  fatigue  data  was  plotted  on  the  normal 
distribution  constructed  by  fatigue  data  of  continuous  cyclic  loading  results  [19].  Since  fatigue  life  shows  no 
noticeable  trend  with  respect  to  loading  frequency,  fatigue  data  at  different  frequencies  were  used  in  the 
construction  of  the  normal  distribution.  The  results  for  both  stress  levels  are  shown  on  the  plots  of  Figure  6  and  7. 
Both  stress  levels  show  that  all  but  one  of  the  time  delayed  fatigue  life  data  falls  within  one-sigma  of  the 
distribution.  Therefore,  this  validates  that  suspending  cyclic  loading  for  significant  time  frames  during  fatigue 
testing  will  not  affect  fatigue  life  and  the  notion  of  a  physical  damage  quantity  for  fatigue  still  holds  true. 
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Figure  5.  Ti64  fatigue  life  comparison  with  load  delays:  a.)  534MPa  and,  b.)  724MPa. 
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Figure  6.  Normal  distribution  of  fatigue  life  at  534MPa. 
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Normal  Distribution  of  Fatigue  Life  at  724MPa 
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Figure  7.  Normal  distribution  of  fatigue  life  at  724MPa. 

4.     ENERGY-BASED  LIFE  PREDICTION 

Data  from  the  fatigue  analysis  section  is  used  here  to  validate  the  capability  of  the  energy-based  fatigue  life 
prediction  method.  This  method  was  developed  from  the  stress-strain  representations  of  Equation  (1)  -  (3)  [7,  12]. 
Equation  (1)  represents  the  monotonic  stress-strain  relationship,  Equation  (2)  represents  the  expression  for  the 
parameter  <j0  in  Equation  (1),  and  Equation  (3)  is  the  expression  for  the  cyclic  strain.  Equation  (3)  was  created 
based  on  a  simplified  coordinate  system,  where  the  horizontal  versus  vertical  axes  represents  peak-to-peak  strain 
versus  peak-to-peak  stress,  respectively.  On  this  coordinate  system,  shown  in  Figure  8,  the  origin  is  defined  as 
the  minimum  fully-reversed  point  of  a  hysteresis  loop;  in  other  words,  both  the  stress  and  the  strain  values  are 
read  from  zero  to  peak-to-peak  magnitudes. 
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The  parameters  for  Equation  (1)  -  (3)  are  defined  as  follows:  a  is  the  nominal  applied  monotonic  stress  value,  s  is 
the  strain  corresponding  to  the  applied  monotonic  stress,  app  is  the  generalized/peak-to-peak  stress  value 
corresponding  to  the  generalized/peak-to-peak  cyclic  strain  £cyde  (2<ra  replaces  app  in  Equation  (3)  after  all 
necessary  derivations),  <jf  is  the  fracture  stress,  sf  is  the  ductility,  ay  is  the  yield  stress,  E  is  the  modulus  of 
elasticity,  and  the  variables  ac,  a0,  s0,  and  C  are  curve  fit  parameters  [12].  The  curve  fit  parameters  for  the  cyclic 
and  monotonic  representations  are  statistically  acquired  by  comparison  between  the  equations  and  the  respective 
experimental  results  [20,  21]. 


The  energy-based  prediction  method  calculates  fatigue  life  by  dividing  the  total  monotonic  strain  energy  density 
by  the  strain  energy  density  for  one  cycle.  The  total  strain  energy  density  accumulated  during  a  monotonic 
process  is  determined  as  the  area  underneath  the  curve  constructed  by  Equation  (1),  and  the  strain  energy 
density  for  one  cycle  is  represented  by  the  area  within  the  hysteresis  loop  formed  by  Equation  (3).  Calculating  the 
monotonic  strain  energy  density  from  experimental  results  is  a  straightforward  task,  whereas  the  strain  energy 
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density  in  one  cycle  is  determined  by  making  an  assumption  that  the  tensile  stress-strain  behavior  of  the 
hysteresis  loop  is  the  same  as  the  compressive  behavior.  This  assumption  is  a  simplification  for  the  strain  energy 
density  per  cycle  calculation  because  Bauschinger  effect  shows  that  the  tensile  and  compressive  behaviors  in  a 
hysteresis  loop  are  not  identical  [22].  The  resulting  hysteresis  strain  energy  regarding  the  simplification,  which  is 
calculated  by  Equation  (4),  shows  a  minor  deviation  with  Al  6061 -T6  data  when  compared  with  the  correlating 
strain  energy  that  incorporates  Bauschinger  Effect  on  Figure  9. 

The  energy-based  fatigue  life  calculation  is  represented  by  Equation  (5)  [23],  where  <ja  is  the  applied  stress 
amplitude.  Using  the  material  parameters  in  Table  3,  Equation  (5)  results  compare  well  to  the  empirical  Ti64 
fatigue  results  in  Figure  10. 
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Figure  8.  Energy-based  hysteresis  loop  schematic. 
Al  6061-T6:  Fully  Reversed  Axial,  281Mpa 
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72 


Ti64  Uniaxial  Tension-Compression 
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Figure  10.  Energy-based  life  prediction  comparison  forTi64. 

Table  3.  Material  parameters  for  Ti64 . 


C  (mm/mm)= 

1.80E+05 

E  (GPa)  = 

113.6 

s0  (mm/mm)  = 

6.94E-10 

£f  (mm/mm)  = 

4.53E-01 

ac(MPa)  = 

345.7 

Gf(MPa)  = 

1161 

a0(MPa)  = 

66.24 

av(MPa)  = 

1029 

5.     CONCLUSION 

It  has  been  proven  that  hysteresis  strain  energy  density  is  irreversible  due  to  the  analysis  showing  that 
suspending  cyclic  loading  during  fatigue  testing  of  Ti64  does  not  affect  the  expected  fatigue  life  in  the  lifetime 
regime  of  5x1 03  -  6x1 04.  Other  effects  that  do  not  show  a  noticeable  trend  on  fatigue  life  are  surface  roughness 
and  loading  frequency.  Although  these  assumptions,  along  with  the  omission  of  Bauschinger  effect,  have  been 
used  in  energy-based  theory  prior  to  this  manuscript,  validating  the  assumption  and  constructing  a  well-compared 
energy-based  life  prediction  for  Ti64  fatigue  has  been  encouraging  for  the  future  direction  of  energy/failure 
correlation  studies. 
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ABSTRACT 

The  ultrasonic  impact  treatment  (UIT)  is  one  of  the  new  and  promising  processes  for  fatigue  life  improvement  of 
welded  elements  and  structures.  In  most  industrial  applications  this  process  is  known  as  ultrasonic  peening  (UP).  The 
beneficial  effect  of  UIT/UP  is  achieved  mainly  by  relieving  of  harmful  tensile  residual  stresses  and  introducing  of 
compressive  residual  stresses  into  surface  layers  of  a  material,  decreasing  of  stress  concentration  in  weld  toe  zones  and 
enhancement  of  mechanical  properties  of  the  surface  layers  of  the  material.  The  UP  technique  is  based  on  the  combined 
effect  of  high  frequency  impacts  of  special  strikers  and  ultrasonic  oscillations  in  treated  material.  Fatigue  testing  of 
welded  specimens  showed  that  UP  is  the  most  efficient  improvement  treatment  as  compared  with  traditional  techniques 
such  as  grinding,  TIG-dressing,  heat  treatment,  hammer  peening  and  application  of  LTT  electrodes.  The  developed 
computerized  complex  for  UP  was  successfully  applied  for  increasing  the  fatigue  life  and  corrosion  resistance  of 
welded  elements,  elimination  of  distortions  caused  by  welding  and  other  technological  processes,  residual  stress 
relieving,  increasing  of  the  hardness  of  the  surface  of  materials.  The  UP  could  be  effectively  applied  for  fatigue  life 
improvement  during  manufacturing,  rehabilitation  and  repair  of  welded  elements  and  structures.  The  areas/industries 
where  the  UP  process  was  applied  successfully  include:  Shipbuilding,  Railway  and  Highway  Bridges,  Construction 
Equipment,  Mining,  Automotive,  Aerospace.  The  results  of  fatigue  testing  of  welded  elements  in  as-welded  condition 
and  after  application  of  UP  are  considered  in  this  paper.  It  is  shown  that  UP  is  the  most  effective  and  economic 
technique  for  increasing  of  fatigue  strength  of  welded  elements  in  materials  of  different  strength.  These  results  also 
show  a  strong  tendency  of  increasing  of  fatigue  strength  of  welded  elements  after  application  of  UP  with  the  increase  in 
mechanical  properties  of  the  material  used. 


1.  Introduction 

The  ultrasonic  impact  treatment  (UIT)  is  one  of  the  new  and  promising  processes  for  fatigue  life  improvement  of 
welded  elements  and  structures  [1-7].  In  most  industrial  applications  this  process  is  also  known  as  ultrasonic  peening 
(UP)  [8-12].  The  beneficial  effect  of  UIT/UP  is  achieved  mainly  by  relieving  of  harmful  tensile  residual  stresses  and 
introducing  of  compressive  residual  stresses  into  surface  layers  of  materials,  decreasing  of  stress  concentration  in  weld 
toe  zones  and  enhancement  of  mechanical  properties  of  surface  layers  of  the  material.  The  fatigue  testing  of  welded 
specimens  showed  that  the  UP  is  the  most  efficient  improvement  treatment  when  compared  with  such  traditional 
techniques  as  grinding,  TIG-dressing,  heat  treatment,  hammer  peening,  shot  peening  and  application  of  LTT  electrodes 
[1,  13,  14]. 

The  UP  technique  is  based  on  the  combined  effect  of  high  frequency  impacts  of  special  strikers  and  ultrasonic 
oscillations  in  treated  material.  The  developed  system  for  UP  treatment  (total  weight  -  1 1  kg)  includes  an  ultrasonic 
transducer,  a  generator  and  a  laptop  (optional  item)  with  software  for  optimum  application  of  UP  -  maximum  possible 
increase  in  fatigue  life  of  parts  and  welded  elements  with  minimum  cost,  labor  and  power  consumption.  In  general,  the 
basic  UP  system  shown  in  Figure  1  could  be  used  for  treatment  of  weld  toe  or  welds  and  larger  surface  areas  if 
necessary. 
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Figure  1.  Basic  ultrasonic  peening  system  for  fatigue  life  improvement  of  welded  elements  and  structures  [6] 

The  most  recent  design  of  the  UP  equipment  is  based  on  "Power  on  Demand"  concept.  Using  this  concept,  the  power 
and  other  operating  parameters  of  the  UP  equipment  are  adjusted  to  produce  the  necessary  changes  in  residual  stresses, 
stress  concentration  and  mechanical  properties  of  the  surface  layers  of  materials  to  attain  the  maximum  possible 
increase  in  fatigue  life  of  welded  elements  and  structures. 

The  effects  of  different  improvement  treatments,  including  the  UP  treatment,  on  the  fatigue  life  of  welded  elements 
depend  on  the  mechanical  properties  of  used  material,  the  type  of  welded  joints,  the  parameters  of  cyclic  loading  and 
other  factors.  For  effective  application  of  UP,  depending  on  the  above-mentioned  factors,  a  software  package  for 
Optimum  Application  of  UP  was  developed  that  is  based  on  original  predictive  model.  In  the  optimum  application,  a 
maximum  possible  increase  in  fatigue  life  of  welded  elements  with  minimum  time/labor/cost  is  thought  [15]. 

The  developed  technology  and  computerized  complex  for  UP  were  successfully  applied  for  increasing  of  the  fatigue 
life  of  welded  elements,  elimination  of  distortions  caused  by  welding  and  other  technological  processes,  relieving  of 
residual  stress,  increasing  of  the  hardness  of  the  surface  of  materials  and  surface  nanocrystallization.  The 
areas/industries  where  the  UP  was  applied  successfully  include:  Railway  and  Highway  Bridges,  Construction 
equipment,  Shipbuilding,  Mining,  Automotive  and  Aerospace  to  name  a  few. 

2.  Principles,  Technology,  Equipment  for  UP 

2.1.  Freely  Movable  Strikers 


The  UIT/UP  equipment  is  based  on  known  technical  solutions  from  the  40' s  of  last  century  of  using  working  heads 
with  freely  movable  strikers  for  hammer  peening.  At  that  time  and  later  on,  a  number  of  different  tools  based  on  using 
freely  movable  strikers  were  developed  for  impact  treatment  of  materials  and  welded  elements  by  using  pneumatic  [16, 
17]  and  ultrasonic  [18-24]  equipment.  A  more  effective  impact  treatment  is  provided  when  the  strikers  are  not 
connected  to  the  tip  of  the  actuator  but  could  move  freely  between  the  actuator  and  the  treated  material.  Figure  2  shows 
a  standard  set  of  easy  replaceable  working  heads  with  freely  movable  strikers  for  different  applications  of  UP. 
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Figure  2.  A  set  of  interchangeable  working  heads  for  UIT/UP  [7] 

2.2.  Ultrasonic  Impact  and  Effects  of  Ultrasound 

The  UP  technique  is  based  on  the  combined  effect  of  high  frequency  impacts  of  the  special  strikers  and  ultrasonic 
oscillations  in  treated  material.  Some  specific  features  of  the  ultrasonic  impact  treatment  of  metals  are  described  in  [16] 
where  it  is  shown  that  the  operational  frequency  of  the  transducer  and  the  frequency  of  the  intermediate  element- striker 
are  not  the  same. 

During  the  ultrasonic  treatment,  the  striker  oscillates  in  the  small  gap  between  the  end  of  the  ultrasonic  transducer  and 
the  treated  specimen,  impacting  the  treated  area  [18-21].  This  kind  of  high  frequency  movements/impacts  in 
combination  with  high  frequency  oscillations  induced  in  the  treated  material  is  typically  called  the  ultrasonic  impact. 

There  are  a  number  of  effects  of  ultrasound  on  metals  that  are  typically  considered:  acoustic  softening,  acoustic 
hardening,  acoustic  heating,  etc.  In  the  first  of  these  (acoustic  softening  that  is  also  known  as  acoustic-plasticity  effect), 
the  acoustic  irradiation  reduces  the  stress  necessary  for  plastic  deformation.  In  general,  the  effect  of  ultrasound  on  the 
mechanical  behavior  could  be  compared  with  the  effect  of  heating  on  a  material.  The  difference  is  that  acoustic 
softening  takes  place  immediately  when  a  metal  is  subjected  to  ultrasonic  irradiation.  Also,  relatively  low-amplitude 
ultrasonic  waves  leave  no  residual  effects  on  the  physical  properties  of  metals  after  acoustic  irradiation  is  stopped  [25]. 

2.3.  Technology  and  Equipment  for  Ultrasonic  Peening 

The  ultrasonic  transducer  oscillates  at  a  high  frequency,  with  20-30  kHz  being  typical.  The  ultrasonic  transducer  may 
be  based  on  either  piezoelectric  or  magnetostrictive  technology.  Whichever  technology  is  used,  the  output  end  of  the 
transducer  will  oscillate,  typically  with  amplitude  of  20  -  40  urn.  During  the  oscillations,  the  transducer  tip  will  impact 
the  striker(s)  at  different  stages  in  the  oscillation  cycle.  The  striker(s)  will,  in  turn,  impact  the  treated  surface.  The 
impact  results  in  plastic  deformation  of  the  surface  layers  of  the  material.  These  impacts,  repeated  hundreds  to 
thousands  of  times  per  second,  in  combination  with  high  frequency  oscillations  induced  in  the  treated  material  result  in 
a  number  of  beneficial  effects  of  UP. 

The  UP  is  an  effective  way  for  relieving  of  harmful  tensile  residual  stresses  and  introducing  of  beneficial  compressive 
residual  stresses  in  surface  layers  of  parts  and  welded  elements.  The  mechanism  of  residual  stress  redistribution  is 
connected  mainly  with  two  factors.  At  a  high-frequency  impact  loading,  oscillations  with  a  complex  frequency  mode 
spectrum  propagate  in  a  treated  element.  The  nature  of  this  spectrum  depends  on  the  frequency  of  ultrasonic  transducer, 
mass,  quantity  and  form  of  strikers  and  also  on  the  geometry  of  the  treated  element.  These  oscillations  lead  to  lowering 
of  residual  welding  stresses.  The  second  and  the  more  important  factor,  at  least  for  fatigue  improvement,  is  surface 
plastic  deformation  that  leads  to  introduction  of  the  beneficial  compressive  residual  stresses. 

In  the  fatigue  improvement,  the  beneficial  effect  is  achieved  mainly  by  introducing  of  the  compressive  residual  stresses 
into  surface  layers  of  metals  and  alloys,  decrease  in  stress  concentration  in  weld  toe  zones  and  the  enhancement  of  the 
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mechanical  properties  of  the  surface  layer  of  the  material.  The  schematic  view  of  the  cross  section  of  material/part 
improved  by  UP  is  shown  in  Figure  3  with  the  attained  distribution  of  the  stresses  after  the  UP.  The  description  of  the 
UP  benefits  is  presented  in  Table  1 . 


UP  treated  surface 


Figure  3.  Schematic  view  of  the  cross  section  of  material/part  improved  by  Ultrasonic  Peening  [9] 


Table  1 .  Zones  of  Material/Part  Improved  by  Ultrasonic  Peening  [9]  (see  Figure  3  for  illustration  of  the  zones) 


Zone 

Description  of 
zone 

Distance 

from 
surface, 

Improved 
characteristic 

s 

A 

Zone  of  plastic 

deformation 
and  compressive 
residual  stresses 

1  -1.5  mm 

Fatigue, 
corrosion, 

wear, 
distortion 

B 

Zone  of  relaxation 

of  welding  residual 

stresses 

1 5  mm  and 
more 

Distortion, 

crack 
propagation 

C 

Zone  of 

nanocrystallization 

(produced  at  certain 

conditions) 

0.01-0.1 
mm 

Corrosion, 

wear,  fatigue  at 

elevated 

temperature 

Figure  4  illustrates  the  concept  of  the  fatigue  life  improvement  of  welded  elements  by  UP.  In  case  of  welded  elements, 
it  is  enough  to  treat  only  the  weld  toe  zone  -  the  zone  of  transition  from  base  metal  to  the  weld,  for  a  significant 
increase  of  fatigue  life.  A  so-called  groove,  shown  in  Figures  4  and  5,  characterized  by  certain  geometrical  parameters 
is  produced  by  UP  [2,  4]. 
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Width  of  groove 
2  -5  mm 


Figure  4.  Profile  of  weld  toe  improved  by  Ultrasonic  Peening  [9] 


Figure  5.  The  view  of  the  butt  welds  in  as-welded  condition  (left  side  sample)  and  after  application  of  UP 
(right  side  sample)  [7].  Notice  the  formation  of  a  uniform,  shiny  grove  along  the  weld  toe  marked  with  arrows  and 

shown  in  greater  details  in  the  insert. 

3.  Application  of  UP  for  Fatigue  Improvement 

The  UP  could  be  effectively  applied  for  fatigue  life  improvement  during  manufacturing,  rehabilitation  and  repair  of 
welded  elements  and  structures.  Examples  of  all  three  applications  will  be  described  below. 

3.1.  Manufacturing  and  Rehabilitation 

Three  series  of  large-scale  welded  samples,  designed  as  shown  in  Figure  6,  were  subjected  to  fatigue  testing  to  evaluate 
the  effectiveness  of  UP  application  to  the  existing  welded  structures:  1  -  in  as  welded  condition,  2  -  UP  was  applied 
before  fatigue  testing,  3  -  UP  was  applied  after  fatigue  loading  with  the  number  of  cycles  corresponding  to  50%  of  the 
expected  fatigue  life  of  samples  in  as-welded  condition  [9]. 


The  results  of  fatigue  testing  of  the  large-scale  welded  samples  imitating  the  transverse  non-load-carrying  attachments 
(Fig.  6)  with  UP  applied  to  specimens  in  as-welded  condition  and  also  after  50%  of  expected  fatigue  life  are  presented 
in  Figure  7. 
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Figure  6.  The  general  view  of  welded  sample  for  fatigue  testing 

The  UP  caused  a  significant  increase  in  fatigue  strength  of  the  considered  welded  element  for  both  series  of  UP  treated 
samples.  The  increase  in  limit  stress  range  at  N=2-106  cycles  of  welded  samples  is  49%  (from  119  MPa  to  177  MPa)  for 
UP  treated  samples  before  fatigue  loading  and  is  66%  (from  119  MPa  to  197  MPa)  for  UP  treated  samples  after  fatigue 
loading,  with  the  number  of  cycles  corresponding  to  50%  of  the  expected  fatigue  life  of  the  samples  in  as- welded 
condition.  The  higher  increase  of  fatigue  life  of  UP  treated  welded  elements  for  fatigue  curve  #3  could  be  explained  by 
a  more  beneficial  redistribution  of  residual  stresses  and/or  "healing"  of  fatigue  damaged  material  by  UP  in  comparison 
with  the  fatigue  curve  #2. 


10°  10° 

N,  cycles 

Figure  7.  Fatigue  curves  of  welded  elements  (transverse  non-load-carrying  attachment: 

1  -  in  as  welded  condition,  2  -  UP  was  applied  before  fatigue  testing,  3  -  UP  was  applied  after  fatigue  loading  with  the 

number  of  cycles  corresponding  to  50%  of  expected  fatigue  life  of  samples  in  as-welded  condition. 


3.2.  Weld  Repair 


In  this  paper  the  rehabilitation  is  considered  as  a  prevention  of  possible  initiation  of  fatigue  cracks  in  existing  welded 
elements  and  structures  that  are  in  service.  The  UP  could  also  be  effectively  used  during  the  weld  repair  of  fatigue 
cracks  [7,  10]. 
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Figure  8  shows  the  drawing  of  a  large-scale  welded  specimen  containing  non-load  carrying  longitudinal  attachments 
designed  for  fatigue  testing  [7].  Such  specimens  were  tested  in  as-welded  condition  and  after  weld  repair  with  and 
without  application  of  UP. 
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Figure  8.  Drawings  of  welded  specimens  for  fatigue  testing  at  different  conditions: 
as-welded  condition;  R  -  repair  by  gouging  and  welding;  R/UP  -  repair  by  gouging,  welding  and  UP 


The  testing  conditions  were  zero-to-tension  stress  cycles  (R=0)  with  different  level  of  maximum  stresses.  The  fatigue 
testing  was  stopped  and  the  number  of  cycles  was  recorded  when  the  length  of  fatigue  crack  on  surface  reached  20  mm. 
Then,  the  fatigue  crack  was  repaired  by  gouging  and  welding  and  the  fatigue  test  was  continued.  After  repair,  a  number 
of  samples  were  subjected  to  UP.  The  weld  toe  of  the  "new"  weld  was  UP  treated.  The  results  of  fatigue  testing  of 
welded  specimens  in  as- welded  condition  and  after  weld  repair  of  fatigue  cracks  are  presented  in  Figure  9. 
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Figure  9.  Results  of  fatigue  testing  of  welded  elements:  1  -  as-welded  condition,  2,  3  and  4  -  after  first,  second  and  third 
weld  repair,  5,  6  and  7  -  after  first,  second  and  third  weld  repair  with  application  of  UP 

The  fatigue  testing  of  large  scale  specimens  showed  that  the  repair  of  fatigue  cracks  by  welding  is  restoring  the  fatigue 
strength  of  welded  elements  to  the  initial  as-welded  condition.  Second  and  third  repair  of  fatigue  cracks  also  practically 
restored  the  fatigue  life  of  repaired  welded  elements  to  initial  as-welded  condition. 


The  application  of  UP  after  weld  repair  increased  the  fatigue  life  of  welded  elements  by  3-4  times.  Practically  the  same 
significant  fatigue  improvement  of  repaired  welded  elements  by  UP  is  observed  also  after  second  and  third  repair  of 
fatigue  cracks  in  welded  elements. 
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Figure  10.  Diagram  showing  the  endurance  of  welded  elements:  Line  I  -  fatigue  crack  is  repaired  by  gouging 

and  welding,  Line  II  -  fatigue  crack  is  repaired  by  gouging,  welding  and  UP,  Line  III  -  UP  is  applied  before/during 

the  first  phase  of  service  life,  W  -  as-welded  condition,  R  -  repair  by  gouging  and  welding,  R/UP  -  repair 

by  gouging,  welding  and  UP,  W/UP-  welding  and  UP 


A  comparison  of  the  efficiency  of  weld  repair  of  fatigue  cracks  with  and  without  application  of  UP  is  presented  in 
Figure  10.  This  diagram  illustrates  the  fatigue  behavior  of  the  same  welded  elements  in  cases  when  UP  is  not  applied 
(I),  when  UP  is  applied  after  weld  repair  (II)  and  UP  is  applied  before/during  the  first  phase  of  service  life  (III).  Here,  1 
unit  of  service  life  corresponds  to  -  240,000  cycles  of  loading  at  the  stress  range  158  MPa  and  to  -  75,000  at  the  stress 
range  220  MPa.  Every  circle,  marked  R  or  R/UP,  in  Fig.  10  starting  from  the  number  1  on  service  life  axis  indicates  a 
fatigue  fracture  and  a  repair  of  the  welded  element.  As  can  be  seen  from  Fig.  10,  the  benefit  from  application  of  UP  for 
weld  repair  and  rehabilitation  of  welded  elements  is  obvious. 


4.  Ultrasonic  Peening  of  HSS  Welded  Elements 

4.1.  700  MPa  yield  strength  steel 

Four  series  of  large-scale  welded  samples  were  subjected  to  fatigue  testing  to  evaluate  the  effectiveness  of  UIT/UP 
application  for  fatigue  life  improvement  of  welded  elements  made  from  350  MPa  and  700  MPa  yield  strength  steels 
[13].  The  fatigue  specimens  were  designed  as  80  mm  wide  by  8  mm  thick  steel  plates  with  longitudinal  non-load 
carrying  fillet  welded  attachments,  as  shown  in  Figure  1 1 . 
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Figure  11.  Welded  specimen  for  fatigue  testing  of  350  and  700  MPa  yield  strength  steel  welded  elements  [13] 


All  testing  has  been  conducted  under  constant  amplitude  axial  tension  in  servo-hydraulic  fatigue  testing  machines.  The 
applied  stress  ratio  has  been  R=0.1,  with  test  frequencies  varying  from  2  to  6  Hz  depending  on  load  levels.  Failure  is 
defined  to  have  taken  place  upon  complete  separation  of  the  specimen.  The  results  of  fatigue  testing  are  presented  in 
Figure  12. 


83 


1000 


f3 


CD 

en 

r 
ra 
•— 

y> 
x 


£   100 

CO 


_. 

" 

^"54*^ 

g 

r^^^J-A. 

2      ^<jT^ 

^4-3 

"**"*                                 ""  *'*■» 

^> 

1.E+04 


1.E+07 


1.E+05  1tE+06 

Endurance  [cycles] 

Figure  12.  Fatigue  test  results  for  350  and  700  MPa  yield  strength  steel  welded  specimens  [13]: 
1-  in  as-welded  condition,  350  MPa  and  700  MPa  yield  strength  steels,  2  -  after  UIT,  350  MPa  yield  strength  steel, 
3-  after  UIT/UP,  700  MPa  yield  strength  steel,  4-  FAT  1 12  design  curve 

As  can  be  seen  from  Figure  12,  the  UIT/UP  provided  significant  increase  in  fatigue  performance  of  considered  welded 
element  for  700  MPa  yield  strength  steel.  The  increase  in  limit  stress  range  at  2  millions  cycles  of  loading  was  81%  for 
welded  samples  treated  by  UIT/UP  in  comparison  with  as-welded  condition,  while  TIG-dressing  provided  a  36% 
increase  in  limit  stress  range  of  welded  element  (see  Table  2). 

Table  2.  Increase  in  limit  stress  range  of  welded  element 
at  2  millions  cycles  of  loading  [13] 


S-N  curve 

Slope 

in 

FAT  value 

[MPa] 

Improvement  at 
FAT  value  [%] 

As-welded  S3  5  5  and  S700 

-3  (fixed) 

71.3 

- 

UIT/UP  S  700 

-5  (fixed) 

129.4 

81 

Robotized  TIG-dressing  S700 

-3  (fixed) 

97.0 

36.0 

4.2.  960  MPa  yield  strength  steel 

Four  series  of  large-scale  welded  samples  were  subjected  also  to  fatigue  testing  to  evaluate  the  effectiveness  of  UIT/UP 
application  for  fatigue  life  improvement  of  welded  elements  made  from  960  MPa  yield  strength  steel  [14].  The  fatigue 
specimens  were  designed  as  50  mm  wide  by  6  mm  thick  steel  plates  with  longitudinal  non-load  carrying  fillet  welded 
attachments,  as  shown  in  Figure  13. 
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Figure  13.  Specimen  geometry  for  fatigue  testing  of  960  MPa  yield  strength  steel 

welded  elements  [14] 
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The  testing  has  been  conducted  under  constant  amplitude  using  R=  -1.  All  of  the  as-welded  specimens  failed  at  the 
weld  toe  at  the  end  of  the  longitudinal  stiffeners.  For  the  improved  by  UIT/UP  welds,  tested  using  constant  amplitude 
loading,  a  variety  of  other  failure  modes  were  observed.  The  results  of  fatigue  testing  are  presented  in  Figure  14. 

As  can  be  seen  from  Figure  14,  the  UIT/UP  treatment  with  an  instrument  based  on  piezoelectric  transducer  provided  the 
highest  increase  in  fatigue  performance  of  considered  welded  element  for  960  MPa  yield  strength  steel  in  comparison 
with  the  efficiency  of  application  of  magnetostrictive  transducer  and  LTT  electrodes. 
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Figure  14.  Fatigue  test  results  for  960  MPa  yield  strength  steel  welded  specimens  [14]:  1-  in  as-welded  condition, 
2  and  3  -  after  UIT/UP  based  on  using  magnetostrictive  and  piezoelectric  transducers  respectively, 

4-  after  application  of  LTT  electrodes 


5.  Industrial  Applications  of  UP 

As  was  demonstrated,  the  UP  could  be  effectively  applied  for  fatigue  life  improvement  during  manufacturing, 
rehabilitation  and  repair  of  welded  elements  and  structures.  The  UP  technology  and  equipment  were  successfully 
applied  in  different  industrial  projects  for  rehabilitation  and  weld  repair  of  parts  and  welded  elements.  The 
areas/industries  where  the  UP  was  applied  successfully  include:  Railway  and  Highway  Bridges,  Construction 
Equipment,  Shipbuilding,  Mining,  Automotive  and  Aerospace. 


An  example  of  application  of  UP  for  repair  and  rehabilitation  of  welded  elements  subjected  to  fatigue  loading  in  mining 
industry  is  shown  in  Figure  15.  Around  300  meters  of  welds,  critical  from  fatigue  point  of  view,  were  UP  treated  to 
provide  improved  fatigue  performance  of  large  grinding  mills. 
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Figure  15.  Application  of  UP  for  rehabilitation  of  welded  elements  of  a  large  grinding  mill 


Based  on  the  fatigue  data  and  the  solution  described  in  [10],  the  UP  was  also  applied  during  the  rehabilitation  of  welded 
elements  of  a  highway  bridge  over  the  Ohio  River  in  the  USA. 

The  bridge  was  constructed  about  30  years  ago.  The  welded  details  of  the  bridge  did  not  have  macroscopic  fatigue 
cracks.  The  motivation  for  application  of  the  UP  for  fatigue  life  improvement  of  this  bridge  was  the  fatigue  cracking  in 
welded  elements  and  failure  of  one  of  the  spans  of  another  bridge  of  approximately  the  same  age  and  design.  The  stages 
of  preparation  for  UP  treatment  of  the  bridge  and  the  process  of  UP  treatment  of  one  of  the  welded  vertical  stiffeners 
are  shown  in  Figures  16  and  17.  More  than  two  thousand  and  five  hundred  welded  details  of  the  bridge  structure  that 
were  considered  to  be  fatigue  critical  were  UP  treated. 


Figure  16.  Ultrasonic  Peening  of  a  welded  bridge:  preparation  for  UP  treatment  (two  UP  systems/lifts) 
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Figure  17.  Ultrasonic  Peening  of  a  welded  bridge:  UP  of  the  end  of  one  of  welded  vertical  stiffeners 
6.  Conclusions 

1.  Ultrasonic  Impact  Treatment  (UIT/UP)  is  a  relative  new  and  promising  technique  for  fatigue  life  improvement  of 
welded  elements  and  structures  in  materials  of  different  strength  including  HSS  with  the  yield  strength  of  700-1000 
MPa.  The  results  of  fatigue  testing  show  a  strong  tendency  of  increasing  of  fatigue  strength  of  welded  elements  after 
application  of  UP  with  the  increase  in  mechanical  properties  of  the  material  used.  It  allows  using  to  a  greater  degree  the 
advantages  of  the  HSS  in  welded  elements,  subjected  to  fatigue  loading. 

2.  The  fatigue  testing  of  welded  specimens  also  showed  that  the  UP  is  the  most  efficient  improvement  treatment  as 
compared  with  traditional  techniques  such  as  grinding,  TIG-dressing,  heat  treatment,  hammer  peening,  shot  peening  or 
application  of  LTT  electrodes. 

3.  The  developed  computerized  complex  for  UP  was  successfully  used  in  different  applications  for  increasing  of  the 
fatigue  life  of  welded  elements,  elimination  of  distortions  caused  by  welding  and  other  technological  processes, 
relieving  of  residual  stress,  increasing  of  the  hardness  of  material  surfaces  and  surface  nanocrystallization.  The 
areas/industries  where  the  UP  was  applied  successfully  include:  Railway  and  Highway  Bridges,  Mining,  Construction 
Equipment,  Shipbuilding,  Automotive  and  Aerospace. 

References 


1.  V.  Trufyakov,  P.  Mikheev  and  Y.  Kudryavtsev.  Fatigue  Strength  of  Welded  Structures.  Residual  Stresses  and 
Improvement  Treatments.  Harwoo d  Academic  Publishers  GmbH.  London.  1995.  100  p. 

2.  Y.  Kudryavtsev,  V.  Korshun  and  A.  Kuzmenko.  Improvement  of  Fatigue  Life  of  Welded  Joints  by  Ultrasonic  Impact 
Treatment.  Paton  Welding  Journal.  1989.  No.  7.  p.  24-28. 

3.  V.  Trufyakov,  P.  Mikheev,  Y.  Kudryavtsev  and  D.  Reznik.  Ultrasonic  Impact  Peening  Treatment  of  Welds  and  Its 
Effect  on  Fatigue  Resistance  in  Air  and  Seawater.  Proceedings  of  the  Offshore  Technology  Conference.  OTC  7280. 
1993.  p.  183-193. 

4.  Y.  Kudryavtsev,  P.  Mikheev  and  V.  Korshun.  Influence  of  Plastic  Deformation  and  Residual  Stresses  Created  by 
Ultrasonic  Impact  Treatment  on  Fatigue  Strength  of  Welded  Joints.  Paton  Welding  Journal.  1995.  No.  12.  p.  3-7 

5.  V.  Trufiakov,  P.  Mikheev,  Y.  Kudryavtsev  and  E.  Statnikov.  Ultrasonic  Impact  Treatment  of  Welded  Joints. 
International  Institute  of  Welding.  IIW Document  XIII- 1609-9 5.  1995. 


87 


6.  Y.  Kudryavtsev  and  J.  Kleiman.  Fatigue  Improvement  of  Welded  Elements  and  Structures  by  Ultrasonic  Impact 
Treatment  (UIT/UP).  International  Institute  of  Welding.  IIW Document  XIII-227 6-09.  2009. 

7.  Y.  Kudryavtsev  and  J.  Kleiman.  Increasing  Fatigue  Strength  of  Welded  Elements  and  Structures  by  Ultrasonic 
Impact  Treatment.  International  Institute  of  Welding.  IIW  Document  XIII-2 3 18-10.  2010. 

8.  Patent  of  USA  #  6467321.  2002.  Device  for  Ultrasonic  Peening  of  Metals. 

9.  Y.  Kudryavtsev,  J.  Kleiman,  L.  Lobanov  et  al.  Fatigue  Life  Improvement  of  Welded  Elements  by  Ultrasonic 
Peening.  International  Institute  of  Welding.  IIW  Document  XIII-2  01 0-04.  2004.  20  p. 

10.  Y.  Kudryavtsev,  J.  Kleiman,  A.  Lugovskoy  et  al.  Rehabilitation  and  Repair  of  Welded  Elements  and  Structures  by 
Ultrasonic  Peening.  International  Institute  of  Welding.  IIW  Document  XIII-2 0? '6-0 5.  2005.  13  p 

1 1 .  Y.  Kudryavtsev,  J.  Kleiman,  A.  Lugovskoy  et  al.  Fatigue  Life  Improvement  of  Tubular  Welded  Joints  by  Ultrasonic 
Peening.  International  Institute  of  Welding.  IIW  Document  XIII-2 1 17-06.  2006.  24  p. 

12.  Y.  Kudryavtsev,  J.  Kleiman  and  Y.  Iwamura.  Fatigue  Improvement  of  HSS  Welded  Elements  by  Ultrasonic 
Peening.  Proceedings  of  the  International  Conference  on  High  Strength  Steels  for  Hydropower  Plants,  July  20-22, 
2009.  Takasaki,  Japan. 

13.  P.  Haagensen.  Progress  Report  on  IIW  WG2  Round  Robin  Fatigue  Testing  Program  on  700  MPa  and  350  MPa  YS 
Steels.  International  Institute  of  Welding.  IIW  Document  XIII-2 08 1-05.  2005. 

14.  G.  Marquis  and  T.  Bjork.  Variable  Amplitude  Fatigue  Strength  of  Improved  HSS  Welds.  International  Institute  of 
Welding.  IIW Document  XIII-2 2 24-08.  2008. 

15.  Y.  Kudryavtsev.  Residual  Stress.  Springer  Handbook  on  Experimental  Solid  Mechanics.  Springer  -  SEM.  2008.  P. 
371-387. 

16.  Patent  of  USA  No.  2,356,314.  1944.  Scaling  Tool.  Reo  D.  Grey  and  James  R.  Denison. 

17.  Patent  of  USA  No.  3,349,461.  1967.  Descaling  Tool.  Joseph  F.  Niedzwiecki. 

18.  Krilov  N.  A.,  Polishchuk  A.  M.  Using  of  ultrasonic  apparatus  for  metal  structure  stabilization.  Physical  background 
of  industrial  using  of  ultrasound.  Part  1.  LDNTP.  Leningrad..-  P.  70-79.  1970.  (in  Russian) 

19.  Patent  of  USA  No.  3,609,851.  1971.  Metal  Working  Apparatus  and  Process.  Robert  C.  McMaster  and  Charles  C. 
Libby. 

20.  Patent  of  USA  No.  3,595,325.  1971.  Intermediary  Impact  Device.  Charles  C.  Libby  and  William  J.  White. 

21.  C.  Feng  and  K.  Graff.  Impact  of  a  Spherical  Tool  against  a  Sonic  Transmission  Line.  The  Journal  of  the  Acoustical 
Society  of  America.  Volume  52,  Number  1  (Part  2),  1972.  pp.  254-259. 

22. 1.  Polozky,  A.  Nedoseka,  G.  Prokopenko  et  al.  Relieving  of  welding  residual  stresses  by  ultrasonic  treatment.  The 
Paton  Welding  Journal.  1974.  Nq  5.-  p.  74-75.  (in  Russian) 

23.  Author's  Certificate  (USSR)  #  472782.  1975.  Ultrasonic  head  for  strain  hardening  and  relaxation  treatment.  E. 
Statnikov,  L.  Zhuravlev,  A.  Alexeyev,  Yu.  Bobylev,  E.  Shevtsov,  V.  Sokolenko  and  V.  Kulikov.  (in  Russian) 

24.  Author's  Certificate  (USSR)  #  601 143.  1978.  Ultrasonic  multiple- strikers  device.  G.  Prokopenko  and  V.  Krivko.  (in 
Russian) 

25.  B.  Langenecker.  Effects  of  Ultrasound  on  Deformation  Characteristics  of  Metals.  IEEE  Transactions  on  Sonics  and 
Ultrasonics.  Vol.  SU-13,  No.  1,  March  1966,  pp.  1-8. 


Delamination  between  Functtonalized  Silicon  Surfaces 

S.  R.  Na1,  A.  Hassan2,  K.  M.  Liechti1  and  M.J.  Krische2 

Aerospace  Engineering  and  Engineering  Mechanics 

2Chemistry  and  Biochemistry 

The  University  of  Texas  at  Austin 

Austin,  TX  78712 

kml@mail.utexas.edu 


The  paper  describes  the  development  of  an  experiment  with  associated  analysis  to 
determine  the  toughness  of  a  molecular  adhesive  formed  by  bringing  together  two 
functionalized  silicon  surfaces.  Si  (111)  surfaces  were  coated  with  amine  and  carboxy- 
terminated  self-assembled  monolayers  (SAMs).  The  areal  density  of  these  termini  was 
varied  in  order  to  modulate  the  bonding  interactions  between  the  two  surfaces.  The 
silicon  beams  were  pressed  together  to  form  miniature  laminated  beam  beam  specimens 
and  then  fractured  in  high  vacuum  using  a  specially  developed  fracture  tester.  Normal 
crack  opening  displacements  were  measured  using  infra  red  crack  opening 
interferometry. 

The  fracture  toughness  of  the  specimens  was  measured  as  a  function  of  the  areal 
density  of  bonds.  Traction-separation  laws  were  extracted  from  the  measurements  of 
crack  opening  displacements.  Interesting  differences  are  being  noted  in  mode  1  and 
mixed-mode  in  these  highly  controlled  experiments. 
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ABSTRACT 

Experimental  study  was  performed  to  investigate  the  fracture  behavior  of  relatively  brittle  polymer  foam.  A  single  notch 
bending  specimen  made  of  a  PVC  core  cell  foam  A-series,  A  800  and  A  1200,  are  used  for  the  investigation.  To  measure  the 
strain  around  the  defect  section,  a  2D  digital  image  correction  (DIC)  technique  was  used.  The  fracture  initiation  toughness 
was  calculated  from  the  load  displacement  curve  and  a  strain  fields  obtained  from  DIC  technique.  Furthermore  a  study  was 
performed  to  investigate  the  failure  behavior  of  foam  core  with  sharp  cracks,  notch  and  circular  hole.  To  reduce  the  size 
effect,  the  net  cross-sectional  areas  of  the  specimen  for  all  the  geometries  considered  are  kept  constant.  An  Instron  tensile 
loading  machine  was  used  and  the  tensile  load  was  measured  directly  through  the  load  cell.  The  full  strain  field  around  the 
section  was  measured  using  DIC  and  the  data  points  at  the  interest  location  were  extracted.  The  result  was  compared  with  the 
dog-bone  tensile  experiment  of  intact  specimen.  It  was  observed  that,  the  net  section  strength  for  specimen  with  cracks,  notch 
and  circular  hole  is  higher  than  that  of  the  intact  foam  core. 

INTRODUCTION 

Lightweight  structures  with  superior  blast  mitigation  and  impact  resisting  behavior  are  currently  attracting  the  attention  of 
Aerospace,  Navy  and  other  related  industries.  Sandwich  structures  with  layer  of  composites  as  face  sheets  and  foam  material 
as  core  are  widely  used  in  such  applications.  Polymer  foams  have  shown  promising  results  as  a  core  material  for  sandwich 
structures  due  to  their  high  energy  absorption  capabilities,  especially  in  the  case  of  impact  loading  [1,  2].  There  are  well 
documented  studies  on  the  compressive  properties  and  energy  absorbing  behavior  of  these  materials  [3].  It  is  shown  that  the 
structural  response  of  polymer  foam  strongly  depends  on  the  foam  density,  cell  micro  structure  and  solid  polymer  properties 
[3].  Recent  developments  in  manufacturing  processes  of  polymer  foams  make  the  material  available  to  be  used  in  different 
shapes  and  sizes.  Some  of  the  applications  of  this  material  require  these  materials  to  have  cuts  and  holes  in  them.  It  is  well 
understood  that,  in  the  case  of  a  fully  dense  material,  the  presence  of  a  cracks,  notches  and  holes  in  structures  results  in  a 
stress  concentration  and  thus  leading  to  fracture.  Understanding  the  tensile  strength,  the  effect  of  notches  and  cracks  and 
fracture  behavior  of  foams  is  important  to  design  structures  using  this  material. 

There  exist  a  few  studies  on  the  tensile  properties  of  open  and  closed  cell  foams  with  a  presence  of  notches  and  holes. 
Andrews  and  Gibson  [4],  present  a  finite  element  analysis  on  the  influence  of  defect  size  and  cell  size  on  the  tensile  strength 
of  ductile  two-dimensional  cellular  structures.  Based  on  their  study,  they  have  concluded  (a)  the  net  section  strength  of  a 
honeycomb  with  a  circular  hole  is  equal  to  the  tensile  strength  of  the  intact  honeycomb,  (b)  The  net  section  strength  of  a 
honeycomb  with  a  crack  (defect  width  smaller  than  the  cell  size)  is  greater  than  the  tensile  strength  of  the  intact  honeycomb 
and  the  strengthening  becomes  more  significant  as  the  normalized  cell  size  is  increased,  (c)  the  net  section  strength  of  a 
honeycomb  with  a  notch  (defect  width  greater  than  the  cell  size)  is  greater  than  the  tensile  strength  of  the  intact  honeycomb 
and  the  strengthening  effect  is  independent  to  the  normalized  cell  size. 

In  a  different  study,  Andrews  and  Gibson  [5]  investigated,  experimentally  and  numerically,  the  influence  of  crack-like  defects 
on  the  tensile  strength  of  open  cell  aluminum  foam.  They  concluded  that,  the  net  section  strength  increased  with  an 
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increasing  notch  size,  indicating  a  notch  strengthening  effect.  On  the  other  hand,  Paul  et  al.  [6],  experimentally  studied  the 
tensile  strength  of  a  closed  cell  Aluminum  foam  in  the  presence  of  notches  and  holes.  They  observed  that,  the  net  strength 
decreases  with  an  increase  in  the  notch  length  or  holes  diameter  when  the  notch  root  or  hole  diameter  is  larger  than  the  cell 
size. 

Besides  these  few  studies  presented  in  literature,  the  effect  of  holes,  cracks  and  notches  in  foam  materials  is  not  well 
understood.  A  detailed  investigation  on  the  failure  of  polymer  foam  and  the  effect  of  hole  and  cracks  on  the  tensile  strength 
of  this  material  is  essential.  It  is  also  observed  that,  foam  cracking  is  one  of  the  main  failure  modes  in  sandwich  structures 
and  understanding  the  fracture  properties  this  material  is  important.  Usually,  in  sandwich  structures,  the  cracks  starts  at  the 
core  material  and  propagates  to  the  faces  and  results  in  delimitation. 

In  this  paper,  an  experimental  investigation  on  the  tensile  properties  of  PVC  foam  with  a  presence  of  crack,  notches  and  holes 
is  presented.  Furthermore,  a  fracture  behavior  of  this  material  is  investigated.  An  INSRON  tensile  testing  machine  in 
conjunction  with  a  2D  digital  image  correlation  (DIC)  technique  is  used.  It  is  observed  that  the  net  section  tensile  yield 
strength  in  the  presence  of  holes,  notches  and  cracks  is  higher  than  that  of  the  intact  specimen.  It  is  also  observed  that,  the 
defected  specimen  failed  at  a  lower  strain  compared  to  the  intact  specimen,  indicating  a  presence  of  a  strain  concentration 
around  the  defects  section. 

MATERIAL  AND  SPECIMEN  GEOMETRY 

The  foam  materials  used  in  the  present  study  is  Corecell™  A  series  styrene  foams,  which  are  manufactured  by  Gurit  SP 
Technologies  specifically  for  marine  sandwich  composite  applications.  The  material  properties  for  A800  and  A1200 
CorecellTM  foam  that  were  used  in  the  present  study  are  listed  in  Table  1 . 

For  the  tensile  experiments,  four  different  specimen  geometries,  as  shown  in  Fig.l,  were  considered;  Dog-bone  specimen 
without  a  defect  (DB),  with  a  center  crack  (CC),  with  an  edge  crack  (EC)  and  with  a  center  hole  (CH).  To  avoid  the  size 
effect,  the  net  cross  sectional  area  were  kept  constant  for  all  the  specimens  with  defects  considered.  The  gage  lengths  were 
134  mm,  widths  were  25.4  mm,  effective  widths  were  18  mm,  and  thicknesses  were  6  mm. 

Table  1  Selected  mechanical  properties  of  foam 


Material 

Nominal  density 
(kg/m3) 

Shear  modulus 
(MPa) 

Shear  Elongation 
(%) 

A800 

150 

47 

50 

A1200 

210 

76 

46 
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Fig  1  Schematic  drawing  and  geometry  of  tensile  specimens,  (a)  Dog-bone  specimen  without  a  defect  (DB), 
(b)  with  a  center  hole  (CH),  (c)  with  a  center  crack  (CC),  (d)  with  an  edge  crack  (CH) 
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For  the  fracture  experiment,  single  edge  notched  bend  (SENB)  specimens,  as  shown  in  Fig.2,  were  prepared  from  A1200 
foam  sheet  according  to  ASTM  E3999.  The  span  length  was  50  mm,  the  width  was  w=  14  mm,  the  thickness  was  B=7  mm 
and  the  initial  crack  length  was  a=  7  mm.  The  crack  was  first  machined  with  1  mm  thick  blade  and  later  the  artificial  crack 
was  extended  with  razor  blade. 
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Fig  2  Schematic  drawing  of  a  single  edge  notched  bend  (SENB)  specimen 

EXPERIMENTAL  SETUP 

TENSILE  STRENGTH 

An  INSTRON  machine  was  used  in  a  displacement  control  mode  at  a  speed  of  lmm/min  and  the  tensile  load  was  recorded 
directly  by  the  load  cell.  To  measure  the  strain  fields  around  the  required  area,  a  2D  DIC  technique  was  used.  Digital  images 
of  the  sample  at  several  deformation  steps  were  taken  using  a  high  speed  CCD  camera.  The  resolution  of  the  images  was 
2048x2048  pixels.  First,  the  displacement  and  strain  field  around  the  gage  length  were  calculated  and  later  the  strains  on  the 
required  field  were  extracted 

FRACTURE  BEHAVIOR 

The  fracture  surfaces  of  tensile  specimens  of  the  polymer  foam  considered  in  this  study  show  no  evidence  of  gross  yielding 
or  necking.  Hence  the  foam  is  relatively  brittle  and  stress  intensity  factor  was  used  as  a  parameter  to  determine  the  fracture 
behavior.  There  are  different  techniques  developed  for  determining  the  stress  intensity  factors  for  brittle  materials.  In  the 
present  study,  the  stress  intensity  factor  KI  was  obtained  experimentally  using  a  three  point  single  notched  bending 
experiment.  An  INSTRON  machine  was  used  in  a  displacement  control  mode  at  a  cross  head  speed  of  lmm/min  and  the 
load-displacement  data  was  recorded  directly  by  the  load  cell.  Digital  images  of  the  sample  at  several  deformation  steps  were 
taken  using  a  high  speed  CCD  camera.  A  2D  DIC  technique  was  used  to  obtain  the  displacement  and  strain  fields.  The  stress 
intensity  factor  KI  was  calculated  using  three  different  techniques;  critical  load  in  the  load-displacement  curve  using  the 
linear  elastic  fracture  mechanics  theory,  the  stress  intensity  factor  formulation  using  a  single  strain  data  point  with  a  three 
parameter  solution  described  by  Dally  and  Sanford  [7]  and  the  modified  multipoint  strain  method  presented  by  Berger  and 
Dally  [8]. 
The  detailed  analysis  of  the  above  techniques  can  be  obtained  in  the  literature  and  only  a  brief  description  is  presented  below. 

LOAD-DISPLACEMENT 

The  stress  intensity  factor  Kj  is  calculated  from  the  critical  load  in  the  load  displacement  curve  using  the  linear  elastic  fracture 
mechanics  given  by  Eq  (1). 
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Where  P  is  the  critical  load,  a  is  the  crack  length,  B  is  the  thickness,  W  is  the  width,  and  S  is  the  span. 

SINGLE  POINT  THREE-TERM  SOLUTION 

A  method  for  determining  the  mode  I  stress  intensity  factor  by  using  a  strain  gage  was  first  proposed  by  Dally  and  Sanford 
(1985).  In  this  method  a  single  or  two  strain  gages  will  be  placed  on  a  region  where  the  strain  fields  can  be  described  by  a 
three  or  four  term  of  series.  In  the  case  of  three-term  series  representation,  only  a  single  strain  gage  is  required  positioned 
near  to  the  crack  tip  and  oriented  at  a  specific  direction.  The  orientation  angle  a,  of  the  strain  gage  is  a  function  of  material 
Poison's  ratio  (v)  and  can  be  given  as, 

cos(2a)  =  -(1  -  v)  /(l  +  v)  (2) 

The  location  of  the  strain  gage  from  the  crack  tip  direction  can  be  represented  by  the  radius  (  r)  and  angle  (0).  This  angle  is 
unique  and  related  to  a  as  shown  below 

tan(0/2)  =  cot(2a)  (3) 

The  stress  intensity  factor  can  be  given  as 


*,=  ' 


cos(6>/2) 


E{\  +  v)s„  +Q/2)  sin  0  sin(3<9  /  2)  cos  2a  -  (1  /  2)  sin  0  cos(36>  /  2)  sin  2a 


Ar 


n 
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Where,  E  and  are  the  Young's  modulus  and  Poison's  ratio  of  the  material  and    is  the  strain  in  the  radial  direction 

The  Poison's  ratio  of  the  foam  used  for  the  current  experiment  was  determined  from  uniaxial  tensile  test.  A  dog-bone 
specimen  was  loaded  uniaxially  and  using  the  DIC  technique  the  three  strain  components;  sx  ,  sy  and  sxy,  at  the  center  of  the 
gage  length  were  determined  and  these  value  were  used  to  obtain  the  poison's  ratio  using  equation  below. 

(5) 


DIGITAL  IMAGE  CORRELATION 

Usually  a  single  strain  gage  positioned  in  a  specific  direction  is  used  to  determine  the  fracture  stress  intensity  factor  using  a 
three  term  solution  [7].  However  it  is  very  difficult  to  put  a  strain  gage  on  foam  materials  and  get  a  correct  strain  signal. 
Furthermore,  the  strain  gage  only  gives  a  single  data  point  and  it  is  very  sensitive  to  the  direction  of  the  gage  position.  To 
avoid  this  problem  a  digital  image  correlation  technique  is  used.  In  these  fracture  tests,  the  foam  specimen  only  undergoes 
small  amount  of  deformation  before  failure  and  the  out-of-plane  deformation  is  negligible.  Therefore,  the  tests  are  considered 
as  a  2-D  and  only  a  single  camera  is  used  to  record  the  images.  Digital  images  of  the  sample  at  several  deformation  steps 
were  taken  using  a  high  speed  CCD  camera.  A  2D  digital  image  correlation  (DIC)  technique  was  used  to  obtain  the 
displacement  and  strain  fields. 

In  the  case  of  a  single  strain  gage  technique,  usually  a  prior  knowledge  of  the  plastic  zone  is  required  to  accurately  determine 
stress  intensity  factor  from  a  single  point  value.  However,  in  the  current  study,  a  series  of  single  points  are  considered,  and 
hence  knowledge  of  the  plastic  zone  prior  to  the  experiment  was  not  important.  First  the  full  strain  field  around  the  crack  tip 
was  generated,  and  then  strain  data  at  different  radius  were  considered  and  used  to  calculate  the  stress  intensity  factor. 

MULTIPLE  POINT  MANY-TERM  SOLUTION 

An  overdeterministic  approach  to  determine  the  stress  intensity  factor  from  many-term  solution  by  using  multiple  strain 
gages  proposed  by  Berger  and  Dally  [1988]  was  adapted  and  used  in  the  present  study  in  conjunction  with  multiple  strain 
values  obtained  from  the  DIC.  The  technique  allows  considering  a  larger  number  of  strain  points  at  a  location  far  from  the 
crack- tip  where  the  plastic-zone  correction  is  negligible  and  many  terms  in  order  to  account  for  the  higher  order  terms. 
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Unlike  multiple  strain  gages,  the  DIC  technique  is  full  field  and  makes  choosing  strains  at  any  location  easy.  Furthermore, 
since  the  three  direction  strain  fields  can  be  obtained  at  each  point,  a  transformation  of  the  strain  field  equations  to  the  radial 
direction  is  not  required.  In  the  present  study,  a  six  term  series  expression  of  strain  field  was  considered. 
The  stress  intensity  factor  is  give  by  the  relation 


Kj  =  A0  ^Iw 


(6) 


Where  A0,  is  the  first  order  coefficients 

A  large  number  of  points  were  considered  and  the  unknowns  were  solved  using  a  least-squares  approach. 

RESULTS  AND  DISCUSSIONS 


TENSILE  STRENGTH 

The  tensile  load  measured  directly  through  the  load  cell  was  used  to  calculate  the  tensile  strength  and  the  average  of  strains 
along  the  defect  section  obtained  from  the  DIC  was  used  to  calculate  the  corresponding  strain.  The  net  section  strength,  in  the 
case  of  a  specimen  with  sharp  cracks,  a  notch  and  a  hole,  is  defined  as  the  tensile  load  divided  by  the  remaining  intact  area  in 
the  section  with  the  defect.  A  typical  strain  field  near  the  circular  hole  under  a  tensile  load  is  shown  in  Fig.  3 .  The  strain  time 
plot  at  different  points  along  the  cross-section  of  the  spacemen  with  center  hole  is  shown  Fig.  4.  The  average  of  these  strains 
along  the  diameter  of  the  hole  is  used  in  the  strain-stress  plot. 

Typical  stress-strain  plot  for  all  the  specimen  geometries  considered  are  plotted  in  Fig.  5.  The  result  was  compared  with  the 
dog-bone  tensile  experiment  of  the  intact  specimen.  From  the  figure  it  is  clear  that,  the  specimens  without  defect  showed  a 
typical  strain-stress  plot  of  a  soft  material,  yielding  followed  by  hardening  and  failure.  The  entire  specimens  with 
discontinuity  shows  a  similar  trend  and  result  disrespect  of  the  type  of  defects  considered.  In  the  case  of  specimens  with 
defects,  the  failure  takes  place  before  any  hardening  effect  is  observed.  It  can  also  be  seen  that,  the  specimens  with  defects 
show  a  higher  tensile  yield  strength  compared  to  the  intact  specimen.  This  could  be  due  to  the  relocation  of  failure  from  the 
weak  plane  in  the  case  of  cracks  with  defects.  The  failure  stress  is  about  the  same  for  the  both  case,  with  defects  and  without 
but  the  failure  strain  decrease  in  the  case  of  specimen  with  defects  compared  to  specimen  without  defect.  The  failure  strain  in 
the  case  of  specimen  without  any  defect  is  about  10  %  and  the  failure  strain  for  specimens  with  defects  is  about  3  %. 


0.04  -, 

CHLl 

0.035   - 

^— CHL2 

0.03   - 

^— CHL4 

0.025    - 

s// 

CHL5 

0.02   - 

C 

i- 

K    0.015   - 

0.01    - 

CHL6 

■ -CHL7 

CHL3 

*jd&r[ji^\0****^ 

Average 

0.005   - 

V    T 

1                  ' 

1 

1 

0                      50                    100 

150 

200 

Time  (sec) 

Fig  4  Strain- time  plots  along  the  midline  of  the  hole  in 
tensile  specimen  with  a  center  hole  (CH)  under  tension 


Fig  3  A  typical  DIC  strain  field  for  tensile  specimen 
With  a  center  hole  (CH)  under  tension 
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Fig  5  Net  section  strength- strain  plot  for  different  tensile  specimen  geometries 


STRESS  INTENSITY  FACTOR 

A  typical  load  -  deflection  curve  obtained  from  SENB  experiment  is  plotted  in  Fig. 6.  The  stress  intensity  factor  was 
calculated  using  Eq.  1  and  the  critical  load  from  the  load-deflection  curve.  The  average  value  of  Kj  obtained  from  the  critical 
load  measurement  is  0.39  MPa  m1/2  with  in  an  error  of -0.01 1  to  +  0.028. 
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Fig  6  Typical  load  displacement  curve  for  three-point  bend  test 
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The  displacement  and  strain  fields  around  the  crack  tip  were  calculated  from  the  acquired  image  using  vic2D  software 
provided  by  correlated  soln.  inc.  Fig.  7(a)  shown  a  typical  spackled  pattern  of  three-point  bend  testing  specimen,  and  Fig. 
7(b)  shows  the  strain  contour  around  the  crack  before  the  crack  propagates.  The  strain  fields  are  used  to  calculate  Kj  using  Eq. 
5  and  Eq.  6. 


Fig  7  A  typical  three  point  bending  specimen  (a)  DIC  speckle  pattern,  (b)  strain  field  near  the  crack  tip 

The  Poison's  ratio  for  the  foam  material  considered  is  0.22  and  results  in  a  =64.68  and  0=78.65.  Using  these  two  angles, 
multiple  points  at  different  radius  were  considered  and  Eq.  5  was  used  to  calculate  the  stress  intensity  factor. 
Eq.  7  was  also  used  to  calculate  the  stress  intensity  factor  from  the  multiple  strain  points.  The  value  of  Kj  is  very  close  to  the 
one  obtained  in  the  above  two  cases,  with  average  value  of  Kj=039  MPa  m1/2.  Using  the  calculated  stress  intensity  factor  and 
constants,  the  strain  field  was  generated  as  shown  in  Fig.  8.  It  is  clearly  seen  that,  the  strain  field,  eyy  regenerated  from  the 
calculated  Kj  and  the  corresponding  coefficients  is  matches  well  with  the  original  strain  field  directly  obtained  from  the  DIC 
Fig.  7  (b). 
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Fig  8  Opening  mode  strain  field  regenerated  from 
calculated  Kj  and  corresponding  coefficients 
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CONCLUSION 

An  experimental  investigation  on  the  effects  of  holes,  cracks  and  notches  on  tensile  strength  of  polymer  foam  is  performed. 
For  specimens  with  cracks,  notches  and  circular  holes,  the  net  section  strength  showed  a  notch- strengthening  effect,  the  net 
section  strength  is  higher  compared  with  the  specimen  without  defect.  Though  the  failure  stress  is  about  the  same,  specimens 
with  discontinuity  failed  at  a  lower  strain  compared  with  the  intact  specimen,  indicating  a  presence  of  a  strain  concentration 
around  the  defects  sections.  The  presence  of  discontinuity  in  polymer  foam  decreases  the  failure  strain  and  the  energy 
associated  with  it.  Currently,  because  of  their  good  energy  absorption  mechanism,  foams  are  used  in  sandwich  structures. 
Hence  using  strains  in  characterizing  failure  criteria  will  be  appropriate.  Furthermore  fracture  experiments  have  been 
performed  and  the  stress  intensity  factor  was  obtained. 
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ABSTRACT 

The  problem  of  crack  growth  in  a  three-point  bend  specimen  made  of  polymeric  foams  is  investigated.  Polymeric 
foams  are  anisotropic  materials  and  cracks,  generally,  propagate  under  mixed-mode  loading.  The  axes  of  material 
anisotropy  are  inclined  with  respect  to  the  crack  plane.  Due  to  the  anisotropy  of  the  material  crack  kinking  occurs 
even  though  the  applied  load  is  symmetrical  with  respect  to  the  crack  plane.  The  study  will  take  place  within  the 
frame  of  linear  elastic  fracture  mechanics  of  anisotropic  media.  The  strain  energy  density  criterion  will  be  used  for 
the  determination  of  the  critical  load  of  crack  initiation  and  crack  growth  path  under  mixed-mode  loading.  The 
opening-mode  and  sliding-mode  stress  intensity  factors  are  determined  by  a  finite  element  program.  A  special 
circular  core  element  surrounding  the  crack  tip  with  19  nodes  is  used.  The  core  element  is  joined  to  the  conven- 
tional 12-node  quadrilateral  element  by  requiring  that  the  displacement  at  the  nodes  on  the  circumference  of  the 
core  element  match  the  corresponding  singular  solution.  Results  are  obtained  for  the  critical  load  of  crack  initiation 
and  crack  growth  trajectories  as  a  function  of  the  orientation  of  the  axes  of  material  symmetry  and  the  anisotropy 
of  the  material. 


Introduction 

Cellular  materials  have  extensively  been  used  in  sandwich  construction  due  to  their  excellent  properties,  such  as 
high  specific  modulus  and  strength,  low  weight,  good  thermal  insulation  and  low  cost.  The  mechanical  behavior  of 
cellular  materials  has  been  studied  in  [1-4].  It  was  found  that  the  compressive  stress-strain  behavior  of  PVC  cellu- 
lar foams  consists  of  an  initial  relatively  small  and  stiff  elastic  regime,  an  extended  stress  plateau  regime  and  a 
final  regime  in  which  densification  of  the  material  takes  place.  In  the  stress  plateau  regime  the  cells  of  the  foam 
collapse,  while  the  average  stress  remains  almost  constant  during  the  instability  spread  through  the  material.  Axi- 
al compression  produces  little  lateral  spreading  resulting  to  almost  zero  Poisson's  ratio.  When  all  of  the  cells  col- 
lapse the  material  is  densified  and  its  stiffness  increases.  As  a  consequence  of  such  behavior  foams  change  their 
volume  during  plastic  compression.  This  is  contrary  to  dense  solids  which  are  incompressible  during  plastic  de- 
formation. On  the  contrary,  the  uniaxial  stress-strain  behavior  in  tension  is  nonlinear  elastic  without  any  identifia- 
ble yield  region. 

The  objective  of  this  work  is  to  study  the  problem  of  crack  growth  in  a  three-point  bend  specimens  in  a  cross-liked 
polymeric  foam  under  the  commercial  name  Divinycell  H250  with  a  density  of  250  Kg/m3.  The  problem  is  analyzed 
by  finite  elements.  The  results  of  stress  analysis  are  coupled  with  the  strain  energy  density  theory  to  obtain  crack 
growth  trajectories  for  various  values  of  the  angle  of  orientation  of  the  axes  of  anisotropy  of  the  material  with  re- 
spect to  the  loading  direction. 
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Mechanical  Characterization  of  Foam  Materials 

The  study  will  include  many  types  of  fully  cross-linked  PVC  closed-cell  foams  under  the  commercial  name  Diviny- 
cell  H80,  H100,  H160,  H250  with  densities  of  80,  100,  160  and  250  kg/m3,  respectively,  and  balsa  wood.  Figure  1 
shows  the  stress-strain  curves  of  Divinycell  H250  in  tension  and  compression.  Note  that  the  uniaxial  stress-strain 
behavior  in  tension  is  nonlinear  elastic  without  any  identifiable  yield  region.  In  uniaxial  compression  the  material  is 
nearly  elastic-perfectly  plastic  in  the  initial  stage  of  yielding.  Mechanical  properties  of  materials  studied  are  shown 
in  Table  1.  All  Divinycell  H80,  H100,  H160  and  H250  materials  exhibit  axisymmetric  anisotropy  with  much  higher 
stiffness  and  strength  in  the  cell  (3-direction)  than  the  in-plane  direction.  The  ratio  of  the  stiffness  in  the  cell  (e- 
direction)  to  the  in-plane  direction  is  of  the  order  of  1 .5.  The  anisotropy  of  balsa  wood  is  more  pronounced  with  the 
above  ratio  equal  to  42.  All  materials  display  different  behavior  in  tension  and  compression  with  tensile  strengths 
much  higher  than  corresponding  compressive  strengths. 
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Fig.  1:  Stress-strain  curves  of  Divinycell  H250  PVC  foam,  in  tension  and  compression. 

Strain  Energy  Density  Criterion 

The  basic  quantity  in  the  strain  energy  density  theory  for  crack  problems  is  the  strain  energy  density  function 
dW/dV,  which  can  be  put  in  the  form  [5-7]\ 


dWS 
dV  ~r 


(1) 


where  S  is  the  strain  energy  density  factor  and  r  is  the  distance  measured  from  the  crack  tip. 

For  plane  elastic  problems  under  conditions  of  plane  stress  the  strain  energy  density  function  is  given  by 


dW      1 


k^x 


+  CT8+TY 


y    y  xy  /  xy  J 


dV      2 
where  ox,  ay,  Txyare  the  stress  and  sx,  £y,  Yxy  are  the  strain  components. 


(2) 


The  strain  energy  density  factor  S  is  given  by  [5-7]\ 
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where 


A, ,  =  -[anA2  +a22C2  +  a66E2  +2a12AC  +  2a16AE  +  2a26CEj 
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and 


(6) 


In  the  above  equations  ay  are  the  compliance  coefficients  of  the  anisotropic  material  relating  stress  and  strain,  K1 
and  K2  are  the  stress  intensity  factors  which  dictate  the  stress  field  in  the  neighborhood  of  the  crack  tip,  z1  =  x1  + 
iy-i,  z2  =  x1  -  iy1  are  complex  numbers,  and  the  other  coefficients  are  related  to  the  anisotropic  behavior  of  the  ma- 
terial [4-6]. 

Consider  a  plate  with  a  through-the-thickness  crack  of  length  2a  that  is  subjected  to  a  uniaxial  stress  o  perpendi- 
cular to  the  crack  plane.  The  axis  x'  of  orthotropy  of  the  material  makes  an  angle  cp  with  the  crack  axis,  x  (Fig.  1 ). 
The  compliance  coefficients  ay'  referred  to  the  system  x'y'  (Fig.  1)  are  related  to  the  coefficients  ay  refereed  to  the 
system  xy  by  the  following  equations  [5-7] 


OLn  =  au  cos4  cp  +  (2a12  +  a66)sin2  cpcos2  cp  +  a22  sin4  cp  +  (a16  cos2  cp  +  a26  sin2  cpjsin  2cp, 
a22  =  ax  j  sin4  cp  +  (2a12  +  a66)sin2  cpcos2  cp  +  a22  cos4  cp  -  (a16  cos2  cp  +  a26  cos2  cpjsin  2cp, 
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ot12  =  ot12  +  (an  +  ot22  -  2a12  -  a66)sin2  cpcos2  (p  +  —  (a26  -  a16)sin  2(pcos2cp? 
a66  =  a66  +  4(0^  j  +  a22  -  2a12  -  a66)sin2  cpcos2  <p  +  2(a26  -  a16)sin  2(pcos2cp, 
a16  =  [a22  sin2  (p  -  a1 1  cos2  cp  +  —  (2a12  +  a66 )  cos  2cp]  sin  2cp  +  a16  cos2  cp  (cos2  cp  -  3  sin2  cp) 

+  a26  sin2  cp  (3  cos2  cp  -  sin2  cp  J , 

a26  =  [a22  sin2  cp  -  a{  x  sin2  cp  —  (2a12  +  a66 )  cos  2cp]  sin  2cp  +  a16  sin2  cp  (3  cos2  cp  -  sin2  cp  j 

+  a26  cos2  cp  f  cos2  cp  -  3  sin2  cp  j , 


(7) 


Fig. 2  A  cracked  plate  with  a  crack  perpendicular  to  the  applied  load  at  an  angle  with  the  direction  of  the  axis  of 

material  orthotropy  of  the  material 


According  to  the  strain  energy  density  theory  unstable  crack  growth  takes  place  in  the  radial  direction  along  which 
S  becomes  minimum.  This  condition  is  mathematically  put  in  the  form: 


5S    .     a2s     . 
59         se2 

This  equation  is  used  for  the  determination  of  the  critical  angle  6C  of  initial  crack  growth. 


(8) 
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Unstable  crack  growth  occurs  when  Smin(9c)  takes  its  critical  value  Sc  which  is  an  intrinsic  material  parameter,  that 
is, 


Smin(0c)-Sc- 


(9) 


Equations  (8)  and  (9)  will  be  used  for  the  determination  of  the  critical  quantities  at  crack  instability  for  the 
case  of  Fig.  1. 

Results 

Results  were  obtained  for  a  three-point  bend  specimen  with  a  symmetrical  crack  (Fig.  3).  The  axis  of  material 
symmetry  made  an  angle  cp  with  respect  to  the  crack  axis  (Fig.  2).  The  stress  analysis  of  the  plate  was  performed 
by  the  ABACUS  computer  program.  Figs  4  and  5  present  the  finite  element  idealization  of  the  specimen  in  the 
vicinity  of  the  crack  tip.  Fig.  6  presents  the  variation  of  strain  energy  density  function  dW/dV  along  the  circumfe- 
rence of  a  circle  centered  at  the  crack  tip  for  cp  =  0,  30°  and  60°.  The  values  of  9  at  which  dW/dV  presents  local 
minima  are  the  critical  values  of  the  angle  of  initial  crack  growth. 
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Fig.  3  A  three-point  bend  specimen  with  a  symmetrical  crack 
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Fig.  5  Detailed  mesh 
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Fig.  6  Variation  of  strain  energy  density  function  dW/dV  versus  polar  angle  0  around  the  circumference  of  a 
circle  surrounding  the  crack  tip  at  a  distance  of  0.012  mm  from  the  crack  tip  for  cp  =0,  30°  and  60°.  Crack  grows  in 

the  direction  of  local  minimum  of  strain  energy  density  function 


Conclusions 

The  crack  growth  in  polymeric  foams  which  present  mechanical  anisotropic  behavior  was  studied.  The  case  of  a 
three-point  bend  specimen  with  the  axes  of  material  anisotropy  at  an  angle  with  respect  to  the  crack  plane  is  ana- 
lyzed. From  the  results  of  stress  analysis  in  conjunction  with  the  strain  energy  density  theory  the  mixed-mode 
crack  growth  behavior  of  the  plate  was  obtained.  Results  for  the  angle  of  initial  crack  growth  for  various  orienta- 
tions of  the  axes  of  anisotropy  of  the  material  with  respect  to  the  loading  direction  were  reported. 
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Abstract 

Tin  whisker  growth  has  become  a  reliability  concern  during  the  course  of  Pb-free  solder 
transition.  A  common  mitigation  strategy  is  to  use  conformal  coatings  to  prevent  electrical 
shorts  by  tin  whiskers.  However,  recent  research  indicates  that  under  elevated  temperature  and 
humidity,  or  in  areas  of  thin  covering,  whiskers  can  grow  and  penetrate  conformal  coatings. 
Additionally,  for  long  environmental  exposure,  the  effectiveness  of  conformal  coatings  may  be 
compromised. 

The  main  objective  of  this  work  is  thus  to  develop  a  test  procedure  (1)  to  determine  the  initial 
adhesive  and  cohesive  strengths  of  an  applied  coating  and  (2)  to  subsequently  assess  the  rate  of 
degradation  under  accelerated  testing  conditions  for  long-term  evaluation. 

We  propose  a  blister-type  test  method  to  assess  both  the  adhesive  and  cohesive  strengths  of 
conformal  coatings.  The  proposed  approach  offers  unique  advantages.  The  testing  method 
mimics  actual  tin  whisker  growth  and  allows  for  a  quantitative  comparison  of  the  adhesive  and 
cohesive  strengths  of  the  coating.  In  addition,  blister  test  specimens  can  be  subjected  to  harsh 
environments,  which  make  this  test  perfect  for  accelerated  testing. 

In  the  typical  blister  test  of  adhesive  strength,  pressure  is  applied  through  a  hole  in  a  substrate. 
As  the  pressure  is  increased,  the  coating  layer  on  top  of  the  substrate  will  begin  to  bulge  out  like 
a  blister.  The  blister  will  continue  to  grow  until  it  reaches  a  maximum  blister  height,  at  which 
point  delamination  will  occur  [1].  In  a  modified  blister  test  for  cohesive  strength,  a  thin  film 
coating  will  be  fixed  between  two  copper  substrates.  A  ramp  pressure  will  be  applied  to  the  hole 
in  the  lower  substrate  until  the  blister  reaches  a  critical  height,  at  which  point  the  film  will  fail 
due  to  rupture. 

The  typical  blister  tests  of  coating  layers  are  marred  by  the  presence  of  large  scatter  in  their 
results,  making  the  quantitative  assessment  of  adhesion  difficult,  and  the  ability  to  distinguish  the 
effects  of  environmental  exposure  even  more  challenging.  In  the  proposed  study  a  novel  concept 
to  create  a  pre-defined  initial  crack  diameter  is  proposed  and  implemented  to  reduce  deviation  in 
test  results. 

Two  common  conformal  coatings,  silicone  rubber  and  urethane,  were  selected  for  testing. 
Preliminary  experimental  results  indicate  that  silicone  coating  samples  fail  due  to  the  limited 
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cohesive  strength  of  the  coating,  while  urethane  coating  samples  fail  either  cohesively  or 
adhesively  due  to  weak  adhesion  between  the  coating  and  the  tin-coated  substrate.  Each 
conformal  coating  was  tested  before  and  after  subjecting  it  to  two  accelerated  testing  conditions. 
The  first  accelerated  testing  condition  is  a  high  temperature  and  humidity  chamber  maintaining 
the  specimens  at  55°C/85%RH  for  a  2000  hour  period.  Adhesion  and  cohesion  testing  was  then 
performed  every  1000  hours.  The  second  accelerated  testing  condition  is  a  temperature  cycling 
chamber  which  cycled  the  temperature  from  -55°C  to  125°C  for  1000  cycles.  Testing  was 
performed  for  every  500  cycles  in  the  T/C  chamber.  From  the  blister  test  for  adhesive  strength, 
the  critical  pressure  is  determined,  and  an  analytical  equation  developed  by  Gent  and 
Lewandowski  [2]  is  applied  to  determine  the  adhesion  strength.  From  the  cohesive  blister  test, 
the  maximum  blister  height  is  determined,  and  a  finite  element  model  is  employed  to  determine 
the  cohesive  strength. 

The  effectiveness  of  the  proposed  test  procedure  is  reviewed  by  using  the  experimental  data  of 
initial  properties.  The  results  from  the  accelerated  testing  are  followed  to  evaluate  the  key 
parameters  of  two  conformal  coatings  for  long-term  reliability. 
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ABSTRACT 

Planar  Solid  Oxide  Fuel  Cells  (SOFCs)  are  composed  of  repeating  cathode-electrolyte-anode  units  separated  by 
electrically  conductive  interconnects.  With  the  reduction  in  fuel  cell  operating  temperature  to  approximately  800°C, 
it  has  become  possible  to  use  chromium-based,  ferritic  stainless  steel  or  Crofer  for  interconnects.  These 
interconnects  must  survive  the  high  temperature  oxidizing  and  reducing  environments  while  maintaining  electrical 
conductivity.  Unfortunately  the  formation  of  chromium  oxide  scale  poisons  the  cell  by  significantly  reducing 
cathodic  activity.  Chromium  scale  formation  can  be  inhibited  by  applying  an  electrically  conductive  manganese 
cobalt  oxide  (MCO)  spinel  coating  to  the  interconnect  prior  to  its  installation  in  the  fuel  cell.  The  most  cost- 
effective  way  to  apply  protective  coatings  to  interconnects  involves  spray  coating.  To  investigate  the  quality  of  the 
coatings  and  the  coating  adhesion,  four-point  bend  experiments  were  undertaken  at  room  temperature.  Tensile 
cracking  patterns  on  the  convex  surfaces  of  the  bend  specimens  were  used  to  determine  the  interfacial  shear 
strengths  of  the  coatings.  SEM  images  of  the  cracked  coating  surfaces  were  processed  to  analyze  the  interface 
failure  mechanisms,  the  crack  spacing,  and  areas  that  spalled  at  higher  strains.  These  investigations  were  able  to 
show  distinct  differences  between  coatings  formed  with  different  processes  parameters. 

Introduction 

With  high  efficiencies  and  harmless  by-products,  planar  SOFCs  have  the  potential  to  radically  alter  the  production 
and  distribution  of  electricity.  Although  SOFCs  operate  at  temperatures  of  700-850°C,  SOFCs  have  several 
advantages  over  other  fuel  cell  types.  The  principal  advantage  is  fuel  flexibility.  Because  the  ceramic  membrane 
is  an  oxygen  ion  conductor,  oxygen  partial  pressure  gradients  create  the  voltage  that  allows  cell  operation.  Thus 
both  H2and  CO  can  be  consumed  as  fuel,  allowing  a  range  of  reformed  hydrocarbon  fuels  to  be  considered.  The 
high  operating  temperatures  create  advantages  both  by  enabling  catalysis  of  the  fuels  without  special,  expensive 
materials  and  by  paving  the  way  to  enhanced  efficiency  within  combined  cycle  systems  (e.g.,[1]).  Another 
important  advantage  is  the  enhanced  tolerance  of  SOFCs  to  fuel  impurities.  CO,  which  poisons  proton  exchange 
membrane  (PEM)  fuel  cells,  is  a  fuel  for  SOFCs.  H2S,  another  common  contaminant  in  hydrocarbon  and  some 
biomass-derived  hydrogen  fuels,  is  tolerated  in  SOFCs  currently  being  developed;  competing  fuel  cell  systems 
require  large  desulfurizers  which  reduces  overall  system  efficiency.  SOFCs  are  not  without  their  own  challenges, 
however.  In  particular,  SOFC  materials  selection,  cell  and  stack  design,  manufacturing,  conditioning,  sealing,  and 
degradation/failure  are  active  subjects  for  research  and  development. 

Individual  fuel  cells  are  connected  in  series  through  metallic  interconnects  (ICs)  to  construct  a  fuel  cell  stack.  In 
addition  to  acting  as  electrical  conductors  for  adjacent  cathodes  and  anodes,  interconnects  also  act  as  separators 
between  anode-side  fuel  flow  and  cathode-side  air  flow.  Interconnects  should  be  electrically  conductive,  creep 
resistant,  thermally  conductive,  chemically  inert  in  oxidizing  and  reducing  environments,  low  cost,  and  easy  to 
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fabricate.  For  the  following  reasons,  chromium  based  alloys  such  as  ferritic  stainless  steels  (17%Cr)  or  Crofer 
(23%Cr)  are  the  most  promising  materials  for  interconnects  in  SOFCs:  gas-tightness,  low  electrical  resistivity, 
matched  coefficient  of  temperature  expansion  (CTE),  ease  of  fabrication,  and  cost  effectiveness  [2-3]. 

One  major  limitation  of  chromium-based  interconnects  is  chromium  migration  to  the  cathode  which  is  known  as 
chromium  degradation  or  chromium  poisoning.  Chromium  alloys  result  in  the  formation  and  evaporation  of 
chromium  trioxide  Cr03  and  chromium  hydroxide  Cr02(OH)2,  depending  on  the  cathode  side  inlet  atmosphere. 
Upon  migration  to  the  cathode  active  area,  where  oxygen  is  reduced  to  its  oxide  ions,  these  chromium  based 
compounds  may  reduce  back  to  Cr203.  As  a  result,  the  effective  active  area  is  decreased  which  in  turn  will 
significantly  drop  the  efficiency  of  SOFCs.  Also  the  formation  of  oxide  scales  on  the  surfaces  of  interconnects  can 
lower  the  efficiencies  of  SOFCs  because  Cr203  is  highly  electrically  resistive  and  it  increases  the  contact  area 
specific  resistance  (ASR). 

Thus  it  is  important  for  cathode-side  metallic  interconnects  in  high  temperature  fuel  cell  applications  to  inhibit 
chromium  migration  and  to  resist  the  oxidizing  and  corrosive  environment.  One  way  to  achieve  the  necessary 
chemical  inertness  is  to  perform  bulk  surface  modification  by  developing  a  thin,  dense  protective  coating  on  the 
surface  of  the  relatively  thick  interconnects.  The  protective  layer  acts  as  a  diffusion  barrier  to  the  chemical 
reaction  between  interconnects  and  corrosive  environment  and  thus  slows  the  rates  of  chromium  oxide  scale 
formation. 

Generally  pervoskite  materials  with  a  chemical  structure  of  (AB)203,  where  A  and  B  are  metallic  cations,  are  used 
as  protective  coatings.  The  most  commonly  used  pervoskite  materials  are  lanthunum-manganese  oxide  and 
lanthanum-cobalt/chromium  oxide.  One  important  drawback  to  using  pervoskite  materials  is  the  lack  of  sufficient 
thermo-mechanical  stability  due  to  poor  adhesion  to  interconnects  and  mismatched  CTEs.  Also,  investigation  by 
several  researchers  has  indicated  the  reduction  of  chromium  degradation  by  factor  of  3  only  while  using 
pervoskite  materials.  This  may  still  results  in  a  significant  amount  of  degradation  of  cell  performance  [4]. 

A  promising  alternative  of  pervoskite  type  composite  is  spinel  structure  material  of  (AB)304  where  A  and  B  are 
again  metallic  cations.  Other  researchers  have  also  recently  used  spinel  manganese  cobalt  oxide  as  a  protective 
layer  in  SOFC  interconnects.  Larring  et  al  observed  increased  capability  of  (Mn,CO)304  to  prevent  chromium 
evaporation  compared  to  that  of  pervoskite  composites.  In  addition,  the  (Mn,CO)304  spinel  protective  layer 
showed  well  matched  mechanical  and  thermal  properties  with  that  of  substrate  alloys.  Moreover  with  iron  (FeE) 
doping  in  the  spinel  manganese  cobalt  oxide,  it  was  possible  to  achieve  excellent  electrical  conductivity.  The 
MCO  protective  layer  can  be  screen  printed  or  sprayed  on  the  surfaces  of  interconnects  prior  to  operation  [4]. 

In  practice,  the  mechanical  integrity  of  protective  coatings  on  interconnects  is  affected  by  complex  thermo- 
chemical-mechanical  conditions.  The  diffusion  barrier  which  prevents  the  chemical  attack  can  be  severely 
damaged  by  the  mechanical  stress  generated  during  oxide  scale  growth,  by  thermal  cycling,  and  by  mechanical 
loads  associated  with  fuel  cell  operation. 

The  Pilling-Bedworth  Ratio  (PBR)  is  defined  as  the  ratio  of  the  volume  of  oxide  to  the  metal  consumed  and  is 
used  to  model  stress  generation  during  oxide  scale  growth  [6].  The  PBR  term  is  alternatively  defined  by  the  ratio 
of  the  volume  per  metal  ion  in  the  oxide  to  the  volume  per  metal  atom  in  the  metal.  The  PBR  is  successful  in 
determining  the  qualitative  nature  of  stress  in  the  oxide  scale  during  inward  growth.  When  oxygen  diffuses  into  the 
metal  substrate,  the  oxide  scale  experiences  compressive  stresses  for  PBRs  greater  than  1  and  tensile  stresses 
for  PBRs  less  than  1.  The  PBR  is  not  able  to  predict  stresses  in  oxide  scales  that  grow  through  outward  diffusion 
of  the  metal. 

An  important  source  of  growth  stress  is  epitaxial  constraints.  Differences  between  lattice  parameters  of  the  oxide 
and  substrate  cause  stresses  to  become  maximum  in  oxide-metal  phase  boundaries.  The  stresses  fall  off  toward 
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the  oxide  surface.  Borie  et  al  [7]  employed  X-ray  techniques  to  reveal  that  thin  oxide  films  on  copper  are  strained 
because  of  the  epitaxial  relationship  between  the  oxide  and  underlying  material.  Epitaxial  stresses  are  only 
important  for  thin  oxide  scale  as  they  are  inversely  related  to  the  oxide  scale  thickness. 

Appleby  et  al  [8]  studied  the  effect  of  microstructural  composition  of  oxide  scale  on  growth  stresses.  Their  study 
revealed  that  the  transition  of  initially  formed  scale  on  the  surface  of  (Cr,Fe)203to  a  scale  with  increasing  Cr  and 
decreasing  Fe  content  caused  tensile  stresses  to  develop.  A  decrease  in  atomic  volume  associated  with  the 
transition  is  the  apparent  explanation  for  the  tensile  stress  development. 

The  formation  of  fresh  oxide  inside  the  scale  itself  can  be  an  important  source  of  compressive  stresses  in  oxide 
scales.  Jaenicke  et  al  [9]  found  that  in  the  oxidation  of  copper,  micro-cracking  induced  by  the  growth  stresses 
provides  pathways  for  gas  migration.  The  availability  of  copper  molecules  resulted  in  the  formation  of  fresh  oxide 
in  the  scale.  Since  the  new  oxide  has  higher  volume  than  the  cracked  volume,  significant  compressive  stresses 
are  developed  and  there  is  the  further  development  of  compressive  stresses. 

Disparity  of  Coefficient  of  Thermal  Expansion  (CTE)  between  oxide  and  substrate  is  arguably  the  most  significant 
reason  for  residual  stresses  in  the  scale  and  substrate.  These  residual  stresses  form  when  cooling  from  oxidation 
temperature  to  room  temperature.  Mismatched  CTEs  also  cause  stress  development  during  thermal  cycling. 
Moreover  with  temperature  changes,  phase  transformation  in  both  the  oxide  scale  and  substrate  can  result  in 
stress  development. 

Christl  et  al  [10]  incorporated  acoustic  emission  techniques  to  detect  thermal  cycling-induced  oxide  scale  cracking 
on  low  alloy  steel.  The  oxidization  temperature  was  600C  and  the  alloy  was  cyclically  cooled  by  300C.  With  AE 
analysis,  it  was  possible  to  distinguish  between  different  failure  modes  during  cooling.  Through-scale  cracking  led 
to  many  AE  events  with  high  amplitudes.  During  buckling  and  delamination  of  the  scale,  lower  amplitude  AE 
events  were  observed. 

Zhang  et  al  [11]  analyzed  AE  data  for  304  stainless  steels  which  were  oxidized  in  pure  oxygen  at  800C  for  20 
hours  and  then  cooled  to  room  temperature  by  two  different  methods.  In  their  first  method,  the  test  specimens 
were  furnace  cooled  directly  to  room  temperature  and  in  the  second  method  the  specimens  were  cooled  to  an 
intermediate  temperature,  held  at  that  temperature  for  24  hours  and  the  cooled  to  room  temperature.  If  the 
specimen  was  cooled  to  room  temperature  directly,  it  cracked  and  spalled  more  extensively.  When  the  cooling 
was  interrupted  at  higher  temperatures,  creep  relaxation  of  residual  stresses  caused  the  total  number  of  AE 
events  on  further  cooling  to  decrease.  If  the  cooling  was  interrupted  at  lower  temperatures  and  after  extensive 
cracking  and  spalling,  the  scale  fracture  process  stopped  once  the  hold  temperature  had  stabilized.  An  analysis  of 
the  AE  data  revealed  that  conditions  for  scale  cracking  follow  a  log-normal  distribution  with  respect  to  average 
scale  stress. 

In  different  work,  Zhang  et  al  [12]  monitored  the  scale  cracking  and  spalling  of  Ni-30Cr  alloys  which  were  oxidized 
at  1000C  and  then  cooled  to  room  temperature  either  by  furnace  cooling  or  constant  rate  cooling.  Their  AE 
results  indicated  the  starting  of  cracking  and  spalling  at  a  critical  temperature.  Cracking  continued  over  a  range  of 
temperatures,  indicating  that  there  was  a  distribution  of  critical  fracture  stress  throughout  the  scale.  SEM  analysis 
of  the  morphology  of  the  fractured  area  showed  that  the  interface  between  scale  and  substrate  was  relatively 
weak.  Cooling  led  to  first  buckling  and  through  thickness  crack  development  and  then  final  spallation  of  oxide 
scale. 

In  summary,  oxide  coatings  are  brittle  in  nature  and  exhibit  little  or  no  ductility.  Growth  stresses  superimposed 
with  thermal  stresses  can  create  complex  stresses  in  the  coating  layer.  These  growth  stresses  usually  result  in 
coating  fracture  and  failure.   For  weaker  coating-substrate  interfaces,  oxide  scales  first  buckle  under  high 
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compressive  stresses  and  then  spall  if  through-thickness  cracks  develop.  For  relatively  stronger  interfaces,  shear 
cracks  can  form  in  the  coating,  which  causes  shear  sliding  in  the  cracked  segment  and  finally  spallation  in  the 
protective  coating  [13].  For  SOFCs,  when  the  protective  coating  layer  fails,  uncoated  interconnect  metal  is 
exposed  to  the  corrosive  operating  environment.  The  resulting  damage  and  degradation  to  interconnect  can 
cause  significant  degradation  of  the  electrochemical  performance  of  the  SOFC. 

With  SOFCs  operating  in  a  complex  thermo-chemical-mechanical  environment,  it  becomes  necessary  to  better 
understand  the  response  of  protective  coatings  on  SOFC  interconnects.  Therefore,  it  is  very  important  to 
characterize  relevant  SOFC  coating-interconnect  interfaces.  Understanding  the  failure  mechanisms  in  the 
interface  will  have  positive  impact  in  assessment  of  reliable  interconnects  for  high  temperature  applications. 

Several  researchers  have  incorporated  different  experimental  methods  to  characterize  coating-interconnect 
interface  systems  in  SOFCs.  sun  et  al  [14]  performed  stair  stepping  indentation  tests  to  quantify  the  interfacial 
shear  strength  of  oxide-Crofer  systems  in  SOFCs  along  with  finite  element  simulation.  Critical  load  at  which  the 
scale  spallation  occurred  was  used  to  quantify  the  interfacial  shear  strength.  However,  indentation  creates  a 
plastically  deformed  zone  beneath  the  surface  which  limits  the  depth  of  indentation  to  be  less  than  coating 
thickness. 

To  investigate  the  coating-interconnect  interfaces,  four  point  bend  experiments  were  performed  at  room 
temperature  in  the  present  work.  The  experimental  set  up  was  designed  in  such  a  way  as  to  placing  the  brittle 
coating  under  tensile  stresses.  The  strains  required  for  coating  failure/spallation  were  such  that  the  ductile 
interconnect  exceeded  its  elastic  limit.  The  spacing  between  the  resulting  saturated  parallel  cracks  in  the  coating 
surface  was  incorporated  in  the  shear  lag  model  to  quantify  interfacial  shear  strength.  Fracture  mechanics 
analysis  was  performed  to  obtain  interfacial  fracture  energy  from  the  strain  at  onset  of  spallation. 

Experimental 

The  interconnect-MCO  coating  specimen  were  supplied  by  NexTech  Materials  Ltd.  Fig.1  shows  the  necessary 
steps  of  developing  the  coating  on  the  interconnect  surface.  Either  SS441  (17%  Cr)  or  Crofer  (23%  Cr)  are  used 
as  interconnects.  The  Mn  1.5C01.5O4  powder  is  synthesized  to  a  slurry  or  ink  by  using  an  appropriate  binder 
system.  In  the  next  step,  the  slurry  or  ink  is  sprayed  to  the  interconnect  surface  at  room  temperature.  In  order  to 
remove  organic  binders  from  the  MCO  coating,  the  coated  samples  are  heat  treated  at  high  temperature  in  a 
reducing  environment.  For  a  final  step,  the  spinel  layer  may  be  exposed  to  subsequent  oxidation  at  high 
temperature.  In  the  present  analysis  four  types  of  specimen  are  considered.  Type  1:  Oxidized  coating-Crofer 
substrate,  Type  2:  Reduced  coating-Crofer  substrate,  Type  3:  Oxidized  coating-SS441  substrate,  Type  4: 
Reduced  coating-SS441  substrate.  The  specimen  substrates  were  80  mm  in  length,  10  mm  in  width,  and  3  mm 
thick.  The  coating  thickness  ranged  from  15-30  urn. 
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Fig.1  Flow  chart  of  developing  MCO  coating  on  interconnects  by  NexTech  Materials  Ltd. 
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The  four  point  bend  fixture  was  mounted  in  a  table-top  servo-electric  load  frame  from  TestResources.  The  inner 
loading  span  was  set  to  20  mm  while  outer  supporting  span  was  set  to  60  mm.  AE  was  monitored  using  a  Vallen- 
System  AMSY-4.  The  AE  sensor  was  placed  on  the  specimen  during  the  experiment.  The  transient  stress  wave 
generated  from  scale  cracking  and  other  failure  phenomena  was  detected  by  the  sensor.  The  signal  was  pre- 
amplified  by  34  dB,  and  the  signal  threshold  was  set  to  40  dB.  The  load  frame  data  and  AE  data  were 
synchronized  for  subsequent  analysis  of  failure  mechanisms. 
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Fig.  2  Mechanism  of  elastic  and  plastic  stress  relaxation  during  experiment. 

Fig. 2  schematically  illustrates  the  failure  of  the  coating  under  tensile  loading.  Initial  cracks  are  produced  in  the 
coating  when  the  tensile  stresses  exceed  the  tensile  strength  of  the  brittle  coating.  During  the  rest  of  the 
experiment,  tensile  stresses  are  not  transferred  to  the  segments  of  coating  directly  from  bend  fixture.  However  the 
tensile  stresses  are  transferred  from  the  ductile  substrate  to  the  coating  segments  through  interface  as  interfacial 
shear  stress  (shear-lag).  As  a  consequence  of  transfer  of  stresses,  tensile  stresses  continue  to  develop  in  the 
coating  layer,  creating  further  parallel  cracks.  The  formation  of  multiple  parallel  cracks  can  be  modeled  as  an 
elastic  stress  relaxation  and  cracking  continues  with  strain  until  saturation.  From  the  shear  lag  model,  the  shear 
stress  at  the  interface  can  be  calculated  from  the  following  equation  [15],  [16]: 


=  kh^ 


(1) 


where  aox  is  the  tensile  oxide  strength,  r  is  the  interfacial  shear  stress,  h  is  the  oxide  thickness,  L  is  crack 
spacing,  and  k  is  an  integration  constant  which  depends  on  the  shear  stress  distribution  along  the  interface.  A 
sinusoidal  shear  stress  distribution  is  assumed  in  the  present  analysis  which  results  in  k  =  tt.  Upon  measuring  the 
saturation  crack  spacing,  it  is  possible  to  calculate  the  interfacial  shear  strength  using  Equation  (1).  The  tensile 
oxide  strength  is  calculated  from  the  strain  at  which  the  oxide  scale  first  cracks.  The  first  energetic  AE  hit  is 
assumed  to  correspond  to  the  failure  strain  of  the  coating. 

At  higher  strains  (greater  than  0.5%)  the  ductile  substrate  begins  to  undergo  plastic  deformation.  The  plastic 
stress  relaxation  can  be  modeled  as  interfacial  slip  and  delamination  and  substrate  yielding  at  the  base  of  the 
parallel  coating  cracks  [13].  Also  at  higher  strain  the  coating  spalls  due  to  the  effect  of  Poisson  ratio  which 
introduces  compressive  stress  normal  to  the  applied  stress  on  the  substrate.  In  the  present  work,  it  is  assumed 
that  the  coating  is  perfectly  adhered  to  the  interconnect  and  is  elastically  strained  during  the  experiment.  This 
leads  to  the  developing  of  elastic  energy  storage  in  the  coating.  Beyond  a  certain  point,  it  is  energetically 
favorable  to  release  the  stored  elastic  energy  as  interfacial  fracture,  resulting  coating  spallation.  The  interfacial 
fracture  energy,  G  can  be  calculated  from  the  relation  [17] 


G  =  Wh 


(2) 
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where  W  is  stored  elastic  energy  in  the  coating  per  unit  volume  and  h  is  coating  thickness.  W  is  a  function  of 
residual  stress  and  stress-strain  evolution  on  coating  during  the  experiment.  During  the  elastic  deformation  of  the 
substrate,  the  compressive  stress  generated  in  the  coating  is  calculated  by 
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During  the  plastic  deformation  of  the  metal  interconnect;  the  compressive  stress  is  increased  by  the  following 
relation: 
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where  Bis  elasticity,  i/is  Poisson  ratio,  and  e  is  strain.  Subscript  'c'  stands  for  coating  and  subscript's'  stands  for 
substrate.  Finally  the  stored  elastic  energy  in  the  coating,  W  is  calculated  from  the  simple  relation 


W  =  jade 


(5) 


During  the  plastic  stress  relaxation  the  crack  spacing  remains  constant  (saturated)  as  the  shear  stress  at  the 
interface  exceeds  the  shear  strength  of  the  interface. 

Results  and  Discussion 

Figure  3  presents  a  typical  stress-strain  curve  of  a  coating-interconnect  composite  system  obtained  from  the  load- 
frame  data  along  with  characteristic  synchronized  AE  data  for  each  specimen  type.  The  AE  data  provides 
indication  of  cracking  events.  In  Fig. 3,  for  each  type  of  specimen,  cumulative  AE  data  is  observed  to  increase  with 
imposed  composite  strain  up  to  approximately  0.1%  strain.  The  increasing  nature  of  AE  data  in  this  phase 
denotes  the  formation  of  transverse  parallel  cracks  on  the  coating  as  a  consequence  of  stress  transfer  from 
substrate  to  the  coating  according  to  shear-lag  theory.  This  phase  is  modeled  as  elastic  stress  relaxation.  The 
flatness  of  AE  nature  in  the  next  phase  indicates  the  saturation  of  parallel  cracks  due  to  interface  slipping  or 
yielding.  Measuring  the  spacing  between  parallel  cracks  in  this  phase,  it  is  possible  to  calculate  interfacial  shear 
strength  from  equation  1.  Interfacial  shear  strength  indicates  the  capability  of  load  transfer  from  substrate  to 
coating  through  interface.  The  stronger  the  bond  between  coating  and  interconnect,  the  more  the  load  is 
transferred  through  interface. 
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Fig.3  Stress-strain  curve  with  synchronized  AE  data. 
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A  distinct  phase  of  AE  data  is  seen  when  considering  oxidized  specimens  (Type  1  and  Type  3)  during  plastic 
stress  relaxation  (about  1.5-2%  strain).  In  this  phase,  a  sharp  increase  in  the  rate  of  AE  events  with  strain  is 
occurred.  This  sudden  increase  of  AE  events  is  not  present  for  reduced  specimens  (Type  2  and  Type  4).  The 
higher  rate  of  AE  hits  with  strain  indicates  extensive  interface  delamination  and  spallation  of  oxidized  specimens. 
Analyzing  the  AE  data  in  this  phase  reveals  decreased  interfacial  adhesion  due  to  oxidation.  Depending  on  the 
alloy  composition  of  interconnects;  different  alloyed  oxides  are  formed  between  MCO  coatings  and  interconnect 
which  are  brittle  in  nature.  The  brittleness  of  alloyed  oxide  promotes  more  interfacial  fracture  and  spallation  as 
compared  to  reduced  specimens. 
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Fig.4  SEM  images  of  transverse  parallel  cracks  at  approximately  3%  strain,  (a)  Type  1  (b)  Type  2  (c)  Type  3 

(d)  Type  4. 

Table  1 :  Average  interfacial  shear  strength  for  each  type  of  specimen. 


Case 

Minimum 
Shear 

Strength 
(MPa) 

Maximum  Shear 
Strength  (MPa) 

Mean 

Shear  Strength 

(MPa) 

Standard 

Deviation 

(MPa) 

1 .  Oxidized  MCO-Crofer 

1.27 

6.64 

2.25 

0.9114 

2.  Reduced  MCO-Crofer 

500.88 

620.7 

905.27 

242.36 

3.  Oxidized  MCO-SS441 

1.854 

36.63 

18.49 

7.0565 

4.  Reduced  MCO-SS441 

382.38 

1234.3 

751.81 

182.26 
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Fig.4  shows  the  SEM  micrographs  of  saturated  transverse  parallel  cracks  formed  in  each  type  of  specimens. 
Using  crack  spacing  measurements,  the  interfacial  shear  strength  was  calculated  from  equation  1  and  tabulated 
in  Table  1.  The  interface  between  Crofer  substrate  and  MCO  in  the  oxidized  condition  has  the  lowest  interfacial 
shear  strength  and  in  the  reduced  condition  has  the  strongest  interfacial  shear  strength.  It  is  also  observed  from 
Table  1  that  Type  1  specimens  have  more  uniform  shear  strength  at  the  interface  as  indicated  by  their  lowest 
standard  deviation  whereas  shear  strength  is  least  uniform  for  Type  2  specimens. 


(a) 


(b) 


(c) 


<d> 


Fig  5  SEM  (left)  and  processed  (right)  images  of  spalled  surfaces  at  3%  strain  (a)  Type  1  (b)  Type  2  (c)  Type  3 

(d)  Type  4. 


Scanning  Electron  Microscopy  (SEM)  was  performed  on  the  cracked  coating  surfaces  for  each  type  of  specimen. 
The  SEM  images  were  processed  to  measure  the  percentage  of  total  spallation  area.  In  Fig. 5,  the  SEM  images 
and  their  corresponding  processed  images  are  presented  for  each  type.  In  the  processed  images,  the  white 
portions  denote  spalled  areas  whereas  the  black  portions  indicate  the  unspalled  coating.  The  measured  values  of 
percentage  of  spallation  area  and  fracture  energy  are  tabulated  in  Table  2.  From  Table  2,  it  can  be  concluded  that 
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oxidized  MCO-Crofer  substrate  has  the  lowest  interfacial  fracture  energy  with  maximum  spallation  whereas  the 
reduced  MCO-Crofer  system  shows  the  strongest  adhesion  with  minimum  spallation. 

Table  2:  Interfacial  fracture  energy  for  each  type  of  specimen. 


Type 

Onset  of 
Spallation  Strain 

(%) 

Interfacial  Fracture  Energy 
(J/m2) 

%  Spallation 
Area 

1 .  Oxidized  MCO-Crofer 

2.4 

9.2-17.45 

18.88 

2.  Reduced  MCO-Crofer 

1.6 

11.29-81.84 

0.66 

3.  Oxidized  MCO-SS441 

1.5 

21.13-85.05 

9.43 

4.  Reduced  MCO-SS441 

1.6 

15-71.16 

3.23 

Conclusions 

Four  point  bend  experiments  were  performed  on  both  oxidized  and  reduced  spinel  MCO  coated  Crofer  and 
SS441  SOFC  interconnects.  The  present  analysis  reveals  the  significant  impact  of  oxidation  on  both  interfacial 
shear  strength  and  interfacial  fracture  energy.  The  formation  of  brittle  alloyed  oxide  weakens  the  interface.  As  a 
result,  interface  can  transfer  lesser  load  which  is  verified  by  lower  interfacial  shear  strength  compared  to  that  of 
reduced  specimen.  Similar  trend  is  found  in  case  of  adhesion  of  interface.  Oxidized  specimens  show  significantly 
decreased  interfacial  fracture  energy  than  that  of  reduced  specimen. 

In  reduced  condition,  Crofer  interconnect  shows  to  have  stronger  interface  in  both  interfacial  shear  and  adhesion 
due  to  possessing  more  chromium  than  that  of  SS441.  Chromium  contents  strengthen  the  interface  more.  On  the 
other  hand,  in  oxidized  condition  formation  of  chromium  oxide  weakens  the  interface  than  that  of  SS441 . 

Future  work  involves  the  study  of  effect  of  residual  stress  on  interfacial  fracture  energy  and  shear  strength. 
Residual  stress  is  an  important  factor  for  both  reduced  and  oxidized  interconnects.  X-ray  diffraction  methods  will 
be  incorporated  to  validate  the  analytical  residual  stress  calculations.  Finally,  high  temperature  experiments  will 
be  performed  to  assess  the  impact  of  temperature  on  interfacial  shear  strength  and  fracture  energy. 
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ABSTRACT: 


This  paper  presents  parameter-estimation  methods  developed  to  determine  crack-tip  field  parameters  in  anisotropic  elastic 
solids  from  full-field  experimental  data.  The  crack-tip  field  parameters  of  interest  include  not  only  stress  intensity  factors  but 
also  effective  crack-tip  positions.  Two  approaches  that  are  based  on  least-squares  method  and  conservation  integrals  were 
presented.  In  the  approach  based  on  the  least-squares  method,  the  Stroh  representation  of  anisotropic  elasticity  was  used  to 
determine  the  coefficients  in  the  asymptotic  expansion  of  crack-tip  fields  in  anisotropic  solids.  On  the  other  hand, 
conservation  integrals  in  fracture  mechanics,  such  as  J-integral,  M-integral,  Interaction  integrals,  were  also  used  to  extract  the 
parameters  including  the  effective  crack-tip  position.  Both  approaches  were  employed  to  analyze  crack-tip  displacement 
fields  obtained  by  using  Digital  Image  Correlation  technique  during  translaminar  fracture  test  of  a  fiber-  reinforced  polymer 
matrix  composite.  The  applicability  of  homogeneous  isotropic  plane-elasticity  models  to  translaminar  fracture  processes  in 
laminated  composite  materials  is  also  discussed. 

1.  INTRODUCTION 

Fiber-reinforced  composite  materials  have  been  widely  used  in  aerospace,  automotive  and  other  industries  owing  to  their 
high  strength-to-weight  ratio.  However,  it  is  well  known  that  heterogeneous  microstructures  in  composite  materials  introduce 
a  variety  of  failure  mechanisms  and  damage  modes,  which  makes  it  difficult  to  develop  reliable  theoretical  models  to 
describe  and  predict  such  failure  processes.  Therefore,  research  efforts  to  understand  the  complexity  of  fracture  processes  in 
composites  heavily  relies  on  experimental  observations  and  measurements.  Up  until  recently,  most  of  the  experimental 
investigations  of  composite  fracture  are  based  on  measuring  far  field  loads  and  overall  deformations  during  mechanical  tests. 
Then,  the  crack-tip  field  parameters,  such  as  stress  intensity  factors,  are  inferred  through  analytical  formula  or  numerical 
calibrations  in  order  to  characterize  fracture  behaviors  of  composites. 

On  the  other  hand,  owing  to  the  advances  in  full-field  optical  measurement  techniques,  the  crack-tip  field  quantities,  such  as 
stress  intensity  factors,  can  be  directly  determined  from  measured  near-tip  deformation  fields.  Thus,  the  applications  of 
optical  techniques  to  investigate  fracture  behavior  of  engineering  materials  have  become  routine  tasks.  Nevertheless,  a 
relatively  fewer  number  of  investigations  based  on  optical  techniques  were  conducted  to  investigate  fracture  processes  of 
fiber  reinforced  composite  materials.  This  is  because  the  extraction  and  interpretation  of  the  crack-tip  field  parameters  in 
composite  require  special  considerations  on  material  heterogeneity  and  anisotropic  behavior,  when  compared  to 
homogeneous  isotropic  materials. 

In  this  study,  we  integrated  the  digital  image  correlation  technique  into  conventional  fracture  tests  to  provide  better  insight  to 
the  progression  of  fracture  processes  in  composite  materials  during  the  tests.  Firstly,  the  description  of  asymptotic  crack-tip 
fields  in  anisotropic  elastic  solids  was  presented  following  Stroh  representation  [1,  2]  of  general  anisotropic  elasticity.  Based 
on  the  asymptotic  expansion  of  crack-tip  fields,  two  approaches  to  determine  the  crack-tip  field  parameters  from  near-tip 
deformation  fields  were  presented,  namely  the  least-squares  method  [3,  4]  and  the  conservation  integrals  [5-7].  Special 
considerations  were  made  to  determine  not  only  the  stress  intensity  factors  but  also  the  effective  position  of  a  propagating 
crack-tip,  so  that  crack  growth  resistance-curve  (R-curve)  can  be  constructed  solely  from  the  optical  measurements.  Both 
approaches  were  employed  to  characterize  translaminar  fracture  behavior  of  a  fiber-reinforced  polymer  matrix  composite. 

2.  ESTIMATION  OF  THE  CRACK-TIP  FIELD  PARAMETERS  IN  ANISOTRPIC  ELASTIC  SOLIDS 

2.1  Asymptotic  expansion  of  crack-tip  fields  in  anisotropic  solids 

In  order  to  describe  the  present  study  for  in-plane  deformation  in  anisotropic  solid,  the  2-D  anisotropic  elasticity  based  on 
Stroh  representation  [1],  which  is  well  documented  in  the  work  of  Suo  [2],  is  briefly  reviewed  here. 
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Consider  an  in-plane  elastic  field  of  a  general  anisotropic  solid.  Then,  the  in-plane  displacement  components  uk  (x,y)  can  be 
represented  by  using  the  Stroh  formalism  of  anisotropic  elasticity  as  follows, 


2Re 


(1) 


LAa/a(Za) 
_a=l 

where  the  functions  fa(za)  are  analytic  functions  of  complex  variables,  za  =x  +  pay  ,  and  the  2x2  matrix,  Aka  , 
depends  only  on  the  elastic  stiffness  tensor,  Cijkl .  Each  column  of  the  matrix  Aka  and  the  characteristic  complex  root  pa  are 
the  eigenvector  and  the  eigenvalue  of  the  following  eigenvalue  equation,  respectively 

2 

TXCim+Pa(Cnk2+Ci2kx)  +  pa2Ci2k2\Aka  =  0  (2) 

k=\ 

Then,  the  stress  components  <Ji2  can  be  represented  as 

G!2=2Reffx/a(za)]  (3) 


where,  the  matrix  Lka  is  given  by 


4«=Z(C«H+/>aC/2*2H«  (4) 


k=\ 


A  general  form  of  crack-tip  fields  in  a  semi-infinite  crack  problem  with  the  origin  at  the  crack  tip  can  be  expressed  using  the 
Stroh  formalism.  From  the  traction-free  boundary  condition  at  the  crack  plane  located  in  the  negative  real  axis,  the 
eigenfunction  expansion  of  the  elastic  fields  can  be  obtained  from  Hilbert  arc  problem  as 

F(z) 


Lf'(z)  =  - 

2 


Vz" 


■  +  iG(z) 


(5) 


where  F(z)  =  2_jfnzn  and  G(z)  =  ^g„^"  ,and  both  fn  and  gn  are  column  vectors  with  two  real-number  elements.  In  this 
«=o  w=0 

expression,  the  stress  intensity  vector  defined  as  k  =  {Kn  KI }    is  related  to  the  f0  as  follows, 


k  =  V27rf0  (6) 

where  mode-I  and  mode-II  stress  intensity  factors  are  K2  and  Kn  ,  respectively.  In  this  representation,  the  displacement  and 

stress  fields  including  the  higher  order  terms  are  represented  as  eigenfunction  expansions  similar  to  Williams-type  expansion 
for  the  isotropic  case. 

2.2  Least  squares  method 

Least  squares  method  (linear  and  non-linear)  is  the  most  commonly-used  data- fitting  method.  The  best  fit  in  the  least-squares 
sense  minimizes  the  sum  of  squared  residuals,  a  residual  being  the  difference  between  an  observed  value  and  the  fitted  value 
provided  by  a  model. 

In  the  present  study,  the  full-field  displacements  around  the  crack  tip  are  obtained  by  DIC.  The  analytical  eigenfunction 
expansions  for  displacement  components  around  the  crack  tip  are  known  in  terms  of  Stroh  representation.  If  we  also  consider 
the  rigid  body  translation  in  the  results  obtained  by  DIC,  the  expansions  for  the  displacements  around  the  crack  tip  can  be 
rewritten  in  more  general  forms  as 

2N+\ 

n=-\ 

2N+\ 

v=YjBn(x,y)hn  (8) 

n=-\ 

or  in  the  matrix  notation 

U  =  Ah  (9) 

v  =  Bh  (10) 
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Here  x  and  y  are  the  coordinates  in  the  coordinate  system  with  origin  at  the  crack  tip,  TV  represents  the  number  of  terms  in 
the  expansion  used  in  calculation  (theoretically  N  —  oc  ),  and  hn  are   constants   related  to   Fn  and  Gn  in  Stroh 

representation,  which  need  to  be  determined  in  the  least- squares. 

Then  the  sum  of  squared  residuals  of  the  displacements  for  points  can  be  presented  as 

1    m  i  1    m 

£=~Z(IK-"J   +|v,-vl|r)-=-S(|Ah-21|   +HBh-v,|)  (ID 

*■  1=1  £  1=1 

Here  w(.  and  v.  are  the  experimental  results  of  data  i  obtained  by  DIC.   The  minimum  value  of  E  occurs  when  the  gradient 

is  zero,  i.e. 

dE      . 

=  0  (12) 

dh 

Then  the  following  linear  equations  are  obtained  as: 

m  m 

(^ArA  +  BrB)h  =  XA^-  +  B^  (13) 

i=i  i=i 

It  is  known  that  u  and  v  are  linear  functions  with  respect  to  the  coefficients  hn  and  non-linear  functions  with  respect  to  the 

coordinates  x  and  y  .  If  the  crack  tip  position  is  known  (so  are  the  coordinates  x  and  y  ),  linear  least- squares  method  can  be 

used  to  get  the  unknowns  by  solving  the  above  equations  directly  [3]. 

However,  in  the  present  study  of  composite,  a  damage  zone  usually  occurs  in  front  of  the  crack  tip.  The  crack  tip  position  is 
not  easy  to  be  determined  visually.  Thus  we  use  the  non-linear  least-squares  which  treat  the  crack  tip  positions  as  unknowns 
as  well  [4].  However,  the  non-linear  least  squares  method  has  one  problem  that  sometimes  it  can  not  converge  to  reasonable 
values  especially  when  the  higher  order  terms  of  the  eigenfunction  expansions  are  included  in  the  calculation.  A  possible 
solution  is  to  combine  the  linear  and  non-linear  least-squares.  The  method  is  also  based  on  an  iteration  procedure.  The  visible 
crack  tip  position  is  firstly  used  as  the  initial  guess.  Then  the  other  unknowns  are  obtained  by  linear  least-squares  method. 
Secondly  the  obtained  unknowns  are  back  substituted  into  the  nonlinear  least-squares  part  to  get  the  crack  tip  position.  Then 
this  obtained  crack  tip  position  is  used  as  the  guess  for  the  next  iteration  step.  The  procedure  keeps  moving  until  it  finds  a 
convergent  result.  In  the  present  study,  the  linear  least  squares  method  is  combined  with  the  nonlinear  least- squares  method 
called  Levenberg-Marquardt  algorithm.  Another  thing  which  is  worth  mentioning  here  is  that  it  has  been  reported  that  the 
number  of  the  terms  can  influence  the  accuracy  of  the  calculation  [3,  4].  Generally,  it  is  found  from  our  analysis  to  the 
artificially  constructed  analytical  displacement  field  that  more  number  of  the  terms  should  be  included  in  the  calculation  to 
get  a  convergent  result  with  smaller  error. 

2.3  Conservation  integrals. 

There  are  various  conservation  integrals  (path  independent  integral)  in  Fracture  Mechanics  such  as  J  and  M  integrals  [5-8]. 
J  integral  is  the  most  famous  conservation  integral  because  it  represents  the  strain  energy  release  rate  and  is  related  to  the 
stress  intensity  factors.  The  explicit  expressions  of  J  and  M  are: 

/  =  f  (wdy  -  Ti  -^-ds) ,  (14) 

M  =  Jr  (wx.n.  -  Tkukixt  )dr  (15) 

Here  w  is  the  strain  energy  density,  w  —  —  &..£..  in  linear  elasticity.  Tt  are  the  components  of  the  traction  vector, 

T(  —  C-n   ,  n   are  the  components  of  the  unit  vector  normal  to  T  .  T  is  a  path  connecting  any  two  points  on  the  opposite 

sides  of  the  crack  surface  and  enclosing  the  crack  tip.  ds  is  an  element  of  arc  length  along  T  .  ui  are  the  displacement 
components. 

It  has  been  derived  by  Suo  [2]  that  J  is  related  to  the  stress  intensity  factors  in  anisotropic  solids  in  terms  of  the  following 
relations: 


122 

J  =  -kTHk  (16) 

4 

Here 

k  =  j     nl  andH  =  -2Im(AL-1)  (17) 

A  and  L  are  both  2x2  matrices  defined  in  Stroh  representation.  H  is  a  2x2  symmetric  matrix. 

Another  important  conservation  integral  is  the  J-based  interactional  integral  [8],  which  is  firstly  introduced  to  separate  mode  I 
and  Mode  II  stress  intensity  factors  in  the  mixed  mode  problems.  Suppose  two  independent  elastic  states  "A"  and  "B"  for  the 
plane  problems,  which  represent  the  unknown  and  auxiliary  field  respectively.  Now  consider  a  superposed  state  "A+B",  the  J 
integral  of  this  state  is 

Jr[A  +  B]  =  Jf[A9B]  +  Jr[A]  +  Jr[B]  (18) 

Here  J™  [A,B]  is  defined  as  the  J-based  interactional  integral,  which  has  the  explicit  expression  as 

J?[A,B]=  f  ^^dy-(TfA>^—  +  Tfl)^—)ds  (19) 

Jr  dx  dx 

Here 

W  ~  CijklUiJ  Uk,l    '  (2°) 

Based  on  the  relation  of  J  =  —  k  Hk  ,  the  relation  between  the  interactional  integral/]11  [^4,2?]  and  the  stress  intensity 
factors  for  the  two  states  k    and  k    can  be  obtained  as 

JT[A,B]  =  -[(k  YHk5  +(k5)THk^]  =  -(k^)THk5 .  (21) 

\KA\  I  KBl  I       [  1  ] 

To    get  k     =  <       4>    for   the   unknown   field,    two    auxiliary   field    'Bl"    and    'B2"   with  k7=<      „   r  —  i     r    and 
[Kf\  [Kf'l     loj 

,b       \KB/\      [01 

^#~i      0r~i     rare  constructed  using  Stroh  representation  with  the  same  material  properties.  Then  the  corresponding 
[Kf'j      [lj 

interactional  integrals  J™  [A,Bj]  and  J1*  [A,Bn]  can  be  obtained  by  the  explicit  expression  respectively. 

Then  k    can  be  obtained  by  the  following  equations: 

k.=KL2H-.K'w*,H  m 

[Kfl  [J?[A,Bn]l 

For  a  semi-infinite  crack,  if  the  coordinate  of  the  crack  tip  in  y  direction  is  assumed  to  be  zero,  then  the  coordinate  of  the 
crack  tip  in  x  direction  is  x0  —M I J  with  respect  to  an  arbitrary  origin. 

3.  EXPERIMENT 

3.1  Experiment  procedure 

The  composite  material  investigated  in  this  study  is  Cyply  1002,  a  glass-fiber  reinforced  epoxy  laminate,  manufactured  by 
Cytec  Engineered  Materials.  A  cured  composite  panel  of  that  has  0/90  cross-ply  laminates  are  used.  Each  composite  panel 
has  13  plies  of  3.3mm  thickness.  The  composite  laminate  has  13  plies  in  the  arrangement  of  cross-ply  [(0/90)6/0]  lay-ups.  The 
elastic  properties  of  the  composite  panel  were  measured  in  this  study  following  ASTM  D3518  and  Mill  handbook  MIL- 
HDBK-17-1F.  The  lay-up  sequences  and  measured  material  properties  of  the  specimen  are  shown  in  the  following  table. 


123 


Table  1.  Elastic  properties  of  the  composite  material 


Lay-up 

Transverse 
Young's 
modulus  Ex 

Longitudinal 
Young's 
modulus  Ey 

Shear 

modulus 

Gxy 

Poission 

ratio 

[(o/9oyo]T 

22.39Gpa 

22.14Gpa 

3.172Gpa 

0.127 

Translaminar  fracture  tests  were  conducted  using  the  extended  compact  tension  (ECT),  also  known  as  eccentrically  loaded 
single-edge-notch  specimen  (ESET)  following  ASTM  El 922-04  [9].  The  specimen  geometry  is  shown  in  Fig.l  (a).  The 
specimens  with  an  initial  notch  of  0.20  mm  width  were  machined  using  an  abrasive  water  jet  cutter.  The  crack  length-to- 
width  ratio  (a/W)  was  0.5.  In  order  to  minimize  delamination  of  surface  plies,  the  fiber  direction  in  the  surface  plies  was 
parallel  to  the  initial  notch  direction.  This  led  to  self-similar  crack  growth  in  the  composite  laminates  without  extensive 
delamination  as  shown  in  Fig.l  (c).  The  fracture  tests  were  conducted  at  an  extension  rate  of  1  mm/sec  using  MTS  servo- 
hydraulic  mechanical  test  frame.  The  applied  load  and  loading-point  displacement  were  recorded  with  10  Hz  sampling  rate. 


5.08  mm  Dia 


(a) 


(c) 


Fig.l  (a)  Geometry  of  specimen,  (b)  Speckle  patterns,  data  field  used  in  calculation  (red  area)  and  integral  paths  (blue 
contours),  (c)  Self-similar  crack  growth. 
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To  achieve  full-field  measurements  using  DIC,  random  speckle  patterns  were  spray-painted  on  the  composite  specimens. 
During  the  fracture  tests,  a  series  of  digital  images  (1280  x  960  pixels)  were  acquired  with  a  frame  rate  of  1  Hz.  The  size  of 
the  field-of-view  was  19.1  mm  x  13.5  mm  (22.5  um/pixel)  centered  on  the  initial  notch.  A  typical  image  of  the  speckle 
pattern  is  shown  in  Fig.l  (b).  The  displacement  fields  near  the  notch  tip  were  obtained  from  the  images  using  a  custom-built 
DIC  software.  The  parameters  for  the  DIC  analysis  included  a  subset-size  of  41  x  41  pixels  and  a  subset  spacing  of  10  pixels. 

3.2  Experiment  result  and  discussion. 

A  typical  load-displacement  relation  is  plotted  in  Fig.  2.  It  shows  that  the  linear  part  is  up  to  more  than  80%  of  the  peak  load, 
excluding  the  small  nonlinear  part  at  the  beginning  when  the  load  is  small.  It  is  also  observed  that  AV IV  is  less  than  10%, 
which  represents  that  relatively  small  damage  zone  occurs  around  the  crack  tip  during  fracture.  So  the  formula  provided  in 
ASTM  El 922-04  can  be  used  to  get  the  applied  stress  intensity  factor  as  well  as  the  fracture  toughness. 

Fig.  3  shows  a  typical  result  of  the  contour  maps  of  the  displacement  fields  around  the  crack  tip  obtained  by  digital  image 
correlation  at  the  70th  second.  A  length  of  1  millimeter  corresponds  to  about  44.5  pixels  in  the  images  processed  by  digital 
image  correlation.  It  is  observed  that  the  obtained  displacement  fields  are  smooth.  The  fluctuation  happens  only  near  the 
crack  face.  Actually,  the  displacement  data  in  this  area  are  invalid.  Since  the  subset  used  in  DIC  overlap  the  crack  face,  the 
displacements  are  determined  by  areas  on  both  sides  of  the  crack  surface,  which  have  opposite  displacement.  Therefore,  the 
data  near  the  crack  face  should  be  eliminated  in  the  post  processing.  In  the  present  study,  data  within  30  pixels  near  the  crack 
face,  which  is  equal  to  the  summation  of  the  half  length  of  the  subset  and  the  width  of  the  notch  (crack),  are  excluded.  In 
addition,  these  nearly  symmetric  displacement  fields  reflect  the  mode  I  loading  in  the  fracture  test. 
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Fig.2  Load-Displacement  diagram 
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Fig.3  Example  of  the  displacement  fields  around  the  crack  tip  obtained  by  digital  image  correlation. 
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K,  and  K  vs  Time 
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Fig.  4  Comparison  of  mode  I  and  mode  II  stress  intensity  factors  obtained  by  different  methods  during  the  fracture  test. 
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Fig.5  Variation  of  rack  length  during  the  test. 
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Fig.6  R  curve. 
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Fig.  4  shows  the  results  of  mode  I  and  mode  II  stress  intensity  factors  extracted  by  different  methods  during  the  whole 

fracture  test.  Five  different  methods  are  used  to  get  Kj  in  the  present  study.  The  terms  "  K1  by  ASTM"  and  "  Kl  by  ASTM 

modified"  in  the  legend  represent  the  results  obtained  by  the  formula  in  ASTM  E  1922-04  which  is  derived  based  on  the 
isotropic  elasticity  and  its  modified  version  which  brings  a  constant  corrected  factor  considering  the  influence  of  the 
orthotropy  [10],  respectively.  The  formula  provided  in  ASTM  1922-04  is  shown  as: 

K,=— ^jjF(a/W)  (23) 


where 


BWl 
F{alW)  =  a1'2  J!'4+^l  [3.97-10.88a  +  26.25a2  -38.9a3  +30.15a4  -9.27a5] 


[i-«f- -   ■—'        (24) 

P  is  the  applied  load  at  the  pins,  B  is  the  specimen  thickness,  W  is  the  width  of  the  specimen,  a  is  the  original  crack  length, 
and  CC  =  a  I W  .  If  the  influence  of  material  orthotropy  is  considered,  a  corrected  factor  Y(p)  is  introduced  into  the  previous 
formula  as  follows: 
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P_ 
BJV1 


Ki=^u2Y(P)F(a/W)  (25) 


where 

\2     ,    A  AAO/  ~        1\3 


7(p)  =  1  +  0.  \{p  - 1)  -  0.0 1 6(p  -  \y  +  0.002(/7  - 1) J  (26) 

/?  is  defined  as  a  constant  related  to  the  orthotropic  material  properties 


(£,£2) 


1/2 


P  =  ~^7T (^2ir  (27) 

The  terms  "  Kj  by  NLLS"  and  "  Kj  by  Interactional  Integral"  represent  the  results  obtained  by  the  non-linear  least  squares 
methods  and  interactional  integral  descried  in  "Methodologies"  section,  respectively.  Since  mode  I  loading  is  dominant  in  the 
test,  Kj  can  also  be  obtained  directly  by  the  relation  between  J  andKj,  assuming  Kn  is  zero.  The  result  is  shown  by  term 

"Kj  by  J  Integral". 

Firstly,  it  is  observed  that  the  difference  between  the  results  of  "Kj  by  ASTM"  and  "  KI  by  ASTM  modified"  is  about  16% 
at  the  maximal  load,  which  means  the  influence  of  the  orthotropic  material  properties  is  relatively  large.  Secondly,  the  results 
of  terms  "Kx  by  ASTM  modified",  "Kj  by  NLLS",  "Kj  by  Interactional  Integral"  and  "Kj  by  J  Integral"  are  very  close 
to  each  other  before  reaching  the  maximal  load,  which  can  inversely  verify  the  validity  of  the  parameter-extraction  methods 
for  the  present  study.  In  addition,  it  is  noteworthy  that  the  values  of  Kj  of  the  terms  "  Kj  by  NLLS",  "  Kj  by  Interactional 

Integral"  and  "  Kj  by  J  Integral"  keep  increasing    for  a  little  while  after  reaching  the  maximal  load,  opposite  to  the 

immediately  decrease  of  that  of  "  Kj  by  ASTM  modified".  It  is  due  to  the  fact  that  the  formula  provided  in  ASTM  (both 

original  and  modified  versions)  are  based  on  two  assumptions  that  the  damage  zone  (process  zone)  occurs  in  front  of  the 
crack  tip  is  negligible,  and  crack  length  is  constant  during  the  whole  test.  For  the  first  assumption,  the  damage  zone  size 
before  crack  propagation  in  the  present  study  has  been  pointed  out  to  be  relatively  small  and  thus  the  assumption  of  constant 

crack  length  before  crack  propagation  exists.  It  explains  the  consistence  of  "  KI  by  NLLS",  "  KI  by  Interactional  Integral", 

"  Kj  by  J  Integral"  and  "  Kj  by  ASTM  modified"  before  reaching  the  maximal  load.  However,  the  crack  length  as  well  as 
the  damage  zone  size  will  increase  after  reaching  the  maximal  load.  So  the  ASTM  formula  is  not  valid  any  more  after  the 
maximal  load.  Generally,  Kj  is  a  combination  of  the  applied  load  and  the  crack  length,  with  a  general  form  as  follows: 


\naeff 


Kj  =  YFo^i 

Here  Y  and  F  are  both  corrected  factors  only  related  to  orthotropic  material  properties  and  specimen  geometry,  respectively. 
At  the  beginning  of  the  crack  propagation,  the  effective  crack  length  aeff  ,  which  is  defined  as  the  sum  of  the  actual  crack  size 

and  a  process  zone  correction,  keep  increasing  while  the  applied  stress  <J  decreases  a  little.  The  combination  of  the  two 
variables  will  cause  the  applied  stress  intensity  factors  to  keep  increasing  for  a  little  while  until  the  crack  propagate  unstably. 
So  the  least-squares  method  and  conservation  integrals  which  can  reveal  this  phenomenon  show  superiority  over  ASTM  in 

accurately  measuring  the  fracture  toughness  KIC  in  the  present  study  for  fiber-reinforced  composite.  The  terms  "Kjj  by 

NLLS"  and  "  Kn  by  Interactional  Integral"  in  Fig.  4  represent  the  results  of  Kn  obtained  by  non-linear  least  squares 

methods  and  interactional  integral.  Comparing  to  Kj ,  Kn  is  negligible.  It  is  consistent  with  the  fact  that  Kj  is  dominant  in 
this  test. 

Fig. 5  shows  the  variation  of  the  crack  length  in  the  fracture  test.  The  results  obtained  by  two  different  methods  show  good 
agreement  with  each  other,  except  the  beginning  part  where  the  displacements  are  very  small  and  the  accuracy  of  the 
calculation  is  influenced  significantly  by  the  noise  in  the  data.  It  can  be  seen  that  the  crack  length  starts  to  significantly 

increase  at  the  70th  second.  It  is  also  the  time  when  the  plot  of  "  Kj  by  ASTM"  and  "  Kj  by  ASTM  modified"  starts  to 

deviate  from  the  linear  part,  corresponding  to  the  time  when  the  increase  of  load  deviates  from  linearity.  There  is  a  little 

increasing  jump  of  the  crack  length  which  is  consistent  with  the  decreasing  jump  of  "  Kj  by  ASTM"  and  the  load  around  80 
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second.  It  is  observed  from  the  captured  images  that  the  bridging  fibers  in  the  damage  zone  suddenly  break  at  this  moment. 
After  the  crack  reaches  about  14  millimeters  at  the  80  second,  the  crack  grows  rapidly. 

Fig. 6  shows  the  extracted  R  curve,  which  reflects  the  material  resistance  to  crack  extension.  Strictly  speaking,  the  present 
fiber-reinforced  composite  has  a  rising  R  curve  rather  than  a  flat  one.  The  rising  R  curve  reflects  the  increase  of  the  resistance. 
To  understand  the  shape  of  the  R  curve,  it  is  better  to  study  the  fracture  process  of  the  studied  fiber-reinforced  composite, 
which  can  be  described  briefly  as  follows  [11].  The  matrix  of  the  composite  ruptures  at  first,  then  the  load  is  carried  by  the 
fibers.  It  will  then  cause  a  mechanism  called  fiber  bridging,  where  the  propagating  crack  leaves  fibers  intact.  The  fibers  do 
not  fail  at  the  same  time,  because  the  fiber  strength  is  subject  to  statistical  variability.  Consequently,  the  material  exhibits 
quasi  ductility,  where  damage  accumulates  gradually  until  final  failure.  In  other  words,  a  damage  zone  at  the  crack  tip 
increases  in  size  as  the  crack  grows.  Thus  the  driving  force  must  increase  to  maintain  the  crack  growth.  After  the  crack 
reaches  a  relatively  long  length,  the  R  curve  reaches  steady-state  with  further  growth.  The  critical  crack  length  in  the  present 
study  when  the  crack  grows  unstably  is  nearly  14  millimeters,  corresponding  to  the  80th  second. 

4.  CONCLUDING  REMARKS 

Until  recently,  research  efforts  in  fracture  mechanics  of  composite  materials  have  been  mainly  based  on  a  continuum  analysis 
for  homogeneous  anisotropic  linear  elastic  materials  that  contains  a  flaw  of  known  length.  This  is  an  extension  of 
conventional  LEFM  concepts  to  account  for  anisotropic  constitutive  responses.  Nevertheless,  the  applications  of  LEFM 
principles  to  fiber  reinforced  composite  have  been  less  successful  due  to  the  complexity  of  the  crack-extension  process  in 
micromechanical  point  of  view.  On  the  other  hand,  even  after  extensive  studies  on  micromechanical  models  to  account  for 
various  failure  mechanisms,  such  as  fiber  pull-out,  matrix  cracking,  fiber/matrix  debonding  and  interlaminar  delamination,  it 
is  still  illusive  that  this  bottom-up  approach  will  provide  a  capability  to  predict  macroscopic  crack  growth  in  fiber-reinforced 
composite  materials. 

In  this  study,  an  experimental  investigation  method  based  on  full-field  optical  deformation  measurements  are  presented  as  a 
way  to  characterize  subcritical  and  steady-state  crack  advances  as  well  as  stress  intensity  factors  during  fracture  tests.  The 
experimental  analysis  method  still  relies  on  the  fracture  mechanics  theories  in  anisotropic  elasticity  under  the  assumption  of 
homogeneous  approximation.  Nonetheless,  for  some  limited  cases,  self-similar  and  collinear  crack  advances  in  composite 
materials  can  be  experimentally  investigated  to  account  for  the  crack-tip  damage  zone  in  a  similar  way  to  Irwin's  plastic-zone 
correction  factor  and  R-curve.  Furthermore,  the  method  is  expected  to  provide  a  foundation  for  top-down  approach  to 
multiscale  analysis  of  fracture  in  heterogeneous  solids. 
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ABSTRACT 

In  this  study,  152.4  mm  by  101.6  mm  (6"x4")  GLARE  5  plates  with  various  thicknesses  were  impacted  by  a  0.22  caliber 
bullet-shaped  projectile  using  a  high-speed  gas  gun.  Velocities  of  the  projectile  along  the  ballistic  trajectory  were  measured  at 
different  locations  throughout  the  test  using  (1)  a  pair  of  laser-beam  optoelectronic  paths  near  the  gun  muzzle,  (2)  two  sets  of 
chronographs  before  and  after  the  specimen,  and  (3)  a  high  speed  camera  for  recording  the  trajectory  history  of  the  projectile. 
The  high  speed  camera  yielded  the  most  reliable  way  of  measuring  the  projectile  speed  and  could  record  the  projectile 
orientation  before  and  after  the  impact.  It  was  experimentally  detected  that  the  measured  speed  of  the  projectile  at  the  muzzle 
of  the  barrel  was  less  than  the  actual  impact  speed  of  the  projectile.  The  phenomenon  can  be  explained  by  the  well-known 
intermediate  ballistics.  The  incident  projectile  impact  velocity  versus  the  residual  velocity  was  plotted  and  numerically  fitted 
according  to  the  classical  Lambert- Jonas  equation  for  the  determination  of  ballistic  limit  velocity,  V50.  The  results  showed 
that  V50  varied  in  a  parabolic  trend  with  respect  to  the  metal  volume  fraction  (MVF)  and  the  specimen's  thickness. 

INTRODUCTION 

GLARE  5  is  a  fiber-metal  laminate  (FML)  made  of  interlacing  layers  of  2024-T3  aluminum  alloy  sheets  and  S2-glass/epoxy 
laminates.  By  combining  the  beneficial  properties  of  monolithic  metals  and  fiber-reinforced  composites,  FMLs  provide 
drastically  improved  mechanical  properties  compared  to  conventional  polymer  matrix  composites  or  aluminum  alloys  [1,2]. 
They  have  gained  wide  attention  in  the  aerospace  and  space  industries  [3]  for  many  advantages  such  as  low  density,  high 
strength,  higher  damage  tolerance  to  fatigue  crack  growth  and  impact  damage  caused  by  foreign  objects  or  blast  loading, 
corrosion  prevention,  fire  retardation,  etc.  [3-11]. 

Ballistic  impact  response  of  S2-glass  fiber/toughened  epoxy  composite  beams  was  examined  by  Sevkat  et  al.  [12].  Their 
approach  was  based  on  both  experimental  and  numerical  techniques  to  assess  damage  in  the  composite  beams.  They 
estimated  ballistic  limit  velocity,  V50,  with  sufficient  accuracy  by  combining  results  obtained  from  ballistic  tests  and  finite 
element  predictions.  Gellert  et  al.  [13]  studied  the  effect  of  target  thickness  on  the  ballistic  perforation  of  glass  fiber 
reinforced  plastic  composites.  They  concluded  that  thicker  targets  are  more  ballistically  efficient,  especially  against  blunt 
projectiles.  Langdon  et  al.  [14]  studied  the  behavior  of  FMLs  subject  to  localized  blast  loading.  Their  experiments  were  based 
on  samples  of  varying  thickness  and  material  distribution,  and  they  investigated  the  influence  of  stacking  configuration.  They 
concluded  that  the  size  and  shape  of  the  front  and  back  face  damage  regions  depended  on  the  thickness  of  the  panels.  Cortes 
et  al.  [15]  investigated  the  impact  properties  of  high-temperature  fiber-metal  laminates.  They  concluded  that  under  high 
velocity  impact  conditions,  glass  fiber-reinforced  poly-ether-imide  laminates  offered  the  highest  specific  perforation  energy 
among  the  laminates  they  had  considered.  They  also  reported  that  interlaminar  and  interfacial  delaminations  appeared  to  be 
the  primary  mechanisms  for  absorbing  and  dissipating  energy  during  the  impact  event  in  those  laminates.  Hoo  Fatt  et  al.  [16] 
studied  the  ballistic  impact  on  GLARE  fiber-metal  laminates.  They  derived  analytical  solutions  based  on  test  results  to 
predict  the  ballistic  limit  and  energy  absorption  of  fully  clamped  GLARE  panels  subjected  to  ballistic  impact  by  a  blunt 
titanium  cylinder.  It  was  illustrated  that  ballistic  limit  varied  linearly  with  panel  thickness.  Their  result  showed  the 
deformation  energy  due  to  bending  and  membrane  accounted  for  84-92%  of  the  total  energy  absorbed.  However,  the  energy 
dissipated  in  delamination  represented  2-9%  of  the  total  absorbed  energy  and  the  remaining  absorbed  energy,  about  7%,  was 
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attributed  to  tensile  fracture  energy  of  both  glass/epoxy  and  aluminum.  Furthermore,  based  on  their  study,  thinner  panels 
absorbed  a  higher  percentage  of  deformation  energy  than  thicker  panels  since  it  was  easier  for  them  to  bend  and  stretch 
before  fracture.  Meanwhile,  the  thinner  panels  absorbed  lower  percentage  of  delamination  energy  than  the  thicker  panels 
since  they  had  fewer  plies  to  delaminate.  The  main  objective  of  this  study  was  to  examine  different  velocity  measuring 
approaches  for  the  determination  of  ballistic  limits  of  GLARE  5  fiber-metal  laminate  plates  and  to  investigate  the  effects  of 
thickness  and  metal  volume  fraction  (MVF)  of  the  GLARE  5  panels  on  its  ballistic  impact  velocity  V50. 

EXPERIMENTAL  PROCEDURES 

All  GLARE  panels  considered  in  this  study  consist  of  2024-T3  aluminum  alloy  with  a  thickness  of  0.305mm  (0.012")  per 
layer  and  S2-glass/epoxy  laminated  layers,  each  with  a  thickness  of  0.508  mm  (0.020").  Each  S2-glass/epoxy  layer  has  a 
layup  orientation  of  [0°/90°]s.  GLARE  5  panels  with  various  thicknesses  were  cut  into  rectangular  specimens  with 
dimensions  of  152.4  mm  x  101.6  mm  (6"  x  4").  The  configuration  of  GLARE  5  panels  with  different  thicknesses  and  typical 
mechanical  properties  of  constituents  are  described  in  Tables  1  and  2,  respectively  [17-19].  In  Table  1,  the  term  MVF 
represents  metal  volume  fraction  and  is  defined  as  the  ratio  of  the  sum  of  the  thicknesses  of  all  aluminum  layers  over  the  total 
thickness  of  the  fiber-metal  laminate  [20]: 


MVF: 


2>, 


aluminum 

'fml 


(1) 


Table  1.  GLARE  5  panels  tested  in  this  study  with  different  thicknesses. 


Lay-up  Configuration 
(m/n) 

Prepreg  Plies 
&  Orientation 

Total 
Thickness 

MVF 

2/1 

[0°/90o/90o/0°J 
cross-ply 

1.117mm 
(0.044") 

0.546 

3/2 

1.930mm 
(0.076") 

0.474 

4/3 

2.743mm 
(0.108") 

0.445 

5/4 

3.556mm 
(0.140") 

0.429 

6/5 

4.368mm 
(0.172") 

0.419 

The  configuration  notation  mln  means  the  panel  is  composed  of  m 
aluminum-alloy  layers  interlaced  with  n  fiber-reinforced  epoxy  layers. 
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Table  2.  Typical  values  of  mechanical  properties. 


Mechanical  property 

Aluminum 
2024-T3 

UDS2 

Glass/FM  94 

Epoxy  Prepreg 

Tensile  ultimate  strength  (MPa) 

L           455 
T           448 

1900 
57 

Tensile  yield  strength  (MPa) 

L           359 
T           324 

- 

Tensile  modulus  (Gpa) 

L           72 

T 

54 
9.4 

Ultimate  strain  (%) 

L            19 

T 

3.5 
0.6 

Compressive  yield  strength  (MPa) 

L           303 
T           345 

- 

Compressive  modulus  (GPa) 

L           74 

T 

54.4 
11 

Density  (g/cm3) 

2.79 

2.00 

The  symbols,  L  and  T,  stand  for  longitudinal  (the  rolling  direction  for  the  metal)  and  transverse 
directions,  respectively. 

The  ballistic  impact  tests  were  conducted  at  room  temperature  using  a  high-pressure  gas  gun.  The  pictures  of  the  gas  gun 
setup  and  the  specimen  container  are  shown  in  Fig.  1 .  Helium  was  used  as  the  propellant.  The  specimen  was  secured  in  place 
by  clamping  25.4  mm  (1")  of  each  end,  as  depicted  in  Fig  2.  The  composite  plate  specimen  was  impacted  by  a  0.22  caliber 
copper  projectile  at  the  center.  Once  high-pressure  gas  was  released  by  a  fast  acting  solenoid  valve,  a  0.22  caliber  copper 
bullet  accelerated  through  the  1.016  m  (40")  gun  barrel  to  the  desired  speed. 
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Figure  1.  The  high-speed  gas  gun  setup  for  ballistic  impact  tests  (a),  specimen  container  (b). 
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Figure  2.  A  composite  plate  specimen  clamped  at  the  two  ends. 

The  speed  of  the  projectile  was  measured  in  three  distinct  ways.  A  pair  of  diode-lasers/amplified-photodiodes,  separated  by 
101.6  mm  (4"),  was  located  near  the  exit  of  the  gun  barrel,  forming  two  optical  gates  to  measure  the  speed  of  the  projectile  at 
the  gun  muzzle.  For  the  second  measurement,  two  pairs  of  chronographs  were  used  to  measure  the  projectile  speed  before 
and  after  impact;  one  pair  was  located  in  front  of  the  target,  while  the  second  was  located  behind  the  target.  Last,  a  high- 
speed camera  was  used  to  monitor  the  bullet  motion  during  the  test.  Using  the  captured  high-speed  video,  the  bullet  speed 
was  then  determined  before  and  after  the  impact.  Figure  3  shows  a  typical  way  of  measuring  the  bullet  speed  from  high-speed 
camera.  A  schematic  picture  of  the  setup  is  shown  in  Fig.  4. 


Figure  3.  Typical  way  of  measuring  the  bullet  speed  from  the  high-speed  camera. 
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Figure  4.  Schematic  of  the  experimental  setup. 


RESULTS  AND  DISCUSSION 

Measuring  a  projectile  velocity  is  a  crucial  factor  in  order  to  study  the  behavior  of  a  specimen  under  impact.  Several  tests 
were  conducted  on  the  GLARE  5  specimens  with  different  thicknesses  (Table  1)  and  corresponding  velocities  were  measured 
based  on  the  three  distinct  methods  that  mentioned  earlier.  Figure  5  shows  the  comparison  of  the  incident  speed  of  the  bullet 
measured  from  the  gun  and  the  chronograph  versus  the  high-speed  camera.  As  it  is  obvious  from  Fig.  5(a),  the  measured  test 
data  suggested  that  the  bullet  speed  obtained  from  the  high-speed  camera  was  higher  than  the  one  measured  from  the  gun  by 
a  small  magnitude.  In  other  words,  it  could  be  stated  that  the  exited  bullet  from  the  gun  barrel  was  further  accelerated  along 
the  bullet  trajectory  before  hitting  the  target.  This  phenomenon  can  be  explained  by  intermediate  ballistics,  which  is  defined 
as  the  study  of  the  transition  from  internal  to  external  ballistics  occurred  in  the  vicinity  of  the  gun  muzzle  [21].  The  resultant 
trend  line  in  Fig  5(b)  implies  that  the  bullet's  strike  speed  determined  by  the  chronograph  was  higher  than  that  achieved  from 
the  high-speed  camera.  Furthermore,  most  portion  of  the  test  data  were  along  the  bisector  line,  i.e.  y=x;  implying  that  both 
high-speed  camera  and  chronograph  techniques  yielded  in  approximately  close  values  in  measuring  the  bullet  speed. 
However,  scattering  of  the  results  obtained  from  the  chronography  suggests  that  chronography  is  not  always  trustable. 


Figure  6  illustrate  shock  wave  formation  before  and  after  projectile  exit.  As  the  projectile  accelerated  along  the  bore,  it 
pushed  ahead  of  it  a  column  of  air  augmented  by  any  leakage  of  propellant  gases  past  the  projectile.  A  shock  wave  formed 
just  ahead  of  the  projectile,  traveled  along  the  bore,  and  was  released  as  a  near-spherical  precursor  blast  shock  at  the  muzzle, 
as  shown  in  Fig.  6(a).  Once  the  outflowing  air  velocity  was  sufficient,  a  small  bottle  shock  would  form  about  the  muzzle 
[21].  The  projectile  would  then  emerged,  and  once  the  projectile  gas  seal  had  passed  the  muzzle,  the  high  pressure  propellant 
gases  would  be  released  into  the  atmosphere  generating  a  powerful  blast  shock,  which  was  initially  highly  non-spherical  due 
to  the  presence  of  the  projectile  and  the  high  velocity  flow  of  the  propellant  gases.  The  propellant  gases  rapidly  expanded, 
accelerating  to  velocities  much  greater  than  that  of  the  projectile,  so  that  shock  waves  formed  around  the  base  of  the 
projectile,  rather  as  though  the  projectile  was  moving  backwards  (Fig.  6(b)).  This  apparent  reverse  gas  flow  provided  slight 
additional  acceleration  of  the  projectile  for  several  calibers  distance  beyond  the  muzzle  [21]. 
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Figure  5.  Comparison  of  the  Projectile-speed  measurements:  (a)  Gas  gun  vs.  High  speed  camera,  (b) 
Chronograph  #1  vs.  High  speed  camera.  In  the  equations.  X  stands  for  high  speed  camera  velocity  while  y  stands 

for  gas  gun  velocity  in  (a)  and  chronograph  #1  velocity  in  (b). 
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Figure  6.  Shock  wave  formation  before  projectile  exit  (a),  the  initial  formation  of  shock  waves  shortly  after 

projectile  exit  (b). 

Bullet  residual  velocity  was  determined  by  the  high-speed  camera  and  the  chronograph#2  which  was  located  after  the  target. 
However,  chronograph  #2  failed  in  measuring  the  speed  of  the  bullet  in  90%  of  the  cases.  This  was  mainly  due  to  the 
triggering  of  the  chronograph  caused  by  some  suspensions,  e.g.  dust,  rather  than  the  bullet.  Hence,  high-speed  camera  was 
the  only  reliable  source  in  obtaining  the  velocity  of  the  bullet.  In  the  case  of  bullet  rebounding  off  the  target,  chronograph  #1 
would  fail  in  measuring  the  speed  of  the  bullet  since  it  was  already  triggered  by  measuring  the  incident  speed  of  the  bullet. 
On  the  other  hand,  if  it  had  the  capability  of  triggering,  the  results  obtained  would  not  be  always  reliable.  There  are  three 
reasons  for  this.  First,  if  the  bullet's  rebounding  speed  was  not  enough,  then  the  bullet  could  not  traverse  the  chronograph's 
infrared  optical  gates  and  hence  the  chronograph  would  not  trigger.  Secondly,  a  particle  rather  than  the  bullet  might  cause  the 
triggering  of  the  chronograph.  Thirdly,  the  rebounding  motion  of  the  bullet  is  not  always  along  a  straight  line,  e.g.  it  could  be 
tilted,  tumbled,  dropped  steeply,  moved  along  a  curved  path  due  to  the  gravity,  etc.  Thus,  regardless  of  what  the  motion  of 
the  bullet  was,  the  chronograph  would  only  measure  the  speed  of  the  bullet  as  it  passed  through  its  infrared  optical  gates. 
Thus  other  velocity  components,  i.e.  transitional  or  rotational,  could  not  be  measured  by  chronography  in  which  they  are  very 
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important  in  determining  the  residual  kinetic  energy  of  a  projectile.  Therefore,  monitoring  the  projectile  motion  becomes 
very  important.  As  a  consequence,  high-speed  camera  would  be  very  helpful  in  such  situations. 

After  determining  the  speed  of  the  bullet  before  and  after  impact,  the  incident  projectile  impact  velocity  was  plotted  versus 
the  residual  velocity  for  each  type  of  the  specimens  listed  in  Table  1 .  The  experimental  data  could  then  be  fitted  by  least- 
square  regression  according  to  the  classical  Lambert- Jonas  equation  [22]  for  the  positive  residual  velocity  values: 


VRP  =  A(Vf 


V5Po)  =  A 


Vf-B 


(2) 


where  A  and  B  are  two  regression  coefficients  and  P  is  the  power.  VR  and  Vi  are  residual  and  incident  velocities  of  the 
projectile,  respectively,  while  V50  is  the  ballistic  limit  velocity. 

For  each  specimen  type,  several  P  values  were  tried  according  to  its  VR  vs.  Vi  experimental  trend.  Subsequently,  ballistic 
limit  velocity,  i.e.  V50  ,  was  determined  based  on  the  specimen  experimental  trend  and  classical  Lambert- Jonas  equation.  V50 
is  defined  as  the  velocity  required  for  a  projectle  to  perforated  a  piece  of  armor  50%  of  the  time.  With  current  gas  gun 
facility,  achieving  low  velocity  range,  i.e.  lower  than  140  m/s,  was  very  diffecult  and  almost  imposible.  Therefore,  Lambert- 
Jonas  equation  becomes  very  useful  for  determining  the  V50.  Figure  7  depicts  variation  of  ballistic  limit  with  respect  to  the 
panel  thickness  for  the  cross-ply  GLARE  5  specimens.  In  the  plot,  the  average  ballistic  limit  and  its  variation  range  is 
denoted  by  a  solid  diamond  and  a  deviation  bar  for  each  individual  panel  thickness.  It  is  apparent  that  by  increasing  the  panel 
thickness,  ballistic  limit  also  increased  with  a  parabolic  trend.  Metal  volume  fraction  versus  ballistic  limit  for  the  cross -ply 
GLARE  5  specimens  with  different  thicknesses  is  given  in  Fig.  8.  It  is  worth  noting  that  as  the  number  of  prepreg  laminated 
layers  increased,  the  ballistic  limit  also  escalated. 
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Figure  7.  Variation  of  ballistic  limit  with  thickness  for  the  cross-ply  GLARE  5  specimens.  In  the  equation  x  stands 

for  thickness  and  y  for  V50. 
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Figure  8.  Variation  of  metal  volume  fraction  with  ballistic  limit  for  the  cross-ply  GLARE  5  specimens  with  different 

thicknesses.  In  the  equation  x  stands  for  V50  and  y  for  MVF. 

CONCLUSIONS 

This  study  presents  an  experimental  investigation  on  different  approaches  for  measuring  the  velocity  of  a  projectile  in  order 
to  determine  the  ballistic  limits  of  GLARE  5  fiber-metal  laminate  plates  with  various  thicknesses.  The  following  remarks  can 
be  concluded  from  this  study. 

♦  The  projectile  was  further  accelerated  along  the  ballistic  trajectory  after  emerging  from  the  gun  barrel.  As  a 
result,  the  projectile  speed  and  in  general  ballistic  limit  would  be  underestimated  based  on  the  speed  obtained 
from  the  gun. 

♦♦♦     In  general,  chronography  did  not  give  consistent  and  reliable  results  for  measuring  the  speed  of  a  projectile. 

♦  With  the  possibility  of  different  projectile's  motions  either  after  perforation  or  rebounding  off  the  target, 
monitoring  the  projectile  motion  became  important  in  the  calculation  of  the  residual  kinetic  energy. 

♦♦♦  Based  on  this  study,  the  high-speed  camera  technique  yielded  in  the  most  reliable  and  accurate  results  in 
measuring  the  projectile's  speed.  On  the  contrary,  chronographs  failed  most  of  the  time  to  accurately  measure 
the  projectile's  speed;  while  the  laser-based  technique  gave  lower  estimates  of  impact  velocity. 


♦     Ballistic  limit  velocity  increased  parabolically  as  panel  thickness  increased  and  also  increased  as  the  metal 
volume  fraction  decreased. 
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ABSTRACT 

The  effect  of  underwater  shock  loading  on  an  E-Glass  /  Vinyl-Ester  composite  material  has  been  studied.  The  work  consists 
of  experimental  testing,  utilizing  a  water  filled  conical  shock  tube  and  computational  simulations,  utilizing  the  commercially 
available  LS-DYNA  finite  element  code.  The  plates  consist  of  elliptically  curved  geometry  with  0/90  biaxial  laminates.  The 
plates  are  held  with  fully  clamped  boundary  conditions  and  are  subjected  to  underwater  explosive  (UNDEX)  loading.  The 
transient  response  of  the  plates  is  captured  in  real  time  through  the  use  of  a  Digital  Image  Correlation  (DIC)  system.  The 
DIC  data  and  computational  results  show  a  high  level  of  correlation  for  both  the  plate  deformation  and  velocity  histories 
using  the  Russell  error  measure.  The  finite  element  models  are  also  shown  to  be  able  to  simulate  the  onset  of  delamination 
mechanisms. 

1.  INTRODUCTION 

Composite  materials  have  been  widely  used  in  a  variety  of  applications  in  the  marine,  automotive,  and  transportation 
industries.  These  materials  offer  the  advantages  of  high  strength  to  weight  ratios,  reduced  maintenance  costs,  and  improved 
corrosion  resistance.  Recently,  there  has  been  an  increased  interest  in  composite  materials  for  use  in  military  applications 
including  land  vehicles  (structural  components  and  armor  solutions),  advanced  ship  hull  designs,  and  submarine  components. 
The  use  of  these  materials  in  wartime  environments  requires  that  they  not  only  be  able  to  withstand  the  loads  produced  by 
everyday  use  but  also  those  imparted  from  explosions  and  high  speed  projectile  impacts.  Currently,  the  response  of  these 
materials  at  static  and  quasi-static  loading  rates  is  well  understood.  However,  the  response  at  the  high  strain  rates  that  shock 
and  ballistic  events  can  induce  is  not  well  understood.  This  leads  to  an  inherent  conservative  approach  to  be  taken  when 
these  structures  are  designed  and  constructed.  Typically  this  results  in  structures  which  do  not  fully  realize  the  weight 
savings  afforded  by  these  materials.  The  focus  of  the  current  research  is  on  the  response  of  composite  materials  subjected  to 
underwater  explosions,  UNDEX. 

The  response  of  materials  subjected  to  shock  and  impact  loading  has  been  studied  over  a  wide  range  of  loading 
rates.  The  effect  of  shock  loading  on  stainless  steel  plates  subjected  to  underwater  impulsive  loads  has  been  presented  by 
Espinosa  et  al  [1].  Nurick  et  al  [2,3]  have  studied  the  effects  of  boundary  conditions  on  plates  subjected  to  blast  loading  and 
identified  distinct  failure  modes  depending  on  the  magnitude  of  the  impulse  and  standoff.  The  response  of  E-Glass  and 
Carbon  based  composite  laminates  under  shock  and  explosive  loading  has  been  presented  by  Tekalur  et  al  [4].  LeBlanc  et  al 
[5]  have  studied  the  effects  of  shock  loading  on  three-dimensional  woven  composite  materials.  Recently,  there  has  been  an 
increased  interest  in  the  study  of  the  effect  of  shock  loading  on  sandwich  structures.  These  studies  include  the  effects  of 
shock  and  impact  loading  conditions  (Jackson  et  al  [6],  Schubel  et  al  [7]). 

The  finite  element  modeling  of  damage  in  composites  has  been  performed  primarily  on  models  simulating  strain 
rates  up  to  those  representing  drop  test  experiments  with  some  work  performed  at  the  high  strain  rate  regimes  expected  in 
shock  loading.  Material  models  are  continually  being  implemented  and  refined  in  existing  commercial  finite  element  codes 
(O'Daniel  et  al  [8],  McGregor  et  al  [9]).  Recent  publications  involving  computational  modeling  of  damage  progression  in 
composites  have  utilized  Ls-Dyna  and  the  Mat_162  (MatCompositeOPTION)  material  model  which  simulates  fiber 
breakage,  matrix  cracking  and  delamination  damage.  Batra  and  Hassan  [10]  studied  the  response  of  composites  to  UNDEX 
loading  through  numerical  simulations;  however,  there  are  no  comparisons  to  experimental  results.  LeBlanc  et  al.  [11]  have 
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presented  a  modeling  methodology  which  simulates  composite  plates  subjected  to  underwater  explosive  loading  with 
comparisons  to  both  the  transient  strain  response  as  well  as  post  mortem  damage. 

2.  COMPOSITE  MATERIAL 

The  material  used  in  this  study  is  an  E-Glass  /  Vinyl  ester  composite  with  a  0°-90°  biaxial  layup.  The  glass  fabric  is 
a  balanced  construction  of  0°  and  90°  fibers  with  the  two  layers  being  stitched  together  rather  than  woven.  The  panels  which 
are  utilized  in  the  study  consist  of  3  plys  of  the  fabric.  The  finished  part  thickness  is  1.37  mm  (0.054  in.)  and  has  a  fiber 
content  of  62%  by  weight. 

The  geometry  of  the  plates  consists  of  a  curved  midsection  with  a  flat  boundary  as  shown  in  figure  1 .  The  convex 
face  of  the  plate  represents  the  mold  line  in  the  manufacturing  and  has  a  radius  of  curvature  of  18.28  cm  (7.2  in.),  an  outer 
diameter  of  26.54  cm  (10.45  in.),  and  the  curved  portion  of  the  plate  is  22.86  cm  (9  in.)  in  diameter. 


Fig.  1  Composite  Plate  Geometry  (Section  View) 


3.  SHOCK  LOADING  APPARATUS 


A  conical  shock  tube  (CST)  facility  located  at  the  Naval  Undersea  Warfare  Center,  Division  Newport  was  utilized  in 
the  shock  loading  of  the  composite  materials.  The  shock  tube  is  a  horizontally  mounted,  water  filled  tube  with  a  conical 
internal  shape,  Figure  2.  The  tube  geometry  represents  a  solid  angle  segment  of  the  pressure  field  that  results  from  the 
detonation  of  a  spherical  explosive  charge.  In  an  open  water  environment  the  pressure  wave  expands  from  the  charge 
location  as  a  spherical  wave.  In  the  shock  tube  the  rigid  wall  acts  to  confine  the  expansion  of  the  pressure  wave  in  a  manner 
that  simulates  a  conical  sector  of  the  pressure  field.  Further  discussion  on  the  development  and  history  of  the  water  filled 
conical  shock  tube  is  provided  by  references  12  and  13. 


Explosive  Charge 


Water  Filled 
Conical  Chamber 


Mounting  Plate 
Pressure 
Transducer         Test  Plate 


5.25  m 
Fig.  2  Conical  Shock  Tube  Schematic  (not  to  scale) 


141 

A  mounting  fixture  has  been  designed  so  the  test  specimens  are  air  backed  with  fully  clamped  edges.  The  mounting 
arrangement  is  shown  in  figure  3.  The  specimens  are  mounted  with  the  convex  surface  towards  the  incoming  shock  fronts. 
This  is  chosen  so  that  the  test  will  represent  geometries  commonly  used  in  underwater  applications  with  curved  surfaces 
typically  facing  into  the  the  fluid  (i.e.  submersible  vehicle  hull  forms). 


Charge 
Location 


Mounting  Ring 
Viewing  Window 

Composite  Plate 
Bolting  Ring 


Fig.  3  Shock  Tube  Mounting  Configuration 


4.  EXPERIMENTAL  PROCEDURE 

Shock  testing  of  the  composite  material  has  been  performed  with  the  CST.  High  speed  photography  coupled  with  a 
3D  digital  image  correlation  system  is  utilized  to  capture  the  back  face  transient  response  during  the  shock  event.  This 
system  offers  the  advantage  that  it  is  a  noncontact  measurement  technique  which  gives  whole  field  information.  The 
explosive  charge  used  in  the  study  is  an  M6  blasting  cap  with  a  net  TNT  equivalence  of  1.32grams.  This  yields  peak 
pressures  at  the  sensor  location  (.508  m  in  front  of  the  test  specimen)  of  approximately  10.3  MPa  (1500  lb/in2). 

The  Digital  Image  Correlation  (DIC)  technique  is  used  to  capture  the  transient  response  of  the  back  face  (dry)  of  the 
plates.  DIC  is  a  non-intrusive,  optical  technique  for  capturing  the  full  field,  transient  response  of  the  panels  through  the  use 
of  high  speed  photography  and  specialized  software.  Prior  to  testing,  the  back  face  of  the  sample  is  painted  white  and  then 
coated  with  a  randomized  speckle  pattern,  Figure  4.  The  post  processing  is  performed  with  the  VIC-3D  software  package 
which  matches  common  pixel  subsets  of  the  random  speckle  pattern  between  the  deformed  and  un-deformed  images.  Two 
high  speed  digital  cameras,  Photron  SA1,    are  positioned  behind  the  shock  tube,  figure  4.  The  use  of  two  cameras  allows  for 
the  out-of-plane  behavior  to  be  captured.  If  a  single  camera  is  utilized  the  data  would  be  limited  to  the  in-plane  results.  A 
frame  rate  of  20,000  was  used  with  an  inter- frame  time  of  50|is. 
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Fig.  4  Digital  Image  Correlation  Schematic 


5.  FINITE  ELEMENT  MODELING 

Finite  element  modeling  of  the  experiment  has  been  performed  utilizing  the  Ls-Dyna  code  available  from  the 
Livermore  Software  Technology  Corporation  (LSTC).  All  simulations  are  generated  with  Version  971,  Release  4.2  and  are 
run  in  double  precision  mode.  The  composite  plate  in  the  simulations  is  modeled  using  shell  elements  with  a  fully  integrated 
element  formulation  (Type  16).  The  model  of  the  1.37  mm  (0.054  in.)  plate  consists  of  3  layers  of  shell  elements.  Each  layer 
represents  a  0°  and  90°  combined  ply  with  a  thickness  of  0.457  mm  (0.018in.).  The  in-plane  element  edge  lengths  are 
approximately  2.54  mm  (0.1  in.)  and  the  maximum  element  aspect  ratio  is  2.7:1. 

The  Ls-Dyna  material  model  utilized  in  this  work  is  MatCompositeFailureOp^'o/iModel  (Mat_059, 
Option=Shell).  This  is  an  orthotropic  material  definition  capable  of  modeling  the  progressive  failure  of  the  material  due  to 
any  of  several  failure  criterion  including  tension  /  compression  in  the  longitudinal  and  transverse  directions,  compression  in 
the  through  thickness  direction,  and  through  thickness  shear.    The  material  model  inputs  are  derived  from  static  tensile 
testing  with  no  modifications  for  strain  rate  effects.  It  was  seen  that  the  static  properties  provide  reasonable  results  for  shock 
loading  conditions.  The  DIC  strain  measurements  made  during  this  study  show  that  the  in-plane  strain  rates  are  on  the  order 
of  10-50/s.  Although  the  through  thickness  strain  rate  was  not  measured  it  is  expected  to  be  higher  than  the  in-plane  strain 
rate.  Similar  observations  were  made  by  Chan  et  al  [14]  for  the  ballistic  impact  problem  and  by  LeBlanc  et  al  for  shock 
loading  of  flat  composite  plates  [11]. 

Delamination  damage  is  considered  and  is  taken  into  account  through  the  use  of  a  surface-to-surface  tiebreak  contact 
definition.  Using  this  approach,  each  ply  is  modeled  as  a  shell  layer  of  elements  representing  the  mid-surface  of  each  ply  and 
the  shell  layers  are  offset  by  the  ply  thickness.    The  tie  break  definition  initially  ties  the  nodes  between  plies  together  to 
inhibit  sliding  motion.  The  force  at  each  node  is  monitored  by  the  software  and  the  corresponding  normal  and  shear  stresses 
are  computed.  Failure  is  defined  by  the  following  formula: 


(J^)2  +  (^)2  >  J 

\NFLSJ  \SFLSJ 


(i) 


where: 


aN  and  as  are  the  computed  normal  and  shear  stresses,  respectively 
NFLS  and  SFLS  are  the  failure  normal  and  shear  stresses,  respectively 


143 

The  complete  finite  element  model  of  the  CST  test  setup  is  shown  in  figure  5.  The  model  consists  of  the  internal 
fluid  of  the  shock  tube  and  the  composite  test  sample.  The  fluid  within  the  tube  is  considered  in  the  simulation  so  as  to 
capture  the  fluid  structure  interaction  (FSI)  at  the  interface  of  the  fluid  and  test  plate.  Only  the  first  1.01  m  (40  in.)  of  the 
fluid  extending  from  the  test  sample  towards  the  charge  location  is  modeled.  This  was  deemed  to  be  acceptable  for  2  reasons: 
(1)  the  fluid  is  loaded  with  the  pressure  profile  measured  0.508  m  (20  in.)  from  the  test  sample  and  (2)  a  non-reflecting 
boundary  layer  is  applied  at  the  charge  side  boundary  of  the  fluid  domain.  The  fluid  is  modeled  with  solid  elements  and  a 
null  material  definition.  The  use  of  the  null  material  allows  for  the  material  to  be  defined  with  a  linear  polynomial  equation 
of  state  (EOS)  which  only  the  bulk  modulus  and  density  of  the  water  is  defined.  The  pressure  load  is  applied  as  a  plane  wave 
at  the  location  of  the  test  pressure  transducer.  The  pressure  profile  that  was  measured  for  the  test  is  applied  to  the  model.  The 
fluid-structure  interaction  is  handled  through  the  use  of  a  tied-surface-to-surface  (Ls-Dyna  keyword 

*Contact_Tied_Surface_To_Surface)  contact  definition.  The  mounting  plate  is  simulated  by  a  nodal  constraint  set  that  forces 
the  nodes  in  the  clamped  area  of  the  plate  to  have  zero  displacement. 


Prescribed  pressure  at  this  cross  section 

J  I- 


Non-Reflecting 
Boundary 


Fluid  Elements 

Fig.  5  Finite  Element  Model  of  CST 
6.  FINITE  ELEMENT  SIMULATION  RESULTS 


Composite  Plate 


The  finite  element  simulation  of  the  shock  tube  testing  allows  for  a  visual  full  field  representation  of  the  interaction 
between  the  pressure  wave  and  the  composite  plate.  The  pressure  field  in  the  fluid  as  it  interacts  with  and  loads  the  plate 
plate  is  shown  in  the  left  side  of  figure  11.    The  associated  plate  response  is  shown  in  the  right  side  of  the  figure.  Although 
the  pressure  wave  is  uniform  prior  to  its  impact  with  the  test  plate,  the  loading  on  the  plate  itself  is  complex  and  not  uniform. 
The  loading  of  the  plate  and  the  associated  response  can  be  separated  into  two  distinct  time  regimes.  Where  the  pressure 
wave  interacts  with  the  plate  over  0.2  ms,  the  plate  does  not  start  to  deform  until  the  wave  is  nearly  fully  reflected  and  takes 
approximately  5.5  ms  to  complete. 

The  plate  deformation  in  the  current  study  can  be  described  as  a  full  inversion,  taking  approximately  5.5  ms  to 
complete.  At  1  ms,  a  hinge  forms  at  the  outer  edge  of  the  plate  at  the  clamped  boundary.  This  hinge  then  continues  to 
propagate  towards  the  center  of  the  plate  as  seen  in  the  deformation  progression  images  in  figure  6.  The  deformation  is 
completed  when  the  plate  has  fully  inverted  itself  at  6.5  ms. 
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Fig.  6  (a)  Fluid  Structure  Interaction,  (b)  Plate  Deformation  Progression 

7.  SIMULATION  CORRELATION  TO  TEST 

The  displacement  and  velocity  data  that  was  captured  during  the  experiments  is  used  as  a  basis  to  correlate  and 
validate  the  finite  element  model  results.  The  quality  of  the  correlation  between  the  test  data  and  numerical  results  in  this 
study  is  quantified  using  the  Russell  Comprehensive  Error  measurement.  The  full  derivation  of  the  error  measure  is  provided 
by  Russell  [15]  with  the  phase,  magnitude,  and  comprehensive  error  measures  respectively  given  as: 


RP  =  1-cos-lt     Zc'm' 


RM  =  sign{m)  log10(l  +  |m|) 
RC  =   \^{RM2  +RP2) 


(2) 

(3) 
(4) 


Excellent,  acceptable,  and  poor  correlation  using  the  Russell  error  measure  is  given  as:  Excellent  -  RC<0.15, 
Acceptable  -  0.15<RC<0.28,  and  Poor  RC>0.28.  The  definition  of  these  criteria  levels  are  the  result  of  a  study  that  was 
undertaken  to  determine  the  correlation  opinions  of  a  team  in  support  of  a  ship  shock  trial.  A  summary  of  the  process  used  to 
determine  the  criteria  is  presented  by  Russell  [16]. 

The  DIC  technique  allows  for  the  extraction  of  a  large  amount  of  data  from  the  surface  of  the  plates.  The  two 
variables  that  are  used  for  correlation  of  the  simulations  to  the  experiments  are  the  out  of  plane  displacement  and  velocity. 
Time  histories  are  extracted  from  the  DIC  data  for  the  center  of  the  plate.  The  displacement  and  velocity  comparisons  are 
shown  in  figure  7.  From  these  graphical  comparisons  and  error  summary  it  is  seen  that  there  is  a  high  level  of  correlation 
between  the  experimental  results  and  the  computational  simulations. 

The  displacement  comparison  shows  that  the  experiment  and  simulation  results  agree  nearly  exactly  until  2.5  ms  at 
which  point  the  displacement  in  the  experiment  occurs  slightly  faster  than  the  simulation.    In  the  velocity  comparison,  it  is 
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seen  that  there  is  an  initial  out-of-plane  velocity  of  just  less  than  20  m/s  which  then  settles  to  about  10  m/s  for  the  remaining 
duration  of  the  event.  It  is  seen  that  the  simulation  is  able  to  capture  the  peak  velocities  seen  in  the  experiments.  Overall,  it 
is  shown  that  the  Russell  error  for  the  displacement  comparison  is  excellent  and  the  velocity  correlation  is  acceptable. 
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Fig.  7  Deformation  and  Velocity  Comparison  of  Experiment  and  Simulation 

In  addition  to  the  point  wise  time  histories,  full  field  comparisons  are  made  between  the  experiment  and  simulations. 
A  comparison  of  the  full  field,  out  of  plane  displacement  evolution  is  shown  in  figure  8.  From  this  figure,  it  is  seen  that  the 
experiment  and  simulation  show  good  correlation  in  terms  of  the  displacement  evolution.  Overall,  the  displacements  over  the 
surface  of  the  plate  correlate  well  between  the  experiment  and  the  simulation. 
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Fig.  8  Full  Field  Deformation  Comparison  of  Experiment  and  Simulation 
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In  addition  to  the  transient  response  correlations,  the  relationship  between  the  material  damage  observed  during  the 
test  and  the  damage  level  predicted  by  the  simulations  is  of  interest.  In  the  experiment  the  main  damage  mechanism  that  was 
observed  is  delamination  between  the  plies.  The  final  damage  state  from  the  shock  test  is  shown  in  figure  9a.  Here  it  is  seen 
that  the  extent  of  the  delamination  ranges  from  approximately  1.27  cm  (0.5  in.)  in  the  lower  left  region  of  the  plate  to  5.08  cm 
(2  in.)  at  the  3  O'clock  position.  In  the  corresponding  computational  model,  figure  9b,  the  delamination  area  is  highlighted 
by  the  black  area  at  the  edge  of  the  plate  and  propagates  inwards  from  the  edge  1  cm  (0.4  in.).  In  the  simulation  results  there 
are  also  4  larger  delamination  zones  at  the  45°  directions.    These  areas  indicate  the  weaker  material  directions  (fibers  run  in 
the  0°  and  90°  directions)  and  extend  3.81  cm  (1.5  in.)  from  the  edges.  Although  the  amount  of  delamination  is  somewhat 
larger  in  the  experiment  than  is  observed  in  the  computational  model,  it  is  encouraging  that  the  model  is  able  to  predict  the 
onset  of  the  delamination  itself  and  propagate  it  to  a  comparable  distance 

In  the  current  model  the  choice  of  a  delamination  criterion  was  taken  to  be  36  MPa  (5250  lb/in2)  for  both  tensile  and 
shear  stresses.  The  delamination  criterion  is  set  to  approximately  one-half  of  the  tensile  strength  of  the  vinyl  ester  based  on 
prior  work  by  LeBlanc  et  al  [1 1].  The  degradation  by  Vi  of  the  tensile  strength  accounts  for  voids,  and  interfacial  defects  / 
flaws  between  the  layers  of  fibers  during  the  manufacturing  of  the  material.  Therefore  the  failure  criteria  was  set  to  36  MPa 
(5,250  lb/in2)  based  on  testing  performed  on  pure  resin  samples. 
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Fig.  9  (a)  Material  Damage  during  Test,  (b)  Material  Damage  from  Simulation 

8.  CONCLUSIONS 

A  conical  shock  tube  has  been  used  to  study  the  response  of  curved  E-Glass  /  Vinyl  ester  composite  panels  subjected 
to  underwater  shock  loading.  The  material  is  a  bi-axial  laminate  with  fibers  balanced  in  the  0  and  90  degree  directions.  The 
round  plates  are  curved  in  shape  with  the  convex  surface  oriented  towards  the  incoming  shock  front  with  fully  clamped 
boundaries.  A  3D  Digital  Image  Correlation  system  is  used  to  capture  the  full  field,  transient  response  of  the  back  (dry) 
surface  of  the  plates.  This  allowed  for  real  time  recording  of  the  displacement  and  velocity  history  of  this  surface.  The 
displacement  and  velocity  data  for  the  center  point  and  a  point  halfway  between  the  center  and  boundary  are  correlated  to  the 
computational  models  by  utilizing  the  Russell  error.  The  Russell  error  value  for  the  deflection  correlation  at  these  two  points 
is  excellent.  The  velocity  correlation  at  the  point  halfway  between  the  center  and  the  boundary  is  also  excellent,  while  the 
center  point  velocity  has  acceptable  correlation.  The  full  field  displacement  evolution  is  also  shown  to  agree  between  the 
experiment  and  the  simulations.  The  computational  model  was  also  able  to  predict  the  onset  of  delamination  damage  and 
predict  its  growth  to  a  reasonable  degree.    This  work  has  shown  the  ability  of  the  Ls-Dyna  material  model 
MatCompositeFailureOptionModel  to  realistically  model  the  behavior  of  a  composite  material  under  shock  loading 
conditions.  This  work  has  served  to  show  that  computational  tools  can  serve  to  support  experimental  test  results  and  show 
promise  for  use  as  an  alternative  to  testing  to  support  structural  designs  utilizing  composite  materials. 
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ABSTRACT 

A  load  applied  to  a  composite  is  transferred  from  the  matrix  to  the  dispersed  phase  through  their  shared  interface. 
The  performance  of  the  composite  depends  strongly  on  the  interfacial  adhesion  between  the  constituents.  Shear 
strength,  resistance  to  delamination,  and  effective  load  transfer  between  the  matrix  and  the  inclusion  are 
improved  when  the  interfacial  bond  is  optimized.  The  interfacial  adhesion  strength  between  the  metallic 
inclusions,  titanium  (Ti)  and  a  nickel  titanium  shape  memory  alloy  (NiTi),  and  different  polymeric  matrices,  namely 
polycarbonate  (PC),  polypropylene  (PP),  and  high-density  polyethylene  (HDPE),  was  measured  using  pullout 
testing.  The  adhesion  strengths  were  determined  by  dividing  the  force  needed  to  produce  debonding  of  the 
interface  of  the  polymer/metal  strip  over  the  embedded  strip  area.  Results  show  that  PC  exhibits  the  highest 
adhesion  with  no  difference  for  either  NiTi  or  Ti.  Comparison  of  the  adhesion  strength  values  for  PP/Ti  and 
PP/NiTi  show  a  higher  and  very  distinct  value  for  the  PP  and  Ti.  In  the  case  of  HDPE,  the  interfacial  bonding 
between  the  polymer  and  the  NiTi  is  stronger  than  with  the  Ti  but  the  difference  is  not  as  big  as  the  one  found  for 
the  PP  composites. 

INTRODUCTION 

The  shear  lag  or  load  transfer  theory,  developed  by  Cox  [1],  predicts  how  an  uniaxial  tensile  load  applied  to  a 
continuous  cylindrical  fiber  embedded  in  a  weak  matrix  is  redistributed  when  there  is  a  strong  adhesion  between 
the  two  phases.  Assuming  no-slip  between  the  interfaces  of  both  constituents,  and  using  elasticity  theory, 
equations  for  the  shear  stress  distribution  and  the  tensile  stress  distribution  in  the  fiber  were  developed.  This 
theory  was  modified  by  Kelly  [2]  and  used  extensively  to  predict  composites  mechanical  behavior  [3,  4].  Several 
modifications  to  the  load  transfer  theory  have  been  introduced,  which  include:  the  effect  of  the  load  transferred  to 
the  end  of  the  fiber  to  consider  the  effect  of  short  fibers  in  the  magnitude  and  distribution  of  stresses  [5];  the 
potential  existence  of  stress  concentration  in  the  matrix  due  to  neighboring  fibers  [6];  and  the  incorporation  of 
different  inclusion  geometries  to  take  into  account  the  fiber  shape,  such  as  conical  [7]  or  rectangular  layers  [8].  In 
all  cases  a  strong  interfacial  bonding  between  the  surfaces  of  the  inclusion  and  the  matrix  of  the  composite  is 
assumed. 

The  mechanisms  that  are  believed  to  play  a  role  in  the  adhesion  between  two  surfaces  are  molecular  bonding, 
mechanical  coupling,  and  thermodynamic  adhesion  [9].  Molecular  bonding  is  due  to  intermolecular  forces  such 
as  chemical  bondings  (metallic,  covalent,  and  ionic),  dipole-dipole  interactions,  and  van  der  Waals  forces.  The 
mechanical  coupling,  known  also  as  interlocking,  is  due  to  surface  roughness,  which  increasing  the  surface  area 
allows  a  greater  molecular  bonding  interaction.  The  thermodynamics  mechanism  of  adhesion  is  based  on  an 
optimization  of  the  interfacial  tension  at  the  interface,  which  could  occur  when  the  surface  free  energy  of  the 
polymer  is  minimized.  All  these  mechanisms  are  heavily  dependent  on  the  surface  condition  of  the  materials 
involved. 
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A  variety  of  methods  have  been  used  to  characterize  the  interfacial  adhesion  strength  in  composite  materials. 
Peel  test,  lap  shear,  fiber  pullout,  fragmentation,  and  microindentation  are  some  of  them  [9-14].  These  tests  each 
provide  a  mean  for  comparison  of  the  interfacial  strength  but  do  not  give  a  fundamental  property  measure. 

In  the  peel  test  [9]  adhesive  tape  is  pressed  against  the  surface  of  the  sample  with  a  rubber  cylinder  and  quickly 
pulled  off.  The  delamination  toughness  is  calculated  using  the  average  peel  force  and  the  width  of  the  sample. 
The  lap  shear  test  [14]  uses  an  overlap  configuration  where  two  samples  are  bonded  over  a  region  and  separated 
by  using  a  tensile  force.  The  fiber  pullout  test  [10-13]  has  been  used  extensively  to  measure  the  force  needed  to 
pull  a  fiber  of  a  known  length  out  from  a  matrix.  This  test  requires  a  tensile  stress  to  pullout  the  fiber  lower  than  its 
ultimate  tensile  stress.  The  embedded  fiber  length  should  be  less  than  the  critical  length  to  ensure  that  the  tensile 
stress  inside  the  fiber  does  not  reach  the  tensile  strength  producing  fracture  of  the  fiber.  In  the  fragmentation  test 
[10-13],  a  fiber  embedded  in  a  matrix  is  loaded  with  a  tensile  force  producing  multiple  fractures  in  the  fiber.  The 
test  ends  when  the  fracture  segments  reach  the  critical  length  for  load  transfer.  The  microindentation  test  [11,  12] 
consists  in  applying  a  compressive  stress  to  embedded  single  fibers  perpendicular  to  a  cut  surface.  The  test  aims 
to  produce  debonding  and/or  slippage  of  the  fibers. 

The  pullout  method  has  been  used  extensively  to  study  the  behavior  of  interfacial  adhesion  strength  between  the 
shape  memory  alloy  NiTi  and  polymeric  matrices.  Paine  et  al.  [15]  used  pullout  tests  to  measured  the  interface 
adhesion  between  NiTi  and  a  graphite/epoxy  thermoset  matrix,  and  a  thermoplastic  matrix  after  treating  the 
surface  of  the  NiTi  wires  using  acid  etching,  hand  sanding,  polymer  coating  and  sandblasting.  They  reported  the 
maximum  force  on  the  pullout  curve  as  the  force  needed  for  adhesion  failure.  Paine  et  al.  found  that  the  adhesion 
strength  depends  upon  the  matrix  used  and  the  preparation  and  roughness  of  the  metallic  surface.  The  strongest 
adhesion  was  reported  for  the  sandblasted  wires.  They  also  reported  that  the  embedded  length  does  not  have  an 
effect  on  the  interfacial  shear  strength. 

Jonalagadda  et  al.  [16]  correlated  the  NiTi/polymer  adhesion  with  the  local  displacements  induced  by  stresses 
produced  by  NiTi  shape  memory  wires  embedded  in  an  epoxy  matrix.  Pullout  tests  were  carried  out  on  samples 
with  different  surface  treatments:  acid  etched,  hand  sanded  and  sandblasted.  The  results  for  the  roughest 
surface,  corresponding  to  the  sandblasted  wires,  exhibited  the  lower  wire  displacements;  the  highest  debond 
stress  and  the  highest  shear  stresses  in  the  matrix.  The  debond  stresses  were  calculated  using  the  maximum 
pullout  force  and  the  interfacial  work  of  fracture  following  the  work  by  Penn  and  Lee  [17].  For  the  shear  stresses, 
a  shear-lag  solution  derived  by  Tyson  and  Davies  [18]  was  used.  Smith  et  al.  [19]  used  pullout  tests  to  compare 
the  adhesion  strength  of  untreated  and  treated  NiTi  surfaces  with  silane  coupling  agents.  The  adhesion  strength 
was  determined  measuring  the  maximum  force  required  to  pullout  the  NiTi  wire  from  the  PMMA  matrix  divided  by 
the  length  of  the  wire  embedded  in  the  polymer. 

Al-Sheyyab  et  al.  [20]  used  a  different  testing  geometry  to  investigate  the  influence  of  surface  coating  pre- 
treatment  on  the  bonding  between  plastic  and  metal  (steel,  and  aluminum).  Samples  with  double  overlapping 
between  polymer  and  metal  were  manufactured  to  measure  the  adhesion  strength  using  tensile-shear  test.  The 
ratio  between  the  metal  thickness  and  the  overlap  length  with  the  plastic  was  1 :5.  The  coated  metal  sheets  were 
placed  in  a  mold,  where  the  polymer  was  fed  by  injection  molding.  The  average  shear  stresses  were  calculated  by 
dividing  the  total  applied  shear  force  over  the  contact  area.  Using  a  simulation  software  based  on  the  finite 
elements  method,  they  obtained  the  stress  distribution  over  the  contact  area  and  identified  the  location  with 
maximum  local  stresses.  They  reported  that  maximum  stresses  occurred  at  the  sides  of  the  overlapping  area. 

The  study  presented  in  this  paper  is  part  of  a  broader  investigation  to  establish  the  key  factors  in  the  fracture  of  an 
inclusion  within  a  polymer/metal-alloy  composite  during  calendering  [21].  Two  metal  inclusion  materials  were 
chosen,  titanium  and  the  shape  memory  alloy  NiTi,  and  were  tested  in  combination  with  three  polymers, 
polycarbonate  (PC),  polypropylene  (PP),  and  high-density  polyethylene  (HDPE).  Our  prior  work  has  shown  that 
the  deformation  and  fracture  behavior  of  the  inclusion  depends  on  the  processing  parameters  and  factors  such  as 
interfacial  adhesion,  the  dimensions  and  the  mechanical  properties  of  the  constituents,  the  deformation  behavior 
of  the  polymeric  matrices,  and  finally  on  how  the  load  is  transferred  from  the  rollers  to  the  samples.  In  a  prior 
study  the  interfacial  adhesion  strength  between  NiTi,  and  three  different  polymers,  polycarbonate,  polypropylene, 
and  high-density  polyethylene  [22]  used  in  the  cold  rolling  tests  was  studied  by  using  pullout  tests  of  a  wire 
embedded  in  a  polymeric  matrix.  The  NiTi  wires  (0.032  in  diameter)  embedded  in  the  polymers  were  tested  at  a 
crosshead  speed  of  5  mm/min.  Results  showed  that  the  adhesion  strength  between  the  NiTi  and  the  HDPE  had 
the  highest  value,  followed  by  the  PC.    The  NiTi/PP  exhibited  the  lowest  interfacial  adhesion  strength.  Tests 
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performed  with  Ti  wires  of  the  same  diameter  were  unsuccessful  due  to  yielding  of  the  wire  during  the  pullout  test. 
An  alternative  geometry  was  sought  in  order  to  characterize  the  adhesion  strength  between  the  material 
combinations  of  interest.  The  configuration  chosen  for  the  pullout  sample  was  similar  to  the  cold  rolling  samples  to 
capture  not  only  the  effect  of  the  bonding  between  the  two  surfaces  in  contact  and  avoid  yielding  of  the  embedded 
material,  but  also  the  effect  of  the  shape  and  size  of  the  inclusion. 

EXPERIMENTAL  METHODS 

Tensile  pullout  tests  were  performed  to  measure  the  adhesion  strength  between  polymers  and  NiTi,  and  Ti.  The 
polymers  used  were  polycarbonate,  polypropylene,  and  high-density  polyethylene,  (McMaster,  #8742K131, 
#8574K24,  #8619K421,  size  12"  x  12"  x  1/16").  Pseudoelastic  NiTi,  (Nitinol  Devices  &  Components,  NiTi  foil, 
Alloy  type  SE  508,  pseudoelastic  at  room  temperature,  55.6  at%  Ni,  0.0127  mm,  and  0.6  mm  thick),  and  Ti  (Alfa 
Aesar,  Ti  foil,  99%,  0.0127  mm,  and  0.5  mm  thick),  were  used  as  the  metal  inclusions. 

The  strip  pullout  samples  were  made  following  the  same  procedure  and  process  parameters  used  for  the 
sandwich  cold  rolling  samples  described  by  Calcagno  [22,  23].  Rectangular  grooves  5  mm  wide  were  cut  into  the 
stainless  steel  molds  used  to  prepare  cold  rolling  samples.  Grooves  with  a  depth  of  1.02  mm  were  made  on 
either  side  of  the  open  50  mm  square  near  the  center.  These  grooves  housed  the  strips  while  the  plastic  was 
melted.  The  etched  NiTi  or  Ti,  approximately  50  mm  long  and  5  mm  wide,  were  placed  between  two  polymer 
rectangles  in  the  molds  such  that  roughly  20  mm  of  the  metal  was  exposed  in  one  of  the  grooves  on  the  sides  of 
the  molds.  This  procedure  was  followed  to  make  the  pullout  samples  with  thin  and  thick  strips. 

For  the  pullout  test  of  the  strip  samples,  a  sample  holder  used  to  measure  the  adhesion  between  a  wire  and 
polymer  interface  minimizing  the  compressive  stress  to  the  polymer  was  used  [24].  Such  device  consists  of  a  1" 
NPS  stainless  steel  pipe  nipple,  and  a  pipe  cap  with  a  centered  hole  as  shown  in  Figure  1 . 

For  the  tests  of  the  strip  pullout  sample,  the  hole  was  enlarged  to  give  the  strip  some  degree  of  freedom  during 
sample  positioning  to  avoid  torsion  during  the  test.  The  sample  was  inserted  inside  the  pipe  with  the  strip  going 
through  the  hole  in  the  center  of  the  pipe  cap  as  seen  in  Figure  1(b).  Two  half  wood  cylinders  were  cut  and 
placed  inside  the  pipe  nipple  to  keep  the  sample  from  curling,  avoiding  lateral  compressive  stress  on  the  samples 
during  test. 

The  pullout  tests  were  performed  in  an  Instron  5566  with  a  constant  crosshead  speed  of  5  mm/min.  The  adhesion 
strength  between  the  metal  or  alloy  and  the  polymer  interface  was  calculated  by  dividing  the  maximum  force 
needed  to  produce  debonding  during  a  pullout  tensile  test  over  the  embedded  strip  surface  area. 

RESULTS  AND  DISCUSSION 

Calcagno  [22]  was  successful  in  obtaining  adhesion  strength  results  for  the  pullout  of  NiTi  wires  (0.031  in 
diameter)  embedded  in  PP,  PC,  and  HDPE.  However  during  the  pullout  tests  of  Ti  wires  (0.0313  in  diameter)  in 
PP,  the  wire  yielded,  and  it  fractured  with  PC  or  HDPE  as  matrices.  In  subsequent  work  Ti  wires  with  a  thicker 
diameter  (0.0625  in)  were  used,  but  plastic  deformation  was  also  observed.  At  this  point  a  different  configuration 
for  the  pullout  samples  was  sought.  Two  main  factors  that  could  affect  the  bonding  were  taken  into  consideration: 
similar  surface  roughness  of  the  inclusion  to  the  one  used  in  the  cold  rolling  samples,  and  a  stress  distribution 
during  the  pullout  similar  to  the  cold  rolling.  The  double  overlapping  configuration  used  by  Al-Sheyyab  et  al.  [20] 
was  chosen  with  the  modification  of  having  a  strip  of  5  mm  wide  embedded  in  the  polymer  as  shown  in  Figure 
1(a).  The  PP  samples  with  thin  NiTi  strip  were  tested  successfully,  however  during  the  tests  of  the  PP/Ti 
samples,  most  of  the  thin  Ti  strips  yielded,  and  torsion  was  observed  during  the  pullout  tests.  This  problem  was 
overcome  using  thicker  strips  for  both,  Ti  and  NiTi.  The  surface  of  all  strips  was  subjected  to  the  same  etching 
treatment  applied  to  the  cold  rolling  strips. 
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Figure  1:  (a)  Sketch  of  a  pullout  sample,  lateral  and  frontal  view,  (b)  Sketch  of  the  sample  holder  for  the  pullout 

test,  exploded  and  compressed  view  with  applied  load. 

Typical  stress/extension  data  obtained  during  pullout  tests  of  PP/Ti,  PC/Ti,  and  HDPE/Ti  strip  samples  are  shown 
in  Figure  2.  Upon  continued  loading,  the  force  needed  to  induce  failure  of  the  polymer/strip  interface  is  attained. 
That  force  is  represented  by  the  maximum  in  the  curve,  which  in  the  case  of  PP/Ti  corresponds  to  2.34  N/mm2  for 
a  strip  with  an  embedded  length  of  12.11  mm.  The  PC/Ti  sample  debonded  at  the  highest  value  of  the  three 
cases  with  adhesion  strength  of  4.57  N/mm2  and  embedded  strip  length  of  12.1  mm.  For  the  HDPE/Ti  the 
maximum  strength  is  2.00  N/mm2  for  a  strip  with  an  embedded  length  of  10.3  mm.  After  this  point,  only  friction 
opposes  the  sliding  of  the  strip  [3,  25,  26].  The  load  required  to  overcome  the  interfacial  adhesion  between  both 
materials  is  much  lower  than  the  load  needed  to  induce  deformation  in  the  strips  of  Ti,  thus  the  adhesion  strength 
was  calculated  by  dividing  this  force  over  the  surface  area  of  the  embedded  strip. 
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Figure  2:  Adhesion  Stress  vs.  Displacement  for  PP/Ti,  PC/Ti,  and  HDPE/Ti  strips  pullout  samples 
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Similarly,  Figure  3  portrays  typical  stress/extension  data  for  pullout  tests  of  PP/NiTi,  PC/NiTi,  and  HDPE/NiTi  strip 
samples.  In  the  case  of  PP/NiTi  the  stress  needed  to  induce  debonding  between  the  polymer  and  the  strip,  was 
1.52  N/mm2  for  a  strip  with  an  embedded  length  of  approximately  10.88  mm.  The  PC/NiTi  sample  debonded  at 
the  highest  value  of  the  tree  cases  with  adhesion  strength  of  4.15  N/mm2  and  embedded  strip  length  of  10.48  mm. 
The  adhesion  strength  obtained  for  the  HDPE/Ti  was  1 .8  N/mm2  for  a  strip  with  an  embedded  length  of  8.63  mm. 
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Figure  3:  Adhesion  Stress  vs.  Displacement  for  PP/NiTi,  PC/NiTi,  and  HDPE/NiTi  strips  pullout  samples. 

Sample  preparation  and  pullout  tests  for  the  PP/Ti,  and  PP/NiTi  were  performed  as  planned.  In  the  case  of  the 
HDPE/Ti  and  HDPE/NiTi,  the  results  of  few  samples  were  discarded  due  to  bending  of  the  strip  during  the  test 
caused  by  incorrect  placing  of  the  sample  in  the  grips.  Some  of  the  PC/Ti  and  PC/NiTi  samples  contained 
bubbles  in  the  polymer,  which  occurred  during  the  manufacture  of  the  samples.  Results  for  these  samples  were 
also  excluded  from  the  adhesion  strength  computations.  Further  information  for  all  the  NiTi  and  Ti  samples  tested 
is  included  in  reference  [21].  The  results  of  all  pullout  tests  are  summarized  in  Table  1 . 

A  comparison  of  the  adhesion  strength  values  obtained  for  the  six  materials  combinations  tested  is  provided  in 
Figure  4.  The  interfacial  bonding  strength  for  each  polymeric  matrix  and  metallic  inclusion  has  very  low  standard 
error  for  each  condition.  The  PC  exhibits  the  highest  adhesion  with  no  difference  between  NiTi  and  Ti. 
Comparison  of  the  adhesion  strength  values  for  PP/Ti  and  PP/NiTi  show  a  higher  and  very  distinctly  different 
value  for  the  PP  and  Ti.  In  the  case  of  HDPE,  the  interfacial  bonding  between  the  polymer  and  the  NiTi  is 
stronger  than  with  the  Ti  but  the  difference  is  not  as  big  as  the  one  founded  for  the  PP  composites. 

Table  1 :  Summary  for  the  average  adhesion  strength,  and  standard  deviations  for  all  strip  pullout  samples. 
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Figure  4:  Comparison  of  Adhesion  Strength  for  all  NiTi  and  Ti  composites. 


CONCLUSION 


The  modified  overlapping  configuration  sample  for  the  pullout  tests  was  successfully  used  to  characterize  the 
interfacial  bonding  strength  for  all  the  combinations  of  matrix/inclusion  considered.  The  adhesion  strength  was 
reported  as  the  maximum  force  attained  to  debond  the  two  surfaces  divided  by  the  contact  surface  area. 
Comparison  between  the  adhesion  strength  between  the  NiTi  and  Ti  with  each  of  the  polymers  used  was 
performed.  Results  show  that  the  PC  exhibits  the  highest  adhesion  with  no  difference  between  NiTi  and  Ti. 
Comparison  of  the  adhesion  strength  values  for  PP/Ti  and  PP/NiTi  depict  a  higher  and  very  different  value  for  the 
PP  with  Ti  inclusions. 
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ABSTRACT 

Identification  of  modal  parameters  from  response  data  only  is  studied  for  structural  systems  under 
nonstationary  ambient  vibration.  By  assuming  the  ambient  excitation  to  be  nonstationary  white  noise  in  the  form 
of  a  product  model,  the  modal  parameters  of  a  system  could  be  identified  through  the  correlation  method  in 
conjunction  with  a  technique  of  curve-fitting.  However,  the  error  involved  in  the  approximate  free-decay 
response  would  generally  lead  to  a  distortion  in  the  modal  parameters  of  identification.  It  is  shown  that,  under 
appropriate  conditions,  the  ambient  response  corresponding  to  nonstationary  input  of  various  types  can  be 
approximately  expressed  as  a  sum  of  exponential  functions,  so  that  we  can  use  the  Ibrahim  time-domain  method 
in  conjunction  with  a  channel-expansion  technique  to  directly  identify  the  major  modes  of  a  structural  system 
without  any  additional  treatment  of  converting  the  original  data  into  the  form  of  free  vibration.  To  further 
distinguish  the  structural  modes  from  non- structural  modes,  the  concept  of  mode-shape  coherence  and 
confidence  factor  is  employed.  Numerical  simulations,  including  one  example  of  using  practical  excitation  data, 
confirm  the  validity  and  robustness  of  the  proposed  method  for  identification  of  modal  parameters  from  general 
nonstationary  ambient  response. 

Keywords:   Ibrahim  time-domain  method,  Nonstationary  ambient  vibration,   Channel-expansion  technique, 
Mode-shape  coherence  and  confidence  factor 

1.  Introduction 

Modal-parameter  identification  from  ambient  vibration  data  has  gained  considerable  attention  in  recent 
years  [1,2].  A  variety  of  methods  have  been  developed  for  extracting  modal  parameters  from  structures 
undergoing  ambient  vibration.  Ibrahim  [3]  applied  the  random-decrement  technique  coupled  with  a  time-domain 
parameter  identification  method  [4]  to  process  ambient  vibration  data.  James  et  al.  [5]  developed  the  so-called 
natural  excitation  technique  using  the  correlation  technique  coupled  with  time-domain  parameter  extraction.  It 
was  shown  that  the  cross  correlation  between  two  response  signals  of  a  linear  system  with  classical  normal 
modes  and  subjected  to  stationary  white-noise  inputs  is  of  the  same  form  as  free-vibration  decay  or  impulse 
response.  Chiang  and  Cheng  [6]  proposed  a  correlation  technique  for  modal-parameter  identification  of  a  linear, 
complex-mode  system  subjected  to  stationary  ambient  excitation.  Chiang  and  Lin  [7]  applied  the  correlation 
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technique  coupled  with  Eigensystem  Realization  Algorithm  to  identify  modal  parameters  of  a  system  subjected 
to  realistic  ambient  excitation. 

In  the  previous  studies  of  modal-parameter  identification  from  ambient  vibration  data,  the  assumption 
usually  made  is  that  the  input  excitation  is  a  broadband  stochastic  process  modeled  by  stationary  white  or 
filtered  white  noise.  In  the  present  paper,  it  is  shown  that  if  the  input  signals  can  be  modeled  as  nonstationary 
white  noise,  which  is  a  product  of  white  noise  and  a  deterministic  time-varying  function,  the  practical  problem  of 
insufficient  data  samples  available  for  evaluating  nonstationary  correlation  can  be  approximately  resolved  by 
first  extracting  the  amplitude-modulating  function  from  the  response  and  then  transforming  the  nonstationary 
responses  into  stationary  ones.  The  correlation  functions  of  the  stationary  response  are  treated  as  free  vibration 
response,  and  so  the  Ibrahim  time-domain  method  can  then  be  applied  to  identify  modal  parameters  of  the 
system.  However,  the  error  involved  in  the  approximate  free-decay  response  would  generally  lead  to  a  distortion 
in  the  modal  parameters  of  identification.  Furthermore,  we  propose  a  technique  to  extend  the  ITD  method  for 
modal-parameter  identification  from  nonstationary  ambient  vibration  data  without  using  input  data  or  any 
additional  treatment  of  converting  the  original  forced- vibration  data  into  the  form  of  free  vibration.  It  is  shown 
that  the  ambient  response  corresponding  to  nonstationary  input  of  various  types  can  be  approximately  expressed 
as  a  sum  of  exponential  functions,  so  that  we  can  use  the  ITD  method  to  directly  identify  the  major  modes  of  a 
structural  system.  For  the  purpose  of  improving  the  accuracy  of  modal-parameter  identification,  a 
channel-expansion  technique  is  also  employed.  Numerical  simulations,  including  one  example  of  using  practical 
excitation  data,  will  be  performed  to  confirm  the  validity  and  robustness  of  the  proposed  method  for 
identification  of  modal  parameters  from  general  nonstationary  ambient  vibration  data. 

2.  Correlation  Technique 

James  et  al.   [5]  developed  the  so-called  Natural  Excitation  Technique  (NExT)  using  the  correlation 

technique.  It  was  shown  that  the  cross-correlation  between  two  response  signals  of  a  linear  system  with  classical 

normal  modes  and  subjected  to  white-noise  inputs  is  of  the  same  form  as  free  vibration  decay  or  impulse 

response.  In  combination  with  a  time-domain  parameter  extraction  scheme,  such  as  the  ITD  method,  this  concept 

becomes  a  powerful  tool  for  the  identification  analysis  of  structures  under  stationary  ambient  vibration.  When  a 
system  is  excited  by  stationary  white  noise,  the  cross-correlation  function   R..{r)    between  two  stationary 

response  signals    Xt(t)    and   X  (t)    can  be  shown  to  be  [5]: 

^(r)  =  £-^exp(-^  (1) 

where  (j)ir  denotes  the  z-th  component  of  the  r-th  mode  shape,  A.  a  constant,  and  mr  the  r-th  modal  mass. 
The  result  above  shows  that   R..(j)    in  Eqn.  (1)  is  a  sum  of  complex  exponential  functions  (modal  responses), 

which  is  of  the  same  mathematical  form  as  the  free  vibration  decay  or  the  impulse  response  of  the  original 
system.  Thus,  the  cross-correlation  functions  evaluated  of  responses  data  can  be  used  as  free  vibration  decay  or 
as  impulse  response  in  time-domain  modal  extraction  schemes  so  that  measurement  of  white-noise  inputs  can  be 
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avoided.  It  is  remarkable  that  the  term  </>irA.r  in  Eqn.  (1)  will  be  identified  as  the  mode-shape  components.  In 
order  to  eliminate  the  A  ,r  term  and  retain  the  true  mode-shape  components  (j)ir ,  all  the  measured  channels  are 
correlated  against  a  common  reference  channel,  say  X. .  The  identified  components  then  all  possess  the 
common   A  ,r    component,  which  can  be  normalized  out  to  obtain  the  desired  mode  shape   (j)ir . 

3.  Practical  Treatment  of  Nonstationary  Data 

The  practical  problem  for  evaluating  non- stationary  correlation  is  that  usually  very  limited  data  samples  are 
available  in  engineering  practice.  The  problem  can  be  resolved  by  first  extracting  the  modulating  function  from 
the  response  if  the  excitation  can  be  modeled  approximately  as  the  product  model.  If  the  excitation  can  be 
modeled  as  non- stationary  white  noise  as  represented  by  the  product  model  with  a  slowly-time-varying 
amplitude-modulating  function,  according  to  our  theoretical  derivation,  then  the  responses  of  the  system  can 
also  be  modeled  approximately  as  a  product  model  with  the  same  amplitude-modulating  function  as  that 
associated  with  the  excitation  itself.  With  the  modulating  function  extracted,  the  original  non- stationary 
responses  can  be  transformed  into  stationary  ones.  To  extract  the  modulating  function  out  of  the  non-stationary 
response  histories,  we  employ  the  technique  of  curve  fitting.  The  time-varying  standard  deviation  of  the  response 
histories  is  firstly  determined  using  interval  average  and  then  applied  curve  fitting.  This  gives  us  the 
deterministic  envelope  function  which  describes  the  slow  variation  in  the  amplitude  of  the  ambient  excitations. 
We  can  thus  acquire  the  approximate  stationary  responses  by  dividing  the  non- stationary  responses  of  each  DOF 
with  the  associated  modulating  functions  obtained  by  curve  fitting.  Then  the  correlation  functions  of  the 
stationary  response  data  can  be  obtained,  which  are  in  tern  treated  as  the  free  decay  responses  corresponding  to 
each  DOF.  The  modal  parameters  of  the  system  can  then  be  obtained  via  a  time-domain  mode  identification 
method,  such  as  the  Ibrahim  time-domain  method  (ITD). 

4.  Extension  of  Ibrahim  Time-Domain  Method  for  Modal-parameter  Identification  from  Ambient  Vibration 
Data 

As  mentioned  above,  by  assuming  the  ambient  excitation  to  be  nonstationary  white  noise  in  the  form  of  a 
product  model,  the  modal  parameters  of  a  system  could  be  identified  through  the  correlation  method  in 
conjunction  with  a  technique  of  curve -fitting.  However,  the  error  involved  in  the  approximate  free-decay 
response  would  generally  lead  to  a  distortion  in  the  modal  parameters  of  identification.  In  the  following,  we  are 
going  to  extend  the  ITD  method  to  identify  modal  parameters  of  a  structure  solely  and  directly  from  forced 
response  data,  i.e.,  without  using  input  data  or  any  additional  treatment  of  converting  responses  into  the  form  of 
free  vibration.  It  is  remarkable  that  the  essence  of  the  ITD  method  is  to  utilize  the  free-decay  responses  which  are 
expressible  as  linear  combinations  of  exponential  functions,  so  that  extraction  of  modal  parameters  can  be 
performed  using  different  time-delayed  sampled  responses.  In  light  of  this  concept,  we  come  up  with  a  new  idea 
that  if  the  ambient  vibration  data  can  be  approximated  directly  as  a  linear  combination  of  exponential  functions, 
then  the  ITD  method  may  be  used  for  modal-parameter  identification  directly  from  ambient  response  data.  In  the 
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following,  we  will  show  that,  under  appropriate  conditions,  nonstationary  ambient  responses  can  be 
approximately  expressed  as  a  linear  combination  of  exponential  functions. 

4.1  Modeling  of  Ambient  Excitation 

In  this  paper,  we  consider  that  the  ambient  excitation  can  be  modeled  as  a  nonstationary  process,  which  is 
represented  by  a  proper  composition  of  stationary  process  and  a  deterministic  time-varying  function.  We  start  by 
considering  that  a  stationary  process    W{t)    can  be  approximately  expressed  as  [8] 

^(O^Rejfy^'l  (2) 

where  y/k  =  ^4^ OJ  Aco  e~l(Pk ,  6)k=k-Aa)9  S^co)  is  the  power  spectral  density  function  of  W(f)  (if 
W(i)    is  white  noise,    ^    is  a  constant),  and    q>k ,    k  =  1  ~  N^ ,  are  a  set  of  independent  random  variables 

(phases)  uniformly  distributed  over  (0,2;rJ  .  Note  that,  for  each  k  ,  yJkQl(°kt  has  a  similar  form  to  vibration 
behavior  of  a  mode,  so  herein  we  call  it  a  "mode"  of  excitation,  and  the  corresponding  Wk  can  thus  be  viewed 
as  a  component  of  "mode  shape"  of  excitation  (corresponding  to  a  certain  degree  of  freedom).  Eq.(2)  is 
originally  used  to  simulate  stationary  Gaussian  processes  and  to  generate  sample  functions  with  prescribed 
power  spectra.  It  is  noted  that  a  stationary  sample  function    Wit)  ,  as  described  in  Eq.(2),  can  be  approximately 

icok  t 

expressed  as  a  linear  combination  of  e  ,  which  is  of  a  similar  form  to  the  undamped,  free  vibration  of  a 
discrete  linear  system. 

To  describe  the  time-varying  nature  of  ambient  excitation  in  practice,  we  consider  the  excitation  to  be  a 
nonstationary  process.  In  general,  a  nonstationary  process  can  be  expressed,  on  the  basis  of  a  stationary  process 
Wit) ,  as  follows: 

1 .  Product  model  : 

,/('Kr('M0,  (3) 

where  P^y)  is  a  deterministic  envelope  function  (or  amplitude-modulating  function)  used  to  describe  the 
time-varying  amplitude  (variance)  of  a  nonstationary  process. 

2.  Additive  model  : 

J(t)  =  ar(t)+w(t),  (4) 

where  ar{t)  is  a  deterministic  trend  function  used  to  describe  the  time-varying  mean  of  a  nonstationary 
process. 

The  time- varying  functions    P^y)    and    a T {t)    mentioned  above  could  be  further  approximated  as 


nthip*".  (5) 


By  utilizing  the  above  formulation  as  well  as  choosing  appropriately  the  values  of  «,  ak  ,  and  ock  ,  we  can 
describe  a  wide  variety  of  nonstationary  behavior  in  reality.  Substituting  both  Eqs.(2)  and  (5)  into  Eqs.(3)  and  (4), 
respectively,  the  models  can  be  expressed  as  follows: 
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,/(0  =  Re{|K  ■^+U°t)'  +-  +  VL  -e^^')}  f 


(6) 


./(0=Zfl*^'+Re  &^r  (7) 

*=i  U=i  J 

where  ^  =  any/k  .  It  is  apparent  from  Eqs.(6)  and  (7)  that  a  nonstationary  process  in  the  form  of  either  a 
product  model  or  an  additive  model  can  also  be  approximately  expressed  as  a  linear  combination  of  exponential 
functions.  In  the  following,  we  are  going  to  analyze  the  responses  of  a  system  subjected  to  nonstationary  inputs 
discussed  above. 

4.2  Analysis  of  Ambient  Response 

Consider  an  7V-degree-of- freedom  (DOF),  discrete-time,  linear  system  subjected  to  ambient  excitation 
resulting  from  a  single  source,  which  is  assumed  to  be  a  nonstationary  process  in  the  form  of  either  Eq.(6)  or  (7). 
The  displacement  response,  either  p*(f)  or  ax(0  ,  which  is  a  vector  of  displacement  corresponding  to 
different  DOF  of  a  system  can  be  obtained  by  combining  the  complementary  solution  and  the  particular  solution 
as  follows: 

Im+n-N^ 

,x(f)=    I    ,*te*'  =  ,<D,A,  (8) 

k=\ 

where  m  is  the  number  of  (real)  modes  of  the  system,  and  pO  is  an  Nx(2m  +  n-N  )  matrix,  which  is  the 
complex  "modal"  matrix  composed  of  p§k  for  k  =  l~2m  +  n-N  ,  including  the  2m  mode  shapes  of  the 
structure  as  well  as  the  n-N  "mode  shapes"  of  the  nonstationary  excitation  in  the  form  of  Eq. (6).  pA  is  a 
{2m  +  n-N  ) x  1   matrix  composed  of  eXk l    for  various   k  . 


ax(0=     £    AeV  =  a<j>aA, 


A=l 


(9) 


where  the  roles  of  a§k ,  flO  ,  and  fl  A  are  similar  to  those  in  Eq.(8).  Note  that,  in  Eqs.(8)  and  (9),  some  \  's 
are  associated  with  structural  modes,  while  the  others  may  be  associated  with  the  excitation.  Eqs.(8)  and  (9) 
show  that  both  p  x(0  and  a  x(7)  can  be  expressed  as  a  linear  combination  of  exponential  functions,  which 
signifiies  that  the  forced-response  data  can  be  put  into  the  form  of  free-vibration  without  any  additional  treatment, 
and  the  major  modes  of  a  structural  system  can  then  be  obtained  via  a  time-domain  modal-identification  method, 
such  as  the  ITD  method,  as  described  next. 

4.3  ITD  Extraction 

In  the  following,  we  will  extend  the  ITD  method  to  identify  modal  parameters  of  a  structure  from 
forced-response  data.  Recall  that  in  the  conventional  ITD  analysis,  which  uses  free-decay  responses  of  a 
structure  to  identify  its  modal  parameters  in  complex  form  [4],  we  define  a  system  matrix   A  ,  such  that 

AX  =  Y,  (10) 

where  Y  is  a  response  matrix  obtained  from  time-shifting  of  a  data-expansion  matrix  X  .  Eq.  (10)  implies 
that  the  system  matrix    A     can  be  determined  from   X     and   Y   by  using  the  least-squares  method  when  the 
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number  of  sampling  points  is  larger  than  the  number  of  measurement  channels.  The  order  of  the  system  matrix 
A  is  chosen  to  be  at  least  twice  of  the  number  m  of  (real)  modes  of  interest.  If  the  number  of  measurement 
channels  does  not  actually  reach  the  number  of  modes  of  interest,  we  may  employ  the  technique  of  channel 
expansion  [4],  which  uses  time-delayed  responses  as  additional  response  channels,  such  that  the  total  number  of 
measurement  channels  reaches  the  desired  order  of  the  system  matrix  A  .  In  the  present  paper,  the  ITD  method 
is  extended  for  modal-parameter  identification  directly  from  the  force  response  data.  Thus,  the  noise  due  to 
excitation  would  generally  lead  to  a  distortion  in  identifying  modal  parameters  of  a  system.  To  take  advantage  of 
the  property  of  consistency  in  the  theory  of  system  identification  for  improving  the  effectiveness  of  the  extended 
ITD  method,  we  tend  to  use  more  measurement  data  in  the  analysis,  which  can  be  practically  achieved  by 
extending  the  sampling  period  and/or  by  performing  channel  expansion.  In  performing  channel  expansion,  we 
usually  construct  a  data-expansion  matrix  X  with  more  measurement  channels  to  have  richer  information  of 
structural  modes,  as  follows: 


0' 
X 


(11) 


where  T  X  is  obtained  from  z  -time  shifting  of  the  original  response  data  matrix  0  X  .  It  follows  from  almost 
the  same  procedure  as  used  in  ITD  to  solve  the  eigenvalue  problem  associated  with  the  corresponding  system 
matrix  A  determined  by  using  the  least-squares  method,  and  then  the  major  modes  of  a  structural  system  can 
be  identified.  Note  that  the  well-known  least-squares  method  is  a  classical  strategy  to  find  solutions  for 
over-determined  systems,  usually  interpreted  as  a  method  of  fitting  data.  It  can  be  shown  [9]  that  estimates 
obtained  by  the  least-squares  method  also  have  optimal  statistical  properties  of  being  unbiased,  efficient,  and 
consistent.  Based  on  the  concept  mentioned  above,  the  higher-order  A  will  lead  to  more  complete  and  accurate 
modal  parameters  of  a  system.  Note  that  the  eigenvalues  of  A  are  directly  related  to  the  natural  frequencies 
and  the  damping  ratios  of  the  original  vibrating  system,  and  the  eigenvectors  of  A  correspond  to  the  mode 
shapes  of  the  system  [4]. 

It  should  be  mentioned  that,  however,  the  modes  identified  by  the  extended  ITD  method  directly  from  the 
forced  response  data  will  generally  include  the  vibrating  modes  of  a  structural  system,  the  "modes"  of  excitation 
(as  mentioned  above),  and  possibly  some  fictitious  modes  due  to  numerical  noise.  In  the  following,  we  are  going 
to  show  how  to  extract  the  structural  modes  from  the  identified  modes.  Recall  that  it  is  apparent  from  Eqs.(8)  and 
(9)  that  the  nonstationary  response  in  the  form  of  either  a  product  model  px(0  or  an  additive  model  ax(0 
can  be  approximately  expressed  as  a  linear  combination  of  exponential  functions.  The  time-delayed  responses 
obtained  from  z  -time  shifting  of  p  x(0  and  a  x(/)  ,  denoted  respectively  as  p  x(£  +  z)  and  a  x(*  +  r )  ,  can 
be  derived  as  follows: 

2m+n-Nm 
j(t  +  t\  = 


,*('  +  !■)=     Z     P**eV  (12) 

Im+n+N^ 

ax(t  +  r)=     X     1+^**'  (13) 


k=l 
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where  Ttyk  =  §kQAkT  and  Tatyk  =  a^kCXhT .  According  to  Eqs.(12)  and  (13),  as  well  as  the  aforementioned 
relationship  between  0X  and  rX  in  Eq.(ll),  a  typical  eigenvector  ty  of  A  corresponding  to  the  I  th 
eigenvalue   X  .   can  be  expressed  as 

o$  i 


<h=    :    >  d4) 

where  we  can  show  that 

Ai  =  obieX'T,  (15) 

provided  that  0fy  .  is  the  mode-shape  vector  of  a  structure  mode  or  excitation  mode  [cf.  Eqs.(12)  and  (13)]. 
This  is  because  that  vibration  of  each  "mode"  demonstrates  exponentially  decayed  harmonic  behavior.  Based  on 
the  concept  mentioned  above,  to  further  extract  the  structural  modes  from  the  identified  modes,  we  can  employ 
the  mode-shape  coherence  and  confidence  factor  (MSCCF)  [10],  which  is  defined  as 

MSCCF(fl<h,r<h)=        '*' 


<br  <b*     ,  (16) 

T  i    l      f  T  I 

where  the  superscripts  *  and  T  denote  the  complex  conjugate  and  matrix  transpose  respectively.  When  the 
MSCCF  value  of  an  identified  mode  shape  is  approximately  equal  to  1,  it  implies  that  the  mode  shape  represents 
a  mode  shape  associated  the  structure  or  the  excitation.  Identification  results  are  then  sorted  as  either  structural 
parameters  or  input-force  characteristics  through  computing  the  MSCCF  values. 

Furthermore,  to  distinguish  the  vibrating  modes  of  the  structural  system  from  a  excitation,  we  can  use  the 
modal  assurance  criterion  (MAC)  [11],  which  is  originally  used  to  check  for  agreement  between  the  identified 
mode  shapes  as  well  as  exact  shapes,  and  has  been  extensively  used  to  confirm  the  vibrating  modes  of  a 
structural  system  in  experimental  modal  analysis.  The  definition  of  the  MAC  is 

I  T  *|2 

ViA  ViA  Vjx  Vjx 

where  fyiA  and  (|)  x  denote  the  /  th  theoretical  and  the  yth  identified  mode  shape,  respectively.  The  value 
of  MAC  varies  between  0  and  1.  When  the  MAC  value  is  equal  to  1,  the  two  vectors  fyiA  and  (()  x  represent 
exactly  the  same  mode  shape.  On  the  other  hand,  when  two  mode  shapes  are  orthogonal  with  each  other,  the 
MAC  value  is  zero.  Verification  of  the  vibrating  modes  of  a  structural  system  can  thus  be  performed  through 
computing  the  MAC  values.  If  the  mass  matrix  or  the  stiffness  matrix  of  a  structural  system  is  available,  we  can 
distinguish  the  structural  modes  from  the  excitation  modes  or  the  fictitious  modes  according  to  the  orthogonality 
conditions  of  mode  shapes  with  respect  to  the  stiffness  matrix  or  to  the  mass  matrix.  If  neither  the  exact 
information  of  the  structural  modes  nor  the  mass  matrix  (or  the  stiffness  matrix)  of  the  structural  system  is 
available,  the  structural  modes  can  usually  be  identified  by  observing  identified  damping  ratios,  due  to  that  the 
"excitation  modes"  are  related  to  the  steady-state  responses  corresponding  to  persistent  (in  contrast  to  shock  or 
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impulse)  excitation  and  the  corresponding  damping  ratios  are  generally  close  to  zero  (i.e.,  showing  no  decay), 
while  the  damping  ratios  corresponding  to  the  vibrating  modes  of  damped  structures  are  normally  non-zero. 


5.  Numerical  Simulation 

To  demonstrate  the  effectiveness  of  the  proposed  method,  we  first  consider  a  linear  6-DOF  chain  model 
with  viscous  damping.  The  mass  matrix  M,  stiffness  matrix  K  ,  and  the  damping  matrix  C  of  the  system  are 
given  as  follows  • 


M  = 
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1-10  0  0  0 
-12-10  0  0 
0-12-10  0 
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0  0  0-13-2 
0      0      0      0-25 


N/m, 


C  =  0.05M  +  0.001K  +  0.2 


N  •  s  /  m. 


li, 


Note  that  because  the  damping  matrix  C  cannot  be  expressed  as  a  linear  combination  of  M  and  K  ,  the 
system  has  non-proportional  damping  (and  so  complex  modes  in  general).  Consider  that  the  ambient  vibration 
input  is  modeled  as  nonstationary  white  noise,  as  represented  by  the  product  model  or  the  additive  model,  given 
by  Eqs.(2)  and  (3),  respectively.  Using  Eqs.(2)  and  (3),  the  stationary  white  noise  simulated  is  multiplied  and 


added,      respectively,     by      an     amplitude-modulating      function    /,r()  =  4-(e' 


-0.002?  _     -0.004?  \ 
e  ) 


and 


trend 


function  aT(  )  =  50  •  (e~  f  -  e"  f)  to  obtain  the  nonstationary  white  noise  inputs,  which  act  on  the  sixth  mass  of  the 
system.  Note  that  the  stationary  white  noise,  whose  bandwidth  extends  well  past  all  the  frequencies  of  interest,  is 
generated  using  the  spectrum  approximation  method  [8]  as  a  zero-mean  band-pass  noise,  for  which  the  power 
spectral  density  constant  is  0.02  m2  /  (s3  •  rad)  with  a  frequency  range  from  0  to  50  Hz.  The  sampling  interval  is 
chosen  as  At  =  0.01  s  ,  and  the  sampling  period  is  T  =  1310.72s .  The  time  signal  of  a  simulated  sample  of  the 
nonstationary  white  noise  is  shown  in  Fig.  1 . 


400         600        800 
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(a) 


1000       1200 


400         600         800 
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1000       1200 


Fig.  1     Sample  function  of  non- stationary  white  noise  with  a  slowly- varying 
amplitude-modulating  function  or  trend  function, 
a)  product  model,  b)  additive  model 
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The  displacement  responses  of  the  system  were  obtained  using  Newmark's  method.  The  Ibrahim 
time-domain  method  is  then  applied  to  identify  the  modal  parameters  of  the  system.  By  examining  the  Fourier 
spectrum  associated  with  each  of  the  response  channels,  we  chose  the  response  of  the  sixth  channel  X6  (t) , 
which  contains  rich  overall  frequency  information,  as  the  reference  response  to  compute  the  correlation  functions 
of  the  system.  According  to  the  theory  presented  in  a  previous  section,  the  nonstationary  problem  may  reduce  to 
a  stationary  problem  if  we  can  extract  the  amplitude-modulating  function  from  the  original  nonstationary  data  in 
the  form  of  a  product  model.  Therefore,  we  can  follow  the  same  procedures  as  those  for  stationary  problems,  and 
the  correlation  functions  thus  obtained  are  treated  as  free-vibration  data.  The  Ibrahim  time-domain  method  could 
then  be  applied  to  identify  modal  parameters  of  the  system. 

Furthermore,  because  the  nonstationary  white-noise  input  can  be  expressed  as  a  sum  of  exponential 
functions,  according  to  the  theory  presented  in  another  previous  section,  we  can  thus  use  the  Ibrahim 
time-domain  method  in  conjunction  with  the  channel-expansion  technique  to  identify  the  major  modes  of  a 
structural  system  solely  and  directly  from  the  ambient  response  data.  The  results  of  modal-parameter 
identification  of  the  6-DOF  system  subjected  to  nonstationary  white-noise  input  in  the  form  of  a  product  model 
are  summarized  in  Tables  1  and  2,  which  shows  that  the  errors  in  natural  frequencies  identified  are  less  than  1  % 
and  the  error  in  damping  ratios  are  less  than  10%.  Note  that  the  "exact"  modal  damping  ratios  listed  in  Table  1 
and  2,  as  well  as  the  exact  mode  shapes,  are  actually  the  equivalent  values  obtained  by  using  ITD  from  the 
simulated  free-vibration  data  of  the  nonproportionally  damped  structure.  The  concepts  of  MSCCF  and  MAC  can 
be  employed  to  further  confirm  the  vibrating  modes  of  the  structural  system,  and  the  results  are  also  listed  in 
Tables  1  and  2.  In  general,  when  the  MAC  values  are  larger  than  0.9  and  the  MSCCF  values  are  closer  to  1,  the 
identified  results  can  be  referred  to  as  "accurate".  The  errors  of  identified  damping  ratios  and  mode  shapes  are 
somewhat  higher,  which  may  be  due  to  the  fact  that  the  system  response  generally  has  lower  sensitivity  to  these 
modal  parameters  than  to  the  modal  frequencies. 

Table  1  Results  of  modal-parameter  identification  of  a  6-DOF  system  subjected  to  nonstationary  white-noise 
input  in  the  form  of  a  product  model  through  the  correlation  method  in  conjunction  with  a  technique  of 
curve-fitting 


Natural  Frequency  (rad/s) 

Damping  Ratio  (%) 

Mode 

Exact 

ITD 

Error(%) 

Exact 

ITD 

Error(%) 

MAC 

1 

5.03 

5.03 

0.06 

5.24 

5.12 

2.29 

1.00 

2 

13.45 

13.43 

0.16 

1.07 

1.06 

0.93 

1.00 

3 

19.80 

19.74 

0.28 

1.13 

1.09 

3.54 

1.00 

4 

26.69 

26.53 

0.60 

1.43 

1.41 

1.40 

0.98 

5 

31.66 

31.41 

0.80 

1.66 

1.65 

0.60 

0.94 

6 

33.73 

33.38 

1.03 

1.74 

1.70 

2.30 

0.95 
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Table  2  Results  of  modal-parameter  identification  of  a  6-DOF  system  subjected  to  nonstationary  white -noise 
input  in  the  form  of  a  product  model  through  the  ITD  method  in  conjunction  with  a  channel-expansion 
technique 


Natural  Frequency  (rad/s) 

Damping  Ratio  (%) 

MSCCF 

Mode 

Exact 

ITD 

Error(%) 

Exact 

ITD 

Error(%) 

MAC 

1 

5.03 

5.06 

0.66 

5.24 

5.32 

1.56 

1.01 

0.99 

2 

13.45 

13.42 

0.23 

1.07 

1.14 

6.64 

1.01 

0.99 

3 

19.80 

19.77 

0.16 

1.13 

1.11 

1.49 

1.01 

0.99 

4 

26.69 

26.51 

0.69 

1.43 

1.32 

8.04 

1.01 

0.99 

5 

31.66 

31.43 

0.73 

1.66 

1.72 

3.55 

1.02 

0.99 

6 

33.73 

33.40 

0.99 

1.74 

1.81 

3.88 

1.02 

0.99 

The  results  of  modal-parameter  identification  of  the  6-DOF  system  subjected  to  nonstationary  white -noise 
input  in  the  form  of  an  additive  model  are  summarized  in  Table  3.  It  can  be  observed  that  the  result  of 
identification  is  still  satisfactory.  Note  in  the  present  method  that  it  is  significant  to  have  sufficiently  long 
measurement  data  in  order  to  reduce  the  error  due  to  noise  effect  in  the  process  of  modal-parameter  identification, 
especially  for  the  identification  of  damping  ratios.  In  addition,  to  improve  the  effectiveness  of  the  extended  ITD 
method,  we  can  use  a  data-expansion  matrix  X  with  more  measurement  channels.  The  corresponding  system 
matrix  A  determined  by  using  the  least-squares  method  will  lead  to  more  complete  and  accurate  modal 
parameters  of  a  system  Based  on  numerical  studies  of  this  paper,  the  results  of  modal-parameter  identification 

using  the  extended  ITD  are  satisfactory  with  the  selection  of  the  number  of  measurement  channels  of  X  being 
as   16m. 

Table  3  Results  of  modal-parameter  identification  of  a  6-DOF  system  subjected  to  nonstationary  white -noise 
input  in  the  form  of  an  additive  model  through  the  ITD  method  in  conjunction  with  a 
channel-expansion  technique 


Natural  Frequency  (rad/s) 

Damping  Ratio  (%) 

MSCCF 

Mode 

Exact 

ITD 

Error(%) 

Exact 

ITD 

Error(%) 

MAC 

1 

5.03 

5.12 

1.79 

5.24 

5.29 

0.95 

1.03 

1.00 

2 

13.45 

13.44 

0.07 

1.07 

0.90 

15.89 

1.02 

1.00 

3 

19.80 

19.77 

0.15 

1.13 

1.06 

6.19 

1.03 

1.00 

4 

26.69 

26.49 

0.75 

1.43 

1.27 

11.19 

1.04 

1.00 

5 

31.66 

31.45 

0.66 

1.66 

1.59 

4.22 

1.05 

1.00 

6 

33.73 

33.24 

1.45 

1.74 

2.06 

18.39 

1.06 

1.00 
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To  further  examine  the  effectiveness  of  the  proposed  method,  we  consider  the  previous  6-DOF  chain  model 
excited  by  a  vibration  practically  recorded  at  Sun-Moon  Lake  on  the  21th  September,  1999,  when  the  Chi-Chi 
Earthquake  of  a  moment  magnitude  7.6  occurred  in  central  Taiwan.  The  sampling  interval  and  period  of  this 
seismic  record  are  At  =  0.005  s  and  T  =  59.995s ,  respectively.  A  sample  of  the  seismic  record,  which  serves 
as  the  excitation  input  acting  on  the  sixth  mass  of  the  model,  is  shown  in  Fig.2.  The  displacement  responses  of 
the  system  were  obtained  using  Newmark's  method,  then  we  perform  the  modal-parameter  identification  using 
the  simulation  responses,  and  results  obtained  are  summarized  in  Table  4.  From  Table  4,  we  see  that  the 
identification  results  are  good.  It  indicates  that  when  the  practical  ambient  excitation,  such  as  earthquakes,  can  be 
approximately  expressed  as  the  composition  of  exponential  functions,  the  proposed  method  is  applicable  to 
identify  the  modal  parameters  of  a  structural  system  subjected  to  realistic  excitation. 

Table  4     Results  of  modal-parameter  identification  of  a  6-DOF  system  subjected  to  a  recorded  sample  of  the 
Chi-Chi  Earthquake  through  the  ITD  method  in  conjunction  with  a  channel-expansion  technique 


Natural 

Frequency  (rad/s)                        Damping  Ratio  (%) 

Mode 

Exact 

ITD 

Error(%)             Exact         ITD 

Error(% 

)         MSCCF 

MAC 

1 

5.03 

5.16 

2.66                 5.24         6.68 

27.54 

1.07 

0.98 

2 

13.45 

14.47 

7.61                  1.07          1.22 

13.90 

1.00 

1.00 

3 

19.80 

19.95 

0.76                  1.13          1.25 

10.98 

1.03 

1.00 

4 

26.69 

26.74 

0.19                  1.43          1.02 

28.64 

1.03 

0.98 

5 

31.66 

32.73 

3.38                  1.66          1.40 

15.52 

1.05 

0.99 

6 

33.73 

33.01 

2.15                  1.74          1.87 

7.32 

1.08 

1.00 
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Fig.  2     A  recorded  sample  of  the  Chi-Chi  Earthquake 


Recall  that  in  the  correlation  technique,  to  improve  the  accuracy  of  identified  modal  parameters,  it  is 
important  to  choose  a  proper  reference  channel  for  computing  correlation  functions.  The  richer  frequency  content 
the  reference  channel  has,  the  better  results  of  modal-parameter  identification  can  be  achieved.  By  using  the 
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extended  ITD  method  proposed  in  the  present  paper,  we  can  avoid  computing  correlation  functions  to  convert 
forced  responses  into  free  vibration.  Furthermore,  we  show  that  the  present  method  is  valid  for  general 
nonstaionary  input,  and  the  restriction  can  be  avoided  of  the  product  model,  which  was  employed  for  modeling 
ambient  excitation  assumed  to  be  nonstationary  white  noise. 
4.  Conclusions 

In  the  present  paper,  by  assuming  the  ambient  excitation  to  be  nonstationary  white  noise  in  the  form  of  a 
product  model,  the  modal  parameters  of  a  system  could  be  identified  through  the  correlation  method  in 
conjunction  with  a  technique  of  curve -fitting.  However,  the  error  involved  in  the  approximate  free-decay 
response  would  generally  lead  to  a  distortion  in  the  modal  parameters  of  identification.  Furthermore,  we  propose 
a  technique  to  extend  the  Ibrahim  time-domain  method  for  modal-parameter  identification  directly  and  solely 
from  nonstationary  ambient  vibration  data,  i.e.,  without  using  input  data  or  any  additional  treatment  of 
converting  the  original  forced-vibration  data  into  free  vibration.  It  is  shown  that,  under  appropriate  conditions, 
the  ambient  vibration  responses  corresponding  to  various  nonstationary  inputs  can  be  expressed  as  a  sum  of 
exponential  functions,  so  that  we  can  use  the  Ibrahim  time-domain  method  in  conjunction  with  the 
channel-expansion  technique  to  identify  the  major  modes  of  a  structural  system.  To  confirm  the  validity  of  the 
proposed  method,  numerical  simulations  have  been  performed  for  various  cases  in  which  the  systems  subjected 
to  nonstationary  white-noise  input  in  the  forms  of  a  product  and  an  additive  model,  respectively.  Furthermore,  to 
improve  the  effectiveness  of  the  extended  ITD  method,  we  use  a  data-expansion  matrix  with  more  measurement 
channels  such  that  the  corresponding  system  matrix  determined  by  using  the  least-squares  method  will  lead  to 
more  complete  and  accurate  modal  parameters  of  a  system.  By  using  the  extended  ITD  method  proposed  in  this 
paper,  we  can  avoid  computing  correlation  functions  to  convert  forced  responses  into  free  vibration.  Through 
numerical  examples,  including  one  example  of  using  practical  excitation  data,  we  show  that  the  present  method 
has  been  shown  to  be  valid  for  general  nonstaionary  ambient  input,  and  the  restriction  can  be  avoided  of  the 
product  model  for  modeling  ambient  excitation  assumed  to  be  nonstationary  white  noise. 

Acknowledgements 

This  research  was  supported  in  part  by  National  Science  Council  of  the  Republic  of  China  under  the  grant 
NSC-96-2221-E-006-188. 

References 

[1]  Ventura,  C.  E.,  Liam  Finn,  W.D.,  Lord,  J.-F.,  and  Fujita,  N.,  "Dynamic  Characteristics  of  a  Base 
Isolated  Building  from  Ambient  Vibration  Measurements  and  low  level  earthquake  shaking,"  Soil 
Dynamics  and  Earthquake  Engineering,  23  (4)  (2003),  pp.  313-322. 

[2]  Ren,  W.-X.,  Zatar,  W.,  and  Harik,  I.  E.,  "Ambient  Vibration-Based  Seismic  Evaluation  of  a 
Continuous  Girder  Bridge,"  Engineering  Structures,  26  (5)  (2004),     pp.  63 1-640. 


169 


[3]  Asmussen,  J.  C,  Ibrahim,  S.  R.  and  R.  Brincker,  "Random  Decrement  and  Regression  Analysis  of 
Bridges  Traffic  Responses",  Proceedings  of  the  14th  International  Modal  Analysis  Conference,  1 
(1996),  pp.  453-458. 

[4]  Ibrahim,  S.  R.  and  Mikulcik,  E.  C,  "A  Method  for  the  Direct  Identification  of  Vibration  Parameters 
from  Free  Response",  Shock  and  Vibration  Bulletin,  47  (4)  (1977),  pp.  183-198. 

[5]  James,  G.  H.,  Carne.  T.  G.  and  Lauffer,  J.  P.,  "The  Natural  Excitation  Technique  for  Modal  Parameter 
Extraction  from  Operating  Wind  Turbines",  SAND92-1666.  UC-261,  Sandia  National  Laboratories, 
1993. 

[6]  Chiang,  D.Y.  and  Cheng,  M.  S.,  "Modal  Parameter  Identification  from  Ambient  Response",  AIAA 
Journal  37  (1999),  pp.  513-515. 

[7]  Chiang,  D.  Y.  and  Lin,  C.  S.,  "Identification  of  Modal  Parameters  from  Ambient  Vibration  Data  Using 
Eigensystem  Realization  Algorithm  with  Correlation  Technique",  Journal  of  Mechanical  Science  and 
Technology,  24  (12)  (2010),  pp.  2377-2382. 

[8]    Shinozuka,  M.,  "Simulation  of  Multivariate  and  Multidimensional  Random  Processes",  Journal  of  the 

Acoustical  Society  of  America,  49  (1)  (1971),  pp.  357-367. 
[9]     Hsia,  T.  C,  "Least- Squares  Theory",  System  Identification:  Least-Squares  Methods,  Lexington 

Books,  Lexington,  Massachusetts,  1977,  pp.  17-32. 
[10]  Gao,  Y.  and  Randall,  R.  B.,  "The  ITD  Mode-Shape  Coherence  and  Confidence  Factor  and  Its 

Application  to  Separating  Eigenvalue  Positions  in  the  Z-Plane",  Mechanical  Systems  and  Signal 

Processing,  14  (2)  (2000),  pp.  167-180. 

[11]  Allemang,  R.  L.  and  Brown,  D.  L.,  "A  Correlation  Coefficient  for  Modal  Vector  Analysis", 
Proceedings  of  the  1st  International  Modal  Analysis  Conference,  Society  for  Experiment  Mechanics, 
Bethel,  CT,  1983,  pp.  110-116. 


High-Speed  Digital  Image  Correlation  Measurements  of  Random  Nonlinear 

Dynamic  Response 

Timothy  Beberniss,  Aerospace  Structures  Engineer,  Structural  Sciences  Center,  Air  Vehicles 

Directorate,  Air  Force  Research  Laboratory,  Wright-Patterson  AFB,  OH  45385 

Email  address:  timothy.beberniss@wpafb.af.mil 

Michael  Spottswood,  Senior  Aerospace  Structures  Engineer,  Structural  Sciences  Center,  Air  Vehicles 
Directorate,  Air  Force  Research  Laboratory,  Wright-Patterson  AFB,  OH  45385 

Thomas  Eason,  Senior  Aerospace  Structures  Engineer,  Structural  Sciences  Center,  Air  Vehicles 
Directorate,  Air  Force  Research  Laboratory,  Wright-Patterson  AFB,  OH  45385 


ABSTRACT 

Future  United  States  Air  Force  (USAF)  high-speed  vehicles  will  require  innovative,  non-contacting  full-field  measurement 
techniques  to  validate  analysis  and  design  practices.  In  this  experimental  investigation,  the  authors  explore  the  feasibility  of 
using  high-speed  3D  digital  image  correlation  (DIC)  to  measure  the  geometrically  nonlinear  and  stochastic  response  of  a 
compliant  panel  representing  thin-gauge  aircraft-like  structure.  Existing  measurement  techniques  typically  employed  for  this 
application  include  laser  vibrometry,  accelerometers,  and  discrete  strain  gages.  However,  these  approaches  are  limited  to  a 
few  points  or  direct  contact  resulting  in  altered  structural  response.  The  possibility  of  full-field  noncontact  displacement  and 
strain  measurement  is  an  attractive  alternative  for  this  type  of  dynamic  response  testing,  particularly  as  one  is  not  limited  to 
predetermined  sensor  location.  The  technical  challenges  of  using  DIC  for  this  application  include  extending  the  technique 
from  quasi-static  or  extremely  short  duration  transient  dynamic  measurement  technique  to  steady-state,  long-duration 
(seconds  of  data)  random  response.  Multiple,  long-time  sample  records  are  desired  for  ensemble  averaging,  and 
correspondingly  high  sample  rates  generate  appreciable  volumes  of  digital  images  never  before  attempted  with  this  type  of 
analysis.  DIC  displacement  and  strain  results  are  compared  to  the  more  traditional  measurement  methods  to  establish 
accuracy.  Results  demonstrate  the  feasibility  of  using  DIC  for  nonlinear  dynamic  displacement  and  strain  response 
measurements.  The  ability  to  obtain  full-field  displacement  data  was  beneficial  towards  identification  and  differentiation  of 
the  dynamic  panel  response  from  the  inherent  dynamic  response  of  the  experimental  facility. 

INTRODUCTION  &  BACKGROUND 

High-speed,  extreme-environment  air  vehicle  designs  require  structures  that  can  withstand  intense  loading.  Examples  include 
vehicles  exposed  to  launch,  sustained  hypersonic  velocities,  re-entry,  and  stealth  aircraft  with  buried  engines  and  ducted 
exhaust.  These  structural  designs  will  experience  extremely  hot,  transient  surface  temperatures  and  thermal  gradients, 
significant  dynamic  pressure  fluctuations,  and  long-duration  exposure  to  these  environments  [1].  Challenges  in  predicting 
the  response  of  structures  in  extreme  environments  include:  the  coupling  between  thermal -fluid- structural  response;  the 
computational  cost  and  complexity  of  large  models;  material  nonlinearity,  temperature  dependence  and  degradation;  the 
spatial  variation  of  material  and  structural  properties;  the  uncertainty  in  loads,  material  properties,  and  geometry  and 
boundary  conditions.  Compounding  these  analysis  and  design  challenges  are  the  failure  modes  of  high-speed  vehicle 
structures.  These  structures  can  fail  in  high-cycle  fatigue  due  to  severe  aero-acoustic  and  mechanical  vibration  loading,  in 
low-cycle  fatigue  due  to  thermal  and  mechanical  loading,  and  by  material  degradation  or  oxidation  due  to  the  extreme 
thermal  environment  [2]. 

The  AFRL  Air  Vehicles  Directorate,  Structural  Sciences  Center  (SSC)  seeks  to  identify  those  characteristics  of  high-speed 
vehicle  structures  at  the  panel  level  and  corresponding  extreme-environments  that  necessitate  a  multi-disciplined  analysis.  A 
multi-discipline,  coupled  capability  will  be  necessary  for  certain  vehicle  applications  and  structural  configurations  in  order  to 
accurately  predict  the  response  and  life.  In  particular,  it  will  be  advantageous  to  understand  where  one  or  two-way  domain 
coupling  is  required  (or  not)  to  better  understand  and  expand  the  design  space.  The  design  of  these  extreme  environment 
structures  is  driven  by  the  trajectory  and  mission  requirements,  the  selection  of  a  particular  vehicle,  and  the  specific  location 
on  that  vehicle.    Arriving  at  an  efficient  design  is  difficult  because  the  analysis  and  design  methods  used  in  industry  are 
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typically  single-discipline  and  often  rely  on  superposition.  That  is,  the  worst-case  loading  scenarios  from  each  domain  are 
superposed  resulting  in  structures  that  are  many  times  over-built.  For  this  class  of  vehicles,  overly  conservative  structural 
designs  correspondingly  pare  back  performance  and  oftentimes  for  hypersonic  vehicle  programs,  result  in  programs  being 
canceled.  Perhaps  the  most  important  factor  to  facilitate  a  better  understanding  for  the  design  process  is  a  series  of 
progressively  more  complex  experiments  designed  to  reproduce  the  critical  and  potentially  damaging  characteristics  of  high- 
speed flight.  A  technical  challenge  to  overcome  in  this  type  of  experimentation  is  adequate  instrumentation  resolution  to 
thoroughly  capture  the  important  phenomena  while  also  not  interfering  and  perhaps  even  contaminating  the  results. 

One  of  the  focuses  of  this  study  is  to  present  and  discuss  a  novel  use  of  3D  DIC  in  a  dynamic,  extreme -environment  setting  as 
a  means  to  address  the  instrumentation  technical  challenge.  Specifically,  the  experimental  full-field  DIC  based  displacement 
and  strain  response  of  a  compliant  panel  representing  aircraft-like  thin-gauge  panel  to  the  effects  of  high-speed  flow  will  be 
demonstrated  for  long  time  records.  Full-field  displacement,  strain  and  load  measurements  are  desired  in  experiments,  but 
are  oftentimes  not  available.  Those  experiments  that  do  take  advantage  of  full-field  measurements  are  usually  quasi-static  or 
very  short-duration  vibratory  or  transient  events  [3,4,5,6].  For  those  dynamic  experiments  that  do  require  long  time  record 
measurements  for  data  processing  in  the  frequency  domain,  and  to  make  stochastic  process  assumptions  like 
stationarity/ergodicity  [7],  single  point  measurements  are  traditionally  made  using  accelerometers  and  laser  vibrometry.  The 
use  of  DIC  for  full-field,  structural  panel-scale  measurements  for  finite  time  records  is  very  challenging  due  to  the  inordinate 
amounts  of  data  processing  involved.  Avitabile  et.  al.  successfully  used  DIC  to  measure  structural  mode  shapes,  and 
compared  the  technique  and  results  to  traditional  modal  testing  techniques  [8].  They  note  that  optical  techniques,  unlike 
more  traditional  modal  testing  techniques,  can  have  noise-floor  issues  for  higher-frequency  modes  of  vibration  as  the 
displacements  are  quite  small.  Siebert  and  Crompton  [9]  used  DIC  for  vibration  and  transient  testing.  They  demonstrate  the 
ability  to  capture  operational  deflection  shapes  for  several  different  structures  excited  at  resonance. 

In  order  to  study  the  full-field  structural  response  to  an  extreme -environment,  a  joint  experiment  is  being  conducted  between 
the  AFRL  SSC  and  the  Propulsion  Directorate's  large  scale  supersonic  combustion  research  facility[10]  abbreviated  herein  as 
RC-19  test  facility.  The  RC-19  test  facility  is  a  continuous-flow  wind  tunnel  designed  to  study  the  mechanisms  that  govern 
the  mixing  and  combustion  process  for  realistic  supersonic  combustor  geometries.  For  this  set  of  experiments,  the  5  inch  by 
6  inch  test  section  with  the  Mach  2  nozzle  was  utilized  along  with  the  large  optical  access  side  walls.  This  feature  was 
advantageous  for  visualizing  the  flow  environment  and  for  obtaining  the  spatial  and  temporal  pressure  loads  over  the  surface 
of  the  compliant  panel  using  a  fast  response  pressure  sensitive  paint  [11]  on  the  flow  side.  The  purpose  of  this  RC-19 
experiment  is  two-fold:  1)  to  investigate  the  high-speed  flow  effects,  including  shock  impingement,  on  the  response  of  a 
flexible,  thin-gauge  metallic  panel,  and  2)  to  explore  and  extend  where  necessary,  full-field  measurement  techniques  in  order 
to  capture  the  dynamic  loading  and  nonlinear  response  of  the  panel  in  this  high-speed  flow  environment.  The  overarching 
issues  to  be  addressed  in  this  experimental  program  include:  1)  the  turbulent  boundary  layer  and  shock 
impingement/oscillation  effects  on  a  thin  panel,  2)  a  measure  of  the  flow-induced  pressure  correlation  across  the  panel,  and  3) 
a  measure  of  the  impact  on  the  loading  (if  any)  due  to  the  introduction  of  a  flexible  panel  into  the  flow. 

EXPERIMENTAL 

The  RC-19  test  facility  provides  an  opportunity  to  study  the  effects  of  a  turbulent  boundary  layer  and  shock  impingement  on 
the  dynamic  response  of  the  plate  for  a  substantial  duration  of  time.  A  sectional  view  of  the  tunnel  and  arrangement  of  the 
compliant  panel  and  shock  generator  is  shown  in  figure  1.  For  the  compliant  panel  test  the  normal  top  wall  of  the  tunnel's  test 
section  was  replaced  with  three  sections.  The  first  section  is  located  at  the  inflow  and  contains  pressure  ports  before  the 
compliant  panel.  The  second  section  contains  the  compliant  panel  while  the  third  section  terminates  the  top  wall  to  the 
exhaust  and  contains  ports  to  a  cavity  located  behind  the  panel.  The  shock  generator  that  is  placed  in  the  bottom  wall  of  the 
tunnel,  shown  in  block  3  of  figure  1,  turns  the  flow  in  a  continuous  fashion  between  0  and  10  degrees.  The  turbulent 
boundary  layer  without  the  shock  generator  develops  naturally  within  the  tunnel.  When  the  shock  generator  turns  the  flow,  a 
shock  is  impinged  on  the  opposite  wall  at  a  location  determined  by  the  shock  generator's  angle  and  placement  in  the  various 
block  locations.  The  turbulent  boundary  layer  and  shock  impingement  imparts  a  random  fluctuating  pressure  load  on  the 
panel  exciting  it  dynamically.  This  dynamic  response,  at  sufficiently  high  levels  can  result  in  high  cycle  fatigue  in  thin 
skinned  aircraft  structures.  A  full  investigation  of  the  compliant  panel's  dynamic  response  requires  careful  characterization 
of  the  incoming  loads  as  well  as  the  dynamic  characteristics  of  the  panel.  While  this  paper  is  focused  on  the  use  of  digital 
image  correlation  to  obtain  the  dynamic  response  of  a  compliant  panel  with  random  excitation,  a  brief  overview  of  additional 
measurements  is  given  below  to  characterize  the  loads  introduced  into  the  compliant  panel. 
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There  were  three  primary  sources  of  load  introduction  to  the  compliant  panel:  1)  the  background  mechanical  vibrations  from 
the  tunnel,  2)  the  fluctuating  pressure  from  the  shock  impingement/boundary  layer,  and  3)  the  thermally  generated  load  from 
the  temperature  variance  between  the  compliant  panel  and  its  frame.  In  order  to  assess  the  mechanical  vibrations  from  the 
tunnel,  15  single  axis  accelerometers  and  2  tri-axial  accelerometers  were  spatial  distributed  along  the  top  and  side  walls  of  the 
tunnel.  This  distribution  of  accelerometers  was  determined  from  modal  characterization  of  the  tunnel.  Before  the  introduction 
of  airflow,  a  combination  of  a  roving  instrumented  hammer  and  laser  vibrometer  was  used  to  measure  the  tunnel  modal 
characteristics.  During  testing,  and  to  characterize  the  fluctuating  pressure  on  the  compliant  panel,  a  fast  response  pressure 
sensitive  paint  was  applied  to  the  flow  side.  Additionally,  static  and  dynamic  pressure  measurements  were  obtained  upstream 
of  the  panel  as  well  as  in  the  back-side  cavity  of  the  compliant  panel.  Temperature  was  monitored  at  one  location  on  the 
compliant  panel  and  one  corresponding  location  on  the  compliant  frame  throughout  the  test  using  K  type  thermocouples. 
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Shock  Generator  in  Block  #3 

Fig.  1  Section  view  of  tunnel  with  the  shock  generator  shown  in  block  #3 


TEST  ARTICLE  AND  INTEGRATION  INTO  TUNNEL  WALL 


In  order  to  directly  expose  the  compliant  panel  to  the  fluctuating  pressure  of  the  tunnel,  the  panel  formed  a  section  of  the 
tunnel  top  wall.  This  posed  some  design  challenges  in  terms  of  the  tunnel  start-up  conditions,  operating  conditions,  desired 
panel  dynamic  response,  and  minimization  of  step  transitions  between  the  top  wall  and  panel  leading  edge.  On  tunnel  start- 
up, the  exhaust  section  reduces  the  pressure  to  approximately  0.2  atm.  The  tunnel  is  then  started  by  allowing  an  inflow  of  air. 
The  large  pressure  differential  created  between  normal  atmospheric  pressure  on  the  back  side  and  vacuum  conditions  on  the 
flow  side  would  yield  the  test  panel  even  before  the  introduction  of  the  desired  fluctuating  pressures.  Therefore  a  cavity  was 
designed  on  the  back  side  of  the  panel  and  vented  to  the  tunnel  pressure  through  ports  located  in  the  third  top  wall  section 
positioned,  just  downstream  of  the  compliant  panel.  A  19  mm  thick  quartz  window  (GE  124)  was  used  on  the  top  wall  of  the 
cavity  to  allow  proper  field  of  view  by  the  DIC  cameras  and  laser  vibrometer.  An  assembly  view  of  the  middle  portion  of  the 
test  section  top  wall  is  shown  in  figure  2.  When  the  tunnel  is  operating  without  the  shock  generator,  the  pressure  differential 
between  the  top  and  bottom  of  the  panel  is  negligible.  When  the  flow  is  turned  with  the  shock  generator,  the  pressure 
upstream  of  the  shock  line  remains  nearly  constant  but  increases  downstream  of  the  shock  line,  with  a  corresponding  increase 
in  pressure  in  the  cavity  behind  the  panel.  This  pressure  differential  directly  influences  the  deformed  shape  that  the  compliant 
panel  vibrates  about.  In  the  initial  design  of  the  compliant  panel,  tunnel  start-up  and  shock  impingement  were  critical  load 
cases  from  a  static  yield  strength  perspective.  Tunnel  start-up  issues  were  mitigated  through  the  use  of  the  cavity  to  equalize 
the  front  and  back  side  pressure  on  the  plate.  The  desired  dynamic  response  of  the  plate  was  guided  by  what  is  traditionally 
thought  of  as  sonic  fatigue  issues  that  can  occur  in  aircraft  structures.  High-cycle  or  sonic  fatigue  occurs  in  thin,  lightly 
damped  aircraft  structures  with  vibrational  modes  below  500  Hz  -  these  modes  represent  greater  deflection  and  stress  states. 
Therefore,  the  compliant  panel  was  designed  to  contain  three  modes  below  500  Hz.  Satisfying  this  requirement  in  the  space 
available  in  the  width  of  the  top  wall  of  the  tunnel  constrained  the  panel  length  and  thickness.  Step  height  transitions  were 
minimized  by  making  the  top  wall  insert  shown  figure  2  vertically  adjustable  with  jacks  crews  to  bring  the  compliant  panel 
flush  with  the  other  sections  of  the  top  wall.  Additionally  the  panel  was  bonded  to  the  compliant  panel  frame  using  Hysol 
EA-9394  structural  paste  adhesive  to  avoid  further  disturbing  the  flow  from  fasteners.  The  compliant  panel  is  305  mm  long 
by  152  mm  constructed  from  AISI  4130  chromoly  steel  sheet  0.635  mm  thick.  The  bonding  area  between  the  compliant  panel 
and  frame  reduce  the  effective  vibration  area  to  254  mm  long  by  127  mm  wide. 
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Fig.  2  Top  wall  middle  section  assembly 

EXPERIMENTAL  SET-UP  AND  PROCEDURE 

The  dynamic  response  of  the  compliant  panel  was  measured  primarily  using  3D  DIC  and  laser  vibrometry,  shown  in  relation 
to  the  tunnel  in  figure  3.  Additionally,  a  strain  gage  was  placed  mid  way  down  the  length  of  the  plate  near  the  edge  to  monitor 
the  load  conditions  at  the  bond  line.  The  3D  DIC  system  consists  of  two  Photron  Fastcam  SA5  high-speed  cameras  with  32 
GB  of  internal  memory  each  for  the  optical  hardware.  ARAMIS,  a  commercial  3D  DIC  software  by  Trilion  Quality  Systems, 
was  used  to  calibrate  and  analyze  the  images.  The  calibration  followed  the  procedure  recommended  by  ARAMIS  using  a 
250  x  200  mm  calibration  panel  at  a  standoff  distance  of  533  mm.  The  calibration  summary  reported  that  the  cameras  were 
angled  at  15  degrees  with  respect  to  panel's  normal  with  a  measuring  volume  of  400  by  415  by  415  mm  and  a  deviation  of 
0.025  pixels.  A  frame  rate  of  5000  fps  was  used  with  an  image  resolution  of  640  by  352  pixels  allowing  for  20.8  seconds  of 
images  to  be  recoded  using  Photron  Fastcam  viewer  software  version  3.27.  As  is  standard,  a  TTL  trigger  was  used  to 
synchronize  the  cameras.  To  minimize  unwanted  external  heating  of  the  compliant  panel,  two  LED  light  systems  were  used. 
The  primary  light  source  was  a  LED  panel  light  from  Litepanels  model  5600K  lxl  bifocus  variable  flood.  A  banner  white 
high  intensity  area  light  model  LEDRA70D4-XQ  was  also  used  to  minimize  shadows  from  the  cavity  walls  on  the  panel.  A 
Polytec  Laser  Vibrometer  with  the  OVF  552  Fiber  Optical  Interferometer  head  and  OFV  5000  controller  was  used  to  measure 
plate  velocity.  The  vibrometer  system  was  used  in  single  point  absolute  mode  with  the  tracking  filter  off  and  sensitivity  set  at 
1000  mm/s/V.  The  laser  fiber  head  was  attached  to  the  tunnel  top-wall  in  an  effort  to  make  relative  measurements,  and 
cancel  out  tunnel  vibration  effects  on  the  panel  velocity  measurement.  A  laser  retro-reflective  target  was  placed  at  the  panel 
%-point  so  as  to  observe  most  modes  below  1000  Hz. 

The  experimental  procedure  began  with  tunnel  start-up  as  described  previously,  and  by  setting  the  inlet  total  pressure  to  2.65 
atm.  This  resulted  in  a  static  pressure  on  the  panel  of  0.34  atm  with  the  shock  generator  at  0  degrees.  The  inflowing  air  was 
not  heated  creating  a  static  temperature  of  -112  °C.  This  resuled  in  a  panel  equilibrium  temperature  of  0.5  °C.  Test 
measurements  did  not  begin  until  the  frame,  initially  at  room  temperature,  and  panel  temperature  differential  reached  6.5  °C. 
This  temperature  difference  resulted  in  a  tensile  preload  on  the  panel,  slightly  altering  the  dynamic  response.  Once  a  stable 
temperature  difference  was  achieved,  the  cameras  were  triggered  and  images  were  recorded  for  20.8  seconds.  At  the  same 
time,  the  laser  vibrometry  data  and  strain  gage  data  were  recorded  on  a  separate  data  acquisition  system  for  60  seconds  of 
time  at  a  sampling  rate  of  10  kHz.  The  shock  generator  angle  was  increased  in  2  degree  increments,  and  the  process  was 
repeated  until  the  shock  generator  reached  10  degrees. 
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Fig.  3  Overview  of  the  experimental  set-up 

HIGH-SPEED  3D  DIGITAL  IMAGE  CORRELATION  PROCEDURE 

Due  to  the  stochastic  nature  of  the  Mach  2  turbulent  flow  across  the  face  of  the  compliant  panel  specimen  resulting  in 
potential  nonlinear  transverse  response,  long  time  records  are  required  for  sufficient  averaging  as  previously  discussed.  For 
these  reasons  traditional  2D  low-speed  DIC  is  completely  ineffective,  and  the  more  recent  3D  high-speed  DIC  developments 
have  generally  been  grossly  inefficient.  A  search  of  the  literature  reveals  little  to  no  high-speed  DIC  application  in  the  realm 
of  random,  nonlinear  dynamic  response.  Therefore,  the  technical  challenges  associated  with  generating  tens  or  even 
hundreds  of  thousands  of  image  files  needed  to  create  a  sufficiently  long  time  record  while  also  achieving  accuracy  levels  on 
the  order  of  the  displacements  associated  with  high  cycle  fatigue  vibrations  is  a  difficult  prospect  at  best.  Given  the  0.635 
mm  thickness  of  the  panel  specimen,  purely  linear  out-of-plane  peak  response  levels  are  on  the  order  of  0.1  mm  or  less. 
Unfortunately,  the  out-of-plane  noise  floor  achievable  with  high-speed  DIC  is  typically  upwards  of  40  urn  [8].  These 
relatively  high  noise  levels  are  often  less  than  a  full  order  of  magnitude  below  typical  linear  out-of-plane  vibration  response 
of  a  clamped  thin  plate.  One  of  the  largest  contributors  to  optical  measurement  techniques  accuracy  is  the  type  and  quality  of 
visual  tracking  medium  employed  [3,12].  Therefore,  for  the  current  study  several  types  of  speckle  patterns  and  optical  targets 
were  investigated  for  the  lowest  attainable  noise  floor. 

When  the  endeavor  of  high-speed  3D  DIC  for  random  nonlinear  response  was  initiated  for  the  current  study  the  true  full-field 
displacement  and  strain  typical  of  DIC  was  not  the  goal.  Instead  a  grid  pattern  of  discrete  points  that  could  be  used  for  a 
more  traditional  multi-input,  multi-output  (MIMO)  modal  test  was  desired.  This  somewhat  more  traditional  technique 
minimized  what  could  be  viewed  as  the  inordinate  amount  of  unnecessary  data  considering  the  sheer  volume  of  measurement 
points  created  when  the  full-field  of  view  is  used.  The  DIC  analysis  software  package,  ARAMIS,  uses  overlapping  facets 
with  the  size  and  degree  of  overlap  selectable  by  the  user,  across  the  entire  selected  area.  This  blanketing  of  measurement 
points  is  perhaps  ideal  for  coupon  sized  specimens  however,  on  the  scale  of  an  entire  panel  this  process  can  become 
cumbersome.  Another  optical  measurement  technique  software  package,  PONTOS,  uses  retro-reflective  target  dots  on  a  flat 
black  background  for  multiple  discrete  point  measurement  and  could  be  considered  a  more  traditional  photogrammetry 
method.  Using  yet  another  software  tool  developed  for  real-time  DIC  analysis  that  combines  the  capabilities  of  both  the 
ARAMIS  and  PONTOS  systems,  a  load  server  was  developed  at  the  request  of  AFRL  to  facilitate  processing  the  thousands 
and  even  hundreds  of  thousands  of  high-speed  images  that  would  be  required  for  nonlinear  random  response. 

The  early  attempts  at  high-speed  3D  DIC  for  this  study,  which  concentrated  on  an  array  of  discrete  photogrammetry  type 
targets,  can  be  seen  in  figure  4.  The  retro-reflective  material  used  for  the  photogrammetry  targets  are  essentially  identical  to 
those  used  for  laser  vibrometry.    The  possibility  of  measuring  displacement  with  photogrammetry  and  velocity  with  a  laser 
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vibrometer  at  a  coincident  point  makes  comparison  between  the  two  methods  considerably  more  direct.  However,  two 
significant  issues  arose  with  the  photogrammetry  approach.  First  the  noise  floor  achieved  was  not  appreciably  below  the 
response  levels  of  the  plate  during  initial  low-level  modal  testing  [0,  1000  Hz].  Secondly,  the  DIC  algorithm  employed  to 
visually  track  the  target  shared  with  the  laser  vibrometry  system  was  essentially  confused  by  the  laser  footprint  on  the  target. 
Subsequently,  the  photogrammetry  system  attempted  to  track  the  laser  reflection  and  not  the  actual  target  area  negating  the 
desired  coincident  point  comparison.  A  study  to  compare  the  effectiveness  of  photogrammetry  and  several  different  speckle 
patterns  for  dynamic  DIC  was  therefore  undertaken. 


Fig.  4  Compliant  panel  specimen  with  photogrammetry  targets 

Digital  image  correlation,  especially  in  the  2D  low-speed  configuration,  has  been  implemented  and  refined  for  fracture 
mechanics  over  the  span  of  the  last  two  decades.  Typically  a  multilayered  coating  of  black  and  white  flat  paint  is  applied  to 
create  a  relatively  fine  random  gray  scale.  Recent  work  in  dynamic  DIC  has  tended  to  gravitate  to  a  more  course  black  and 
white  random  pattern  achieved  with  white  paint  base  and  small  black  permanent  marker  dots  with  random  spacing  [8].  To 
investigate  the  various  types  of  DIC  patterns,  three  distinctly  different  3  by  3  cm  speckle  patterns  were  applied  to  a  spare 
compliant  panel  specimen  as  seen  in  figure  5.  On  the  left  is  the  more  traditional  quasi-static  type  multilayered  pattern.  In  the 
center  is  the  coarser  black  marker  speckle  pattern  and  on  the  right  in  a  very  fine  single  layer  black  on  white  pattern  created  by 
spattering  with  a  fine  bristle  brush.  The  goal  was  to  attempt  a  coarse,  medium,  and  fine  speckle  pattern  and  determine 
through  a  single  simultaneous  test  of  the  three,  which  pattern  best  suited  the  linear  random  vibration  response  noise  floor 
requirements  for  modal  testing. 


Fig.  5  DIC  speckle  patterns  investigated  (a)  multilayered  black  and  white  spattered;  (b)  white  base  with  black  permanent 
marker  dots;  (c)  single  coat  of  finely  sprayed  black  on  white  background 


177 

A  low-level  random  response  test  was  then  conducted  on  the  compliant  panel  specimen  as  it  was  suspended  from  the  corners 
of  the  frame  to  create  a  clamped-clamped  boundary  condition  on  the  plate,  and  a  free-free  condition  on  the  frame.  Low-level 
random  acoustic  excitation  was  applied  to  the  panel  from  0  to  1000  Hz.  Response  was  measured  with  the  SA5  high  speed 
cameras  at  a  resolution  of  512  x  360  pixels  and  a  rate  of  5000  frames  per  second.  This  camera  configuration  generated 
124,252  frames  equating  to  25  seconds.  To  decrease  the  time  required  to  download  such  a  large  number  of  images,  the  data 
was  left  in  a  binary  format  until  it  could  later  be  converted  to  a  usable  format.  Since  the  system  is  stereoscopic,  reducing  the 
time  required  to  offload  the  images  even  further  was  accomplished  by  using  two  computers  to  download  from  the  cameras 
simultaneously.  Despite  these  time-saving  techniques,  a  single  test  run  at  the  above  settings  still  required  30  minutes  of 
image  download  time.  The  binary  images  were  then  converted  to  8  bit  TIFFs  at  a  later  date  so  multiple  test  runs  could  be 
recorded  in  a  relatively  short  period  of  time.  For  the  photogrammetry  case,  the  21  points  seen  in  figure  4  were  discretely 
analyzed  for  out-of-plane  displacement.  For  the  DIC  cases,  each  speckle  pattern  had  a  single  15  by  15  pixel  facet  analysis 
area  within  the  3  cm  square.  The  calculated  noise  floor  for  the  cases  was  then  compared.  The  photogrammetry  had  a  noise 
floor  of  approximately  40  urn.  The  very  fine  pattern  on  the  right  and  typical  quasi-static  pattern  on  the  left  in  figure  5  both 
had  a  noise  floor  on  the  order  of  20  |um.  The  course  pattern  in  the  middle  achieved  a  noise  floor  of  1 0  |um  and  was  therefore 
deemed  the  most  accurate  for  this  application.  A  modal  identification  test  of  the  compliant  panel  specimen  was  actually 
attempted  with  the  photogrammetry  test  data  using  the  21  discrete  points  to  construct  panel  mode  shapes;  however,  the  panel 
response  was  not  sufficiently  above  the  noise  floor.  Therefore,  the  same  reflective  targets  were  instead  used  in  combination 
with  the  laser  vibrometer  to  construct  the  first  six  panel  mode  shapes  seen  in  figure  6.  It  is  believed  with  the  proper  test 
parameters  a  low-level,  linear,  full  modal  identification  test  from  0-1000  Hz  could  ultimately  be  achieved  with  high  speed 
DIC  and  is  a  subject  for  future  exploration. 

SBLl  Bonded  Plate  Modes  Shapes,  0.025"  #2 
Mode  1  -  244  Hz  Mode  2  -  323  Hz 


* 


Mode  3- 449  Hz  Mode  4- 620  Hz 


M± 


Mode  5  -  690  Hz  Mode  6  -  861  Hz 


STJ 


Fig.  6  Compliant  panel  specimens  experimentally  measured  first  six  mode  shapes 

Based  on  the  information  gained  from  the  DIC  speckle  pattern  study  it  was  determined  the  more  course  black  marker  on 
white  paint  background  pattern  would  produce  the  most  accurate  results  for  the  RC-19  compliant  panel  wind  tunnel 
experiment.  To  avoid  an  unnecessary  increase  in  an  already  time  consuming  and  computationally  intensive  measurement 
process,  the  entire  panel  was  not  patterned.  For  instance,  the  displacement  near  the  panel  boundary  is  small  compared  to  the 
center  region  and  therefore  much  closer  the  known  noise  floor  limitations  of  DIC.  Therefore,  21,  1  by  1  cm  discrete  speckle 
areas  were  applied  to  the  center  region  of  the  panel  as  seen  in  figure  7.  The  speckle  pattern  was  applied  in  discrete  areas  to 
facilitate  data  reduction  and  ease  of  processing  while  still  providing  sufficient  levels  of  spatial  resolution  to  identify  excited 
deflected  shapes  during  the  wind-tunnel  tests.  A  photogrammetry  target  was  placed  at  a  strategic  point  where  most  plate 
modes  below  1000  Hz  could  be  measured  with  a  laser  vibrometer  and  potentially  directly  compared  to  photogrammetry 
displacement  at  that  point.  The  strain  gage  location  was  also  given  a  speckle  pattern  for  a  direct  comparison  of  the  strain 
gage  and  DIC  computed  strain.   For  the  discussion  of  results,  it  should  be  noted  the  long  edge  of  the  panel  is  considered  the 
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x-axis  and  the  short  edge  is  the  y-axis.    Therefore,  the  pattern  in  the  lower  left  corner  of  figure  7  is  considered  point  1  and 
point  2  is  directly  to  the  right.  The  pattern  in  the  upper  right  corner  is  then  considered  point  2 1 . 


Fig.  7  Compliant  panel  specimen  installed  in  RC-19  test  section  with  (a)  discrete  speckle  pattern  regions  and  (b) 

photogrammetry  target 


TEST  RESULTS 


The  preliminary  compliant  panel  tests  in  the  RC-19  wind  tunnel  used  only  the  strain  gage  and  the  single  vibrometer  point  to 
monitor  and  record  panel  response.  The  lack  of  spatial  resolution  this  created,  combined  with  the  varying  temperature 
difference  between  the  frame  and  panel  and  little-understood  dynamic  pressure  across  the  face  of  the  plate,  proved 
overwhelming  when  plate  mode  identification  under  these  conditions  was  first  attempted.  The  spatial  resolution  achievable 
with  DIC,  although  never  before  attempted  under  these  conditions,  ultimately  proved  invaluable  to  understanding  the 
complex  plate  response. 

As  mentioned  previously,  the  most  difficult  hurdle  in  the  implementation  of  3D  high-speed  DIC  measurement  of  a  compliant 
panel  subjected  to  such  an  extreme  environment  is  the  combination  of  resolution,  sample  rate,  and  length  of  time  record 
required.  Traditional  DIC  only  requires  perhaps  a  few  hundred  images  for  processing  fracture  tests  which  is  achievable  with 
low-speed  cameras.  Transient  dynamic  analysis  requires  high-speed  imaging,  but  is  typically  limited  to  several  thousand 
images  over  the  span  of  milliseconds.  Until  recently,  the  sheer  volume  of  images  required  for  the  current  application  was 
simply  insurmountable.  As  an  example  a  1 -second  snapshot,  2-second  snapshot,  and  full  20.8  second  time  record  of  panel 
displacement  measured  with  DIC  for  a  steady-state  run  condition  in  the  RC-19  tunnel  is  presented  in  figure  8.  At  5000 
frames  per  second  and  a  resolution  of  640  x  352  pixels,  the  1 -second  snapshot  required  the  storage,  download,  conversion, 
and  analysis  of  5000  image  files.  This  volume  of  images  is  already  at  or  even  more  likely  beyond  what  is  typically  attempted 
with  DIC  analysis  software.  As  can  be  seen  in  figure  8(a)  the  lack  of  sufficient  averages,  needed  due  to  the  stochastic  nature 
of  the  panel  response,  results  in  little-to-no  useful  information  obtained  from  the  power  spectral  density  (PSD). 

Until  just  recently  the  limit  of  a  high-end,  high-speed  camera  memory  was  about  4  GBs  of  storage  capacity.  Therefore,  the 
length  of  the  time  record  snapshot  can  be  increased  to  2-seconds  and  the  result  for  this  approximate  maximum  time  record  for 
a  4  GB  camera  is  shown  in  figure  8(b).  There  is  a  slight  improvement  in  the  resolution  of  panel  response;  however,  the 
amount  of  information  that  can  be  gleaned  from  these  results  is  still  marginal.  Major  peaks  can  be  seen  and  are  assumed  to 
be  the  first  4  modes  of  the  panel,  but  the  room  for  error  in  mode  identification  is  still  well  above  acceptable  levels.  Figure 
8(c)  shows  the  full  20.8  second  time  record  achieved  with  32  GBs  of  memory  per  camera  available  with  the  SA5.  Distinctive 
peaks  are  now  visible  and  lower  amplitude  response  not  seen  before  is  now  able  to  be  evaluated. 
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Fig.  8  DIC  displacement  PSD  from  (a)  1  second  5000  frame  time  record  (b)  2  second  10,000  frame  time  record  and  (c)  20.8 

second  101,661  frame  time  record 

Armed  with  an  appropriately  averaged  PSD  of  panel  displacement  response  at  several  points  across  the  plate  center  region, 
the  question  of  DIC  data  reliability  must  be  addressed.  The  response  from  the  strain  gage  along  the  plate  edge  for  a  60- 
second  time  record  can  be  seen  in  figure  9.  Unfortunately,  the  DIC  speckle  pattern  over  the  strain  gage  was  below  the  noise 
floor  when  attempts  were  made  to  evaluate  it  for  either  displacement  or  strain.  An  attempt  was  then  made  to  evaluate  strain 
at  panel  point  4  and  the  results  are  shown  in  figure  10.  Even  at  this  point  where  displacement  at  each  facet  is  able  to  be 
evaluated  and  remains  well  above  the  noise  floor,  the  difference  in  displacement  is  below  the  noise  floor  once  again.  Strictly 
for  comparison  of  general  trends  to  verify  the  measured  response  with  DIC,  the  displacement  at  point  4  is  shown  in  figure  1 1 . 
The  trend  of  the  data  between  the  strain  gage  in  figure  9  and  DIC  displacement  in  figure  1 1  is  clearly  very  similar  despite 
being  almost  2  cm  apart  across  a  high  gradient  region.  The  strong  similarity  between  the  two  readings  supports  the  validity 
of  the  DIC  displacement  results. 


The  laser  vibrometer  measurement  at  the  retroreflective  marker  and  the  DIC  displacement  from  point  1 0  can  be  seen  in  figure 
12.  The  vibrometer  velocity  has  been  integrated  and  is  presented  as  displacement.  Again  bearing  in  mind  these  data  are  at 
slightly  different  points  on  the  panel,  the  similarity  in  general  trends  and  even  amplitudes  further  increases  the  confidence  in 
the  DIC  measurements.  The  amplitude  of  the  largest  peak  in  the  response  of  the  DIC  data  is  only  slightly  higher  than  that  of 
the  vibrometer  data.  This  slight  increase  would  be  expected  since  the  DIC  measurement  point  is  about  1  cm  further  inward 
from  the  panel  edge  where  displacement  goes  to  zero.  As  with  previous  attempts  at  direct  comparison,  the  DIC  analysis 
software  was  unable  to  track  the  photogrammetry  target  with  the  vibrometer  laser  reflection  making  a  direct  comparison 
unsuccessful.  It  is  believed  in  the  future  the  laser  light  could  be  filtered  out  of  the  DIC  image  to  overcome  the  interference. 
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Fig.  9  Uni-axial  strain  gage  measurement  PSD  at  center  of  plate,  long  edge 


500 
Frequency  (Hz) 


Fig.  10  DIC  strain  measurement  PSD  at  speckle  point  4 
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Fig.  11  DIC  displacement  measurement  PSD  at  speckle  point  4 


-  Vibrometer  Intergated  Velocity 

-  DIC  Displacement  Point  10 


100 


200 


300 


400       500       600 
Frequency  (Hz) 


700 


S00 


900 


1000 


Fig.  12  PSD  of  integrated  vibrometer  velocity  (-)  and  DIC  displacement  measurement  at  point  10  (-) 
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With  confidence  that  the  DIC  measurements  have  at  least  been  indirectly  supported  by  both  the  laser  vibrometer  and  strain 
gage  measurements,  the  next  task  was  to  actually  interpret  the  panel  response.  With  all  21  points  of  displacement  response 
data  across  the  center  region  of  the  panel  successfully  evaluated  for  all  test  runs,  adequate  and  consistent  spatial  resolution 
was  achieved.  Since  at  the  time  of  this  publication  the  varying  pressure  load  on  the  face  of  the  plate  was  not  yet  known, 
modal  identification  of  the  panel  while  under  the  various  wind  tunnel  conditions  had  to  be  attempted  with  only  the  panel 
response.  One  means  to  shed  light  on  the  spatial  distribution  of  the  various  peaks  of  the  DIC  displacement  PSDs  is  to 
systematically  march  along  one  of  the  line  of  points  on  the  panel  and  note  the  amplitude  of  the  response  at  that  point  with 
respect  to  the  points  surrounding  it.  Beginning  with  a  few  points  along  the  plate  centerline  in  the  x  direction  in  figure  13 
there  are  several  characteristics  to  note.  First,  the  amplitude  of  the  largest  peak  at  265  Hz  increases  from  point  8,  closest  to 
the  short  edge  on  the  left,  to  the  plate  center  at  point  11.  The  response  then  decreases  again  at  point  14  nearest  the  short  edge 
on  the  right  side.  This  general  trend  of  increasing  and  decreasing  response  towards  a  peak  at  the  center,  coupled  with  the 
panel  modal  results  before  installation  in  the  RC-19  test  section  in  figure  6,  would  indicate  that  this  is  the  panel  first  mode. 
The  increase  of  about  20  Hz  between  the  initial  modal  results  and  the  RC-19  test  results  can  most  likely  be  attributed  to  the 
aforementioned  6.5  °C  temperature  difference  between  the  panel  and  frame.  This  negative  temperature  delta  would 
effectively  pre-stress  the  panel  and  increase  the  frequencies.  Also  of  note  is  the  response  peak  at  approximately  360  Hz.  The 
response  at  the  panel  center  point  drops  out  almost  completely  at  this  frequency  indicating  that  it  is  likely  located  at  a  node 
line.  Furthermore,  the  points  on  either  side  of  the  node  line  have  nearly  identical  amplitude.  Again,  looking  at  the  initial 
modal  results  in  figure  6  and  the  center  node  line  behavior  represented  in  the  displacement  PSD,  this  is  clearly  the  panel 
second  mode.  The  third  major  peak  at  about  515  Hz  in  figure  13  would  then  be  the  third  panel  mode  as  each  measurement 
point  is  predictably  at  each  of  the  three  regions  of  highest  displacement  for  this  mode.  The  fourth  panel  mode  should  not  be 
seen  in  this  figure  as  all  points  fall  on  the  node  line.  At  just  over  700  Hz,  a  mode  with  a  node  line  along  the  center  can  once 
again  be  seen  indicating  this  is  likely  the  fifth  panel  mode. 
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Fig.  13  DIC  displacement  measurements  PSD  along  the  panel  center  line,  x  direction 
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Fig.  14  DIC  displacement  measurement  PSD  along  panel  centerline,  y  direction 

Figure  14,  representing  the  three  points  along  the  panel  centerline  in  the  y-direction,  further  supports  the  conclusions  drawn 
from  the  previous  figure.  The  first  peak  at  265  Hz  once  again  has  peak  amplitude  at  the  center  and  slightly  lower  and  equal 
amplitude  above  and  below.  The  peak  at  360  Hz  is  essential  gone  representing  the  node  line  of  the  second  mode.  The  peak 
at  515  Hz  is  once  again  seen  at  nearly  equal  amplitude  at  all  three  points  with  the  highest  at  the  center  due  to  the  center  anti- 
node  of  the  third  mode.  At  600  Hz  the  fourth  mode  can  now  be  clearly  seen  and  the  expected  node  line  at  the  center  point 
where  the  amplitude  disappears.  The  fifth  mode  at  715  Hz  is  now  no  longer  visible  due  to  the  vertical  node  line  at  the  center. 
To  add  further  spatial  information,  in  figure  1 5  are  three  points  along  the  bottom  edge  in  the  x  direction.  The  center  node  line 
is  once  again  seen  in  the  second  (360  Hz)  and  fifth  (715  Hz)  modes  as  the  response  amplitude  greatly  decreases  further 
supporting  the  conclusions  drawn  from  the  previous  two  figures.  Nearly  all  the  points  along  the  centerline  in  the  x  direction 
are  shown  in  figure  1 6  to  add  yet  more  support  to  the  mode  identification  with  even  greater  spatial  resolution.  Amplitudes 
increase  and  then  decrease  as  you  move  along  the  length  of  the  panel  as  expected  and  mode  four  (600  Hz)  is  predictably  not 
present  at  every  point. 


The  importance  of  the  spatial  resolution  generated  by  DIC  for  panel  mode  identification  while  subjected  to  the  RC-19 
running  conditions  can  also  be  noted  by  the  various  smaller  peaks  around  100  Hz,  450  Hz,  and  850  Hz.  Any  one  of  these 
peaks  could  have  potentially  been  mistaken  for  panel  mode  response  due  to  the  fluctuating  pressures  from  the  turbulent  flow 
when  in  fact  they  are  largely  artifacts  of  the  chaotic  environment  created  by  a  continuous  flow  Mach  2  wind  tunnel. 
Understandably  RC-19  was  not  originally  designed  with  vibration  testing  in  mind.  For  instance  the  peak  just  below  100  Hz 
is  the  tunnels  first  bending  mode  as  seen  with  the  array  of  accelerometers  attached  to  the  outer  tunnel  walls.  The  sharp  peak 
at  about  120  Hz  is  actually  flicker  in  the  LCD  lights  from  the  AC  power  source.  Attempts  will  be  made  in  future  tests  to 
eliminate  this  noise  through  the  use  of  battery  powered  LEDs.  The  peak  at  850  Hz  is  actually  a  mode  in  the  apparatus  used  to 
suspend  the  two  cameras  above  the  test  section  as  seen  in  the  acceleration  data  from  a  tri -axial  accelerometer  mounted  to  the 
camera  crossbar. 
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Fig.  15  DIC  displacement  measurement  PSD  along  panel  bottom  edge,  x  direction 
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Fig.  16  DIC  displacement  measurement  PSD  along  panel  center  line,  x  direction 
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Finally,  with  confidence  in  the  identification  of  the  plate  modes  while  under  fluctuation  pressure  loads  from  the  Mach  2  flow 
of  the  wind  tunnel,  some  insight  can  now  be  gained  into  the  effect  of  a  shock  impinging  on  the  plate  with  the  use  of  the 
variable-angle  shock  generating  wedge.  Looking  at  figure  17  the  blue  line  is  the  baseline  condition  with  the  wedge  at  0 
degrees.  The  first  mode  peak  at  265  Hz  is  relatively  sharp  and  could  be  considered  generally  linear.  The  peak  displacement 
for  the  0  degree  case  is  0.29  mm  which  is  just  under  half  a  plate  thickness.  The  green  line  is  the  plate  response  when  the 
shock  generating  wedge  is  raised  to  10  degrees.  Using  Schlieren  shock  visualization  techniques  in  preliminary  tests  it  was 
seen  that  this  shock  wedge  angle  produced  a  shock  impingement  at  about  the  panel  quarter  point  in  the  x-direction.  The  most 
notable  conclusion  from  these  results  is  the  significant  change  in  panel  response  induced  by  the  shock  impingement. 
Consider  the  first  mode  response  in  particular.  The  displacement  response  was  linear,  or  nearly  so  for  the  0  degree  case, 
while  at  the  10  degree  shock  generator  angle  the  first  mode  peak  has  both  increased  and  broadened  in  frequency.  This 
response  is  the  hallmark  of  acoustic  fatigue,  and  is  associated  with  a  transition  to  a  hard-spring  Duffmg-type  nonlinear 
response.  Furthermore,  the  peak  panel  displacement  for  the  10  degree  case  increased  from  0.29  mm  to  0.63  mm,  which  is 
nearly  a  plate  thickness.  A  rule  of  thumb  employed  to  determine  nonlinearity,  is  displacement  response  equal  to  or  above  one 
plate  thickness.  These  initial  experimental  results,  intended  to  determine  the  validity  of  DIC  for  these  test  conditions,  are 
encouraging.  This  measurement  technique  will  be  very  useful  in  studying  shock  boundary  layer  interaction  (SBLI)  on  a 
compliant  panel  investigation  for  future  RC-19  experiments. 
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Fig.  17  DIC  displacement  measurement  PSD  at  panel  center  (-)  0  degree  shock  wedge  angle  and  (-)  10  degree  wedge  angle 
CONCLUSIONS 

Extreme  environment  experimentation  produces  many  challenges  in  the  measurement  of  representative  thin-gauge  aircraft 
panel  dynamic  response.  Validating  computational  response  prediction  tools  is  difficult  when  only  one  or  two  discrete 
measurement  points  are  available.  The  expected  nonlinear  structural  response  adds  complexity  to  the  problem,  further 
necessitating  full-field  measurement  techniques.  Abundant  and  reliable  information  describing  panel  response  due  to  shock 
boundary  layer  interaction  will  be  required  to  design  durable  yet  lightweight  hypersonic  aircraft  structure.  This  information 
could  be  realized  given  robust  full-field  measurement  techniques.  DIC  offers  intriguing  measurement  possibilities  assuming 
the  numerous  technical  challenges  can  be  overcome. 


Determining  which  DIC  specific  parameters  best  suit  the  current  application  is  critical.   Tradeoffs  between  resolution,  frame 
rate,  and  length  of  required  time  record  must  be  considered.    Various  measurement  "targets"  have  both  advantages  and 
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disadvantages  for  different  conditions.  For  the  current  study,  the  time  record  length  and  measurement  location  preparation 
proved  to  be  the  most  critical  for  the  refinement  of  random  displacement  response  and  noise  floor  considerations 
respectively.  Both  were  successfully  achieved  for  simultaneous  displacement  measurement  of  21  points  on  a  compliant 
metallic  panel  specimen,  which  replaced  a  portion  of  a  supersonic  wind  tunnel  test  section  wall  during  continuous  Mach  2 
flow  operation.  DIC  trends  compared  well  to  both  discrete  vibrometry  and  strain  gage  measurements.  Spatial  resolution  was 
achieved  to  a  degree  that  the  identification  of  panel  vibratory  modes  was  possible  at  both  linear  and  nonlinear  response 
levels.  With  the  capability  to  identify  panel  modes  under  various  conditions,  a  shock  boundary  layer  interaction  investigation 
can  successfully  proceed.  However,  to  date  DIC  strain  measurement  at  or  near  the  panel  root  was  not  successful  for  current 
test  conditions,  and  further  noise  floor  refinement  will  be  required. 

Future  work  will  include  more  investigations  into  methods  to  increases  DIC  measurement  accuracy.  Specimen  preparation, 
camera  equipment  selection  and  configuration,  lighting  techniques,  and  test  environment  integration  all  have  a  profound 
effect  on  the  quality  of  DIC  results.  Further  refinement  of  the  processes  involved  in  storing,  downloading,  converting,  and 
analyzing  massive  quantities  of  image  files  also  needs  to  be  addressed  to  enable  a  sufficient  number  of  runs  during  a  single 
wind  tunnel  test.  While  real-time  high-speed  3D  DIC  data  analysis  is  unlikely  soon,  it  would  be  beneficial  to  analyze 
portions  of  the  DIC  data  during  testing. 
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ABSTRACT 

Modal  testing  of  an  extremely  flexible  self-rigidizing  inflatable  torus  with  regular  pattern  of  hexagonal 
domes  was  carried  out.  For  the  first  time  the  feasibility  of  using  a  non-contact  in-house  fabricated 
electromagnetic  excitation  in  modal  testing  of  such  an  ultra-flexible  inflatable  structure  was  investigated. 
Non-contact  transducers,  laser  displacement  sensors,  were  used  in  this  study.  Non-contact  excitation  and 
measurement  technique  were  used  to  avoid  frequency  shift  problems  due  to  inertial  loading  on  the 
structure.  Within  the  frequency  bandwidth  of  1-25  Hz,  four  in-plane  and  four  out  of  plane  modes'  damped 
natural  frequencies  were  extracted  and  compared  with  prior  studies. 

1.  Introduction 

The  antenna  design  requirements  for  satellites  drove  their  size  to  dimensions  that  could  not  be  deployed 
into  space  using  solid  parts.  This  problem  introduced  a  revolutionary  change  in  satellite  design.  It  was 
suggested  that  inflatable  portions  be  used  instead  of  large  rigid  antennas. 

Inflatable  structures,  also  known  as  Gossamer  or  membrane  structures  have  attracted  much  interest  in  space 
applications  such  as  large  telescopes,  antennas,  solar  sails,  sun  shields,  and  solar  thermal  propulsion.  These 
structures  possess  many  advantageous  properties  such  as  ultra-lightweight,  small  stowage  volume  (packing 
efficiency),  high  strength-to-mass  ratio,  low  overall  space  program  cost,  design  flexibility,  and  on-orbit 
deployability  [1,  2].  Inflatable  structures  can  also  reduce  the  total  system  mass.  Since  they  have  very  few 
mechanical  components,  they  are  of  lower  deployment  complexity,  and  thus  higher  reliability  [2,  3]. 

The  three  main  components  of  several  gossamer  communication  or  imaging  satellites  are  inflatable  struts, 
an  inflatable  torus  as  the  structural  support  components  and  some  sort  of  lens,  aperture,  or  array  housed 
inside  the  torus  boundary.  The  circular  or  elliptical  torus  provides  the  boundary  for  any  housed  membrane 
or  lens,  and  it  ties  together  the  satellite  or  craft  supporting  struts  [4,  5].  Fig.  1  shows  the  In-Space 
Technology  Experiments  Program  (IN- STEP)  of  Inflatable  Antenna  Experiment  (IAE)  which  was 
performed  in  1996  by  L'Garde  and  NASA  JPL  together  [6]. 

It  is  anticipated  that  the  harsh  environment  of  space,  intense  temperature  differentials  and  micrometeorite 
bombardment,  will  most  likely  threaten  the  pressurized  satellite  components.  Typically,  the  gossamer 
structures  need  to  maintain  their  internal  pressure  to  keep  their  structural  stiffness.  Though,  chances  that 
meteoroid  or  other  objects  impact  the  structure  are  very  low,  it  is  desirable  that  the  structure  become 
rigidized  after  deployment.  Hence,  there  would  be  no  need  to  maintain  the  internal  pressure  to  keep  the 
structural  shape. 

Addressing  the  rigidization  issue,  United  Applied  Technologies  (Huntsville,  AL,  USA)  designed  and 
manufactured  a  new  thin  film  casting  process  for  toroidal  satellite  component,  which  once  inflated  could  support 
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its  own  structural  shape  even  when  its  internal  pressure  was  released.  The  flat  thin  sheets  of  Kapton  300JP®  were 
formed  into  curved  thin  films  with  regular  pattern  of  hexagonal  domes.  The  inflated  self-rigidizing  torus, 
SRT,  could  support  its  own  structural  shape  even  when  there  was  no  internal  pressure,  due  to  the  additional 
stiffness  provided  by  the  pushed  out  hexagonal  domes. 


LIGHT  PANELS 


INFLATABLE  STRUT 


ANTENNA  MEMBRANE 
REFLECTOR 

'INFLATABLE  TORUS 

Fig.  1      Experimental  orbital  configuration  of  inflatable  antenna  used  in  IAE  [6] 


The  inflated  antenna  must  maintain  a  desired  surface  accuracy  in  order  to  focus  all  the  incoming  light  and 
microwave  on  a  receiver.  The  vibration  of  satellite  distorts  the  antenna  surface,  thus  making  it 
dysfunctional  for  a  certain  amount  of  time.  Attenuating  these  disturbances  is  crucial  to  maintaining  the 
satellite  performance.  Besides  using  mechanisms  to  maintain  the  antenna  surface  accuracy,  one  possible 
way  to  attenuate  the  inflatable  antenna  overall  vibration  is  to  control  the  vibration  of  its  main  support 
system,  i.e.,  the  inflated  torus. 

Many  investigations  have  been  performed  on  the  pressurized  inflatable  satellite  components,  particularly 
the  toroidal  one  [7-17].  The  research  on  unpressurized  satellite  components,  such  as  the  SRT,  is  limited 
only  to  the  two  following  works. 

In  2004,  Ruggiero  et  al.  [18]  performed  experimental  modal  analysis  of  a  SRT,  using  an 
electromagnetic  shaker  and  two  sets  of  accelerometer,  single  input  multiple  outputs  (SIMO).  They 
measured  three  out-of-plane  and  one  in-plane  mode  frequencies.  In  2006,  Song  et  al.  [19]  used  a 
sub  woofer  to  acoustically  excite  the  SRT  structure.  The  torus'  displacement  response  was  acquired  by  laser 
displacement  sensor,  SISO.  They  captured  three  out-of-plane  and  two  in-plane  modes.  In  both  previous 
studies  on  the  SRT,  the  inflation  nozzle  was  left  open  to  the  atmospheric  pressure  which  made  the  SRT  opt 
to  wrinkle  and  sag  in  the  gravity  force  presence. 

There  are  a  number  of  unresolved  issues  in  the  existing  experimental  modal  analysis  techniques  related  to 
the  excitation  and  sensing  methodologies.  Previous  modal  experiments  of  the  SRT  were  not  successful  in 
detecting  all  of  the  first  three  in-plane  modes.  Considerable  improvements  in  the  modal  experiment  can  be 
achieved  by  employing  non-contacting  excitation  and  sensing  transducers,  which  is  precisely  the  case  in  the 
present  research. 
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2.  Experimental  setup 

2.1.         Test  structure 

Three  SRT  prototypes  were  designed  and  manufactured  at  the  United  Applied  Technologies  (Huntsville, 
Alabama).  The  first  two  SRT  were  used  by  Ruggiero  et  al.  [18]  and  Song  et  al.  [19],  respectively.  The 
structure  which  is  used  in  this  research  is  the  third  SRT  prototype. 

The  tested  structure  was  an  extremely  flexible  self-rigidizing  inflatable  torus.  The  181cm  ring  diameter  and 
22  cm  tube  diameter  torus  was  constructed  of  thin  films  of  Kapton  300JP®.  The  flat  76  micrometer  thick 
Kapton®  sheets  were  formed  into  curved  46  micrometer  thin  films  with  regular  pattern  of  hexagonal 
domes  of  32.5  micrometer  thickness,  Fig.  2(a).  The  top  and  bottom  of  the  torus,  which  each  were 
constructed  from  seven  joined  segments  at  shear  seams,  were  joined  together  at  the  inner  and  outer  peel 
seams  (flaps)  to  form  the  complete  torus,  Fig.  2(b).  The  "3M  scotch- weld  epoxy  adhesive  2216  B/A 
translucent®"  was  used  to  join  these  14  segments. 

Ideally,  in  the  absence  of  the  gravity  force,  the  inflated  torus,  due  to  the  additional  stiffness  provided  by  the 
pushed  out  hexagonal  domes,  could  support  its  own  structural  shape  even  when  there  was  no  internal 
pressure.  The  geometric  properties  of  the  SRT  are  provided  in  Table  1. 

The  test  structure  was  suspended  horizontally  from  the  lab's  ceiling  at  six  equally  spaced  points  using 
3.3  meter  long  suspension  systems,  as  shown  in  Fig.  2(a).  A  very  soft  spring  suspension  system  was  used  to 
provide  the  lowest  possible  rigid  body  frequencies  while  having  the  strength  to  suspend  the  test  article 
above  the  floor.  Each  suspension,  which  consisted  of  a  series  of  one  slinky,  two  soft  springs  and  two 
rubber  bands,  was  attached  to  the  torus  through  holes  located  in  the  outer  circumferential  peel  seams 
(flaps).  The  measurements  were  performed  after  the  rubber  bands  were  allowed  to  creep  for  more  than  two 
weeks. 

Once  suspended,  the  torus  was  inflated  by  a  small  aquarium  pump.  Using  a  pressure  regulator,  the  pressure 
was  maintained  below  1379  Pa.  The  amount  of  pressure  was  monitored  by  a  monometer.  Thereafter,  the 
supply  pump  was  removed  and  the  inflation  nozzle  was  left  open  to  the  atmospheric  pressure  to  allow  the 
internal  pressure  to  become  equal  to  the  atmospheric  pressure.  Leaving  the  air  nozzle  open  to  the 
atmospheric  pressure  had  challenges.  The  inflatable  torus  hardly  could  maintain  its  shape  long  enough  for 
one  continuous  set  of  measurement,  i.e.,  due  to  the  earth's  gravity,  it  rapidly  wrinkled  and  sagged.  Hence, 
using  the  regulator,  a  very  small  internal  pressure  of  149.3  Pa  could  be  maintained  during  the  experiment  to 
prevent  the  sag  and  wrinkle  of  the  torus.  The  leakage  flow  rate  was  slow  enough  to  allow  useful 
measurement. 


peel  seam!' 


(a)  (b) 

Fig.  2      The  self-rigidizing  inflatable  torus,  (a)  Complete  torus;  (b)  Peel  and  shear  seams 
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The  pendulum  and  plunge  (bouncing  up  and  down)  frequencies  of  the  test  structure  were  found  to  be 
0.27Hz  and  0.29Hz,  respectively.  It  was  expected  that  the  first  natural  frequency  would  be  between  2.0  to 
3.0  Hz  [18,  19].  Hence,  the  suspension  frequencies  were  less  than  ten  percent  of  the  first  natural  frequency 
and  therefore  in  an  acceptable  range.  To  reduce  the  mass  loading  effect  of  the  air  tube,  the  tube  was 
suspended  freely  from  a  stand.  In  order  to  minimize  the  effect  of  the  air  current  disturbance  over  the  SRT, 
all  the  air  ventilation  ducts  of  the  lab  were  blocked,  and  the  air  conditioner  was  turned  off  during  the 
measurements. 


Table  1   Geometric  properties  of  the  SRT 


Property 

Value 

Film  thickness 

46xl0"6m 

Ring  radius 

0.907  m 

Tube  radius 

0.111m 

Average  shear  seam  width 

0.021  m 

Average  peel  seam  width 

0.051m 

Average  shear  and  peel  seam  thickness 

2.88xl0"4m 

Average  overlapped  shear  and  peel  seam  thickness 

4.48xl0_4m 

Hexadome  width  (major  radius) 

7xl0"3m 

Hexadome  height 

3xl0"3m 

Hexadome  thickness 

32.5xl0"6m 

Gap  between  the  adjacent  hexadomes 

lxl0"3m 

Mass 

0.560  kg 

2.2.         Excitation  and  Sensing  Setup 

Considering  the  low  stiffness  and  high  flexibility  of  inflatable  structures,  the  choice  of  suitable  sensing  and 
actuation  systems  in  the  dynamic  testing  was  limited.  The  extremely  flexible  nature  of  the  SRT  caused 
point  excitation  to  result  in  only  local  deformation;  hence  the  excitation  method  should  be  cautiously 
selected. 

Using  the  contact  excitation  systems  would  have  had  drawbacks.  For  instance,  had  an  electromagnetic 
shaker  as  the  excitation  system  been  used  and  the  input  energy  is  not  properly  distributed  throughout  the 
structure,  the  shaker  could  have  pierced  or  ripped  the  membrane  [20].  Considering  the  very  low  mass  of  the 
SRT,  employing  smart  materials  as  actuators  or  sensors  would  have  caused  frequency  shift.  The  same 
reasoning  applies  with  the  application  of  accelerometer  as  a  sensor.  Therefore,  a  noncontact  actuation  and 
sensing  system  was  employed  in  the  present  study. 


2.2.1.      Excitation  Setup 

The  test  structure  was  excited  via  a  non-contacting  electromagnetic  exciter.  An  in-house  fabricated 
electromagnet  was  made  out  of  four  layers  of  28  gauge  copper  wire  on  an  iron  core.  The  core  had  a  4.5  mm 
diameter  and  was  47  mm  long.  The  electromagnet  was  placed  close  to  the  test  structure  where  a  strong 
permanent  Rare  Earth  magnet  was  attached  to  the  torus.  In  order  to  reduce  the  effect  of  local  deformation 
of  the  very  flexible  membrane  of  the  SRT,  the  9.54  mm  in  diameter  magnet  was  attached  to  the  torus  by 
means  of  a  2.5cm  by  3.5  cm  double  sided  exterior  mounting  tape.  By  this  modification,  the  excitation 
energy  was  distributed  to  a  larger  area  of  the  SRT  surface  and  the  global  bending  modes  of  the  structure 
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were  excited  without  causing  local  excitation  (deformation.)  The  magnet  had  5  mm  thickness,  and  weighed 
2.69  grams,  which  was  approximately  0.5%  of  the  torus  weight.  The  configuration  of  the  electro -magnetic 
excitation  system  is  illustrated  in  Fig.  3. 

A  time-changing  current  applied  to  the  electromagnetic  exciter  resulted  in  a  time -changing  magnetic  field. 
Hence  the  excitation  system,  without  even  coming  into  contact  with  the  SRT,  applied  significant  forces  to 
it.  Since  the  deflected  modes  were  in  a  different  orthogonal  direction,  the  magnet  was  attached  at  the  outer 
surface  of  the  torus  at  an  approximate  45  degree  angle  with  respect  to  the  peel  seam,  Fig.  2(b),  to  excite  all 
the  modes.  While  it  was  impossible  to  keep  the  distance  between  the  solenoid  and  magnet  constant  at  all 
time,  an  effort  was  done  to  maintain  this  gap  at  approximately  3  cm. 


Solenoid 

PffjP? 

|  [Out  of  plane  W 

' '  '£ 

Bin-plane 

Fig.  3      Electromagnetic  excitation  setup 


Fig.  4      Electromagnetic  exciter  and  load  cell  ensemble 


2.2.2.      Sensors 

As  noncontact  measurement  transducers,  laser  displacement  sensors  were  used  to  avoid  the  stiffness  of 
instrumentation  wiring  as  well  as  frequency  shift  problem  associated  with  the  inertial  loading  and  damping 
on  the  structure.  The  laser  measurement  system  was  very  versatile,  which  allowed  easy  changing  of  the 
location  and  number  of  the  measurement  points. 


Two  Keyence  laser  triangulation  displacement  sensor  head  LK-G82  and  a  common  controller  LK-G3001 
were  used.  Since  measurement  of  the  force  applied  to  the  torus  was  impossible,  the  reaction  of  the  force  on 
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the  core  of  electromagnet  was  measured  using  an  Interface  MB-5  Miniature  Beam  load  cell.  The  strain 
gage  based  load  cell  was  isolated  from  the  electromagnetic  field  of  the  solenoid  by  an  18  cm  aluminium 
bar,  Fig.  4.  The  load  cell  was  placed  between  the  isolation  aluminium  bar  and  an  aluminium  bracket.  The 
bracket  was  clamped  to  a  rigid  stand. 

In  order  to  capture  the  scaled  mode  shapes,  drive  point  measurement  was  necessary.  The  modes  of  interest 
were  ring  modes,  i.e.,  in-plane  and  out-of-plane  motions  of  the  torus.  The  directions  of  the  in -plane  and  out 
of  plane  measurements  are  shown  in  Fig.  3.  For  each  of  the  in-plane  and  out-of-plane  measurements, 
displacement  was  measured  by  roving  the  laser  displacement  sensors  at  14  evenly  spaced  points  along  the 
inner  surface  and  top  of  the  structure,  respectively,  Fig.  5.  The  drive  point  measurement  was  taken  at 
location  1. 

Response  measurements  on  the  surface  of  the  SRT  were  complicated  by  the  fact  that  the  Kapton®  film  is 
optically  transparent,  which  allowed  much  of  the  laser  light  to  pass  through  the  test  article.  Preliminary  test 
proved  that  by  attaching  reflective  tape  at  the  measurement  points,  a  better  coherence  could  be  achieved. 
Henceforth,  reflective  tapes  were  used  at  all  measurement  points  which  added  a  total  of  approximately  8  grams 
to  the  mass  of  the  torus,  which  was  1.4%  of  the  torus  mass. 

3.  Noncontact  Testing  and  Data  Analysis 

3.1.         Experimental  Procedure 

Careful  selection  of  excitation  signal  (specific  length  and  bandwidth)  was  found  to  be  critical  for  a  flexible 
inflatable  torus  when  trying  to  obtain  reliable  vibratory  responses  with  reasonable  accuracy. 

Since  by  narrowing  down  the  bandwidth,  sufficient  input  energy  could  be  provided  to  the  entire  structure 
and  the  global  modes  would  be  excited,  a  periodic  chirp  signal  was  used  for  the  input  signal.  The  periodic 
chirp  signal  could  characterize  the  nonlinearity  and  it  is  leakage  free  (self-windowing)  and  had  the  best 
signal  to  noise  ratio  characteristic  when  compared  to  other  type  of  excitation  signals. 

The  analog  chirp  signal  of  1  to  25  Hz  was  generated  using  Matlab  Signal  Processing  Toolbox  for  periods  of 
10  seconds.  The  chirp  signal  was  fed  to  a  National  Instrument  card  PCI-6024E.  Thereafter,  the  signal  was 
fed  to  a  power  amplifier,  Panasonic  RAMSA  WP-1200,  and  the  voltage-adjusted  signal,  3.4  V,  was  sent  to 
the  electromagnetic  exciter.  This  voltage  was  selected  based  on  the  experimental  study  that  a  voltage  above 
3.4  V  would  have  burned  the  solenoid.  The  data  collected  from  the  laser  displacement  sensors  and  load  cell 
were  sent  back  into  the  National  Instrument  card,  and  the  signal  processing  was  performed  with  Matlab  Signal 
Processing  Toolbox.  The  cut-off  frequency  for  the  low  pass  filters  of  displacement  sensors  was  30  Hz.  To 
remove  the  effect  of  the  rigid  body  modes,  a  fourth  order  digital  high  pass  Butterworth  filter  with  the  cut 
off  frequency  of  1  Hz  was  used. 

The  internal  pressure  was  maintained  at  approximately  149.3  Pa,  with  the  room  temperature  being  kept  at 
approximately  26  degrees  Celsius  during  the  experiment.  There  was  no  control  on  the  humidity. 

The  frequency  of  the  pump  diaphragm  was  measured  at  60  Hz.  Any  effect  of  the  pump  on  the  frequency 
response  functions  would  therefore  have  appeared  at  60Hz,  which  was  above  the  desired  frequency  range 
of  1  to  25  Hz.  In  a  preliminary  test,  no  noticeable  effect  of  pump  noise  and  the  air  flow  into  the  structure 
was  found  on  the  measurement  of  frequency  response  function. 

Owing  to  the  current-squared  nature  of  the  generated  magnetic  force,  even  a  single  frequency  sinusoidal 
input  signal  to  the  electromagnet,  results  in  a  complex  periodic  force  signal  [21].  All  frequency  response 
function  measurements  were  estimated  using  the  H\  estimation  algorithm,  which  cancels  noise  at  the 
output.  The  measurement  sampling  frequency  was  2000  Hz  and  no  windowing  was  used. 
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D        In-plane  sensor  location 

O       Out  of  plane  sensor  location 
•       Drive  point 

■        Suspension  point 

Fig.  5  A  sketch  of  the  SRT,  showing  the  14  locations  of  the  sensors  as  well  as  the  suspension  points 
around  the  perimeter.  The  solid  and  dashed  radial  lines  are  the  connection  shear  seams  in  the  top  half  and 
bottom  half  of  the  SRT,  respectively 


In  the  signal  processing  phase,  both  cyclic  (linear)  and  power  spectra  averaging  was  used.  In  each 
measurement,  one  block  of  excitation  took  place  without  acquiring  the  associated  input  and  output  data, 
i.e.,  one  delay  block.  This  caused  the  transient  response  to  any  start  or  change  in  the  periodic  excitation  to 
decay  out  of  the  response  signals,  so  both  the  input  and  outputs  signals  would  be  periodic  within  the 
observation  period  [22].  Each  delay  block  was  equal  to  the  observation  period,  10  seconds.  To  reduce  the 
possible  leakage  error,  cyclic  averaging  of  the  time  domain  data  was  employed.  After  the  delay  block,  four 
continuous  blocks  of  time  data,  i.e.,  excitation  and  responses,  were  captured  and  linearly  averaged.  Hence, 
the  total  test  time  for  each  cyclic  average  was  five  continuous  blocks  of  data. 
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In  the  estimation  of  the  frequency  response  function,  linear  (stable)  spectral  averaging  was  performed  to 
remove  the  variance  error  due  to  extraneous  random  noise  and  randomly  excited  nonlinearities.  Twelve 
ensemble  of  delay  and  captured  data  blocks  were  used  in  the  spectral  averaging  of  the  cross  and  auto  power 
spectra. 

Coherence  function  was  used  to  determine  the  effectiveness  of  the  excitation  in  these  tests.  The  coherence 
was  examined  for  each  data  block.  Any  broadband  drop  in  coherence  denoted  poor  excitation.  When  this 
occurred,  the  measurement  was  discarded  and  repeated. 

3.2.         Nonlinearity  Detection 

The  inflatable  torus  was  assumed  to  be  nonlinear.  While  keeping  the  internal  pressure  at  approximately 
149.3  Pa,  the  lightly  pressurized  torus  was  excited  at  two  different  levels  of  excitation  of  1 .8  and  3.4  V.  The 
excitation  level  of  1.8  V  was  the  lowest  voltage  that  could  excite  the  torus  globally,  i.e.  180  degree  from  the 
drive  point  about  the  torus  ring  section.  As  mentioned  in  the  previous  section,  the  3.4V  excitation  was  the 
highest  voltage  could  be  used  without  burning  the  solenoid. 

Fig.  6  shows  the  frequency  response  functions  for  the  out-of-plane  and  in-plane  measurements  of  sensor 
location  1 .  Any  deviation  between  the  two  curves  indicates  some  sort  of  nonlinear  behaviour.  For  a  linear 
system,  increasing  the  input  by  a  factor  should  increase  the  output  by  the  same  factor.  For  nonlinear  modes, 
the  frequency  and  width  of  the  modal  peak  vary  by  the  level  of  excitation.  By  overlaying  the  two 
frequency  response  functions,  for  each  in-plane  and  out  of  plane  measurements,  it  is  observed  that  the 
response  of  the  SRT  displays  weak  nonlinear  system  behavior.  This  means  that  not  only  the  estimated 
frequency  but  also  the  corresponding  damping  of  some  modes  was  valid  only  at  the  level  of  excitation 
(3.4  V)  used  in  the  test. 


Out  of  plane 


In-plane 


5  10  15  20  25  0  5  10  15  20  25 

Frequency  (Hz)  Frequency  (Hz) 

Fig.  6       Nonlinearity  detection:  out-of-plane  and  in-plane  frequency  response  functions  of  location  1 


3.3.         Modal  Parameter  Identification 

After  completing  the  data  measurements,  the  collected  frequency  response  functions  were  analyzed  using 
the  STAR  Modal  software  from  Spectral  Dynamics,  Inc. 


The  curve  fitting  was  done  by  Global  Curve  Fitting  method.  This  method  splits  the  curve  fitting  process  up 
into  two  steps.  In  the  first  step,  using  all  the  measurement  data,  the  frequency  and  damping  are  estimated. 
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The  second  step  uses  a  second  estimation  process  to  obtain  the  residues  (mode  shapes)  from  the  known  and 
fixed  values  for  the  frequency  and  damping.  Since  the  frequency  and  damping  estimates  can  be  obtained  by 
processing  all  the  frequency  response  functions  and  not  a  single  measurement,  these  modal  parameter 
estimates  are  more  accurate  than  the  estimates  by  curve  fitters  that  fit  frequency  response  functions  one  at  a 
time.  The  second  advantage  of  the  Global  Curve  Fitting  is  that  since  the  damping  is  known  from  the  first 
step,  the  mode  shapes  are  generally  more  precisely  estimated  in  the  second  step  [23]. 

The  identified  natural  frequencies  of  both  in-plane  and  out  of  plane  modes  of  this  study  and  prior  work 
done  by  Ruggiero  et  al.  [18]  and  Song  et  al.  [19]  on  a  similar  SRT  are  summarized  in  Table  2. 

The  identified  mode  shapes  of  the  first  four  in-plane  and  out  of  plane  modes  are  shown  in  Figs.  7  and  8, 
respectively.  The  numbers  on  the  deformed  shape  of  the  SRT  stand  for  the  measurement  points.  The  in- 
plane  modes  have  the  oval,  triangle,  square  and  pentagon  shape  for  the  first,  second,  third  and  fourth 
modes,  respectively.  The  out  of  plane  modes  resemble  the  bending  mode  of  a  free-free  beam. 


Table  2  Comparison  between  non-rigid  body  frequencies  determined  by  the  present  study  and  prior  work 
done  by  Ruggiero  et  al.  [18]  and  Song  et  al.  [19];The  asterisk  indicates  a  split  mode  pair 


Mode 

Non-rigid  body  frequencies  (Hz) 

In-plane 

Out  of  plane 

Present  study 

Ruggiero  et  al. 

Song  et  al. 

Present  study 

Ruggiero  et  al. 

Song  et  al. 

1 

4.68 

3.0 

5.07 

3.21 

2.0 

2.88 

1* 

6.07 

___ 

___ 

___ 

___ 

___ 

2 

8.43 

___ 

13.02 

8.12 

4.9 

9.51 

2* 

9.46 

___ 

___ 

___ 

5.5 

___ 

3 

13.32 

___ 

22.08 

12.79 

11.2 

14.61 

4 

17.21 

___ 

___ 

17.55 

___ 

___ 

4.  Discussion 

The  method  of  fabrication,  as  well  as  the  extensive  repair  that  was  done  on  the  flaps,  resulted  in  thickness 
variations  along  the  joined  regions.  This  contributed  to  non-uniform  stiffness  and  mass  distributions  in  both 
the  torus  and  the  flaps,  affecting  the  modal  parameters  of  the  SRT.  Besides,  the  flaps  were  not  completely 
flat  and  had  wrinkles  at  various  locations.  The  mass  imbalance  and  boundary  conditions  created  modal 
asymmetry  in  this  axisymmetric  structure  and  consequently  divided  some  resonant  frequencies  in  two  well 
separated  frequencies.  In  Table  2  the  split  mode  pairs  are  indicated  by  asterisks. 
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First  mode  -  split  (4.68  Hz) 


First  mode  -  split  (6.07  Hz) 


Second  mode  -  split  (8.43  Hz) 


Second  mode  -  split  (9.46  Hz) 


1 >x 


Third  mode  (13.32  Hz)  Fourth  mode  (17.21  Hz) 

Fig.  7      Experimentally  identified  the  first  four  in-plane  mode  shapes 
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First  mode  (3.21  Hz) 


Third  mode  (12.79  Hz) 


Second  mode  (8.12Hz)  Fourth  mode  (17.55  Hz) 

Fig.  8      Experimentally  identified  the  first  four  out  of  plane  mode  shapes 


The  measured  frequencies  by  Ruggiero  et  al.  are  lower  than  those  obtained  in  the  present  study,  Table  2,  indicating  the  higher 
stiffness  of  the  current  structure.  In  the  present  study,  the  SRT  was  pressurized  at  a  very  low  pressure,  while  in  the  Ruggiero  et  al. 
study  the  inflation  nozzle  was  left  open  to  the  atmospheric  air,  which  allowed  the  SRT  to  wrinkle.  Though  in  their  study,  the 
SRT  was  suspended  vertically,  lack  of  internal  pressure,  though  small,  could  have  reduced  the  stiffness  and  consequently 
reduced  the  identified  frequencies  of  the  SRT.  Increasing  the  pressure  increases  the  stiffness  of  the  structure  and 
consequently  the  identified  frequencies  [8-10].  The  second  possible  cause  for  this  trend  is  the  use  of  accelerometer  in  their 
modal  experiment.  The  contact  measurement  transducers,  due  to  inertial  loading  on  the  structure,  might  have  caused 
frequency  shift  toward  lower  frequencies.  In  the  Ruggiero  et  al.  study,  the  SRT  was  suspended  vertically  from  the  ceiling 
using  two  rubber  wires  causing  a  pendulum  frequency  of  approximately  3.5  Hz,  which  was  greater  than  the  first  natural 
frequency  of  2  Hz  extracted  by  this  team,  (Table  2).  It  is  known  that  suspension  frequencies  greater  than  10%  of  the  first 
natural  frequencies  lead  to  inaccurate  frequency  identification.  There  was  no  information  available  regarding  the  plunge 
frequency  of  the  SRT  in  that  study. 

In  the  study  by  Song  et  al.,  only  the  first  two  in-plane  modes  exhibited  the  expected  classical  mode  shape.  The  third  in-plane 
mode  had  the  oval  shape  of  the  first  mode.  Their  measured  frequencies  are  higher  than  those  obtained  in  the  present  study, 
Table  2,  indicating  the  high  stiffness  of  their  structure.  In  their  study,  the  SRT  was  suspended  at  three  points  by  3.2  meter 
long  monofilament  lines  with  pendulum  frequency  of  0.28  Hz.  These  suspension  lines  could  have  presented  stiffness  in  the 
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out  of  plane  direction  and  depending  on  the  location  of  the  suspension  points  and  the  vibration  nodes,  the  suspension  lines 
could  have  affected  the  modal  parameter  identification.  The  monofilament  lines  generally  should  not  introduce  a  significant 
stiffness  in  the  in-plane  direction.  Though,  in  the  in-plane  deformation,  the  structure  might  have  deformed  in  the  out  of  plane 
direction  as  well,  and  the  added  stiffness  by  the  support  might  have  increased  the  identified  frequencies  and  could  have 
changed  the  mode  shapes  of  the  structure.  In  the  Song  et  al.  study,  similar  to  the  Ruggiero  et  al.  tests,  the  inflation  nozzle  was 
also  left  open  to  the  atmospheric  air  which  made  the  SRT  wrinkle  and  sag  in  the  presence  of  the  gravity  force.  This  could 
have  affected  the  stiffness  of  the  SRT  as  well.  But  the  most  important  difference  between  the  results  of  their  study  and  the 
present  work  lies  in  the  method  of  excitation  and  collection  of  data.  They  had  used  the  acoustic  excitation.  Besides,  in  the 
calculation  of  the  frequency  response  function  instead  of  the  actual  acoustic  signal,  the  white  noise  signal  from  the  signal 
generator  was  used  as  the  input  signal. 

The  modal  experiment  of  the  SRT  proved  that  dynamic  testing  of  this  structure  was  very  challenging.  It  was  impossible  to 
keep  the  electromagnet  and  the  permanent  magnet  exactly  at  the  same  distance  even  in  one  set  of  measurements.  The  drive 
point  measurement  was  very  challenging  due  to  spatial  limitation.  The  width  of  the  shear  seam  was  2.1  cm,  and  it  was  not 
possible  to  accommodate  the  laser  sensor  head  and  the  electromagnet  support  in  this  small  area,  in  such  a  way  that  both 
displacement  measurement  and  excitation  are  performed  exactly  at  the  same  point  and  direction.  Also,  since  maintaining  the 
internal  pressure  was  done  manually,  it  was  less  likely  to  achieve  the  same  pressure  at  all  times.  Variable  pressure 
contributed  to  variable  stiffness  which  might  have  altered  the  modal  parameters  of  the  structure.  Owing  to  the  presence  of 
very  small  punctures  in  the  SRT,  the  air  leakage  made  the  distribution  of  pressure  non -uniform  in  the  torus. 

The  torus  was  suspended  from  the  ceiling  by  very  soft  and  long  springs.  The  suspension  frequencies  were  less  than  ten 
percent  of  the  first  natural  frequency,  3.21  Hz,  and  it  is  not  expected  to  affect  the  modal  parameters  directly.  While  during  the 
experiments  all  the  air  ventilation  ducts  of  the  lab  were  blocked  and  the  air  conditioner  was  turned  off,  still  the  effect  of  the 
air  current  disturbance  over  the  SRT  was  observed  to  produce  pendulum  movement  of  the  SRT. 

5.  Conclusions 

In  this  paper,  experimental  modal  analysis  of  the  SRT  was  presented.  An  in-house  fabricated  non-contacting  electromagnetic 
exciter  and  two  laser  displacement  sensors  were  employed.  The  sensors  clearly  picked  up  the  signal  within  180°  of  the 
actuator,  which  indicated  that  the  excitation  system  was  able  to  excite  the  torus'  global  modes. 

First,  it  was  shown  that  the  SRT  had  a  weak  nonlinear  behaviour.  Hence,  the  identified  natural  frequencies  and  modal 
damping  were  valid  at  the  level  of  excitation  used  in  the  testing,  3.4V.  Then,  the  first  four  in-plane  and  out  of  plane  damped 
natural  frequencies  were  identified  and  compared  with  prior  studies  of  similar  SRTs. 

The  identified  frequencies  of  the  present  study  were  higher  than  the  measured  frequencies  by  Ruggiero  et  al.  (2004b)  and 
lower  than  those  obtained  by  Song  et  al.  (2006),  as  presented  in  Table  2.  This  indicated  the  higher  stiffness  of  the  current 
structure  than  the  former  study  and  its  lower  stiffness  than  the  latter  one. 

Being  able  to  identify  the  first  four  in-plane  and  out  of  plane  modes,  particularly  the  in-plane  ones,  as  well  as  decipher  the 
modal  asymmetry  proved  that  the  present  experimental  approach  is  sufficiently  accurate  to  use  in  future  studies. 
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ABSTRACT 

In  recent  years,  it  has  been  demonstrated  that  the  ultrasound  radiation  force  can  be  used  as  a  noncontact  technique  for  modal 
excitation.  A  novel  capability  of  this  method  is  the  ability  to  perform  selective  excitation.  A  phase  shift  is  imparted  between 
the  modulation  signals  emitted  from  a  pair  of  ultrasound  transducers  focused  at  different  positions  on  an  object.  When  there 
is  no  phase  difference  between  the  radiation  force  produced  by  each  transducer,  they  push  in  unison  on  the  object,  which 
induces  symmetric  eigenstates.  When  there  is  a  18(T  phase  shift  between  the  radiation  force  from  the  transducers,  they  will 
excite  antisymmetric  or  torsional  eigenstates.  We  describe  some  of  the  first  demonstrations  of  this  selective  excitation  using 
high-frequency  focused  ultrasound  transducers. 

I.  INTRODUCTION 

Modal  analysis  of  structures  requires  an  excitation  source  as  well  as  a  method  for  detecting  vibration.  In  the  past,  both  of 
these  tasks  were  performed  using  mechanical  transducers,  such  as  a  mechanical  shaker  for  modal  excitation  and  an 
accelerometer  to  detect  vibration.  In  recent  years,  the  introduction  of  laser  Doppler  vibrometers  [1]  has  allowed  non-contact 
measurements  of  vibration.  However,  in  most  cases,  it  was  not  possible  to  perform  fully  non-contact  modal  testing  because 
there  were  few  methods  to  perform  non-contact  excitation. 

A  promising  technique  for  non-contact  modal  excitation  is  the  use  of  the  ultrasound  radiation  force.  [2]  In  this  technique,  a 
pair  of  ultrasound  frequencies  are  incident  on  the  object  under  study.  The  excitation  is  caused  by  the  non-linear  interaction  at 
the  surface  that  causes  a  radiation  force  at  the  difference  frequency  between  the  two  ultrasound  frequencies.  This  ultrasound 
radiation  force  excitation  method  has  a  number  of  unique  advantages  relative  to  conventional  excitation  sources.  One  of  the 
primary  advantages  is  the  non-contact  nature  of  the  excitation;  this  removes  limitations  such  as  the  requirement  for  physically 
attaching  a  shaker  and  the  resulting  mass  load.  Another  advantage  is  the  wide  bandwidth  available  for  excitation  -  the 
transducers  used  for  the  current  experiment  have  been  used  for  excitation  of  structures  at  frequencies  below  100  Hz  to  in 
excess  of  300  kHz.  As  will  be  detailed  in  this  paper,  by  using  a  focused  transducer  the  ultrasound  radiation  force  technique 
also  allows  selective  excitation  by  using  the  phase  shift  in  the  modulation  frequency  between  two  transducers.  This  offers 
capabilities  that  are  generally  not  possible  using  conventional  mechanical  excitation  or  non-contact  excitation  techniques. 

Previous  studies [3]  have  demonstrated  that  the  ultrasound  radiation  force  can  be  used  to  selectively  excite  brass  cantilevers 
and  hard  drive  suspensions.  However,  these  studies  used  a  diverging  pair  of  40  kHz  transducers.  The  long  wavelength  and 
diverging  output  meant  that  it  was  difficult  to  spatially  isolate  the  radiation  force  from  the  two  ultrasound  transducers.  The 
current  experiment  used  a  pair  of  focused  transducers  in  air  with  a  central  frequency  of  about  550  kHz  and  a  2  mm  diameter 
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focus.  This  transducer  pair,  along  with  a  scanning  laser  Doppler  vibrometer,  allowed  non-contact  excitation  and 
measurements  of  a  simple  brass  cantilever  as  well  as  an  acoustic  guitar. 

II.  THEORY 

A.  Ultrasound  Radiation  Force  Excitation 

Previous  papers  have  described  in  detail  the  mechanism  for  ultrasound  radiation  force  excitation.  [4]  If  an  object  is  ensonified 
with  a  pair  of  sinusoidal  waveforms  with  frequencies^  and/,,  the  velocity  potential  0(7)  is 

0(7)  =  Acos[2nfat-(p/2]+Acos[27ifht+(p/2]  (1) 

where  (p  is  a  phase  constant.  The  acoustical  radiation  force  is  proportional  to  the  square  of  this  velocity  potential,  which  leads 
to  a  static  radiation  force  as  well  as  a  dynamic  radiation  force  at  the  difference  frequency  A/=/^  and  high-frequency 
components  at  2fa ,  2fh,  and^+Z^.  In  the  current  experiment,  each  ultrasound  transducer  was  driven  with  a  dual  sideband, 
suppressed  carrier  (DSB-SC)  waveform  consisting  of  the  sum  of  a  pair  of  sine  waves  with  frequencies  of 'fa=fc  -fJ2  and^= 
fc  +fJ2  that  were  symmetric  about  the  central  frequency^.  In  the  current  experiment,  the  goal  was  to  excite  audio-range 
resonances  in  structures,  so  the  modulation  frequency  was  between  about  150  Hz  and  2  kHz.  For  the  carrier  frequency  oifc  - 
550  kHz,  the  high  frequency  components  were  above  1  MHz,  and  thus  were  far  above  the  resonance  frequencies  of  the 
structures  under  test.  Audio  frequency  excitation  will  only  result  from  the  radiation  force  component  F(t)  at  the  difference 
frequency  (alternately  named  the  modulation  frequency)  fm=(fb  -fa), 

F(ty=F0cos[2nfmt  +  <p].  (2) 

The  magnitude  F0  of  this  ultrasound  radiation  force  depends  on  a  number  of  factors  including  the  magnitude  of  the  intensity 
of  the  ultrasound  incident  on  the  surface,  as  well  as  specific  characteristics  of  the  surface.  The  phase  of  this  radiation  force 
can  be  changed  by  adjusting  the  phase  constant  (p. 

It  is  important  to  note  that  the  radiation  force  given  in  Equation  2  does  not  explicitly  depend  on  the  carrier  frequency. 
However,  the  intensity  of  the  ultrasound  at  the  surface  can  significantly  change  as  a  result  of  standing  wave  interference  due 
to  reflections  back  to  the  transducers.  As  discussed  in  Ref.  5,  because  of  standing  waves,  minor  changes  in  carrier  frequency, 
room  temperature  or  transducer  position  can  cause  substantial  variability  in  the  radiation  force.  To  mitigate  these  standing 
waves  effects,  the  carrier  frequency  was  randomly  varied  using  the  algorithm  described  in  detail  in  Ref.  5.  A  carrier 
frequency  in  the  range  from  500  kHz  to  600  kHz  was  randomly  selected  and  this  same  carrier  frequency  was  maintained  for 
10  cycles  of  the  carrier.  After  these  10  cycles,  another  random  carrier  frequency  was  selected.  This  method  of  randomly 
varying  the  carrier  frequency  eliminates  the  possibility  of  standing  wave  formation,  which  substantially  improves  the  stability 
and  repeatability  of  the  measurements. 

B.  Selective  Excitation  Using  Phase  Shifted  Transducer  Pair 

To  perform  selective  excitation,  a  pair  of  ultrasound  transducers  was  focused  at  two  different  locations  on  the  structure  under 
test.  These  transducers  were  separately  driven  by  DSB-SC  waveform  using  Eq.  1.  Both  transducers  were  driven  with  the 
same  modulation  frequency,^,  even  though  the  central  carrier  frequency  was  different  for  the  two  transducers.  Therefore, 
both  transducers  caused  a  radiation  force  excitation  F(t)  at  the  same  frequency.  The  program  generating  the  waveforms 
allowed  a  phase  difference  cp  to  be  introduced  between  the  pair  of  transducers.  When  the  two  transducers  were  driven  with 
the  modulation  frequency  in  phase,  the  resulting  radiation  force  from  both  transducers  was  in  phase;  this  tends  to  enhance  the 
excitation  of  vibrational  modes  that  are  symmetric  relative  to  the  two  focus  points  while  suppressing  modes  that  are 
antisymmetric.  In  contrast,  when  there  was  a  phase  difference  near  180°  between  the  radiation  force  produced  by  the  two 
transducers,  they  tended  to  reinforce  modes  that  were  antisymmetric  while  suppressing  symmetric  modes.  Thus,  by  merely 
changing  the  phase  difference  of  the  between  the  two  transducers,  it  was  possible  to  selectively  enhance  or  suppress  different 
vibrational  modes. 

III.  EXPERIMENTAL  SETUP 
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In  the  current  experiment,  a  pair  of  Microacoustics[6]  ultrasound  transducers  were  used  in  air.  These  transducers  have  a  focal 
length  of  70  mm,  and  a  2  mm  diameter  focal  spot.  To  generate  the  waveforms  that  were  used  for  excitation,  a  60 
MSample/second  Strategic  Test  Digital-to-Analog  Converter  (DAC)  card[7]  was  used.  A  Visual  C++  program  generated  a 
DSB-SC  waveform  using  Eq.  1  with  a  carrier  frequency  randomly  being  varied  between  500  and  600  kHz.  The  resulting 
waveforms  were  amplified  using  ENI-240L  and  ENI-2100  amplifiers  to  obtain  signals  with  amplitudes  of  about  70Vrms  into 
the  50£l  impedance  transducers.  The  amplitude  of  the  velocity  of  these  devices  were  measured  using  a  Polytec  PSV-400 
Polytec  PSV-400  scanning  laser  Doppler  vibrometer.[8] 


A. 


Ultrasound  excitation  of  brass  cantilever 


To  demonstrate  the  capability  of  selective  excitation  a  simple  brass  cantilever  was  used.  This  cantilever  was  clamped  at  one 
end,  and  had  dimensions  of  0.35mm  x  7.85  mm  x  26.2  mm. 


(a)  Front  View     Ultrasound  Brass 

Transduce^^ 


(b)  Side  View 
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Figure  1 :  Setup  used  for  ultrasound  excitation  of  brass  cantilever,  (a)  front  view  showing  the  vibrometer  measurement 
point  on  the  cantilever  and  the  transducers  positioned  behind;  (b)  side  view  showing  the  relative  orientation  of  the 
transducers  and  vibrometer. 


As  shown  in  Figure  1,  a  pair  of  ultrasound  transducers  was 
directed  at  the  back  of  this  cantilever  at  about  a  30°  angle 
relative  to  the  normal;  because  the  transducers  were  mounted 
at  an  angle,  the  ultrasound  spot  size  was  roughly  2mm  wide 
by  3mm  high  and  were  centered  roughly  1cm  from  the  free 
end  of  the  cantilever.  To  measure  vibration,  the  vibrometer 
beam  was  directed  at  the  front  of  the  cantilever;  for  the  single 
point  measurements  shown  in  Figures  2  and  3,  the  vibrometer 
measurement  point  was  located  near  a  corner  on  the  free  end 
of  the  cantilever  as  shown  in  Figure  la.  For  comparison  with 
conventional  mechanical  base  excitation,  a  Bruel  &  Kjaer 
4810  mechanical  shaker  was  placed  in  contact  with  the 
support  that  held  the  cantilever. 

The  analog  output  of  the  laser  Doppler  vibrometer  was 
sampled  at  128  ksamples/second,  and  an  FFT  was  performed 
on  the  data  set.  For  each  modulation  frequency  fm,  the 
amplitude  and  phase  was  extracted  from  the  FFT  data  set. 
Operational  deflection  shapes  were  determined  by  animating 


Figure  2:  Apparatus  used  for  ultrasound  excitation  of 
classical  guitar  showing  Polytec  PSV-400  vibrometer,  and 
two  ultrasound  transducers  Ch1  and  Ch2  focused  at 
opposite  sides  of  the  bridge  of  the  guitar. 
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the  amplitude  and  phase  measured  at  many  points  on  the  surface. 


B. 


Ultrasound  excitation  of  guitar 


A  Cordoba  45R  classical  guitar[9]  was  hung  from  the  bottom  of  the  headstock.  As  shown  in  Figure  2,  string  vibrations  were 
damped  with  a  piece  of  felt  wedged  between  the  strings  and  the  neck  of  the  guitar.  The  pair  of  ultrasound  transducers  was 
focused  on  either  side  of  the  bridge.  To  compare  the  results  with  conventional  base  excitation,  the  Bruel  &  Kjaer  4810 
mechanical  shaker  was  placed  in  contact  with  the  back  of  the  guitar. 

Because  the  amplitude  of  the  vibrometer  signal  was  very  small,  a  Stanford  Research  System  SR830  lock- in  amplifier  was 
used  to  extract  the  vibration  signal  from  the  noise.  The  reference  signal  was  a  sinusoidal  waveform  at  the  modulation 
frequency  fm  that  was  generated  using  the  Strategic  Test  DAC  card.  Further  details  can  be  found  in  Ref.  10. 


IV. 


RESULTS 


A. 


Selective  excitation  of  Brass  Cantilever 
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The  brass  cantilever  used  for  this  experiment  has  a 
fundamental  frequency  of  267  Hz  for  the  1 st  transverse 
mode.  Fig.  3a,  shows  the  response  in  the  region  from 
1665-1705  Hz  obtained  by  the  vibrometer  when  the 
cantilever  was  excited  using  a  mechanical  shaker. 
Apparent  in  this  plot  are  a  pair  of  resonances  at  about 
1677  Hz  and  1690  Hz.  Using  the  scanning  laser 
vibrometer,  it  was  determined  that  these  correspond  to 
the  2nd  transverse  mode  and  1st  torsional  mode; 
animations  of  the  measured  deflection  shapes  of  these 
resonances  can  be  found  online.  [1 1]  Because  of  the 
strong  overlap  of  these  two  modes,  when  excited  with  a 
mechanical  shaker,  the  measured  deflection  shapes  are 
combinations  of  both  modes;  the  deflection  shape  at 
1677  Hz  is  primarily  a  2nd  transverse  deflection  shape, 
but  has  torsional  characteristics,  and  vice  versa. 

Fig.  3b  shows  the  response  when  ultrasound  radiation 
force  from  single  transducers  Chi  or  Ch2  was 
separately  used  to  excite  the  cantilever.  It  is  clear  that 
the  resonance  frequencies  determined  using  the 
ultrasound  radiation  force  from  a  single  transducer  are 
nearly  identical  to  the  frequencies  obtained  using  a 
conventional  mechanical  shaker. 

Fig.  3c  illustrates  the  novel  capability  for  selective 

excitation  that  results  from  using  the  pair  of  ultrasound 

transducers  either  in  phase  or  180  degrees  out  of  phase. 

The  process  can  be  understood  by  considering  the  symmetry  characteristics  of  the  2nd  transverse  and  1st  torsional  modes  -  the 

2nd  transverse  mode  is  symmetric  across  the  width  of  the  cantilever,  whereas  the  1st  torsional  mode  is  antisymmetric.  When 

the  transducers  were  driven  with  the  same  phase  (▼),  the  resonance  near  1677  Hz  was  enhanced,  while  the  resonance  near 
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Figure  3:  Doublet  of  resonances  for  a  brass  cantilever,  (a) 
excitation  using  a  mechanical  shaker  and  (b)  single  ultrasound 
transducers  have  substantial  overlap  of  these  two  resonances, 
(c)  By  varying  the  phase  difference  between  the  transducers,  it 
is  possible  to  isolate  the  resonances  because  the  2nd 
transverse  mode  is  symmetric  relative  to  the  centerline  and  the 
torsional  mode  is  antisymmetric. 
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1 690  Hz  was  suppressed.  This  happens  because  driving  the  transducers  in  phase  will  tend  to  suppress  the  torsional  mode  that 
is  antisymmetric  across  the  width  of  the  cantilever.  In  contrast,  when  the  transducers  were  driven  with  a  180°  difference  in 
modulation  phase  (A),  the  radiation  force  from  the  two  transducers  will  be  out  of  phase  with  each  other.  Because  the 
torsional  mode  near  1690  Hz  is  antisymmetric,  these  out-of-phase  driving  forces  will  tend  to  enhance  the  torsional  mode 
while  suppressing  the  symmetric  1 677  Hz  2nd  transverse  mode. 


The  result  of  varying  the  phase  difference  can  be  seen 
more  clearly  in  Fig.  4.  This  shows  the  result  when  the 
modulation  frequency  was  kept  at  either  1677  Hz  (■)  or 
1690  Hz  (♦)  while  varying  the  phase.  As  expected  for  a 
symmetric  mode,  the  1 677  Hz  response  is  maximized 
when  the  two  transducers  were  driven  in  phase,  near  0° 
or  360°,  and  is  minimized  near  180°.  The  opposite 
response  was  obtained  for  the  antisymmetric  1 690  Hz 
mode,  where  the  maximum  response  is  observed  near 
180°  with  minimum  near  0°.  These  results  show  the 
effectiveness  of  using  the  phase  difference  between  the 
transducers  to  effectively  enhance  or  suppress  one  of  the 
resonances.  Because  the  distance  between  the  transducers 
and  the  surface  are  not  precisely  the  same,  the  minima  and 
maxima  were  shifted  slightly  from  exactly  0°  or  180°. 


B. 


Ultrasound  excitation  of  guitar 
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As  an  illustration  of  a  more  complicated  set  of 
overlapping  resonances,  Fig.  5  shows  the  results  for 
measurements  of  a  acoustic  guitar  in  the  region  from  620 
Hz  to  745  Hz.  Fig.  5a  shows  the  response  obtained  by  the 
vibrometer  using  a  mechanical  shaker.  This  plot  seems  to 
show  three  different  resonances  that  are  strongly 
overlapping.  Fig.  5b  shows  the  corresponding  response 
curves  when  the  ultrasound  transducers  Chi  and  Ch2 
were  used  to  excite  the  guitar  separately  -  the  same 
overlapping  modes  are  apparent  in  the  ultrasound  driven 
spectra  as  are  apparent  in  the  mechanically  driven 
spectrum. 

Fig.  5c  illustrates  that  these  resonances  can  be  resolved 
by  using  a  pair  of  ultrasound  transducers.  When  the 
transducers  were  driven  with  no  phase  difference  between 
them  (▼),  the  resonance  near  660  Hz  was  enhanced, 
while  the  resonances  near  680  Hz  and  705  Hz  were 
suppressed.  In  contrast,  when  the  transducers  were  driven 
with  a  180°  difference  in  modulation  phase  (A)  the  660 
Hz  resonance  was  suppressed  while  enhancing  the  upper 
two  resonances.  Therefore,  even  without  measuring  the 
deflection  shapes,  there  is  strong  evidence  that  the  mode  at 
660  Hz  is  symmetric  about  the  midline  of  the  guitar, 
whereas  the  mode  near  680  Hz  and  705  Hz  are 
antisymmetric.  The  real  power  of  the  technique  becomes 
apparent  when  measurements  of  the  deflection  shapes  are 
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Figure  4:  Response  of  cantilever  as  a  function  of  the  phase 
difference  between  transducers.  The  1677  Hz  2nd  transverse 
mode  peaks  when  the  transducers  are  driven  in  phase,  and  the 
1690  Hz  torsional  mode  peaks  when  they  are  out  of  phase. 


1 — i — i — i — i — ( — i — i — i — i — j — r 


30 

m  25 


t — i — i — i — i — i — i — i — i — i — i — i — i — i — i — i — i — i — r — i — i — i — i — i — i — i — i — i — i— 


620 


640 


660 


680 


700 


720 


740 


Frequency  (Hz) 

Figure  5:  Frequency  response  of  the  face  of  an  acoustic  guitar 
in  the  region  from  620  to  745  Hz  showing  several  overlapping 
modes  when  excited  using  (a)  a  mechanical  shaker  and  (b) 
two  individual  ultrasound  transducers.  In  (c)  these  resonances 
are  resolved  by  using  the  pair  of  ultrasound  transducers  driven 
either  in  phase  or  with  a  180  degree  phase  difference. 
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measured.  When  a  mechanical  shaker,  or  single  ultrasound  transducer  is  used,  the  deflection  shapes  at  660  Hz  and  680  Hz  are 
complicated  linear  combinations  of  two  overlapping  modes.  By  using  the  transducer  pair  it  allows  these  to  be  decoupled. 
Animation  of  these  deflection  shapes  can  be  viewed  online.  [12] 

V.  CONCLUSIONS 

The  results  of  this  study  indicate  that  the  ultrasound  radiation  force  can  be  used  for  selective  excitation  of  a  brass  cantilever 
and  a  guitar.  The  guitar  is  several  orders  of  magnitude  more  massive  than  the  cantilever,  but  the  same  selective  excitation 
mechanism  works  for  both. 
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ABSTRACT 

There  is  an  economic  imperative  to  increase  the  level  of  innovative  activities  in  developed  and  developing 
countries.  Universities  have  been  encouraged  to  increase  the  number  of  science  and  technology  graduates.  One 
of  the  approaches  used  by  universities  is  the  encouragement  of  minority  students,  in  particular,  Black  African- 
American  and  African-Caribbean  students  into  undergraduate  engineering.  However,  to  realize  the  potential  of 
these  students,  programs  need  to  build  understanding  of  engineering  principles  in  a  manner  that  appeal  to 
multiple  learning  styles.  The  steelpan,  a  percussion  instrument  invented  in  Trinidad  and  Tobago,  can  provide  a 
possible  solution.  The  steelpan  also  known  as  the  pan  or  steel  drum  is  produced  by  creatively  deforming  metal 
sheet.  The  pan  is  a  unique  musical  device  and  offers  an  opportunity  to  teach  engineering  concepts  using  an 
instrument  that  is  a  part  of  the  cultural  heritage  of  some  of  these  students.  The  technology  of  the  steelpan  is 
multidisciplinary  and  requires  knowledge  in  the  areas  of  materials  science,  production  processes,  acoustics, 
vibrations  and  music.  By  decomposing  the  production  of  the  instrument  into  these  underlying  bodies  of 
knowledge,  it  provides  an  ideal  opportunity  to  explain  and  demonstrate  engineering  principles  at  low  cost.  This 
presentation  demonstrates  options  for  courses  that  use  the  steelpan  to  encourage  elementary  and  high  school 
students  into  the  engineering  profession. 

INTRODUCTION 

Science  and  technology  education  is  seen  as  critical  to  the  future  economic  growth  of  the  UK  economy  [1].  Highly 
skilled  engineers  are  seen  as  essential  to  creating  innovative  products  and  services,  positioning  the  UK  as  a 
global  manufacturing  leader  [2].  However,  in  the  UK,  interest  in  undergraduate  degrees  in  Engineering  is  in 
decline  [3].The  UK  government  has  expended  considerable  effort  in  reversing  this  trend  with  a  number  of 
interventions  aimed  at  increasing  interest  and  access  to  engineering  education  [4].  One  particular  grouping,  Afro- 
Caribbean  males,  has  been  a  target  of  many  of  these  efforts.  These  students  perform  poorly  at  secondary  school 
science  and  exhibit  little  interest  in  undergraduate  programs  [5].  This  tends  to  limit  their  access  to  professional 
and  entrepreneurial  opportunities.  Stimulating  interest  in  engineering  programs  in  this  group  can  bring  economic 
and  social  benefits  [6],  however,  the  way  in  which  it  is  taught  excludes  many  students  [7].  Courses  fail  to  stimulate 
interest  in  engineering  by  establishing  its  relevance  to  student's  personal  interest  [8].  This  presentation 
demonstrates  how  the  pan  can  be  used  as  a  tool  to  incite  interest  in  the  pursuit  of  engineering  programs. 

ENGINEERING  EDUCATION  AND  LEARNING  STYLES 

Educators  need  to  be  aware  of  how  students  acquire  engineering  subject  knowledge.  Learning  of  science  and 
engineering  concepts  takes  place  in  two  steps:  reception  and  processing  of  information  [9].  During  reception, 
internal  and  external  information  becomes  available  to  students  who  then  select  the  information  they  deem 
important.  Processing  may  take  several  forms  incorporating  memorization,  reasoning,  reflection  or  action  [10]. 
The  first  basis  of  classification  for  learning  styles  is  the  type  of  information  that  the  student  prefers  to  receive 
either  perceived  through  sensory  means  or  interpreted  through  intuitive  means.  The  second  is  the  most  effective 
mode  through  which  sensory  information  is  received  either  visual  or  verbal.  The  third  is  the  way  in  which 
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information  is  organized,  either  inductive  in  which  empirical  observations  are  given  and  engineering  principles  are 
inferred  or  deductive  in  which  principles  are  given  and  outcomes  are  determined.  The  fourth  is  the  way  in  which 
the  student  prefers  to  work  with  information  either  actively  or  reflectively.  Finally,  the  last  dimension  is  how 
students  build  understanding  either  through  incremental  steps  or  sequentially  or  through  larger,  global  stages. 
The  learning  styles  of  many  students  are  incompatible  with  how  engineering  concepts  are  taught  and 
demonstrated  [11].  Many  of  these  students  are  visual,  sensing,  inductive,  and  active,  while  others  with  strong 
design  skills  are  global  rather  than  sequential.  However,  most  engineering  education  is  auditory,  abstract 
(intuitive),  deductive,  passive,  and  sequential.  To  improve  student  performance,  active,  team  based  activities 
have  been  recommended  to  introduce  students  to  the  practice  of  engineering.  In  particular,  programs  that 
integrate  theoretical  concepts  and  practical  applications  have  improved  retention  rates  in  minority  engineering 
students  [12]. 

SUMMARY 

There  is  a  need  therefore  to  design  interventions  to  meeting  the  objectives  of  technology  education  that  engage  a 
wider  range  of  learning  styles.  A  solution  may  be  found  in  the  steelpan.  The  instrument  has  been  adopted  by 
educators  primarily  to  teach  music  in  schools  [13].  The  integrative  nature  of  the  pan  making  process  which  links 
materials,  metallurgy  and  vibrations  offers  significant  promise  for  science  and  technology  education.  Further,  the 
familiarity  of  Afro-Caribbean  students  with  the  instrument  could  make  it  a  stimulus  to  which  they  will  pay  attention. 
Educational  objectives  can  be  designed  that  align  with  all  domains  of  learning,  unlike  most  engineering  programs, 
an  approach  that  educators  have  been  recommending  for  some  time  [14].  These  aspects  provide  an  ideal 
opportunity  for  introducing  engineering  concepts  that  is  both  comprehensive  and  appealing.  This  presentation 
would  be  used  to  demonstrate  how  the  steelpan  can  be  used  to  introduce  basic  engineering  science  concepts 
while  simultaneously  appealing  to  different  learning  styles. 
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ABSTRACT 

This  paper  presents  the  development  of  a  test  procedure  and  application  of  non-contacting  strain  measurement  in 
dynamic  tensile  testing.  The  strain  time  histories  of  test  specimens  measured  by  a  laser  extensometer  were 
derived  by  a  phase-shift  technique  based  on  zero-crossing  method.  The  accuracy  of  proposed  procedure  was 
verified  by  comparing  the  strain  values  measured  by  the  laser  extensometer  with  the  actuator  measurement  of  a 
servo-hydraulic  high  speed  machine  using  aluminum  alloy  (AA)  6061 -T6,  and  then  applied  to  Alkaline  Resistant 
(AR)  glass  fabric  reinforced  cement  composite.  Comparison  between  these  two  measurements  shows  a  good 
agreement.  The  strain  rate  effect  on  the  mechanical  properties  of  AR-glass  fabric-cement  composite  was  found. 
The  failure  behavior  of  the  composite  was  also  discussed  using  the  images  captured  by  high  speed  camera. 

Keywords:  dynamic  tensile  testing;  laser  extensometer;  phase-shift;  cement  composites. 

1.  Introduction 

Understanding  the  mechanical  properties  of  engineering  materials  at  high  strain  rates  is  an  area  of  interest  for 
various  applications  including  structures,  military,  and  sports.  Materials  loaded  at  high  strain  rates  exhibit 
mechanical  characteristics  that  are  different  from  those  obtained  under  quasi-static  loading.  The  strain  rate 
dependency  of  various  materials  has  been  known  since  the  19th  century  and  mechanical  responses  under  high 
strain  rate,  blast,  or  shock  have  been  investigated  throughout  years  of  research.  A  number  of  experimental 
techniques  exist  in  investigating  high  strain  rate  material  properties:  split  Hopkinson  bar  devices,  falling  weight 
devices,  flywheel  facilities,  hydraulic  machine,  etc.  [1-7].  Measurement  of  deformation  plays  an  important  role  in 
establishing  the  dynamic  behavior  of  materials  and  the  direct  measurement  of  strain  is  challenging  at  high  strain 
rates.  Traditional  strain  measuring  techniques  rely  on  the  use  of  extensometers  and  strain  gages,  both  of  which 
must  be  specialized  for  a  specific  specimen  configuration,  testing  temperature,  rate  of  loading  and  range  of  strain. 
Each  of  these  variables  constrains  the  range  of  applicability  for  a  particular  extensometer.  Strain  gages  are  more 
cost  effective  but  are  limited  in  the  maximum  allowable  strain,  require  careful  alignment  and  bonding  techniques 
for  a  single  use,  and  are  also  limited  in  their  temperature  range.  The  use  of  a  non-contacting  strain  measuring 
technique  is  preferred  in  many  situations.  Methods  such  as  laser  extensometer  [8],  digital  laser  speckle  technique 
[9],  rotating  drum  of  high  speed  camera  [10],  diffraction-grating  technique  [11]  and  image  analysis  [12-14]  are 
currently  in  use  for  non-contacting  strain  measurement.  The  present  work  describes  a  data  reduction  procedure 
for  the  high  speed  function  of  a  laser  extensometer  and  its  application  in  dynamic  tensile  testing  at  moderately 
high  strain  rates.  The  laser  extensometer  used  in  the  present  work  is  manufactured  by  Optra  Inc.  (Model  3000).  A 
phase-shift  method  based  on  zero-crossing  detection  is  used  in  the  processing  of  raw  data  for  calculation  of 
displacement  and  strain.  The  proposed  procedure  is  firstly  applied  to  dynamic  tensile  testing  using  aluminum  alloy 
(AA)  6061 -T6  on  a  servo-hydraulic  high  speed  testing  machine.  Then  Alkaline  Resistant  (AR)  glass  fabric-cement 
composite  specimens  are  tested  on  the  same  machine.  At  last  the  failure  behavior  and  stress-strain  response  of 
the  AR-glass  fabric-cement  composite  were  discussed  and  compared  with  its  response  under  static  loading. 
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2.  Basic  Principles 

Fig.  1(a)  shows  the  optical  layout  of  laser  extensometer.  The  incoming  laser  beam  is  comprised  of  two  collinear, 
orthogonally  polarized  components  which  differ  in  frequency  by  250  kHz.  The  laser  beam  goes  through  a  calcite 
beam  splitter  (A)  and  divides  into  two  beams  one  of  which  is  passes  through  a  half  wave  plate  (B).  The  half  wave 
plate  rotates  the  polarization  vector  by  90  degrees,  thus  allowing  it  to  interfere  with  the  unaltered  beam  to  create 
an  interference  pattern  on  the  surface  of  the  object.  Both  laser  beams  go  through  50/50  beam  splitter  (C)  which 
transmits  one  polarized  beam,  and  reflects  the  other  thus  separating  the  two  frequency  components  based  on 
their  orthogonal  polarization.  Mirrors  (D)  are  used  to  make  the  transmitted  and  reflected  beams  parallel  to  one 
another.  The  beams  reflected  by  the  mirror  intersect  at  one  location  on  specimen  surface  where  a  moving  fringe 
is  formed.  The  beams  reflected  by  50/50  beam  splitter  also  intersect  on  specimen  surface  and  form  moving  fringe. 
The  lights  scattered  from  both  locations  of  specimen  surface  are  detected  by  optical  detectors  (E)  which  generate 
independent  signals  characterizing  the  displacement  of  the  test  specimen  at  the  point  of  measurement.  Both 
detectors  are  connected  to  a  control  and  display  unit.  A  digital  phase-meter  in  the  control  and  display  unit  keeps 
track  of  the  relative  phase  difference  between  each  detected  signal  and  a  reference  signal.  Surface  displacement 
is  measured  for  each  of  the  two  locations  and  the  differential  displacement  (removing  rigid  body  motions)  is 
converted  to  an  average  strain  measure  between  the  points  [15].  The  displacement  measurement  at  each  point  is 
facilitated  by  interference  of  two  beams  of  the  laser  light  that  meet  at  the  sample  surface  at  a  fixed  angle  (Figure 
1(b)).  Interference  fringe  patterns  are  formed  where  the  two  beams  overlap,  due  to  the  differential  distance 
travelled  by  each  beam.  The  fringe  spacing  is  given  by 

Dfringe=A/(2s\n0)  (1) 

where  $  is  the  half  angle  between  the  two  incoming  beams  and  X  is  the  laser  wavelength. 
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Fig.  1  (a)  Optical  layout  of  laser  extensometer  and  (b)  interference  fringe 

To  facilitate  data  processing,  a  stabilized  2-frequency  laser  is  used  so  that  beams  1  and  2  differ  in  frequency  by 
precisely  250  kHz.  This  causes  the  fringes  to  move  relative  to  a  stationary  surface  at  a  rate  equal  to  the  difference 
in  the  frequencies.  The  laser  extensometer  detector,  located  between  the  two  incoming  beams,  senses  light 
scattered  from  the  test  specimen.  The  detected  signal,  viewed  on  an  oscilloscope,  consists  of  a  large  DC  signal 
plus  a  superimposed  AC  signal  at  a  frequency  close  to  250  kHz.  If  the  specimen  surface  is  fixed  relative  to  the 
extensometer,  the  AC  signal  will  have  a  frequency  of  precisely  250  kHz.  This  frequency  however  will  change  due 
to  the  movement  of  the  specimen.  This  frequency  fcan  be  expressed  as  a  function  of  the  surface  velocity  by  the 
following  equation 

f  =  f0+(V/Dfringe)  (2) 

where  fQ  is  the  difference  in  frequencies  (250  kHz),  V  is  the  velocity  of  the  surface,  and  Dfringe  is  the  fringe  spacing 
(17.4  micron). 


The  phase  of  the  detected  signal  is  compared  to  the  laser  reference  signal  of  250  kHz.  By  comparing  the  relative 
phase  of  these  two  signals,  the  direction  and  distance  of  the  surface  movement  can  be  determined.  When  the 
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surface  moves  a  distance  equal  to  fringe  spacing  (Dfringe),  the  relative  phase  increases  by  as  much  as  one 
sinusoidal  wave  cycle.  The  movement  of  the  fringe  pattern  is  oriented  so  that  only  axial  displacement  is  detected 
while  the  measurement  is  insensitive  to  small  changes  in  surface  reflectivity.  In  applications  conducted  under 
normal  speed  mode,  the  electronic  control  and  display  unit  can  convert  the  optical  signals  of  laser  extensometer 
into  one  analog  or  digital  voltage  output  that  is  collected  by  a  data  acquisition  device.  The  maximum  data  rate  is 
125  kHz,  and  maximum  extension  rate  (strain  rate)  is  0.2  s"1.  However,  in  high  speed  mode  applications,  the 
control  and  display  unit  is  unable  to  process  the  signals  continuously  to  convert  the  optical  signals  into  analog  or 
digital  outputs.  In  this  case,  a  two-step  process  of  high  speed  data  acquisition  followed  by  post  processing  is 
adopted.  A  high  speed  accessory  is  necessary  to  convert  optical  signals  to  electronic  signals  in  the  form  of 
sinusoidal  waves  and  transfer  them  through  high  speed  data  acquisition  to  a  digital  recording  format.  The 
sinusoidal  signals  are  post-processed  to  obtain  the  displacements  at  both  points.  The  procedure  is  discussed  in 
the  following  sections. 

3.  Phase  Shift  Based  on  Zero-Crossing  Method 

The  detectors  in  the  laser  extensometer  head  measure  two  250  kHz  sinusoidal  waves  when  the  specimen  is 
stationary.  When  the  specimen  deforms  under  loading,  these  sinusoidal  wave  signals  will  change  their 
frequencies.  A  MATLAB  code  was  developed  to  calculate  the  phase  shift  between  each  of  sinusoidal  waves  and 
the  reference  signal  of  250  kHz  using  zero-crossing  method.  Fig.  2  indicates  the  basic  concept  of  phase  shift 
based  on  zero-crossing  method  -  a  change  in  phase  of  a  periodic  signal  with  respect  to  a  reference.  The  zero- 
crossing  is  defined  by 

x(i)x(i  + 1)  <  0    unbiased  zero-crossing 

x(/  +  1)-x(/)>0  ascending  (3) 

x(/  +  1)-x(/)<0  descending 
where  x(i)  is  the  voltage  of  current  time  step,  x(/+1 )  represents  the  voltage  of  next  time  step. 


These  zero-crossing  locations  are  shown  with  an  asterisk  in  Fig.  2.  The  phase  shift  between  the  reference  signal 
and  laser  signal  can  be  calculated  as  follows 

2x{TM-T,) 


e=- 


(4) 


'  ref 


In  this  equation,  0,  is  the  phase  shift,  T,  and  Ti+1  are  the  time  when  zero-crossing  is  detected  by  eqn.  (3),  and  Tref  is 
the  period  of  reference  signal  (1/250  ms).  The  phase  shifts  of  both  signals  can  be  obtained  with  respect  to  the 
reference  signal.  The  displacement  of  measurement  point  is  directly  proportional  to  the  number  of  phase  shift 
cycles  and  fringe  spacing  as  follows 

e,  „        {TM-T,)n 


D  =-^-Dt. 

i         r\  fringe 


fringe 


(5) 


where  D,  is  the  displacement  of  the  measurement  point  on  specimen  surface,  0,  is  the  phase  shift  at  current  time 
step,  and  Dfringe  is  the  fringe  spacing. 
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Fig.  2  Phase  shift  between  reference  signal  and  second  signal 
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4.  Experimental  Program 

4.1  Aluminum  Alloy  (AA)  6061 -T6 

AA6061-T6  is  ductile,  heat  treated  and  artificially  aged,  containing  magnesium  and  silicon  as  its  major  alloying 
element.  It  exhibits  elastic-plastic  behavior  with  large  failure  strain.  The  aluminum  specimens  with  dimensions  of 
18x75x1.6  mm  are  shown  as  Fig.  3.  The  gage  length  is  25  mm. 
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Fig.  3  AA6061-T6  test  specimen 


The  dynamic  tensile  tests  are  conducted  using  a  MTS  servo-hydraulic  high  rate  testing  machine  in  open-loop 
control.  The  development  and  application  of  this  test  method  have  been  addressed  in  our  earlier  work  [16,  17]. 
The  setup  of  the  dynamic  tensile  testing  is  presented  in  Fig.  4.  A  tensile  specimen  is  placed  into  the  upper  and 
lower  grips.  Proper  alignment  of  laser  extensometer  is  achieved  to  obtain  valid  signals  for  strain  measurement. 
The  dynamic  load  is  introduced  to  the  lower  grip  through  a  slack  adaptor.  In  this  work,  the  load  is  measured  by  a 
piezoelectric  load  washer  (Kistler  9041A)  with  a  capacity  of  90  kN.  A  high  speed  digitizer  is  used  to  collect  the 
signals  from  load  washer,  laser  extensometer  and  actuator  at  a  sampling  rate  of  10  MHz.  When  operating  at  its 
maximum  sampling  rate  of  10  MHz,  the  digitizer  is  able  to  collect  transient  250  kHz  signals  from  the  laser 
extensometer  without  signal  aliasing.  The  data  is  acquired  from  a  variety  of  sources  -  two  from  laser 
extensometer,  one  from  piezoelectric  load  washer,  and  one  from  the  actuator.  The  actuator  signal  is  filtered  by 
low-pass  filter  with  a  cutoff  frequency  of  3  kHz  to  eliminate  high  frequency  noise.  This  allowed  a  direct  comparison 
of  the  actuator  measurement  with  the  laser  extensometer  data. 
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Fig.  4  The  setup  of  dynamic  tensile  test:  (a)  snapshot,  (b)  schematics 


Fig.  5  shows  the  comparison  of  strain  time  history  measured  by  laser  extensometer  and  actuator  for  AA6061-T6 
specimens.  Note  that  the  strain  values  measured  by  actuator  are  not  a  linear  function  of  time  although  high 
frequency  noises  are  filtered  out  by  low-pass  filter.  At  strain  rates  of  161,  206  and  214  s"1,  the  strain  time  history 
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curves  obtained  by  these  two  measurements  agree  very  well  and  the  maximum  strain  values  are  almost  identical. 
At  the  strain  rate  of  138  s~1,  the  difference  between  these  two  measurements  was  large  (0.028  mm/mm).  This  is 
due  to  the  poor  quality  of  the  acquired  laser  signals.  Overall,  the  strain  time  histories  of  specimens  derived  from 
laser  extensometer  agreed  with  actuator  measurement  for  most  of  tests.  But  one  should  be  aware  of  that  the 
accuracy  of  the  laser  measurement  depends  on  the  quality  of  the  acquired  signals. 
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Fig.  5  Comparison  of  actuator  and  laser  extensometer  measurement  for  AA6061-T6  at  different  strain  rates:  (a) 
138  and  161  s"1  (average  value  =  150  s"1),  (b)  206  and  214  s"1  (average  value  =  210  s"1) 

4.2  AR-glass  Fabric-cement  Composite 

Test  Specimens 

The  AR-glass  fabric-cement  composites  in  this  study  are  prepared  using  the  pultrusion  process.  In  this  process, 
the  fabric  passes  through  a  slurry  infiltration  chamber  to  get  coated,  and  then  is  pulled  through  a  set  of  rollers  to 
squeeze  the  paste  in  between  the  fabric  openings  while  removing  excessive  paste  [18].  The  fabric-cement 
composite  are  then  formed  on  a  plate  shaped  mandrel  resulting  in  laminated  sheets  with  250x300  mm  and 
thickness  of  about  10  mm.  Cement  boards  are  made  with  4  layers  of  fabrics.  The  reinforcing  yarns  in  the 
composite  of  each  fabric  are  placed  along  the  pultrusion  direction.  After  forming  the  samples,  constant  load  of 
about  50  N  was  applied  on  the  surface  of  the  fabric-cement  sheet  to  improve  penetration  of  the  matrix  in  between 
the  yarn  and  fabric  openings.  All  boards  are  cured  in  water  at  room  temperature  for  28  days  and  then  cut  into 
pieces  with  dimensions  of  25x150x10  mm  (width  x  length  x  thickness).  Aluminum  plates  of  dimensions  of 
25x50x1  mm  (width  x  length  x  thickness)  were  glued  onto  the  gripping  edges  of  the  composite  specimen  to 
minimize  localized  damage  and  provide  better  load  transfer  in  the  grips.  The  gage  length  of  the  composite 
specimen  is  50  mm.  The  mix  design  for  the  composite  was  42%  cement,  5%  silica  fume,  0.1%  superplasticizer 
and  50%  water  by  volume  and  the  water/cement  ratio  by  weight  was  0.4. 


Failure  Behavior 

The  failure  behavior  of  the  composite  was  recorded  using  a  high  speed  digital  camera  (Phantom  v.7)  at  a 
sampling  rate  of  10,000  fps.  Typical  images  were  chosen  to  present  the  cracking  pattern  of  the  composite,  as 
shown  in  Fig.  6.  Note  that  there  are  three  stages  in  the  failure  of  the  composite  during  the  loading  process.  Fig. 
6(a)-(c)  represents  the  developing  of  the  multiple  cracking  process.  The  behavior  of  successive  cracking  was 
indicative  of  stress  transfer  mechanism  at  the  fabric-cement  interface  to  be  sufficient  for  load  transfer  and 
composite  action.  After  this  stage,  the  strain  increased  and  cracks  opened  uniformly  until  a  point  of  bifurcation 
where  one  of  the  cracks  becomes  the  dominant  one  that  continues  to  open,  while  the  load  begins  to  decrease. 
Only  this  dominant  crack  was  observed  and  all  other  cracks  closed  and  were  not  visible  anymore  (Fig.  6(d)-(e)). 
The  main  crack  continues  to  widen  under  load  for  the  duration  of  the  test.  At  this  point  the  forces  were  mainly 
carried  by  the  fabric  until  all  its  yarns  were  completely  broken  (Fig.  6(e)),  leading  to  a  complete  failure  of  the 
composite. 
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T=  0.4  ms 


T=  0.8  ms 


T=  1.5  ms 


(a)  (b)  (c)  (d)  (e) 

Fig.  6  AR  glass  composites:  (a)-(c)  multiple  micro-cracking,  (d)  main  crack  widening  and  other  micro-cracks 

closing,  and  (e)  complete  failure 

Fig.  7  shows  the  comparison  of  strain  time  histories  of  two  tests  (test  no.  1  and  4)  for  the  composite  measured  by 
actuator  and  laser  extensometer.  It  should  be  noted  that  the  strain  time  history  curves  of  the  composite 
specimens  also  have  a  wavy  pattern  as  those  of  AA6061-T6  specimens.  Each  strain  time  history  curve  indicates 
a  good  agreement  in  strain  values  measured  by  laser  extensometer  and  actuator.  One  should  point  out  again  that 
the  accuracy  of  laser  measurement  depends  on  the  quality  of  signals.  If  the  surface  of  composite  specimen  has 
large  defects,  the  quality  of  signals  can  be  influenced  significantly  causing  inaccurate  strain  measurement. 
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Fig.  7  Comparison  of  strain  time  histories  of  AR-glass  fabric-cement  composites  measured  by  the  laser 

extensometer  and  actuator:  (a)  test  1 ,  and  (b)  test  4 


Strain  Rate  Effect 

The  stress-time  and  stress-strain  curves  of  these  four  tests  are  shown  in  Fig.  8.  The  response  of  individual 
specimens  is  not  same,  and  two  of  the  tests  show  a  different  trend.  The  test  durations  are  less  than  0.1  ms  and 
there  is  only  one  peak  in  the  stress  time  history,  indicating  the  4  layers  of  AR  glass  fabric  broke  simultaneously. 
However,  for  the  rest  of  specimens,  there  are  multiple  peaks  on  the  stress-strain  curves,  indicating  separated 
failure  of  fabric  layers.  The  dynamic  material  properties  of  the  fabric-cement  composite  are  summarized  in  Table 
1.  The  Young's  modulus  is  790±161  MPa,  tensile  strength  is  6.20±0.99  MPa,  and  the  toughness  (the  area  under 
stress-strain  curve)  is  0.080±0.041  MPa. 
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Fig.  8  Response  of  AR-glass  fabric-cement  composite:  (a)  stress-time,  and  (b)  stress-strain  and  crack  spacing 


The  typical  stress-strain  response  of  the  composite  under  quasi-static  loading  was  also  plotted  in  Fig.  8(b).  Note 
that  the  strength  of  the  composite  under  dynamic  loading  performed  about  21.3  %  stronger  than  quasi-static 
condition.  The  maximum  strain  was  approximately  two  times  larger  than  that  under  quasi-static  loading.  On  the 
other  hand,  there  was  a  significant  difference  between  the  two  loading  conditions  in  toughness.  The  composite 
under  dynamic  loading  exhibited  significantly  higher  toughness,  almost  three  times  higher  than  that  under  quasi- 
static  loading.  The  averaged  static  properties  of  the  composites  were  also  included  in  Table  1.  The  calculated 
crack  spacing  based  on  captured  images  at  a  strain  rate  of  15  s"1  (test  no.  5)  was  correlated  with  the  applied 
strains  and  plotted  together  with  the  stress-strain  responses  in  Fig.  8(b).  The  average  crack  spacing  value 
decreased  from  11.56  mm  to  5.98  mm  when  the  strain  increased  from  0.006  to  0.01,  indicating  the  progressive 
development  of  cracks  during  the  loading  process. 

Table  1  Dynamic  and  static  material  properties  of  AR-glass  fabric-cement  composite 


Loading 
Condition 


Test  No. 


Strain  Rate 
(s-1) 


Young's  Modulus 
(MPa) 


Tensile  Strength 
(MPa) 


Toughness 
(MPa) 


Max.  Strain 
(mm/mm) 


Dynamic 


1 

16 

639 

5.32 

0.044 

0.0152 

2 

24 

660 

6.42 

0.109 

0.0323 

3 

16 

767 

6.76 

0.110 

0.0302 

4 

16 

831 

7.42 

0.111 

0.0277 

5 

15 

1054 

5.06 

0.028 

0.0106 

Avg. 

17 

790 

6.20 

0.080 

0.0232 

Std.  Dev. 

4 

167 

0.99 

0.041 

0.0098 

Static 


Avg. 
Std.  Dev. 


2.2x10"- 


376 
16.5 


5.11 
0.25 


0.024 
0.002 


0.0103 
0.0007 


5.  Conclusions 


In  this  paper,  the  high  speed  mode  of  the  laser  extensometer  from  Optra  Inc.  has  been  successfully  used  for 
AA6061-T6  and  AR-glass  fabric-cement  composite  at  moderately  high  strain  rates  using  a  high  speed  accessory, 
a  high  speed  digitizer  and  phase-shift  technique.  The  following  conclusions  are  advanced. 

1)  The  proposed  non-contacting  strain  measurement  procedure  using  phase-shift  technique  is  applicable  to 
dynamic  tensile  testing  for  brittle  cement-based  composites  and  ductile  AA6061-T6  material  with 
maximum  strain  varying  from  0.01  to  0.2. 
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2)  The  strain  time  histories  of  AA6061-T6  specimens  at  two  nominal  strain  rates  (150  and  210  s~1),  and  AR- 
glass  fabric-cement  composite  specimens  at  one  nominal  strain  rate  (17  s"1)  measured  by  the  laser 
extensometer  in  high  speed  mode  agree  well  with  those  measured  by  the  actuator  at  the  strain  rates 
investigated. 

3)  The  progressive  developing  of  cracks  during  loading  process  indicates  sufficient  stress  transfer  at  the 
fabric-cement  interface.  The  AR-glass  fabric-cement  composite  is  sensitive  to  strain  rate.  The  Young's 
modulus,  tensile  strength,  maximum  strain,  and  toughness  under  dynamic  loading  are  higher  than  those 
under  quasi-static  loading. 
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ABSTRACT 

This  paper  describes  a  method  for  quantifying  defects  in  fiber  based  composite  materials  created  during  the  fabrication 
process.  The  defects  include  voids  that  arise  during  manufacturing,  micro -cracks  produced  during  cure,  and  delaminations 
which  occur  between  lamina. 

In  this  method,  photomicrography  technology  is  used  in  conjunction  with  computer  aided  design  (CAD)  software.  The 
photomicrographs,  stored  as  bitmap  images,  provide  a  visualization  of  the  bond  behavior  between  the  fiber  and  the  resin 
materials.  The  CAD  software  transforms  each  bitmap  image  into  a  two-dimensional  work  space  where  the  areas  of  the 
defects  are  computed  by  tracing  them  using  a  closed  polygon  feature.  Micro-crack  density  measurements  are  made  by 
dividing  the  sum  of  the  individual  micro-crack  areas  by  the  total  specimen  area. 

The  approach  is  applied  to  measure  the  micro-crack  densities  in  materials  used  for  ablative  nozzle  applications. 

INTRODUCTION 

Micro-cracks  may  result  in  a  composite  material  during  fabrication.  The  latter  may  lead  to  material  shrinkage  and  high 
residual  stresses  which  produce  defects  in  the  material.  These  anomalies  compromise  structural  integrity  and  affect  service 
life.  In  such  cases,  the  determination  of  the  micro-crack  density  provides  insight  into  the  probability  of  failure.  Moreover, 
quantitative  measurements  of  this  parameter  can  form  a  basis  for  making  comparisons  regarding  the  structural  performance 
of  different  materials. 

An  example  of  this  involves  an  ongoing  search  to  find  a  suitable  replacement  for  the  Rayon/SC-1008  composites  currently 
used  in  ablative  nozzle  applications.  The  problem  is  that  Rayon  is  no  longer  produced  locally  in  the  United  States,  primarily 
due  to  environmental  considerations.  The  material  is  available  from  suppliers  located  overseas  but,  for  military  purposes, 
there  is  a  pressing  need  to  eliminate  foreign  dependence. 
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In  1989,  Canfield  and  Koenig  [1]  discussed  the  historical  background  and  efforts  spent  to  replace  Rayon  with  PAN  in 
ablative  composites  contained  within  strategic  and  tactical  launch  systems.  After  designers  working  on  the  Orion  solid  motor 
stage  1  nozzle  tried  to  make  this  substitution  by  using  a  composite  system  consisting  of  PAN  fiber  cured  with  a  phenolic 
resin  (91LD),  researchers  at  ATK  reported  that  various  nozzle  components  were  susceptible  to  cracking  which  could  result  in 
a  catastrophic  failure  of  the  overall  system  [2].  They  introduced  evidence  to  demonstrate  that  delaminations  initiated  at  the 
surface  of  the  PAN  due  to  high  residual  stresses  created  by  material  shrinkage  as  volatile  loss  occurred.  The  sources  of  the 
residual  stress  were  attributed  to  curing  and  part  cool  down.  In  addition,  it  was  found  that  moisture  loss  over  time  led  to 
shrinkage  sufficient  to  cause  delamination  (crack)  flaw  initiation  followed  by  continued  crack  propagation. 

In  contrast,  a  recent  study  indicated  that  a  PAN/SC-1008  constituent/matrix  could  be  manufactured  that  met  or  exceeded  the 
characteristics  of  the  Rayon-based  constituent/matrix;  thereby  establishing  a  new  source  of  composite  materials  for  ablative 
nozzle  fabrication  and/or  military  applications  [3].  This  conclusion  was  reached  in  part  by  using  the  method  of 
photomicrography  with  CAD  to  compare  the  micro-crack  densities  of  specimens  cut  from  Rayon/SC-1008  and  PAN/SC- 
1008  composite  plates. 

This  paper  outlines  this  procedure  and  shows  typical  results  found  during  this  investigation. 

PHOTOMICROGRAPHY 


Methods  typically  used  to  identify  micro-cracks  include  ultrasonic  testing  (UT),  computer  regulation  thermography  (CRT), 
and  non-destructive  testing  methodologies  such  as  X-ray  methods.  But  these  methods  are  mainly  used  to  identify  isolated 
cracks,  making  it  difficult  to  characterize  the  micro-crack  density.  Photomicrography,  on  the  other  hand,  allows  an 
investigator  to  visualize  and  characterize  the  extent  to 
which  cracking  occurs  in  a  matrix. 

A  photomicrograph  is  a  photograph  of  an  object  as  seen 
through  an  ordinary  lighted  microscope  with  a  camera  that 
is  either  attached  to  the  normal  eyepiece  of  the  microscope 
or,  more  commonly,  integrated  by  modifying  the  image 
train  of  the  device.  Applications  include  visualization  of 
opaque  objects  and  structures,  such  as  metals  and  stones 
that  are  ground  smooth  or  etched  chemically. 

A  LEICA  MZ  16A  Microscope  equipped  with  an  LEICA 
digital  camera  was  used  to  record  photomicrographs  of  the 
Rayon  and  PAN  configurations  described  below.  Figure  1 
shows  a  photograph  of  the  equipment. 

MICRO-CRACK  DENSITY  MEASUREMENT 

The  photomicrographs  recorded  during  this  study  were 
captured  at  20X  magnification  and  stored  in  bitmap  format 
using  Microsoft  Paint  software.  The  images  were 
transferred  to  the  drawing  screen  of  a  CADopia  software 
package  that  transformed  each  bitmap  into  a  two- 
dimensional  work  space  where  the  areas  of  defects  were 
computed  by  tracing  them  using  a  closed  polygon  feature. 

After  closed  polygons  were  traced  around  the  micro-crack 
areas  and  the  full  microphotograph,  the  pertinent  areas 
were  computed.  Micro-crack  density  measurements  were 
made  by  dividing  the  sum  of  the  individual  micro-crack 
areas  by  the  total  specimen  area. 


Fig.  1  LEICA  Photomicrograph  Equipment 


Overall,  this  relatively  simple  approach  provided  a  numerical  methodology  for  data  collection  and  the  capability  to  quantify 
the  micro-crack  density  of  each  constituent  resin  system  so  that  comparisons  could  be  made  and  conclusions  drawn. 


SPECIMEN  FABRICATION 
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Although  the  majority  of  applications  associated  with  Rayon  rely  on  the  use  of  pre -impregnated  materials,  comparisons  were 
made  during  the  study  at  hand  by  using  wet  hand  lay-ups,  mainly  because  PAN  composites  were  not  readily  available  in  a 
pre-impregnated  form.   The  woven  cloths  were  manufactured  with  fibers  having  the  properties  described  in  Tables  1  and  2. 

Table  1  Rayon  Material  Properties 


Carbon  NARC  Rayon 

Carbon  Assay  (%) 

99 

Density  (g/cc) 

1.5 

Tensile  Strength  (ksi) 

100 

Tensile  Modulus  (Msi) 

6 

Thermal  Conductivity  (W/m-K) 

4 

Coefficient  of  Thermal  Expansion  (in/in/°F) 

13  xlO"6 

Table  2  PAN  Material  Properties 


PAN  T300  Carbon  Fiber 

Carbon  Assay  (%) 

92 

Density  (g/cc) 

1.76 

Tensile  Strength  (ksi) 

530 

Tensile  Modulus  (Msi) 

33 

Thermal  Conductivity  (W/m-K) 

13 

Coefficient  of  Thermal  Expansion  (in/in/°F) 

-0.23  x  10-6 

Durite®  SC-1008  was  used  to  bond  the  layers  of  cloth  together.  It  is  a  laminating  phenolic  liquid  resin  produced  by  Borden 
Chemicals  and  consists  of  a  laminating  varnish  in  isopropyl  alcohol.  Applications  include  the  manufacturing  of  glass  cloth 
laminates  designed  to  withstand  extended  exposures  at  temperatures  up  to  500°F.  Table  3  shows  its  mechanical  properties. 

Table  3  SC-1008  Resin  Material  Properties 


Specific  Gravity 

1.2759 

Poisson's  Ratio 

0.375 

Tensile  Strength  at  Failure 

8900  psi 

Elongation  at  Failure 

1.7% 

Tensile  Modulus 

5.7xl05psi 

Shear  Modulus 

2.4xl05psi 

Aluminum  molds  were  assembled  and  prepared  prior  to  performing  the  hand  lay-up  of  the  fabric.  Components  consisted  of  a 
base  plate,  four  side  bars,  screws  to  secure  the  rectangular  mold  configuration,  and  a  top  plate.  After  the  mold  was  cleaned 
with  acetone,  Kapton®  tape  was  applied  to  prevent  leakage.  A  mold  release  was  sprayed  onto  the  configuration  to  facilitate 
removal  of  the  panels. 

One  panel  was  fabricated  with  the  Rayon  cloth  and  another  with  the  PAN.  The  general  process  used  to  manufacture  each  test 
panel  was  to  cut  out  layers  of  the  cloth  fiber,  combine  the  layers,  and  apply  resin  to  the  stacked  configuration  in  the  mold. 
The  next  steps  were  to  seal  the  composite  with  bagging  material,  cure  it  at  the  specified  temperature  and  pressure,  and  then 
remove  the  final  cured  panel  from  the  mold. 

The  panels  themselves  measured  15.2  cm  (6  in.)  in  the  warp  direction  and  33.0  cm  (13  in.)  in  the  fill  direction  and  layers 
were  stacked  until  the  panels  had  a  thickness  of  1.9  cm  (0.75  in.).  Each  panel  was  designed  so  that  the  fiber  cloth  comprised 
60  percent  of  the  configuration  while  the  SC-1008  neat  resin  comprised  40  percent.  The  desired  volumetric  proportions  were 
accomplished  by  weighing  the  fabric  and  resin. 

Once  the  proper  amount  of  resin  was  obtained,  each  lamina  was  coated  and  placed  in  the  mold.  This  procedure  was  repeated 
until  the  desired  thickness  was  met  while,  at  the  same  time,  ensuring  that  all  plies  were  aligned  in  the  warp  direction.  Figure 
2  illustrates  the  lay-up  process  while  Fig.  3  shows  a  fully  cured  test  panel. 
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Fig.  2  Wet  Hand  Lay-Up  Process 


Fig.  3  Fully  Cured  Panel 


Once  the  panels  had  cured,  a  number  of  25.4  mm  (1  in.)  by  25.4  mm  (1  in.)  specimens  were  extracted  from  them  by  cutting 
parallel  to  the  warp  and  fill  directions.  Photomicrographs  were  taken  of  both  edges  so  that  the  micro-crack  density  could  be 
determined. 

PHOTOMICROGRAPHS 

Figure  4  shows  a  typical  photomicrograph  corresponding  to  a  cross  sectional  view  of  a  cured  composite  panel.  Salient 
features  are  identified,  such  as  tool  serrations,  fiber  cloth,  and  micro -cracks  (voids). 


TOOL  SERRATIONS  FROM 
CUTTING  SAMPLE  FROM  PANEL 


CLOTH 
FIBER 


MICRO-CRACKS 
(VOIDS) 


/ 

Vp^lta 

V                       / 

"IF*" 

"V 

«*. 

Fig.  4  Typical  Cured  Composite  Cross  Section  View 


Tool  serrations  correspond  to  the  diagonal  lines.  These  were  produced  by  the  tool  that  was  used  to  cut  the  specimens  from  the 
cured  composite  panel.  The  cloth  fiber  corresponds  to  the  light  gray  and  whitish  areas  while  micro -cracks  (voids)  correspond 
to  the  black  (darkened)  areas.  In  the  latter,  the  adhesive  resin  did  not  adhere  to  the  cloth  fiber.  Resin  is  not  readily  viewable 
because  it  is  cohesive  with  the  cloth  fiber. 
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RESULTS 

Figures  5-8  show  typical  photomicrographs  recorded  and  processed  using  the  CADopia  software  to  visualize  and  quantify 
micro-cracks  in  the  Rayon/SC-1008  and  PAN/SC-1008  samples.  The  photographs  include  both  fill  and  warp  sections;  red 
areas  correspond  to  the  defects. 
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Fig.  5  Rayon/SC-1008  Fill  Micro  Cracks 


Fig.  6  Rayon/SC-1008  Warp  Micro  Cracks 


Fig.  7  PAN/SC-1008  Fill  Micro  Cracks 


Fig.  8  PAN/SC-1008  Warp  Micro  Cracks 


There  was  an  average  of  28  micro-cracks  in  the  Rayon/SCI 008  baseline  specimens  which  had  an  average  percent  micro- 
crack  density  of  1.97.  The  PAN/SC-1008  specimens  had  an  average  of  only  13  micro-cracks  per  specimen  with  a 
substantially  lower  average  percent  micro-crack  density  of  1.16.  Thus,  the  PAN  outperformed  the  Rayon  baseline. 

CONCLUSION 


A  method  was  described  to  measure  micro-crack  density  in  which  photomicrograph  technology  was  used  in  conjunction  with 
computer  aided  design  (CAD)  software.  Photomicrographs,  stored  as  bitmap  images,  provided  a  visualization  of  the  bond 
behavior  between  different  fiber  and  resin  materials.  The  CAD  software  allowed  the  areas  associated  with  defects  to  be 
computed  by  tracing  them  using  a  closed  polygon  feature.  Micro-crack  density  measurements  were  made  by  dividing  the 
sum  of  the  individual  micro-crack  areas  by  the  total  specimen  area  so  that  relative  comparisons  related  to  structural  integrity 
and  service  life  could  be  made. 
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Abstract:  An  innovative  Hopkinson  pressure  bar  system  for  testing  the  shear  response  of  materials  at  high  strain  rates  has 
been  developed.  A  novel  single-lap  specimen  of  a  polymer  bonded  explosive  (PBX)  is  used.  Instead  of  strain  gauges  mounted 
on  the  bars,  one  quartz  force  transducer  is  sandwiched  between  the  clamp  and  the  transmission  bar  to  directly  measure  the 
weakly  loading  forces.  A  laser  gap  gauge  is  employed  to  monitor  the  shear  strain  of  the  specimen,  which  is  based  on  the 
luminous  flux  method.  Finite  element  code  ANSYS  is  used  to  analyze  the  stress  state  in  the  specimen.  Experimental  results 
show  that  this  new  method  is  effective  and  reliable  for  determining  the  shear  stress-strain  responses  of  the  soft  materials  at 
high  strain  rates. 

INTRODUCTION 

Safety  assessments  of  energetic  materials  for  accidental  impacts  have  received  considerable  attention  in  recent  years.  Damage 
caused  by  the  dynamic  loading  increases  the  sensitivity  of  energetic  materials  and  plays  an  important  role  in  the  initiation  and 
the  violence  of  reaction  during  the  low  level  mechanical  threats.  For  the  polymer  bonded  explosive  (PBX),  the  compression 
strength  is  much  larger  than  the  tension  and  shear  strengthfl,  2].  It  implies  that  most  of  damages  of  PBX  in  practice 
application  are  incurred  by  the  tension  stress  and  shear  stress.  A  number  of  previous  authors  have  reported  the  dynamic 
compression  behaviors  of  polymer  bonded  explosives[3-5].  Some  researchers  also  applied  the  dynamic  Brazilian  testing  to 
investigating  the  tension  responses  of  polymer  bonded  explosives [6].  The  experiments  focused  on  studying  the  dynamic 
shear  properties  of  PBX,  however,  are  few  relatively. 

Even  though  quasi-static  loading  the  design  of  a  specimen  which  achieves  a  uniform  shear  stress  on  the  test  effective  area  is 
not  easy.  An  additional  difficulty  under  dynamic  loading  is  the  requirement  that  force  equilibrium  should  be  satisfied  within 
very  short  time  range.  It's  the  obstacle  that  prevents  some  standard  quasi-static  test  from  being  transformed  into  the  dynamic 
shear  test.  The  split  Hopkinson  pressure  bar  technique  (SHPB)[7-9]  is  widely  used  for  determining  the  mechanical  properties 
of  materials  under  high  strain-rate  loading  (102  ~  104  s"1).  Various  designs  of  specimens[10-12]  have  been  used  to  test  the 
interlaminar  shear  strength  or  failure  strength  of  composite  materials  with  SHPB.  Hallett  et  al[13]  pointed  out  that  in  all  these 
designs  of  specimens,  the  single-lap  design  easily  achieves  uniform  shear  stress  with  the  very  low  normal  (peeling)  stress. 

Conventional  SHPB  analysis  employs  strain  gauges  mounted  on  the  incident  bar  and  transmitted  bar  to  measure  the  stress 
wave  profiles.  In  the  dynamic  tests  of  low  strength  materials,  the  transmitted  signal  is  too  small  to  be  measured  with  the  strain 
gauge  because  of  the  enormous  mechanical  impedance  difference  (the  product  of  the  acoustic  impedance  and  cross-sectional 
area)  between  that  of  the  bar  and  the  specimen.  This  will  lead  to  inaccuracy  of  the  specimen  stress  history.  In  dynamic  single- 
lap  shear  experiments  [13],  a  strain  gauge  rosette  was  mounted  on  the  specimen  to  measure  the  shear  strain  of  the  specimen. 
For  the  small  specimen,  the  size  of  strain  gauge  should  be  smaller  than  that  of  the  gauge  section.  It  will  increase  the  difficult 
of  the  experimental  operation.  Meanwhile,  the  shear  strain  is  blank  after  the  strain  gauge  failure,  which  is  useful  for  getting 
more  details  of  the  shear  stress-stain  relationship.  And  for  low  shear  strength  materials  such  as  PBX,  this  work  focused  on, 
the  influences  of  the  bond  on  the  test  results  should  be  considered  discreetly. 
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In  this  work,  we  modified  a  SHPB  system  to  investigate  the  shear  response  of  a  PBX  at  high  strain  rates.  An  optimized 
single-lap  design  of  specimen  is  employed.  The  traditional  strain  gauges  are  no  longer  used  in  our  modified  system.  We  use 
one  quartz  transducer  that  is  sandwiched  between  the  transmission  bar  and  the  clamp  to  directly  measure  the  dynamic  loading 
forces  [14].  A  laser  gap  gauge  is  employed  to  monitor  the  strain  of  the  specimen.  As  there  is  no  strain  gauge  used  in  the 
experiment,  we  could  ignore  the  wave  dispersion  in  the  bar. 

EXPERIMENT 

Specimen  and  testing  apparatu 

The  schematic  of  the  specimen  design  is  shown  in  Fig.  1(a).  Fig.  2(b)  shows  a  photograph  of  an  actual  specimen.  Specimens 
were  made  by  molding,  with  mass  density  of  1.7g/cm3.  The  thickness  of  the  specimen  is  10mm.  For  eliminating  the  stress 
concentrations,  we  using  the  large  radius  of  the  corner  in  notch  region.  It's  also  convenient  to  removing  mold  without  the 
sharp  edge  of  the  specimen.  The  length  of  effective  test  region  should  be  less  than  that  of  the  lap,  as  shown  in  Fig.l. 
Otherwise,  the  strain  in  the  lap  would  exceed  the  elastic  limitation  with  localized  damage  before  the  specimen  appearing 
shear  failure. 

The  apparent  feature  of  the  specimen  is  that  the  corners  in  notch  region  are  not  thoroughly  symmetrical.  The  effect  of  the 
special  notch  position  is  a  compressive  stress  in  the  shear  region,  which  can  compensate  for  the  tensile  stress  caused  by 
elastic  deformation  of  the  specimen  adjacent  to  the  shear  region.  In  fact,  if  the  notches  are  placed  symmetrically,  the  stress 
state  in  the  shear  region  is  a  combination  of  shear  and  tension. 

We  modified  a  20  mm  diameter  SHPB  system  to  investigate  the  shear  response  of  a  PBX  under  high  strain  rates  (Fig.2).  Two 
clamps  were  design  to  load  the  specimen,  which  were  respectively  agglutinated  on  the  ends  of  the  incident  and  transmission 
bars.  The  bars  are  made  with  7075  aluminum.  The  incident  (input)  bar  is  1800  mm  long  and  the  transmitted  (output)  bar  is 
1200  mm  long.  The  slope  of  the  incident  pulse  is  small  enough  to  ensure  the  specimen  achieving  force  equilibrium  before 
shear  failure  occurring.  The  schematic  diagram  of  the  modified  Hopkinson  bar  system  is  shown  in  Fig.  2. 
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Fig.l  (a)  Schematic  of  the  specimen;  (b)  photograph  of  the  specimen  used  in  this  study 


Measurement  techniques 

The  method  of  measuring  the  shear  strain  of  the  specimen  with  strain  gauge[13],  isn't  suitable  for  this  work.  A  laser  gap 
gauge  (LGG)  is  employed  to  monitor  the  strain  of  the  specimen.  The  LGG  system  consists  of  a  diode  line  laser,  a  laser  holder, 
a  collecting  lens  and  a  light  detector.  The  schematic 


The  laser  operates  at  670  nm  with  a  5  mW  output  power.  It  has  a  large  field  depth  and  minimal  variations  in  thickness  across 
the  line  length.  The  line  is  30  jam  thick  at  185  mm  away,  and  the  divergence  angle  is  5°.  The  light  detection  part  consists  of  a 
collecting  lens  and  a  photodiode  light  detector.  The  collecting  lens  focuses  the  incoming  laser  light  into  the  photodiode 
detector,  which  is  placed  near  its  focus.  A  narrow-band-pass  filter  centered  at  670  nm  is  placed  in  front  of  the  detector 
window.  The  photodiode  detector  output  is  pre-amplified,  and  the  optoelectronics  and  the  preamplifier  together  have  a 
bandwidth  of  1.5  MHz.  The  output  voltage  of  the  detector  is  proportional  to  the  total  amount  of  laser  light  collected.  The 
whole  system  has  a  noise  level  less  than  0.4  mV. 
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We  use  a  set  of  high  precision  gauges  to  partly  block  the  probe  laser  to  calibrate  the  LGG.  The  blocking  width  ranges  from  0 
to  10  mm  at  a  step  of  0.01  mm.  Because  of  the  high  uniformity  of  the  laser  sheet,  the  light-blocking  width  Ad  is  linear  with 
the  amount  of  output  voltage  AU: 


Ad  =  kAU 


(1) 


where  £=4.08  mm/V  is  the  calibration  parameter  of  the  LGG  system.  Denote  the  standard  deviation  as  a,  and  the  uncertainty 
of  the  system  follows  from  equation  (2)  as: 


aAd  I  Ad  *  ^(aJkf+icT^/AU)2 


Here  ak=0.03  mm/V,  and  gju=0A  mV.  As  an  example,  for  AU=  0.25  V,  Ad = 
Thus  the  relative  error  of  the  displacement  measurement  is  around  0.8  %. 


(2) 
1.02  mm  and  the  uncertainty  is  about  0.01mm. 


Fig.2  Schematic  diagram  of  the  modified  Hopkinson  bar  system 


The  X-cut  quartz  is  widely  used  in  SHPB  experiments [14,  15],  which  is  much  more  sensitive  in  detecting  forces  in  its  in- 
direction than  the  indirect  surface  strain  gage  method.  The  acoustic  impedance  of  the  self-generating  quartz  transducer  is  also 
very  close  to  the  mechanical  impedance  of  the  aluminum  bar,  which  ensures  that  introduction  of  the  quartz  disks  do  not  affect 
the  one-dimensional  wave  propagation  in  the  bar.  We  use  a  quartz  force  transducer  which  is  sandwiched  between  the  clamp 
and  the  transmission  bar  to  directly  measure  the  dynamic  loading  forces. 
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Fig.3  Calibration  results  of  the  piezoelectric  constant 


In  our  work,  a  2  mm  thick  shim  of  the  same  diameter  of  the  quartz  crystal  is  used  as  the  positive  pole  between  quartz  crystal 
and  the  clamp.  We  made  use  of  the  traditional  SHPB  apparatus  with  strain  gauge  to  calibrate  the  quartz  transducer.  As  result 
of  the  calibration  experiment,  the  piezoelectric  constant  is  2.82xl0~12±  0.05  C/N,  shown  in  Fig.  3. 
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Stress  state  analysis 

The  numerical  analysis  is  carried  out  using  the  commercial  finite  element  code  ANSYS  (Release  10.0,  Ansys  Inc.).  The 
geometry  model  of  the  specimen  is  the  same  as  the  actual  one.  A  total  of  323528  elements  of  SOLID  185  are  used  to  mesh  the 
specimen.  The  specimen  material  is  assumed  to  be  elastic.  The  density  of  the  specimen  is  respectively  1.7g/cm3;  the  Young's 
modulus  is  lGPa  for  the  specimen;  The  Possion's  ratio  is  0.33.  A  key  assumption  that  the  mechanical  property  of  the  material 
is  strain-rate  independent  is  made  for  simplifying  the  question.  Both  sides  of  the  specimen  are  constrained  with  no  transverse 
displacements.  It  is  to  simulate  the  clamp-effect. 

Fig.  4  shows  the  contour  maps  of  the  specimen.  The  stress  state  in  the  specimen  is  complex  as  expected.  The  shear  stress  in 
the  gauge  section,  however,  is  rather  uniform  as  shown  in  Fig.  4(a).  The  peeling  stress  is  also  relative  uniform  in  Fig.  4(b).  It 
indicates  that  the  gauge  section  of  specimen  is  dominated  by  the  shear  loading,  meanwhile,  with  the  low  peeling  stress  (less 
than  10  percent  of  the  shear  stress  in  the  gauge  section).  Fig.  5  is  the  comparison  of  the  stress  state  in  the  section  gauge  and 
the  computed  shear  stress.  The  curved  surface  is  the  shear  stress  in  the  gauge  section.  The  X-axis  and  Y-axis  respectively 
correspond  to  the  transverse  and  vertical  orientations  of  the  specimen.  The  plane  face  is  the  calculated  average  shear  stress 
(ratio  of  the  loading  force  to  the  area  of  shear  section)  in  Fig.  5.  One  can  observe  that  the  main  part  of  the  curved  surface  is 
flat,  and  it  is  close  to  the  plane.  It  indicates  that  the  calculated  shear  stress  can  approximate  the  shear  stress  in  the  gauge 
section  well. 


Fig.4  Contour  map  of  the  specimen:  (a)  shear  stress;  (b)  peeling  stress 


Shear  stress  (Pa) 


Fig.  5  Comparison  of  the  shear  stress  in  the  specimen  and  the  computed  one 
RESULTS  AND  DISCUSSION 


The  photo  of  the  retrieved  specimen  is  shown  in  Fig.  6.  The  failure  of  the  specimen  occurs  at  the  gauge  section  as  expected. 
Typical  compression  stress-strain  curves  obtained  at  high  strain  rates  are  shown  in  Fig. 7.  Average  pressure  strain  rates  at 
three  main  levels  are  300,  400and  500s"1.  From  the  Fig. 7,  we  know  that  the  PBX  specimens  are  not  very  sensitive  to  shear 
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strain  rates.  At  shear  strain  rates  300s"1,  the  peak  compression  stress  is  about  1.45MPa.  And  the  average  failure  stress  is  about 
1.4MPa  at  the  shear  strain  rates  500s"1.  The  rate  hardening  effect  is  not  obvious. 

The  shapes  of  shear  strain-stress  curves  are  not  identical  with  each  other.  At  strain  rates  300  and  370  s"1,  the  curves  drop 
sharply,  after  reaching  the  peaks.  However,  the  curves  decrease  slowly  with  a  flat  after  reaching  the  peaks  at  higher  strain 
rates.  It  may  be  relate  with  the  friction  effect  in  the  shear  failure  surface.  When  the  loading  is  low,  the  friction  in  the  specimen 
is  not  obvious.  The  instability  of  the  specimen  is  sudden.  With  the  loading  increasing,  the  friction  effect  is  prominent,  which 
prevents  the  specimen  losing  stability.  Thus  the  strain  increases  and  the  stress  decreases  a  few. 

Fig.8  shows  the  changing  of  the  failure  stress  and  strain  with  the  shear  strain  rates.  The  failure  stress  varies  little  as  shown  in 
Fig.  8(a),  and  the  average  failure  stress  is  about  1.39MPa.  The  failure  strain  rises  with  the  strain  rate  increasing.  It  indicates 
that  the  rate  hardening  effect  affect  parameters  differently.  Compared  with  the  failure  stress,  the  failure  strain  is  sensitive  to 
the  strain  rates.  The  strain  rate  increase  from  300s"1  to  500s"1,  and  the  failure  strain  rises  from  0.82  to  0.1 1. 
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Fig. 6  Typical  retrieved  specimen 
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Fig. 7  Typical  Stress-strain  curves 
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Fig.  8  (a)  Results  of  the  failure  strain  with  strain  rate;  (b)  Results  of  the  failure  stress  with  strain  rate 
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CONCLUSION 

We  propose  a  modified  SHPB  apparatus  to  measure  the  responses  of  the  PBX  under  shear  loading  at  high  strain  rates.  In  this 
method,  Instead  of  strain  gages  mounted  on  the  bars,  one  quartz  force  transducers  is  sandwiched  between  the  clamp  and  the 
transmission  bar  to  directly  measure  the  weakly  loading  forces.  A  laser  gap  gauge  is  employed  to  monitor  the  shear  strain  of 
the  specimen.  The  experimental  results  show  that  the  failure  strain  is  sensitive  to  the  strain  rate,  but  the  failure  stress  is 
independent  on  the  strain  rate.  This  technique  is  readily  implementable  and  can  be  applied  to  investigating  the  dynamic  shear 
behaviour  of  the  soft  materials. 
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ABSTRACT 

The  electronic  industry  continues  to  dramatically  reduce  the  size  of  electrical  components.  Many  of  these  components  are 
now  small  enough  to  allow  shock  testing  with  Hopkinson  pressure  bar  techniques.  However,  conventional  Hopkinson  bar 
techniques  must  be  modified  to  provide  a  broad  array  of  shock  pulse  amplitudes  and  durations.  For  this  study,  we  evaluate 
the  shock  response  of  accelerometers  that  measure  large  amplitude  pulses,  such  as  those  experienced  in  projectile  perforation 
and  penetration  tests.  In  particular,  we  modified  the  conventional  Hopkinson  bar  apparatus  to  produce  relatively  long  duration 
pulses.  The  modified  apparatus  consists  of  a  steel  striker  bar,  annealed  copper  pulse  shapers,  an  aluminum  incident  bar,  and  a 
tungsten  disk  with  mounted  accelerometers.  With  these  modifications,  we  obtained  accelerations  pulses  that  reached  amplitudes 
of  10  kG  and  durations  of  0.5  ms.  To  evaluate  the  performance  of  the  accelerometers,  acceleration-time  responses  are  compared 
with  models  that  use  independent  stress  and  strain  measurements.  Comparisons  of  data  from  all  three  measurements  are  in  good 
agreement. 


1     Introduction 

A  major  goal  for  our  penetration  technology  program  is  to  obtain  a  fundamental  understanding  of  the  penetration  process 
for  concrete  targets.  For  many  applications  [1,  2],  the  projectile  nose  does  not  erode  and  the  projectile  has  relatively  small 
deformations.  In  those  cases,  rigid-body  deceleration  data  from  data  recorders  mounted  within  the  projectile  provide  a  close 
measure  of  net  force  on  the  projectile  nose.  Because  tests  with  projectiles  that  are  large  enough  to  contain  an  acceleration  data 
recorder  are  expensive,  it  seems  prudent  to  conduct  inexpensive  performance  evaluation  experiments  on  the  accelerometers 
prior  to  penetration  tests.  As  pointed  by  Togami  et  al.  [3],  there  are  no  standard  calibration  methods  for  high-G  accelerometers, 
so  performance  evaluation  prior  to  penetration  tests  adds  to  the  confidence  of  the  penetration  data. 
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In  a  previous  study  [4],  we  presented  a  Hopkinson  bar  technique  to  examine  the  performance  of  accelerometers  and  reported 
durations  to  about  0.1ms.  In  this  study,  we  make  modifications  to  the  apparatus  in  [4]  and  report  durations  to  about  0.5ms. 
In  particular,  we  use  a  longer  steel  striker  bar  and  two  annealed  copper  pulse  shapers.  Experimental  details  are  explained  in 
the  next  section.  Next,  we  present  models  of  the  acceleration  response  of  the  tungsten  disk  and  mounted  accelerometers.  We 
conclude  with  a  comparison  of  the  measured  acceleration  and  models  that  predict  acceleration  from  independent  stress  and 
strain  measurements.  Comparisons  of  data  from  all  three  measurements  show  good  agreement. 

2     Experimental  apparatus  and  procedure 

Figures  1  and  2  show  the  modified  Hopkinson  bar  apparatus.       A  maraging  steel  (C350)  striker  bar  impacts  the  double, 
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Fig.  1  Schematic  of  modified  Hopkinson  apparatus. 
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Fig.  2  Schematic  of  pulse  shaper  design. 


annealed  copper  (CI  1000)  pulse  shaper  that  is  attached  to  the  7075-T651  aluminum  incident  bar.  The  pulse  shaper  produces  a 
nondispersive,  compressive  stress  wave  that  propagates  in  the  aluminum  incident  bar  and  eventually  interacts  with  the  tungsten 
disk  at  the  end  of  the  bar.  Strain  gages  are  attached  to  the  incident  bar,  a  quartz  stress  gage  is  placed  between  the  end  of  the 
incident  bar  and  the  disk,  and  two  accelerometers  from  different  suppliers  are  mounted  to  the  end  of  the  disk.  In  a  previous 
study  [4],  we  reported  acceleration-time  durations  of  about  0.1ms.  To  achieve  durations  of  about  0.5  ms,  we  use  a  longer 
(L  =  0.914m)  steel  striker  bars  and  the  double  pulse  shaper  [5,  6]  shown  in  Fig.  2.  The  disk  is  attached  to  the  incident  bar  with 
a  plastic  shrink  tube  that  allows  the  disk  to  separate  from  the  incident  bar  when  the  interface  stress  becomes  tensile.  Thus,  we 
achieve  a  single  pulse  loading. 

We  now  have  several  analytical  models  that  help  us  design  our  experiments  without  many  unnecessary  experimental  trials. 
In  [5,6],  we  presented  models  that  predict  incident  stress  pulses  for  single  and  double  pulse  shapers.  We  show  in  a  subsequent 
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section  that  predictions  and  measured  incident  strain  pulses  are  in  good  agreement.  Next  we  performed  a  stress  wave  analysis 
in  the  tungsten  disk  [4]  and  show  that  rise  time  of  the  incident  stress  pulse  is  long  enough  and  the  tungsten  disk  length  is 
short  enough  that  the  disk  response  can  accurately  be  approximated  as  rigid-body  motion.  Since  we  measure  stress  at  the 
aluminum  bar-tungsten  disk  interface  with  the  quartz  gage,  we  can  calculate  rigid-body  acceleration  of  the  tungsten  disk  from 
Newton's  Second  Law  and  the  stress  gage  data.  Thus,  we  have  a  direct  comparison  with  the  measured  acceleration-time  pulse. 
In  addition,  we  use  the  measured  incident  strain  pulse  as  input  to  a  model  [4]  that  calculates  rigid-body  acceleration  of  the  disk. 
These  models  and  measurements  are  used  to  evaluate  the  performance  of  the  accelerometers. 

The  experimentally  verified  model  for  the  rigid-body  acceleration  of  the  disk  shows  that  the  shape  of  the  acceleration-time 
pulses  are  dominated  by  the  slopes  of  the  incident  stress  wave.  Thus,  shaping  the  incident  stress  with  the  pulse  shaper  shown 
in  Fig.  2  is  a  critical  item  for  this  modified  Hopkinson  bar  technique.  We  use  the  high  impedance  tungsten  disk,  so  that  the 
incident  bar-disk  interface  remains  in  compression  with  multiple  wave  transits  in  the  disk. 

3     Tungsten  disk  response 

Figure  1  shows  the  tungsten  disk  in  contact  with  the  aluminum  incident  bar.  We  use  pulse  shaping  techniques  [5,  6]  to  propagate 
nondispersive  stress  waves  in  the  aluminum  incident  bar  that  eventually  interact  with  the  disk.  The  disk  has  a  larger  impedance 
than  the  incident  bar  so  that  stresses  at  the  bar-disk  interface  remain  in  compressive  for  multiple  wave  transits  in  the  disk.  In  [3], 
we  performed  a  stress-wave,  interaction  analysis  on  the  incident  bar  and  disk  and  present  equations  for  the  particle  velocities 
vi ,  V2  at  stations  1  and  2  shown  in  Fig.  1  .  When  v\  and  V2  were  nearly  equal,  we  concluded  that  the  disk  could  be  modeled 
accurately  as  a  rigid  body.  During  this  study,  we  recognized  that  we  could  easily  obtain  particle  accelerations  at  stations  1  and 
2  in  Fig.  1 .  The  only  time-dependent  term  in  the  equations  for  vi  and  V2  in  [3]  is  the  incident  stress  G((t).  Then  to  obtain  a\  and 
#2,  we  simply  replace  Gi(t)  with  d<Ji(t)/dt. 

In  addition  to  the  stress  wave  analysis,  we  present  an  equation  of  motion  that  assumes  the  disk  is  a  rigid  body.  From  [3], 
the  rigid  body  motion,  y(t),  of  the  mass  m  is  governed  by 
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For  more  terms  in  the  expression  for  Gi,  we  use  the  polynomial  expression 
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In  the  next  section,  we  show  that  a\  and  #2  from  the  wave  equations  bracket  and  closely  approximate  a(t)  from  the  rigid- 
body  analysis.  Thus,  we  can  calculate  the  rigid-body  disk  acceleration,  a(t),  from  Newton's  Second  Law  and  data  from  the 
stress  gage.  Thus, 

-0  =  ^  (8) 

m 

where  a(t)  is  the  stress  gage  time  history,  A  is  the  cross-sectional  area  of  the  incident  bar  and  disk,  and  m  is  the  mass  of  the  disk 
and  mounted  accelerometers.  Therefore,  acceleration  calculated  with  the  stress  gage  data  can  be  compared  with  measurements 
from  the  accelerometers. 

In  [3],  we  also  derive  an  equation  that  predicts  the  rigid-body  acceleration  of  the  disk  in  terms  of  the  measured  incident 
stress.  From  [3], 
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In  summary,  we  first  show  that  for  our  design  parameters  the  disk  motions  can  be  closely  approximated  as  rigid-body  motion. 
Then,  we  compare  the  acceleration-time  measurements  with  models  that  use  independent  stress  and  strain  measurements.  We 
show  in  the  next  section  that  data  from  all  three  measurements  are  in  good  agreement. 

4     Results 

Pulse  shaping  techniques  were  used  to  achieve  two  distinct  load  levels  called  Load  Level  1  and  Load  Level  2  throughout  this 
section.  A  pulse  shaping  design  code  was  used  to  accurately  predict  the  materials  and  geometries  of  the  pulse  shapers  required 
to  achieve  these  loads,  thus  eliminating  many  experimental  trials.  Figures  3  and  4  show  comparisons  of  the  predicted  incident 
stress  pulses  to  representative  incident  stresses  measured  in  the  experiments.    Note  that  the  unloading  portion  of  the  incident 
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Fig.  3  Comparison  of  pulse  shaper  design  code  prediction  to  experimental  incident  pulse  for  Load  Level  1 


stresses  are  not  well  predicted  by  the  pulse  shaper  design  code  because  the  pulse  shapers  are  modeled  via  their  plastic  responses 
in  the  code  whereas  they  will  unload  elastically  after  plastic  deformation  in  the  experiment.  This  is  understood  and  acceptable 
because  the  portion  of  the  incident  stress  of  interest  here  is  the  loading  portion.  From  the  analysis  in  the  previous  section  it  is 
observed  that  the  acceleration  of  the  tungsten  disk  is  dominated  by  the  slope  of  incident  stress  upon  loading. 

To  demonstrate  the  accuracy  of  our  analysis  in  the  previous  section  we  will  compare  model  predictions  to  data  collected 
from  quartz  gages  in  the  experiments  at  Load  Levels  1  and  2.  At  Load  Level  1,  we  approximate  the  incident  stress  by  two 
curves.  First,  we  approximate  the  incident  stress  as  a  2-term  polynomial  as  in  Eq.  (4),  we  also  approximate  it  as  a  12-term 
polynomial  as  in  Eq.  (6).  Least  squares  curve  fits  were  done  in  each  case  to  determine  the  y„'s.  We  use  the  yn  fit  parameters 
in  Eq.  (7)  along  with  the  material  properties  to  predict  the  acceleration  of  the  tungsten  disk.  For  a  19.05  mm  diameter,  7075- 
T6  aluminum  incident  bar  we  used  p  =  2710kgm-3  and  c  =  5040ms-1.   The  total  mass,  m,  of  the  tungsten  disk  and  two 


233 


200 


700 


Fig.  4  Comparison  of  pulse  shaper  design  code  prediction  to  experimental  incident  pulse  for  Load  Level  2 
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Fig.  5  Comparison  of  experimental  incident  pulse  with  2-term  and  12-term  least  square  fits  of  data  for  Load  Level  1 
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Fig.  6  Comparison  of  quartz  crystal  acceleration  with  2-term  and  12-term  incident  pulse  fit  model  predictions  for  Load  Level  1 
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Fig.  7  Comparison  of  experimental  incident  pulse  with  1-term  and  8-term  least  square  fits  of  data  for  Load  Level  2 


accelerometers  was  92.88  g.  The  curve  fits  of  the  incident  pulse  and  the  model  predictions  are  shown  in  Figs.  5  and  6.  The 
many  subtle  slope  changes  on  the  loading  portion  of  the  incident  stress  shown  in  Fig.  5  are  not  captured  very  well  by  a  simple 
2-term  polynomial  fit,  hence  the  inaccuracy  of  the  model  prediction  for  the  2-term  fit  shown  in  Fig.  6.  The  12-term  fit  does 
a  much  better  job  predicting  the  acceleration  recorded  at  the  quartz  gage.  The  quartz  gage  actually  records  an  integral  stress 
traveling  through  the  bar,  therefore,  the  acceleration  value  shown  in  Fig.  6  is  evaluated  from  Equation  9. 

At  Load  Level  2,  we  approximate  the  incident  stress  by  two  curves  as  well.  This  time  the  incident  stress  rate  is  near  linear 
during  the  loading  portion  of  the  curve,  therefore,  a  1-term  or  linear  curve  fit  actually  represents  the  data  quite  well.  We  also  fit 
the  incident  stress  with  an  8-term  polynomial  which  represents  the  unloading  portion  of  the  experimental  stress  pulse  as  well. 
The  same  procedure  previously  employed  was  used  to  make  the  model  predictions  at  Load  Level  2.  The  results  are  shown  in 
Figs.  7  and  8. 

Load  Level  2  was  a  much  higher  loading  rate  as  compared  to  Load  Level  1 ,  notice  that  the  model  fit  curves  had  to  be 
advanced  in  time  in  order  for  them  to  match  the  experimental  data.  When  this  is  done,  both  the  1-term  and  the  8-term  fits 
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Fig.  8  Comparison  of  quartz  crystal  acceleration  with  1-term  and  8-term  incident  pulse  fit  model  predictions  for  Load  Level  2 
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Fig.  9  Comparison  of  rigid  body  model  acceleration  to  wave  mechanics  acceleration  for  1  -term  fit  at  Load  Level  2 


predict  the  quartz  gage  acceleration  quite  well.  The  1-term  fit  is  representative  of  the  data  because  the  incident  stress  rate  is 
very  near  linear  and  this  slope  dominates  the  acceleration  of  the  tungsten  disk.  We  can  defend  the  advancement  in  time  of  the 
model  fit  curves  by  comparing  the  wave  mechanics  predicted  acceleration  of  the  tungsten  disk  at  Stations  1  and  2  as  shown  in 
Fig.  1  to  the  rigid  body  model  for  a  1-term  fit  at  Load  Level  2.  This  is  shown  in  Fig.  9.  It  is  observed  at  this  load  level  it  takes 
some  time  for  the  wave  mechanics  solution  to  equilibrate.  If  we  somewhat  arbitrarily  say  that  the  sample  is  in  equilibrium  and 
the  rigid  body  solution  represents  the  wave  mechanics  solution  when  the  accelerations  of  the  two  stations  are  each  within  10% 
of  the  rigid  body  model,  we  can  justify  a  10  to  20  jus  advancement  in  time  of  the  rigid  body  model. 

Finally,  the  modeling  previously  discussed  was  used  to  aide  in  the  design-of-experiments  for  the  evaluation  of  shock  ac- 
celerometers.  Two  accelerometer  models,  the  PCB  3991  and  the  Endevco  7270,  each  in  both  their  20  kG  and  60  kG  configura- 
tions were  tested.  The  focus  of  this  paper  was  to  develop  new  and  utilize  existing  methods  to  aid  in  the  design-of-experiments 
for  testing  accelerometers,  not  to  show  a  thorough  evaluation  these  two  suppliers  accelerometers,  therefore  only  a  small  sample 
of  the  entire  test  matrix  is  presented.  Figure  10  shows  a  comparison  of  the  Endevco  7270-60kG,  the  PCB  3991-60kG,  and 
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Fig.  10  Comparison  of  experimental  data  from  quartz  gage,  PCB  3991-60kG,  and  Endevco  7270-60kG  accelerometers  at  Load 
Level  1 
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Fig.  11  Comparison  of  experimental  data  from  quartz  gage,  PCB  3991-20kG,  and  Endevco  7270-20kG  accelerometers  at  Load 
Level  2 

the  quartz  gage  acceleration.  Figure  1 1  shows  a  comparison  of  the  Endevco  7270-20kG,  the  PCG  3991-20kG,  and  the  quartz 
gage  accelerations.  This  data  was  collected  using  a  oscilloscope  at  50 MHz  and  subsequently  digitally  filtered  using  a  4-pole 
Butterworth  lowpass  filter  with  a  100  kHz  cutoff  frequency.  Conclusions  on  the  performance  of  each  suppliers  accelerometer 
are  left  to  the  reader. 


5     Summary 

This  paper  presents  a  method  to  aide  in  the  design-of-experiments  for  testing  shock  accelerometers  on  a  Hopkinson  pressure 
bar.  Models  for  predicting  the  acceleration  of  a  tungsten  flyaway  disk  and  accelerometers  are  presented  and  compared  to 
experimental  data  with  good  results.  Results  from  experiments  at  two  distinct  load  levels  are  shown  with  comparisons  of  two 
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different  manufactures  shock  accelerometers  and  a  quartz  gage. 
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Effect  of  residual  stresses  on  spallation  of  the  film  under  impact 

by  coated  bullet 

Chen-Wu  Wu  * 
Institute  of  Mechanics,  Chinese  Academy  of  Sciences,  Beijing,  PR  China  100190 

Abstract:  The  dynamic  equilibrium  equation  was  derived  for  the  film  under  the  test 
of  impact  by  coated  bullet  (ICB)  to  include  the  effect  of  the  residual  stress.  Then,  the 
finite  element  modeling  was  carried  through  to  investigate  the  impact  responses  of  the 
film  of  different  initial  stress  states.  The  preliminary  results  revealed  that  the  residual 
stresses  will  influence  both  the  film  stress  and  interface  stress  of  the  sample  under  the 
ICB  test. 
Keywords:  Film;  impact  by  coated  bullet  (ICB);  residual  stress;  spallation;  interface 

1.  Introduction 

The  mechanical  reliability  of  film/  substrate  system  is  largely  dominated  by  the 
bonding  strength  between  the  film  and  substrate.  In  order  to  evaluate  the  interface 
strength  of  film  and  substrate,  many  kinds  of  methods,  either  quasi-static  or  dynamic 
loading  have  been  developed  and  applied  successfully  [1].  Among  the  methods  of 
dynamic  loading,  both  the  methods  of  laser  spallation  [2,  3]  and  impact  by  coated 
bullet  (ICB)  [4]  utilize  the  reflected  tensile  stress  of  the  input  compressive  stress  pulse 
to  make  the  separation  of  film  off  the  substrate. 

The  method  of  Impact  with  Coated  Bullet  (ICB)  has  been  justified  experimentally  to 
be  able  to  evaluate  the  interface  adhesion  of  metallic  coating  and  substrate  [5].  By 
impacting  the  substrate  with  a  front-end-coated  bullet,  a  compressive  stress  pulse  of 
short  duration  is  initiated  to  propagate  toward  the  film  under  test.  After  transmitting 
through  the  interface  of  the  sample,  the  input  compressive  pulse  is  reflected  on  the 
free  surface  of  the  film.  The  tensile  stress  will  arise  around  the  film  and  substrate 


Corresponding  author:  Institute  of  Mechanics,  Chinese  Academy  of  Sciences,  No.  15  Beisihuanxi  Road,  Beijing, 
PR  China  100190.  Tel:  +86  10  82544271.  E-mail:  wcw_on@yahoo.com.cn;  chenwuwu@imech.ac.cn. 

T.  Proulx  (ed.),  Experimental  and  Applied  Mechanics,  Volume  6,  Conference  Proceedings  of  the  Society  for  Experimental  239 

Mechanics  Series  9999,  DOI  10.1007/978-1-4614-0222-030,  ©  The  Society  for  Experimental  Mechanics,  Inc.  201 1 


240 


interface  if  the  thickness  of  the  bullet  coat  is  appropriately  chosen  [4].  The 
propagation  and  evolution  of  the  stress  wave  have  been  formulated  for  elastic  system 
without  considering  the  influences  of  the  residual  stresses  [5,  6].  However,  large 
residual  stresses  will  inevitably  be  introduced  into  almost  all  kinds  of  films  during 
deposition.  These  residual  stresses  shall  contribute  to  the  deformation  of  the  surface 
layer  and  partly  relax  upon  the  separating  of  the  film  off  the  substrate,  which  will 
affect  the  fracture  behaviors  of  the  film  and  the  film/  substrate  interface.  Such 
possible  influences  during  the  quasi-static  loading  experiments  have  drawn  many 
attentions  [7,  8].  In  the  present  research,  the  effects  of  residual  stresses  on  the  spalling 
fracture  of  the  films  under  the  test  of  ICB  are  investigated.  First,  the  dynamic 
equilibrium  equation  of  the  film  was  derived  to  include  the  contribution  of  the 
residual  stress.  Then,  the  finite  element  model  was  set  up  to  simulate  the  impact 
responses  of  the  film  of  different  initial  stress  states.  Finally,  the  influences  of  the 
residual  stresses  on  the  film  stress  and  interface  stress  of  the  sample  under  ICB  test 
were  analyzed. 


2.  Theoretical  description 

Ideally,    the    spallation    of  the    film    on   the    substrate    subjected   to    impact    by 
fronted-end-coated  bullet  (ICB)  can  be  schematically  depicted  in  Fig.  1 . 
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Fig.l  Sketch  of  spallation  of  the  film  under  the  ICB  test 


241 


The  deformation  of  the  sample  can  be  approximately  described  by  uniaxial  strain 
wave  theory  within  the  center  region  covered  by  the  bullet  cross-section.  In  fact,  the 
experimental  results  also  reveal  that  the  planar  features  of  the  deformation  and 
interface  fracture  are  obvious  under  ICB  test,  in  particular  where  far  enough  away 
from  the  edge  of  the  impact  region  [6].  Of  course,  the  uniaxial  strain  model  should  not 
be  directly  applied  to  the  deforming  pattern  around  the  circular  edge  of  impact, 
because  wherein  there  is  great  deformation  gradient.  In  other  words,  the  edge  effect 
should  not  be  ignored  near  the  edge  of  the  region  covered  by  the  impacting  bullet. 
As  far  as  the  edge  effect  is  taken  into  account,  the  theory  of  thin  plate  bending  may  be 
adopted  to  describe  the  dynamic  deformation  of  the  film. 
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Fig.2  (a)  Deformation  of  the  infinitesimal  section  of  total  thickness  and  (b)  Normal 
stresses  acting  on  the  infinitesimal  ring  of  infinitesimal  section 
The  deformation  of  a  representative  ring  of  infinitesimal  length  dr  and  height  h  of  the 
film  is  illustrated  in  Figure  2  (a),  and  the  normal  stresses  acting  at  the  representative 
ring  of  square  cross-section  of  infinitesimal  dimensions  are  presented  in  Figure  2  (b). 
By  neglecting  the  shear  stresses  according  to  the  theory  of  thin  plates  [9],  the 
equilibrium  equation  for  such  representative  ring  can  be  written  as 

((J     "    (27r(r  +  dr/2))-(az)(27r(r  +  dr/2)) 

duo      d2uo 


(J  + 


dz 


-dz 


^0+^1  + 


dr 


dr 
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.  duo 


dr      dr2 
d2uo 


-dr 


(27r(r  +  dr)dz)+  (1) 


(a0  +0-J (2nrdz)  =  p — —  (2?r(r  -\- dr  1 2)  drdz\ 
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With  eliminating  the  cancelable  terms  and  neglecting  the  infinitesimal  items  of  high 
orders,  one  can  obtain  the  following  control  equation  for  the  dynamic  equilibrium  of 
the  film. 

d2uj     <9cr       (  N  d2uj     /  x  1  duo 

^-^r+{a°+a'^+^+a'^=0     (2) 

By  expressing  the  relationship  between  the  stress  and  strain  as 

az=ezx—^  (3) 

dez 

and  adopting  the  simplified  treatment  that 

,  the  equilibrium  equation  (2)  can  be  further  written  as 


d2uo     do7  d2uo      /  x 


d2uo      1  duo 


dr2      r  dr 


0  (5) 


As  aforementioned,  the  uniaxial  strain  state  can  be  assumed  for  the  film  and  substrate 
away  from  the  edge.  By  neglecting  the  radial  deformation  gradient,  the  equation  (5) 
will  reduce  to 

d2u     daz  d2u 

P — V~ —  — T  =  0  (6) 

H  8t2      dez  8z2 

,  which  is  identical  to  the  one-dimensional  wave  equation  [10] 

^f-Cl^L  =  0       (7) 
dt2       L  dz2 

where 


CL  =    -^       (8) 
\p  dez 

represents  the  longitudinal  wave  velocity. 

By  assuming  the  linear  elastic  behaviors  for  the  materials,  the  first  peak  tensile  normal 

stress  acting  at  the  film/  substrate  interface  has  been  obtained  as  [6] : 

<?Ub  =  r34  X  r23  X  K  (PC\  I  2]  (9) 

when   r21  (pc)3  +  (pc)2  <  0 
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and 

&itb  =T34XT23XiVo(PC\  f  2]X(l-T2lXT23)  (10) 

when   r21  (pc)3  +  (pc)2  >  0 

Where   n  =  {{pc)j  -{pc)i)l{{pc)j  +(pc\)   and  ^  =2(pc)j /((pc)j +(pc\) . 

It  is  indicated  in  (9)  and  (10)  that  the  residual  stress  has  no  contribution  to  the 
interface  normal  stresses  at  the  center  region  of  the  linear  elastic  system  under  ICB 
test.  However,  once  the  nonlinear  behaviors  of  materials  are  taken  into  account,  the 
wave  velocity,  in  particular  in  the  surface  layer  should  be  influenced  by  the  residual 
stresses  [10].  This  will  influence  the  stress  acting  at  the  film/  substrate  interface  even 
around  the  center  region  away  from  the  edge. 
The  deformation  around  the  impact  edge  can  be  described  by  the  equation  (5),  in 

which  the  in-plane  stresses   ox   will  change  with  the  stretching  of  the  film.  Thus   ox 

can  be  represented  by  some  function  /(a;) because  that  the  stretch  of  the  film  is 

directly  dependent  on  the  magnitude  of  the  off-plane  displacement   uj  .  Therefore  the 
equation  (5)  can  be  further  written  as 


d2uo     do^  d2uo 


p^-^^y+(M^)+^) 


d2uo      1  duo 


dt        de^  dz 


dr2      r  dr 


0         (11) 


,  which  includes  complex  nonlinearity.  As  a  preliminary  attempt,  we  can  assume  that 
the  circumferential  strain  is  zero,  that  is 

ev=j(<Tv-^)  =  0  (12) 

Where   a^  represents  the  hoop  stress.  Thus, 

%=uai  (13) 

By  defining  the  radial  strain  as 

(dr)  -dr  I  dr  (14) 


£    = 


which  is  related  to  the  stresses  by 
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£r  = 

EK 

l          <p 

)            (15) 

Approximately,  one  has 
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2        1 
+  1 

=  dr 

2—     / 

Therefore 
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(dr) 

—  dr  1  dr  =  2 

dr 

(17) 

By  substituting  (13)  and  (17)  into  (15),  one  can  obtain 


2£    9cj 


(18) 


1      l-v1    r      X-v1  dr 
Finally,  the  equation  (11)  can  be  written  as 
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The    partial    differential    equation    (18)    involves    at    least    the    nonlinear    items 


of- 


2E    duo 


(  2>2 


l-v2  dr 


d  u      1  duo 


dr2      r  dr 


,  which  make  the  analytical  solution  is  somewhat  hard  to 


attain.  For  the  sake  of  convenience,  we  use  the  finite  element  program  Ls-dyna  to 
analyze  the  impact  responses  of  the  sample  herein. 


3.  Numerical  model  and  computational  results 
3.1  Numerical  model 

The  axisymmetric  geometry  model  and  the  sketches  of  the  mesh  are  shown  in  Fig. 3. 
In  Fig. 3,  the  X-axis  starts  from  the  symmetric  axis  and  is  parallel  to  the  interface. 
Perfect  bonding  are  assumed  for  the  film/  substrate  interface,  across  which  the 
continuity  conditions  can  be  interpreted  as 

u^  =  u" ,   al  =  <j~    and   al  =  -g~ 

n  n  '  n  n  r  r 


Where 


Superscripts  '+'  and  '-'  denote  the  two  sides  across  the  interface, 
u  is  the  displacement, 
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an   is  the  interfacial  normal  stress, 

<jn   is  the  interfacial  shear  stress. 

The  symmetric  displacement  constraints  are  applied  at  the  nodes  on  the  symmetry 
axis  as  the  only  boundary  condition.  The  initial  velocity  of  the  bullet  is  300  m/s  in  the 
computation. 
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Fig.3  Finite  element  model  of  the  bullet  and  sample 
The  rate-independent  material  model  of  bilinear  isotropic  plasticity  is  used  in  the 
computation,  for  which  the  main  parameters  are  listed  in  Table  1. 
Table  1  Geometrical  &  mechanical  parameters 


tl  mm 

rl  mm 

-2 

pi  kg/m 

El  GPa 

V 

aj  MPa 

El  MPa 

Bullet 

30 

6 

1050 

3.38 

0.35 

50 

33.8 

Bullet  coat 

0.1 

6 

7850 

208 

0.29 

615 

2080 

Substrate 

5 

25 

7850 

208 

0.29 

900 

2080 

Film 

0.1 

25 

8900 

207 

0.29 

600 

2070 

In  table  1, 

t  is  the  thickness  of  the  bullet,  bullet  coat,  film  and  the  substrate, 
r  is  the  radius, 
p  is  the  density, 
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E  is  the  elastic  modulus, 

v  is  the  Poisson's  ratio, 

gs  is  the  yield  stress, 

E  is  the  tangent  modulus. 
The  technique  of  virtual  thermal  expansion  is  utilized  to  realize  the  action  of  the 
residual  stress,  of  which  the  magnitude  is  -1.73GPa  in  the  initially  compressed  film 
and  1.73GPa  in  the  initially  tensioned  film. 
3.2  Computational  results 

The  computation  results  reveal  that  the  peak  value  of  the  first  interface  tensile  pulse 
occurs  at  the  moment  of  time  £=l|is,  therefore  the  deformation  and  stress  distribution 
for  the  moment  £=l|ns  are  discussed  largely. 

The  deformation  of  the  initially  stress-free  film  at  the  moment  £=l|is  is  shown  in  Fig. 
4,  in  which  the  displacements  are  magnified  by  50  times.  It  is  revealed  that  the 
deformation  is  uniform  and  close  to  the  uniaxial  strain  state  within  the  center  region 
under  impact,  while  the  off-plane  displacement  gradient  arises  obviously  around  the 
edge  region. 
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Fig.4  Deformation  pattern  at  /=l|is  of  the  initially  stress-free  film 
The  off-plane  displacements  of  the  film  mapped  onto  the  path  parallel  to  the  interface 
are  plotted  in  Fig.  5  for  the  three  different  initial  stress  states. 
In  Fig.  5,  the  symbol 

rs=0  represents  the  initially  stress-free  state, 

rs=-  represents  the  initially  compressed  state, 

rs=+  represents  the  initially  tensiled  state, 

r_b  is  the  bullet  radius. 
The  curves  in  Fig.  5  show  that  the  residual  compressive  stress  in  the  film  will  increase 
the  off-plane  displacements  while  residual  tensile  stress  will  decrease  it.  Moreover,  it 
is  indicated  in  Fig.5  that  the  off-plane  displacements  change  in  an  almost  linear  law 
around  the  edge  of  the  impact  region. 
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Fig.  5  Off-plane  displacements  at  /=l|is  of  films  of  different  initial  stress  states 
The  contours  of  the  radial  stress  component  SX  at  time  t=l[is  in  the  film  of  the  three 
different  initial  stress  states  are  further  graphed  in  Fig.  6,  in  which  the  meanings  of  the 
symbols  are  identical  to  that  in  Fig.  5. 
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Fig.6  Radial  normal  stresses  in  the  film  at  t=  l|is 
It  is  indicated  in  Fig.  6  that  the  film  stress  patterns  are  similar  for  all  the  three  cases. 
Once  again,  the  film  stress  is  rather  uniform  within  the  center  region  under  impact, 
while  the  obvious  fluctuation  arises  around  the  edge  regions  as  shown  in  Fig.6.  It  can 
also  be  noticed  that  in  Fig.  6  that  the  maximum  film  stresses  appear  at  the  location 
about  0.7  times  bullet  radius  distance  from  the  center.  Furthermore,  just  as  one  can 
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expect,  it  is  revealed  in  Fig.  6  that  the  residual  compressive  stress  will  decrease  the 
stress  of  the  film  while  residual  tensile  stress  will  increase  it.  This  means  that  the 
residual  tensile  stress  will  promote  the  cracking  of  the  film  under  impact,  while  the 
residual  compressive  stress  will  hold  back  the  film  cracking  if  neglecting  temporarily 
the  buckling  of  a  greatly  compressed  film. 

The  free  surface  velocity  histories  of  the  three  positions,  i.e.  the  locations  of  No.  1  at 
the  center,  No.  2  half  bullet  radius  distance  from  the  center  and  No. 3  a  bullet  radius 
distance  from  the  center  along  the  X-axis  are  plotted  in  Figs.  7  (a),  (b)  and  (c).  In 
Fig.7,  the  positive  velocity  values  represent  that  in  the  direction  of  the  outer  normal 
vector  of  the  surface. 

By  comparing  the  outcome  graphs  in  Figs.  7  (a),  (b)  and  (c),  one  can  find  out  that  the 
effects  of  the  residual  stresses  on  the  surface  velocity  gradually  become  more  obvious 
when  the  observed  positions  move  from  the  center  toward  the  edge.  However,  both 
the  results  on  the  three  positions  as  illustrated  in  Figs.  7  (a)  and  (b)  show  that  the  first 
maximum  and  the  first  minimum  values  of  the  velocity  are  seldom  influenced  by  the 
residual  stress  states.  This  means  that  the  residual  stress  in  the  film  may  not  contribute 
greatly  to  the  spall  velocity,  especially  when  measured  around  the  center  region, 
which  is  usually  used  to  describe  the  spallation  strength  of  the  test  interface. 
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Fig.7  Surface  velocity  of  the  film  at  the  (a)  center,  (b)  half  bullet  radius  and  (c)  a 
bullet  radius  distance  from  the  center 
The  interfacial  normal  stress  histories  of  the  three  positions,  i.e.  the  locations  of  No.  1 
at  the  center,  No.  2  half  bullet  radius  distance  from  the  center  and  No. 3  a  bullet  radius 
distance  from  the  center  along  the  X-axis  are  graphed  in  Figs.  8  (a),  (b)  and  (c).  Once 
again,  one  can  find  out  in  Fig.  7  (a),  (b)  and  (c)  that  the  effects  of  the  residual  stresses 
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on  the  interfacial  normal  stress  become  gradually  greater  when  the  studied  positions 

move  from  the  center  toward  the  edge. 

It  is  also  shown  in  Fig.  7  that  the  maximum  interfacial  normal  stress  is  obviously 

changed  by  the  residual  stress  states. 

The  results  displayed  in  Fig. 8  (a)  show  that  the  residual  compressive  stress  in  the  film 

will  increase  the  overall  maximum  interfacial  tensile  stress  at  the  center  position. 
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Fig.  8  Normal  stress  on  the  film/  substrate  interface  at  the  (a)  center,  (b)  half  bullet 

radius  and  (c)  a  bullet  radius  distance  from  the  center 

It  is  further  indicated  in  Fig. 8  (c)  that  both  the  residual  compressive  and  residual 

tensile  stress  will  reduce  the  first  peak  value  of  the  interfacial  tensile  stress  at  the 

position  of  one  bullet  radius  distance  from  the  center. 

The  results  graphed  in  Figs.  8  (b)  and  (c)  show  that  both  the  residual  compressive 
stress  and  tensile  stress  in  the  film  will  increase  the  subsequent  peaks  of  the  interfacial 
normal  stress  at  the  locations  of  half  or  one  bullet  radius  distances  away  from  the 
center. 


4.  Conclusions 

The  residual  stresses  influence  greatly  the  off-plane  deformation  and  the  film  stress  of 
the  sample  under  ICB  test,  in  detail  the  residual  compressive  stress  will  partly  relax 
the  tension  of  the  film  while  the  residual  tensile  stress  enhance  it. 
The  effects  of  the  residual  stress  on  the  surface  velocity  and  the  interfacial  normal 
stress  histories  become  more  prominent  when  the  observed  positions  move  from  the 
center  to  the  edge.  The  peaks  of  the  interfacial  normal  stresses  are  changed  to  a 
certain  extent  by  the  residual  stresses. 
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ABSTRACT 

Continuous  fiber  reinforcement  in  a  polymer  matrix  can  create  a  composite  material  with  excellent  strength-to-weight  and 
stiffness-to-weight  ratios.  In  a  manufacturing  environment,  however,  it  is  sometimes  necessary  to  remove  portions  of  the 
composite  to  repair  defects  like  wrinkles  and  voids,  particularly  for  complex  part  geometries.  This  results  in  a  discontinuity 
of  the  reinforcement  and  the  potential  for  the  repaired  portion  to  prematurely  fail  in  service.  The  current  work  details  an  effort 
to  optimize  a  resin  for  scarf  repair  of  glass  reinforced  polyester  composite  structures.  Results  from  Double  Cantilever  Beam 
(DCB)  tests  are  presented  along  with  details  of  micro- structural  examination  of  the  fracture  surfaces.  Additional 
optimization  work  to  be  carried  out  is  discussed. 

INTRODUCTION 

Widespread  use  of  composite  materials  in  the  defense,  aerospace  and  alternative  energy  sectors  has  necessitated  research  in 
the  field  of  composite  repair  [1].  Replacing  damaged  components,  as  is  often  done  in  the  case  of  mechanically  fastened 
metallic  structures,  proves  to  be  costly  [2]  and  difficult  in  these  areas  of  application.  Though  these  materials  excel  in 
performance  and  possess  commendable  strength-to-weight  and  stiffness-to-weight  ratios,  they  are  often  subjected  to  damage 
which  may  occur  as  delamination,  fiber  failure,  matrix  failure  or  fiber  matrix  debonding  [3].  The  damaged  component  can 
degrade  the  integrity  and  cause  failure  of  the  whole  structure  of  which  it  is  a  part  [3].  Composite  parts  may  get  damaged  not 
only  due  to  conditions  they  are  subjected  to  during  their  service  life  but  also  due  to  some  inherent  property  of  the 
manufacturing  method  used  to  make  them.  Whatever  the  cause  may  be,  repairs  become  necessary  and  may  be  carried  out 
using  various  techniques  (e.g.  patches,  scarf  joints,  etc.)  and  different  types  of  materials.  Mechanically  fastened  repairs  are 
not  popular  as  the  requirements  involved,  such  as  drilling  holes  [3],  create  undesirable  areas  of  high  stress  concentration. 
Thus,  considerable  research  has  been  and  is  being  carried  out  to  investigate  the  ultimate  strength,  stress  states,  etc.  of 
composites  repaired  adhesively  using  a  variety  of  repair  parameters. 

This  paper  details  the  experimental  procedure  and  results  obtained  from  work  carried  out  to  develop  a  high  strength  laminate 
repair  system  for  glass  fiber-reinforced  wind  turbine  blades.  A  number  of  commercial  suppliers  were  contacted  and  nine 
resins  were  selected  for  screening.  Out  of  these,  six  were  shortlisted  for  initial  testing  which  was  carried  out  in  accordance 
with  ASTM  D  5528  (Test  Method  for  Mode  I  Interlaminar  Fracture  Toughness  of  Unidirectional  Fiber-Reinforced  Polymer 
Matrix  Composites)  using  Double  Cantilever  Beam  (DCB)  specimens.  The  fracture  toughness  values  obtained  from  testing 
these  repair  resin  candidates  were  compared  to  those  obtained  from  the  repair  resin  currently  being  used.  The  top  three 
candidates  were  identified  from  the  DCB  testing.  These  three  candidates  will  be  further  tested  using  modified  tensile  testing 
and  fatigue  testing  to  select  the  final  repair  resin. 

SPECIMEN  PREPARATION 

The  DCB  specimens  (Figure  1)  consisted  of  two  separate  parts,  the  lower  adherend  (parent  plate)  representing  the  blade  and 
the  upper  adherend  (repair  plate)  simulating  the  flat  part  of  a  one-sided  scarf  repair.  The  lay-up  and  materials  used  for  the 
upper  and  lower  adherends  are  given  in  Table  1.  For  current  repairs,  a  different  polyester  resin  is  used  than  is  used  to 
fabricate  the  main  part  of  the  blade.  The  parent  plate  of  each  DCB  specimen  was  fabricated  using  the  main  blade  resin.  The 
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repair  plate  was  fabricated  using  one  of  the  candidate  repair  resins,  including  the  current  repair  resin  as  a  performance 
baseline. 


Table  1.  Specimen  Lay-up  and  post  curing  details 

2x  Biaxial  806 

Repaired  Laminate: 
Hand  Lay-up 
Repair  Resin 

(Upper  adherend) 

Post  curing: 
24hrs.  at60°C 
3hrs.  at95°C 

8xCombi  1250 
(CSM  facing  downwards) 

CSM  300 

Crack  Initiator 

Tape  (t  <  13  um) 

8xCombi  1250 
(CSM  facing  downwards) 

Parent  Laminate: 

VARTM 
Main  Blade  Resin 
(Lower  adherend) 

Post  curing: 
16hrs.  at40°C 

2x  Biaxial  806 

The  parent  plate  representing  the  blade  was  manufactured  using  VARTM  (Vacuum  Assisted  Resin  Transfer  Molding)  as 
shown  in  Figure  2.  After  being  cured  at  room  temperature  for  24  hours,  the  parent  plate  was  further  post-cured  at  60°C  for  24 
hours  and  then  at  95°C  for  3  hours  to  produce  a  low  residual  styrene  content. 


Piano  Hinge 


^ 


Hand-laminated 
Repair 


Parent  Laminate 


Figurel.  DCB  Specimen 


Figure  2.  VARTM  set-up  before  infusion 


Since  the  lay-up  of  the  parent  plate  was  not  symmetric,  some  warpage  was  observed  in  the  parent  plates  perpendicular  to  the 
1 -direction  of  the  unidirectional  fibers.  The  extent  of  warpage  is  depicted  in  Figures  3  and  4.  The  reading  on  the  scale  (depth 
of  warp)  in  Figure  4  is  1.25  cm.  The  total  width  of  the  plate  was  60  cm.  As  the  specimens  were  to  be  cut  along  1 -direction,  it 
was  decided  that  the  warpage  would  not  have  a  significant  effect  on  test  results. 


Figure  3.  Straight  rule  along  Combil250  (0°  direction)  Figure  4.  Straight  rule  along  Combil250  (90°  direction) 


The  parent  plate  initially  consisted  of  nine,  0.88  mm  thick  Combi  1250  plies  (unidirectional  fibers  with  a  chopped  strand  mat 
attached  on  one  side).  Following  curing  of  the  parent  plate,  the  top  layer  was  completely  ground  off,  resulting  in  an  exposed 
layer  of  resin  to  serve  as  the  repair  surface.  The  repair  was  conducted  by  hand  lay-up  and  after  a  cure  of  24  hours  at  room 
temperature  the  whole  sample  was  then  post  cured  at  40°  C  for  16  hours.  Certain  parameters  such  as  the  gel  time,  peak 
exothermal  temperature,  peak  time,  Shore  D  hardness  and  ambient  conditions  were  recorded  to  facilitate  calculations  for  the 
degree  of  cure  of  the  repair  resin  candidates.  The  specimens  had  a  pre-crack  of  approximately  30  mm  at  the  resin  inlet  side 
and  the  two  adherends  were  pulled  apart  with  the  help  of  piano  hinges  which  were  glued  with  Araldite  2021  to  the  surfaces  of 
the  cut  specimens.  The  final  DCB  specimen  dimensions  were  350  mm  in  length  and  30  mm  in  width.  The  parent  laminate 
adherend  had  a  thickness  of  7.7±0.3  mm  whereas  the  repair  part  was  10.2±0.7  mm  thick.  Both  edges  of  the  specimens  were 
coated  with  a  water-based  white  typewriter  fluid  and  thin  lines  were  marked  every  1  mm  on  either  edge  for  a  distance  of  100 
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mm  from  the  end  point  of  the  release  tape, 
propagation  during  testing. 


The  coating  and  markings  were  added  to  aid  in  the  observation  of  crack 


TESTING 

Testing  of  the  specimens  was  conducted  on  the  Shimadzu  AG-IS  Universal  Testing  Machine  under  displacement  control  at  a 
crosshead  rate  of  0.1  mm/min.  The  specimens  were  aligned  and  centered  with  the  help  of  a  level  while  mounting  the  hinges 
on  the  load  grips.  Crack  propagation  was  monitored  and  recorded  with  the  help  of  Retiga  1300  camera  (Figure  5). 


Figure  5.  Experimental  set-up  for  DCB  testing 

Load  data  was  recorded  using  the  Trapezium  control  software  and  images  of  the  loaded  samples  were  captured  and  analyzed 
using  Vic- Snap  digital  image  correlation  software.  Initial  testing  was  conducted  with  the  adherends  of  the  specimen  being 
pulled  apart  continuously.  It  was  noticed  that  the  crack  growth  was  more  of  a  run-arrest  extension  in  which  the  delamination 
front  jumped  ahead  abruptly  rather  than  being  a  slow,  stable  extension.  It  was  then  decided  to  unload  the  specimens  after  a  15 
mm  crack  growth  increment,  reduce  the  load  by  30%  and  reload  to  continue  the  test;  this  procedure  being  repeated  at  least 
five  times  for  each  specimen.  Five  specimens  were  tested  for  each  of  the  repair  resin  candidates  to  procure  statistically 
significant  data. 

CALCULATIONS 

Using  the  load  data  obtained  from  the  Shimadzu  UTM,  along  with  values  for  the  opening  displacement  recorded  optically, 
the  mode  I  critical  strain  energy  release  rate  (interlaminar  fracture  toughness)  for  a  built-in  double  cantilever  beam  can  be 
calculated  according  to  ASTM  D5528  as 


G,= 


3PS 

2ba 


(1) 


This  expression  is  expected  to  overestimate  the  actual  value  of  the  material  property  due  to  incorrect  boundary  conditions.  A 
corrected  value,  Gic',  can  be  calculated  (ASTM  D5528)  as 


<v= 


3PS 


2b(a  +  A) 


(2) 


where  A  corrects  for  beam  rotation  at  the  delamination  front.  The  correction  factor,  A,  is  obtained  from  the  least  squares  fit  of 
a  plot  of  the  cube  root  of  compliance  of  the  DCB  specimen  as  a  function  of  the  delamination  length.  The  compliance  of  the 
beam  can  be  calculated  as  the  beam  deflection  at  the  point  of  applied  load  divided  by  the  applied  load,  5/P.  This  is  a 
decreasing  function  of  the  crack  length,  a,  measured  from  the  point  of  applied  load  to  the  crack  tip.  Since  the  ratio  of  load 
point  displacement  to  initial  crack  length,  5/a0,  did  not  exceed  0.4,  large  deflection  corrections  were  not  required. 

It  should  be  noted  that  ASTM  D5528  does  not  strictly  apply  to  this  test  geometry.  Despite  the  similar  layup  between  the 
parent  plate  and  the  simulated  repair,  the  hand  lay-up  process  produces  a  significantly  thicker  top  portion  of  the  final  plate. 
The  ratio  of  the  parent  plate  thickness  to  the  hand-layup  thickness,  hi/h2,  is  approximately  0.75  (averaged  value).  As  a  result, 
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the  DCB  specimens  are  not  symmetric  about  the  crack  plane.  This  asymmetry  leads  to  the  presence  of  mode  II  (shear) 
loading  at  the  crack  front  which  is  not  present  in  a  symmetric  DCB  specimen.  Multiple  approaches  for  calculating  the  overall 
strain  energy  release  rate,  G,  and  the  mode  I  and  mode  II  components,  Gi  and  Gn,  exist  [e.g.  4-8].  For  example,  the  method  of 
Hutchinson  and  Suo  [4]  requires  that  the  applied  loading  on  the  specimen  be  separated  into  several  component  moments. 
This  requires  either  a  modification  to  the  experimental  setup  to  measure  additional  loads  or  the  use  of  complimentary 
numerical  calculations.  However,  Mollon  and  co-workers  [8]  present  a  relationship  to  calculate  the  mode  mixity  that  they 
found  to  work  well  over  a  range  of  material  properties,  Equations  3-6. 


1- 


hi 


a 


(3) 


1  + 


K 


6  =  0.06a  +  0.35 


^  =  -bJ\-a2  +b 
G 


(4) 
(5) 


Gi  =1      Gn 


(6) 


Based  on  this  analysis,  Gn/G  is  approximately  0.030±0.012  for  the  geometry  tested  in  this  work.  Thus,  the  mode  I  analysis 
presented  in  ASTM  D5528  should  lead  to  an  acceptable  level  of  accuracy. 

RESULTS  AND  DISCUSSION 

The  corrected  values  of  interlaminar  fracture  toughness,  Gic',  for  each  repair  candidate  were  calculated  using  equation  (2)  and 
were  plotted  against  a0,  the  crack  length  at  crack  initiation.  Figure  6  shows  the  resulting  curve  for  the  current  repair  resin  and 
two  of  the  potential  candidates.  Gic'  values  at  a  crack  length  of  100  mm  for  each  repair  resin  were  averaged  for  comparison. 
For  baseline  data  the  averaged  value  of  Gic'  for  the  repair  resin  currently  in  use,  was  found  out  to  be  165  J/m2.  From  the  plots 
it  was  observed  that  some  specimens  manufactured  using  resins  AD,  RH  and  RL  had  very  high  fracture  toughness  values.  On 
examination  of  the  surfaces  of  these  specimens,  it  was  noticed  that  the  topmost  plies  of  the  parent  plate  had  not  been  properly 
ground  off  to  their  full  thickness  and  also  the  grinding  was  not  uniform  over  the  length  of  some  specimens.  In  the  case  of 
these  resins,  the  averaged  Gic'  values  were  calculated  from  the  results  obtained  from  specimens  that  had  their  parent  plate 
surface  ground  properly. 
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Figure  6.  Fracture  toughness  values  for  DCB  samples  made  with  a)  the  current  repair  resin  CR,  b)  resin  RH,  and  c)  resin  HB. 

The  averaged  corrected  fracture  toughness  values  at  a  crack  length  of  approximately  100  mm  for  the  selected  repair  resin 
candidates  along  with  the  baseline  value  are  listed  in  Figure  7.  From  these  numbers  three  resins  RH,  HB  and  AD  have  been 
chosen  for  further  testing. 
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Figure  7.  Consolidated  DCB  fracture  testing  results 
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The  three  chosen  repair  resin  candidates  RH,  HB  and  AD  along  with  the  current  repair  resin  will  be  tested  under  static  tensile 
loading  to  choose  the  final  repair  resin.  The  specimen  configuration  is  given  in  Figure  8. 
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Figure  8.  Static  tensile  test  specimen  configuration 
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CONCLUSIONS 

DCB  specimens  with  the  lower  adherend  representing  a  part  of  a  wind  turbine  blade  and  the  upper  adherend  simulating  a 
section  of  scarf  repair  were  tested  for  Mode  I  fracture  toughness  in  accordance  with  ASTM  D  5528.  Selected  repair  resin 
candidates  were  compared  with  the  currently  used  repair  resin.  Examination  of  the  results  and  the  fractured  specimens 
provided  some  interesting  information.  The  new  repair  resins  were  able  to  almost  double  the  fracture  toughness  of  the  repairs. 
In  some  specimens,  the  top  ply  was  ground  only  partially  and  in  these  specimens  a  four  times  increase  in  the  fracture 
toughness  was  observed.  This  implies  that  grinding  of  the  top  surface  and  the  surface  condition  of  the  area  of  the  composite 
part  to  be  repaired  affects  fracture  toughness  values  to  a  great  extent.  Three  repair  resin  candidates  have  been  chosen  for 
further  testing  which  will  be  carried  out  using  static  tension  test  and  the  final  repair  resin  will  be  selected  depending  on 
results  obtained.  Regulations  imposed  by  environmental  and  safety  organizations  will  also  govern  the  selection. 
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ABSTRACT 

The  objective  of  this  investigation  was  to  develop,  process,  and  test  hybrid  nano/microcomposites  with 
nano-reinforced  matrix  and  demonstrate  an  enhancement  in  thermomechanical  properties,  with  emphasis 
on  damage  tolerance  measured  in  terms  of  fracture  toughness,  impact  damage,  residual  strength,  and 
fatigue  life.  The  material  investigated  was  carbon  fabric/epoxy  with  the  matrix  reinforced  with  multi-walled 
carbon  nanotubes  (CNTs).  A  solvent-based  method  with  a  dispersion  enhancing  block  copolymer  was 
used  to  prepare  composites  with  and  without  CNTs.  It  was  first  shown  that  CNT  reinforced  composites 
have  higher  matrix  dominated  properties,  such  as  compressive  modulus  and  strength,  in-plane  shear 
modulus  and  strength,  interlaminar  shear  strength,  and  interlaminar  fracture  toughness.  The  composite 
with  0.5  wt%  of  CNTs  showed  noticeably  improved  resistance  to  indentation  damage  by  about  16  %  and 
increased  damage  tolerance  in  terms  of  residual  compressive  strength  by  about  35  %  over  the  composite 
without  nanotubes.  A  significant  enhancement  was  also  shown  under  interlaminar  fatigue  testing  with 
fatigue  lives  an  order  of  magnitude  longer  than  those  of  the  reference  material.  The  high  increase  in 
fatigue  life  was  related  to  an  increase  in  static  interlaminar  shear  strength,  the  logarithmic  dependence  of 
the  fatigue-life  (S-N)  curves,  and  an  increase  in  interlaminar  fracture  toughness. 

Introduction 

Recent  and  ongoing  research  in  nanoparticle-reinforced  composites  (nanocomposites)  has  shown 
significant  enhancements  in  mechanical  and  other  physical  properties.  In  order  to  maximize  the  potential 
for  scaled  up  industrial  applications,  such  as  wind  turbine  blades,  it  is  desirable  to  incorporate  the 
nanocomposite  as  a  matrix  in  conventional  continuous  fiber  composites  to  produce  multiscale  hybrid 
nano/microcomposites  with  enhanced  properties,  especially  fracture  toughness.  Results  obtained  to  date 
show  enhancements  in  thermomechanical  properties  with  some  added  functionalities  by  incorporating 
nanoparticles,  such  as  carbon  nanotubes,  into  the  polymeric  matrix  of  conventional  fiber-reinforced 
composites  [1-8]  . 

Improvements  in  damage  tolerance  are  expected  from  additional  energy  absorbing  mechanisms 
introduced  by  the  nanoparticles  [2].  Addition  of  carbon  nanotubes,  for  example,  provides  an  additional 
source  of  energy  absorption  through  nanotube  pullout,  stretching  and  fracture  (Fig.  1).  This  behavior  on 
the  nanoscale  is  reflected  in  increased  fracture  toughness  on  the  macroscale,  improved  impact  damage 
tolerance,  higher  residual  compressive  strength,  and  extended  fatigue  life. 

The  objective  of  this  study  was  to  develop,  process,  and  test  hybrid  multi-scale  composite  laminates  and 
demonstrate  and  evaluate  the  enhancement  in  thermomechanical  properties,  with  emphasis  on  fracture 
toughness,  damage  tolerance,  and  fatigue  life. 

Processing  of  Materials 

The  material  investigated  was  carbon  fabric/epoxy  with  the  matrix  reinforced  with  multi-walled  carbon 
nanotubes  (CNTs).  The  basic  mechanical  reinforcement  was  provided  by  a  5-harness  satin  carbon  fabric 
perform  (AS4  (AGP370-5H).  The  matrix  was  an  epoxy  (DGEBA)  reinforced  with  multi-walled  carbon 
nanotubes  (CNTs).  These  CNTs  were  1  -  2  pm  in  length  and  20  -  40  nm  in  outer  diameter. 
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Figure  1 .  Possible  energy  absorbing  mechanisms  in  CNTs.  (a)  initial  state,  (b)  pullout  following 
CNT/matrix  debonding,  (c)  fracture  of  CNT,  (d)  telescopic  pullout-fracture  of  outer  layer  and  pullout  of 

inner  layer,  (e)  partial  debonding  and  stretching  [2]. 

A  solvent-based  method  with  a  dispersion  enhancing  block  copolymer  was  used  as  shown  in  Fig. 2  [10, 
11].  First,  the  block  copolymer  was  dissolved  in  ethanol.  CNTs  were  added  to  the  solution,  stirred  and 
sonicated.  A  weighed  amount  of  DGEBA  was  then  added  to  the  solution,  followed  by  the  hardener.  After 
stirring,  the  ethanol  was  removed  at  an  elevated  temperature  and  the  mixture  was  infused  into  the  carbon 
fiber  perform  using  a  wet  layup  process.  The  impregnated  preforms  were  placed  in  a  vacuum  oven  to 
remove  the  ethanol.  The  prepreg  layers  were  stacked  and  cured  in  the  autoclave. 


Figure  2.  Process  of  CNT  nanocomposte  with  dispersion  enhancing  block  copolymer  [10,  1 1]. 


Characterization 

The  neat  and  CNT-  modified  matrices  were  characterized  by  measuring  their  fracture  toughness  in  both 
Modes  I  and  II.  The  Mode  I  toughness  was  determined  by  means  of  a  notched  beam  specimen  under 
three-point  bending  (Fig.  3).  The  measured  Mode  I  stress  intensity  factors  for  the  neat  resin  and  a 
nanocomposite  with  0.5  wt%  of  CNTs,  were 


1/2 


K|C  (neat  resin)  =  0.79  MPa.m 

K|C  (nanocomposite)  =  0.95  MPa.m 


1/2 


showing  a  20  %  increase  for  the  nanocomposite.  The  calculated  strain  energy  release  rates  for  plane 
strain  conditions,  taking  into  account  the  increase  in  Young's  modulus,  are 

G|C  (neat  resin)  =  196  J/m2 

G|C  (nanocomposite)  =  260  J/m2 

showing  a  33  %  increase  for  the  nanocomposite. 
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Figure  3.  Three-point  bending  test  of  notched  beam  for  determination  of  fracture  toughness 

of  neat  resin  and  nanocomposite  [13]. 


Properties  relevant  to  energy  absorption  and  damage  tolerance  in  fiber  composites  are  primarily  the 
matrix  dominated  ones,  such  as  the  compressive  modulus  and  strength,  in-plane  shear  modulus  and 
strength,  interlaminar  shear  strength  and  fracture  toughness.  An  example  of  mechanical  enhancement  in 
compressive  strength  as  a  function  of  CNT  loading,  with  and  without  block  copolymer  dispersant,  is 
shown  in  Fig.  4.  It  shows  a  nearly  40%  increase  in  compressive  strength  for  a  0.5  wt%  CNT  loading  in  the 
matrix  with  copolymer  dispersant.  The  interlaminar  shear  strength  was  measured  by  means  of  short  beam 
tests  under  three-point  bending  for  the  hybrid  and  the  reference  composite  with  and  without  the 
copolymer  dispersant.  An  increase  in  interlaminar  strength  of  approximately  15%  was  noted  for  the  hybrid 
composite  wit  0.5  wt%  CNTs  and  copolymer  dispersant  (Fig.  4). 
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Figure  4.  In-plane  compressive  and  interlaminar  shear  strength  of  hybrid  composite  as  a  function  of  CNT 
concentration  with  and  without  block  copolymer  dispersant  [10]. 

The  Mode  I  energy  release  rate  of  the  reference  and  hybrid  composites  was  measured  by  means  of  the 
double  cantilever  beam  (DCB)  test  [12].  Eight-ply  laminates  were  prepared  of  the  reference  and  hybrid 
composite  with  an  embedded  Teflon  film  strip  along  one  edge.  Coupons  were  machined  so  that  the  film 
strip  served  as  a  crack  initiator  at  the  loaded  end  of  the  beam.  Figure  5  shows  load-displacement  curves 
obtained  from  such  tests.  Values  of  the  interlaminar  strain  energy  release  rate  were  calculated  by  the 
area  and  compliance  methods.  It  was  found  that  that  the  value  for  the  hybrid  composite  was  more  than 
100%  higher  than  that  of  the  reference  composite. 


Similar  tests  were  conducted  with  end-notched  flexure  (ENF)  beam  specimens  under  three-point  bending 
to  determine  the  Mode  II  delamination  fracture  toughness  [12].  Load-deflection  curves  obtained  from 
these  tests  for  the  two  composite  materials  tested  are  shown  in  Fig.  6.  The  strain  energy  release  rates 
measured  by  these  tests  were: 

Gmc  (reference)  =  1080  J/m2 

G„c  (hybrid)  =  1280  J/m2 

a  36.5%  increase  for  the  hybrid  composite 
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Figure  5.  Load-displacement  curves  of  DCB  specimen  for  the  reference  and  hybrid  composites 
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Figure  6.  Load-deflection  curves  for  end-notched  flexure  specimens  of  reference  and  hybrid  composites 

Resistance  to  Indentation  Damage 

Damage  resistance  of  composites  to  a  quasi-static  indentation  force  is  considered  equivalent  to  low 
velocity  impact  damage.  The  indentation  damage  resistance  of  composites  with  and  without  CNTs  was 
evaluated  with  the  experimental  set-up  shown  in  Figure  7.  A  ball  indenter  of  12.7  mm  diameter  was  used 
for  the  test.  Composite  specimens  25.4  mm  wide  were  supported  on  two  steel  rollers  over  a  span  length 
of  25.4  mm.  Indentation  testing  was  carried  out  at  a  machine  crosshead  rate  of  0.127  mm/min  until  total 
indentation  failure.  Indentation  displacement  was  measured  with  an  extensometer  mounted  as  shown  in 
Figure  7. 
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Figure  7.  Experimental  set-up  for  indentation  damage  resistance  measurement. 

Figure  8  shows  typical  indentation  force-displacement  curves  of  two  composites  with  and  without  CNTs. 
There  are  two  peaks  in  the  figure.  The  first  peak  indicates  damage  initiation  occurring  on  layers  near  the 
indented  surface  of  the  composite.  The  hybrid  composites  exhibited  13  %  higher  first  peak  load  than  the 
composite  without  CNTs.  The  second  peak  may  be  interpreted  as  the  ultimate  indentation  resistance  of 
the  composite  specimen.  This  indentation  resistance  was  quantified  by  the  energy  absorbed  in  generating 
the  damage.  This  energy  was  determined  by  integrating  the  indentation  force-displacement  curve.  The 
indentation  energy  of  the  composite  without  CNTs  was  4.4  J  (average  of  four  tests),  and  that  of  the  hybrid 
composite  was  about  5.2  J,  which  represents  a  16  %  higher  indentation  damage  resistance. 

One  generally  accepted  measure  of  impact,  and  by  equivalence,  indentation  damage  is  the  residual 
compressive  strength  following  the  damage.  Following  the  indentation  tests,  direct  compression  tests  to 
failure  were  conducted  to  determine  the  residual  strength.  These  compression  tests  were  conducted  at  a 
stroke  rate  of  0.254  mm/min.  Figure  9  shows  compressive  stress-strain  curves.  It  is  seen  that  the 
compressive  strength  of  the  hybrid  composite  is  about  35  %  higher  than  that  of  the  composite  without 
CNTs,  based  on  four  tests.  For  a  4.4  J  of  applied  indentation  energy,  the  compressive  strength  of 
composites  with  and  without  CNTs  was  reduced  by  69  %  and  73  %,  respectively. 


Hybrid  composite  (0J5wt%  CNT) 


Composite  without  CNTs 


0.0  0.5  10  1.5  2.0 

Indentation  Displacement,  mm 


Figure  8.  Indentation  damage  resistance;  indentation  force  vs.  displacement  curves. 
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Fatigue  Behavior 

Fatigue  tests  were  conducted  with  short  beams  under  cyclic  three-point  bending  aimed  at  producing  a 
cyclic  interlaminar  shear.  Stress-life  curves  were  produced  for  both  the  reference  composite  and  the 
hybrid  one  containing  CNTs.  It  can  be  seen  that,  at  a  given  cyclic  load  amplitude,  there  is  a  significant 
difference  of  more  than  an  order  of  magnitude  in  lifetimes  between  the  two  composite  materials  (Fig.  10). 
This  can  be  attributed  in  part  to  a  vertical  shift  due  to  the  increased  static  interlaminar  shear  strength  and 
in  part  to  an  increase  in  the  Mode  II  interlaminar  fracture  toughness.  The  latter  decreases  the  rate  of 
material  degradation  during  cyclic  loading. 

Guided  by  the  Paris  law,  the  experimental  data  were  fitted  by  an  empirical  relation  of  the  form 

^  =  AN-Um 

where     crmax  is  the  maximum  cyclic  stress,  A  is  the  static  strength  (at  the  first  cycle),  N  the  number  of 

cycles  to  failure,  and  m  a  parameter  related  to  the  rate  of  material  degradation.  The  parameters  for  the 
two  materials  tested  were  A  =  58.8  MPa  and  m  =  20.47  for  the  reference  composite  and  A  =  66.2  MPa 
and  m  =  22.17  for  the  hybrid  composite.  The  difference  in  the  stress  parameter,  A,  is  closely  tied  to  the 
observed  increase  in  static  strength  of  the  nanoparticle-enhanced  material  over  the  neat  one.  The 
difference  in  the  slope  parameter,  at?,  is  also  significant,  as  it  implies  a  more  gradual  fatigue  life  rate, 
resulting  in  further  separation  of  fatigue  life  curves  between  the  neat  and  nanoparticle-enhanced 
materials  at  higher  numbers  of  cycles. 
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Figure  10.  Stress-life  curves  for  reference  and  hybrid  composites  under  cyclic  interlaminar  shear 
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Conclusions 

It  was  confirmed  in  this  study  that  significant  improvements  in  matrix  dominated  properties  and 
energy  absorption  characteristics  can  be  realized  in  hybrid  nano/microcomposites  with  nano- 
reinforced  matrix.  It  was  demonstrated  that  such  hybrid  composites,  with  0.5  wt%  carbon  nanotube 
reinforcement,  have  higher  compressive  and  interlaminar  shear  strengths,  higher  delamination 
fracture  toughness,  increased  indentation  damage  tolerance  and  residual  strength.  Composite  laminates 
with  0.5  wt%  of  MWCNTs  showed  noticeably  improved  resistance  to  indentation  damage  by  about  16  % 
and  increased  damage  tolerance  in  terms  of  residual  compressive  strength  by  about  35  %  over  the 
composite  without  nanotubes.  Fatigue  lives  extended  by  an  order  of  magnitude. 
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ABSTRACT 

Impact  responses  and  damage  induced  by  a  drop-weight  instrument  on  GLARE  5  fiber-metal  laminates  with  different  layup 
configurations  and  geometries  were  studied.  The  damage  characteristics  were  evaluated  using  both  the  nondestructive 
ultrasonic  and  mechanical  sectioning  techniques.  Only  the  contour  of  entire  damage  area  could  be  obtained  using  ultrasonic 
C-scan  whereas  more  details  of  damage  were  provided  through  the  mechanical  cross -sectioning  technique.  It  was  found  that 
failure  mode  changed  with  varying  stacking  sequence.  GLARE  5  made  of  unidirectional  fibers  had  the  worst  impact 
resistance;  followed  by  cross-ply  and  angle-ply  configurations,  while  the  quasi-isotropic  lay-up  showed  the  best  resistance  to 
impact.  Finally,  influence  of  different  geometries  was  considered.  The  results  show  that  by  introducing  circular  geometry, 
damage  patterns  and  impact  behaviors  were  changed.  This  was  especially  apparent  for  panels  with  the  quasi-isotropic  layup 
configuration. 

INTRODUCTION 

GLARE  5  is  a  fiber-metal  laminate  (FML)  made  of  alternating  layers  of  2024-T3  aluminum  alloy  sheets  and  S2-glass/epoxy 
laminates.  FMLs  combine  the  beneficial  properties  of  metals  and  fiber-reinforced  polymers,  providing  superior  mechanical 
properties  in  comparison  with  conventional  polymer  matrix  composites  or  aluminum  alloys  [1-3].  Liu  et  al.  [4]  investigated 
low  velocity  impact  damage  on  ARALL  3  and  various  GLARE  grades,  i.e.,  GLARE  1,  2  and  3.  They  found  that  GLARE  1 
with  glass-epoxy  prepregs  possessed  higher  impact  tolerance  than  ARALL  3  with  aramid-epoxy  prepregs.  They  also 
concluded  that  GLARE  3  with  [0°/90°]  cross-ply  glass-epoxy  prepregs  offered  better  impact  resistance  than  GLARE  2, 
which  is  made  of  [O2]  unidirectional  glass-epoxy  prepregs.  Hitchen  et  al.  [5]  considered  the  effect  of  stacking  sequence  on 
impact  damage  in  a  carbon  fiber-epoxy  composite.  They  concluded  that  the  stacking  sequence  influenced  both  the  pre-  and 
post-compression  strengths  and  affected  the  impact  damage  in  16-ply  carbon  fiber  toughened  epoxy  laminates.  They  also 
reported  that  the  total  delamination  area  was  a  function  of  the  stacking  sequence.  Choi  et  al.  [6]  concluded  that  ply  orientation 
and  stacking  sequence  could  significantly  affect  impact  damage.  They  also  found  that  impact  damage  was  more  sensitive  to 
the  change  of  stacking  sequence  than  of  thickness.  The  influence  of  lay-up  configuration  on  graphite -epoxy  composite 
material  was  studied  by  Guynn  et  al.  [7].  They  concluded  that  the  difference  in  compression  failure  strain  due  to  stacking 
sequence  were  small.  Cantwell  [8]  studied  geometrical  effects  in  the  low  velocity  impact  response  of  GFRP.  He  drew  a 
conclusion  that  tests  on  a  range  of  circular  and  square  plates  had  shown  that  the  degree  of  damage  within  the  structure  was 
related  to  the  force  generated  during  the  impact  event. 

In  this  study,  the  effect  of  stacking  sequence  and  geometry  were  considered  to  evaluate  the  low  velocity  impact  behavior  of 
the  GLARE  5  composite  materials  through  drop  weight  tests.  Optical  imaging,  ultrasonic  C-scan  and  mechanical  sectioning 
techniques  were  used  to  assess  the  impact  damages. 

EXPERIMENTAL  PROCEDURES 

All  GLARE  panels  considered  in  this  study  consist  of  2024-T3  aluminum  alloy  with  a  thickness  of  0.305mm  (0.012")  per 
layer  and  S2-glass/epoxy  laminated  layers,  each  with  a  thickness  of  0.508  mm  (0.020").  Each  S2-glass/epoxy  layer  has  a 
layup  orientation  according  to  Table  1.  Panels  were  cut  into  two  different  geometrical  shapes:  square  and  circular,  with 
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dimensions  of  101.6  mm  x  101.6mm  (4"x4")  for  the  square  specimens  and  101.6mm  (4")  in  diameter  for  the  circular 
specimens.  The  typical  mechanical  properties  of  constituents  are  described  in  Table  2  [9-11].  In  Table  1,  the  term  MVF 
represents  metal  volume  fraction  and  is  defined  as  the  ratio  of  the  sum  of  the  thicknesses  of  all  aluminum  layers  over  the  total 
thickness  of  the  fiber-metal  laminate  [12]: 


MVF: 


n 


aluminum 


FML 


(1) 


Table  1.  GLARE  5  panels  tested  in  this  study  with  different  stacking  sequences. 


Lay-up  Configuration 
(m/n) 

Prepreg  Plies 
&  Orientation 

Total 
Thickness 

MVF 

3/2 

L°:j 

unidirectional 

1.930mm 
(0.076") 

0.474 

L0°/90o/90o/0°J 
cross-ply 

^45° /_  45°/- 45°/ 45°  J 
angle-ply 

[0°/ 45°/- 45°/ 90°  J 
quasi-isotropic 

The  configuration  notation  mln  means  the  panel  is  composed  of  m 
aluminum-alloy  layers  interlaced  with  n  fiber-reinforced  epoxy  layers. 

All  impact  tests  were  conducted  using  an  Instron  Dynatup  8250  pneumatic -assisted,  instrumented  drop-weight  impact  tester 
as  shown  in  Fig.  1.  The  specimens  were  clamped  circumferentially  along  a  diameter  of  76.2  mm  (3")  in  the  specimen  fixture 
and  impacted  by  a  hemispherical  steel  impactor  of  diameter  16  mm  with  a  mass  of  6.14  kg.  A  pair  of  pneumatic  breaks  was 
also  used  to  ensure  no  multiple  strikes  during  impact  test.  The  contact  force  history  of  impact  was  measured  using  a  load  cell 
located  right  above  the  impactor  nose,  and  the  impactor  velocity  was  recorded  by  a  pair  of  photoelectric -diodes  attached  to 
the  base  of  the  test  machine.  The  time  histories  of  the  impactor  position  and  the  absorbed  energy  were  obtained  numerically 
by  applying  Newton's  law  and  energy  balance  principle. 


After  each  test,  the  specimen  was  carefully  removed  from  the  fixture  for  post-impact  damage  assessments.  Figure  2  illustrates 
how  the  post-impact  permanent  central  deflection  was  measured.  Both  nondestructive  and  destructive  evaluation  techniques 
were  used  to  assess  the  impact  damage  inside  the  impacted  panels.  The  impacted  specimens  were  first  scanned  through  an 
UltraPAC  immersion  ultrasound  system  for  nondestructive  damage  evaluation,  then  carefully  sectioned  into  two  halves  by  a 
diamond  saw  through  the  impact  center.  Finally  cross -sectional  optical  pictures  were  taken  in  order  to  reveal  the  more 
detailed  damage  inside  the  specimens.  In  this  study  a  pair  of  5  MHz  ultrasonic  transducers  (one  focused  and  another  flat)  in 
through-transmission  mode  was  adopted  to  access  the  damage  in  the  impacted  specimens. 
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Table  2.  Typical  values  of  mechanical  properties. 


Mechanical  property 

Aluminum 
2024-T3 

UDS2 

Glass/FM  94 

Epoxy  Prepreg 

Tensile  ultimate  strength  (MPa) 

L           455 
T           448 

1900 
57 

Tensile  yield  strength  (MPa) 

L           359 
T           324 

- 

Tensile  modulus  (Gpa) 

L           72 

T 

54 
9.4 

Ultimate  strain  (%) 

L            19 

T 

3.5 
0.6 

Compressive  yield  strength  (MPa) 

L           303 
T           345 

- 

Compressive  modulus  (GPa) 

L           74 

T 

54.4 
11 

Density  (g/cm3) 

2.79 

2.00 

The  symbols,  L  and  T,  stand  for  longitudinal  (the  rolling  direction  for  the  metal)  and  transverse 
directions,  respectively. 
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(a)  (b) 

Figure  1.  (a)  Drop  Weight  impact  tester,  (b)  The  specimen  fixture. 


Permanent  central 
deflection 


Figure  2.  Measurement  of  the  permanent  central  deflection. 


RESULTS  AND  DISCUSSION 


*  SQUARE  SPECIMENS 

Stacking  sequence  effect  was  studied  on  GLARE  5  (3/2)  specimens  with  different  stacking  sequences,  namely: 
unidirectional,  angle-ply,  cross-ply  and  quasi-isotropic.  Several  drop-weight  tests  were  conducted  on  GLARE  5  (3/2)  with  the 
cross-ply  layup  orientation,  as  a  benchmark,  in  order  to  choose  a  proper  impact  energy  to  study  and  compare  the  impact 
responses  and  damage  patterns  of  the  GLARE  5  (3/2)  of  various  stacking  sequences.  Based  on  the  test  results,  40 J  impact 
energy  was  chosen.  Figure  3  shows  the  histories  of  absorbed  energy,  central  displacement,  contact  force  and  contact  stiffness 
for  the  square  GLARE  5  (3/2)  specimens  with  cross-ply [0°/90°]s,  unidirectional [O4],  angle-ply [+45°/— 45°] s  and  quasi- 
isotropic  [0o/+45°/— 45°/90°]  layup  sequences.  The  corresponding  C-scan  results,  back-side  (non-impacted)  views,  as  well 
as  the  cross-sectional  views  are  shown  in  Figs.  4  and  5. 
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Figure  3.  Impact  responses  of  the  cross-ply,  unidirectional,  angle-ply  and  quasi-isotropic  GLARE  5  (3/2)  square 

specimens  under  40J  impact  energy. 

The  absorbed  energy  history  revealed  that  under  the  same  impact  condition,  unidirectional  panel  released  less  energy  whereas 
quasi-isotropic  panel  released  the  most  among  the  other  type  of  panels.  The  peak  value  of  central  displacement  history  was 
the  highest  for  the  unidirectional  panels  while  the  lowest  was  for  the  quasi-isotropic  panels.  For  the  GLARE  5  (3/2)  cross-ply 
and  angle-ply,  this  peak  was  the  same.  Hence,  the  quasi-isotropic  panels  offered  more  resistance  to  the  indentation  than  any 
other  type  of  panels.  The  unidirectional  panels  were  the  worst  panel  to  sustain  the  impact.  By  comparing  the  contact  force 
histories,  the  unidirectional  panels  had  the  lowest  peak  contact  force  and  the  longest  contact  time  duration.  The  quasi- 
isotropic  panels  offered  the  highest  peak  contact  force  among  the  other  panel  types.  It  is  worth  noting  that  although  the 
patterns  of  contact  force  history  for  the  GLARE  5  (3/2)  panels  with  various  layup  configurations  were  similar,  the  damage 
patterns  were  different.  From  Fig.  3(d),  it  could  be  observed  that  contact  stiffness  curves  started  to  deviate  at  time  1.16  ms, 
corresponding  to  4.1  mm  of  the  central  deflection. 

Mechanical- sectioning  technique  revealed  that  the  major  types  of  damage  for  the  GLARE  5  (3/2)  cross-ply  panels  were 
through-specimen  crack,  fiber  breakage/splitting  and  delaminations  (Figs.  4  and  5).  The  major  delamination  located  between 
the  non-impacted  side  aluminum  layer  and  the  adjacent  glass-epoxy  layer.  Some  small  regional  delaminations  around  the 
middle  aluminum  layer  could  also  be  found.  A  diamond-shaped  damage  zone  was  induced  with  major  diagonal  along  90°. 
For  the  unidirectional  panels,  long  visible  through-the -thickness  cracks  occurred,  in  which  the  cracks  extended  near  the 
clamped  edge.  There  was  not  much  delamination  besides  fracture  of  aluminum  layers  and  the  splitting  of  the  glass-epoxy 
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layers  for  the  unidirectional  panels.  Since  there  was  no  bending  stiffness  mismatch  in  a  unidirectional  prepreg  layer,  no 
delamination  was  expected  in  the  interface  of  the  unidirectional  prepreg  layer.  The  fracture  of  aluminum  in  the  non -impacted 
side  resulted  from  bending  while  the  stress  concentration  induced  the  crack  in  the  impacted  face.  The  damage  zone  observed 
from  C-scan  looked  like  a  lip-shaped  with  the  major  axis  aligned  along  the  fiber  direction.  The  damage  pattern  for  the  angle- 
ply  panels  was  very  close  to  the  cross -ply  panels  except  the  damage  contour  for  the  angle-ply  panels  was  smaller  than  the 
cross-ply  panels  (Fig.  4).  Furthermore,  from  the  C-scan  results,  the  major  diagonal,  i.e.  perpendicular  to  the  fiber  direction, 
was  noticeably  shorter  for  the  angle-ply  panels  compared  to  the  cross-ply  panels.  This  means  that  the  GLARE  5  (3/2)  panels 
with  the  angle-ply  stacking  sequence  resisted  more  to  impact  compared  to  the  cross-ply  lay-up  with  the  same  panel 
configuration.  The  reason  for  this  is  believed  to  be  due  to  the  fact  that  the  angle -ply  panels  offered  more  shear  stiffness  than 
the  cross-ply  panels.  For  the  quasi-isotropic  panels,  major  damage  were  crack  in  the  non-impacted  side  aluminum,  damage  in 
the  bottom  [0°/+45°/— 45°/90°]  prepreg  layer  as  well  as  significant  delamination  between  the  -45°  and  90°  layers.  An 
approximately  circular-shaped  damage  zone  could  be  detected  through  ultrasonic  C-scan  for  the  quasi-isotropic  panels.  It  is 
worth  noting  that  under  40  J  impact  energy,  a  visible  crack  appeared  in  all  specimens  on  the  non -impacted  side.  The  crack 
was  straight  for  the  cross-ply,  unidirectional  and  angle-ply  GLARE  5  (3/2)  specimens  whereas  it  was  not  straight  for  the 
quasi-isotropic  specimens. 

Based  on  the  discussion  above,  GLARE  5  (3/2)  made  of  the  unidirectional  layup  offered  the  worst  impact  resistance, 
followed  by  cross-ply  and  angle-ply  layups,  while  quasi  isotropic  layup  showed  the  best  resistance  to  the  impact.  The  reason 
for  this  is  that  the  specimen  stiffness  decreased  as  layup  configuration  changed  from  quasi-isotropic  layup  to  unidirectional. 
In  other  words,  propagation  of  damage  was  alleviated  and  delayed  as  the  bending  stiffness  mismatch  decreased. 
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Figure  4.  Back-side  (non-impacted)  view  and  corresponding  C-scan  view  of  the  GLARE  cross-ply,  unidirectional, 
angle-ply  and  quasi-isotropic  GLARE  5  (3/2)  square  specimens  under  40J  impact  energy. 
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Figure  5.  Cross-sectional  view  of  the  cross-ply,  unidirectional,  angle-ply  and  quasi-isotropic  GLARE  5  (3/2) 
square  specimens  under  40J  impact  energy.  The  symbol  ©  means  that  the  fiber  direction  is  perpendicular  to  the 

cross-sectional  view  picture. 

*  CIRCULAR  VERSUS  SQUARE  SPECIMENS 

Figure  6  shows  histories  of  absorbed  energy,  central  displacement,  contact  force,  contact  stiffness  for  the  circular  GLARE  5 
(3/2)  specimens  with  the  cross-ply  [0°/90°]s,  unidirectional  [O4],  angle-ply  [+45°/— 45°]s  and  quasi-isotropic [0°/+45°/ 
— 45°/90°]  layup  sequences.  Figures  7  and  8  depict  corresponding  C-scan  results,  back-side  (non-impacted)  views,  as  well 
as  cross-sectional  views  of  specimens  of  those  configurations.  Tables  3  summarizes  experimental  results  of  the  impact- 
induced  crack  lengths  measured  on  the  impacted  side  (the  top  aluminum  sheet)  and  the  non-impacted  side  (the  bottom 
aluminum  sheet),  respectively,  along  with  the  post-impact  permanent  central  deflection  in  GLARE  5  (3/2)  composite 
materials  with  different  stacking  sequences  and  geometries  subjected  to  40J  impact  energy.  Comparing  these  results  to  those 
of  the  square  specimens,  the  following  remarks  can  be  found. 


The  energy  history  curves  were  in  a  very  close  pattern  to  those  of  the  square  specimens.  The  central  deflection  curves  for  the 
circular  unidirectional  and  quasi-isotropic  specimens  increased  noticeably  in  comparison  with  the  corresponding  panels  of 
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square  specimens.  This  enhancement  was  very  negligible  for  the  cross-ply  and  angle-ply  panels.  The  peak  force  values  for 
the  circular  specimens  were  lower  than  those  of  the  corresponding  square  specimens.  The  contact  time  was  also  raised  by 
changing  the  geometry  from  square  to  circular.  This  difference  was  quite  noticeable  for  the  unidirectional  and  quasi -isotropic 
panels  but  it  was  relatively  negligible  for  the  cross -ply  and  angle-ply  panels.  The  contact  stiffness  decreased  by  changing  the 
geometry  from  square  to  circular.  The  effect  of  the  above  mentioned  differences  could  be  revealed  by  comparing  the  cross 
sectional,  C-scan  and  back  side  views  of  the  specimens  with  the  ones  for  the  square  specimens.  Comparing  the  cross- 
sectional  views  of  the  two  different  geometries  for  the  cross-ply  and  angle-ply  specimens,  the  overall  damage  patterns  were 
similar  except  in  circular  geometry  there  was  no  debonding  between  the  non-impacted  aluminum  and  the  adjacent  prepreg 
layer.  For  the  circular  unidirectional  specimen  the  induced  damage  pattern  was  different  from  the  corresponding  square 
specimen.  Prepreg  damages  among  the  aluminum  layers  were  noticeably  increased.  Also  unlike  the  unidirectional  square 
specimens,  in  which  the  prepreg  close  to  the  non-impacted  side  were  broken  into  several  pieces  by  through-the-thickness 
cracks,  it  did  not  happen  for  the  circular  specimen.  The  major  differences  in  damage  pattern  were  obvious  for  the  circular 
quasi-isotropic  specimen.  By  evaluating  the  cross-sectional  views  for  the  quasi-isotropic  square  and  circular  specimens,  a 
dramatic  change  could  be  seen  in  the  induced  damages.  Unlike  the  square  specimen,  which  only  the  bottom  aluminum 
damaged,  all  the  aluminum  layers  failed  for  the  quasi-isotropic  circular  specimen.  It  is  worth  noting  that  the  impacted-side 
aluminum  failed  in  two  places.  Another  important  difference  was  that  the  delamination  was  negligible  for  the  circular 
specimens  whereas  it  was  relatively  notable  for  the  square  specimens. 
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Fig. 6.  Impact  responses  of  the  cross-ply,  unidirectional,  angle-ply  and  quasi-  isotropic  GLARE  5  (3/2)  circular 

specimens  under  40J  impact  energy. 
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Fig. 7.  Back  side  (non-impacted)  view  and  corresponding  C-scan  view  of  the  cross-ply,  unidirectional,  angle-ply 
and  quasi-isotropic  GLARE  5  (3/2)  circular  specimens  under  40J  impact  energy. 


The  C-scan  results  revealed  that  the  damage  contour  decreased  for  the  cross-ply  and  angle-ply  circular  specimens.  For  the 
unidirectional  panels  of  the  two  geometries,  the  C-scan  shapes  were  almost  similar  to  each  other  with  the  exception  that  for 
circular  geometry,  the  length  of  the  damage  along  the  0°  fiber  direction  was  longer  (Table  3,  Figs.  4  and  7).  In  fact,  the 
induced  crack  in  the  unidirectional  circular  specimens  passed  the  grip  area  of  the  specimen.  For  the  quasi-isotropic 
specimens,  the  crack  at  the  non-impacted  side  of  the  circular  specimen  was  noticeably  longer  than  the  square  specimen.  By 
transition  from  square  to  circular  geometry,  the  damage  contour  changed  from  almost  a  circular  shape  to  an  elliptical  shape 
with  major  axis  along  the  0°  fiber  direction.  Due  to  change  of  the  geometry,  the  central  deflections  were  higher  for  the 
circular  specimens  compared  to  those  of  square  specimens. 
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Fig.8.  Cross-sectional  view  of  the  cross-ply,  unidirectional,  angle-ply  and  quasi-isotropic  GLARE  5  (3/2)  circular 
specimens  under  40J  impact  energy.  The  symbol  ©  means  that  the  fiber  direction  is  perpendicular  to  the  cross 

sectional  view  picture. 
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Table  3.  Crack  lengths  and  permanent  deflections  of  the  cross-ply,  unidirectional,  angle-ply  and  quasi-isotropic 

GLARE  5  (3/2)  under  40J  impact  energy. 


Stacking  Sequence  & 
Geometry 

Impact 
Energy 
(Joule) 

Crack  length  in  outer  layer  (mm) 

Permanent 
Deflection  (mm) 

Impacted  side 

None  impact  side 

Cross-ply                       H 

40 

9 

18 

6.75 

Unidirectional                 H 

40 

69 

75 

7.65 

Angle-ply                        H 

40 

7 

16 

6.65 

Quasi-isotropic               H 

40 

0 

12 

5.30 

Cross-ply                       w 

40 

8.5 

16 

6.8 

Unidirectional                 W 

40 

83 

83 

7.7 

Angle-ply                       w 

40 

8.5 

16 

6.8 

Quasi-isotropic              ™ 

40 

7.5 

20 

5.80 

CONCLUSIONS 

This  study  presents  an  experimental  investigation  on  the  impact  response  of  GLARE  5  (3/2)  composite  materials  considering 
the  effects  of  stacking  sequence  and  geometry  through  using  drop  weight  impact  tester.  The  following  remarks  can  be 
concluded  from  this  study. 

•  GLARE  5  made  of  unidirectional  fibers  had  the  worst  impact  resistance;  followed  by  cross -ply  and  angle-ply 
configurations,  while  the  quasi-isotropic  lay-up  showed  the  best  resistance  to  impact. 

•  By  introducing  circular  geometry,  damage  patterns  and  impact  behaviors  were  changed.  This  was  very  obvious  for  the 
panels  with  quasi-isotropic  layup  configuration,  i.e.  [00/-h450/— 45°/90°]. 

•  Only  the  profile  of  damage  zone  could  be  detected  through  the  ultrasonic  C-scan.  The  mechanical-  sectioning  technique 
must  be  adopted  in  order  to  get  the  details  of  damage  inside  the  fiber-metal  laminates.  The  drop-weight  induced  damage 
included  indentation  around  impact  center,  delamination  between  aluminum  and  glass -epoxy  composite,  cracks  in 
aluminum  layers,  and  damage  in  composite  layers.  More  severe  damage  occurred  on  the  non-impacted  side  of  fiber- 
metal  laminates. 
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ABSTRACT 

Finite  element  analysis  of  an  extremely  flexible  inflatable  self-rigidizing  torus  (SRT)  with  regular  pattern  of  hexagonal 
domes  was  carried  out.  Owing  to  the  large  number  of  hexagonal  domes  in  the  SRT,  a  simplified  sub -structuring  technique 
was  proposed.  In  this  method,  each  hexagonal  dome  was  replaced  with  a  statically  equivalent  flat  hexagon  with  the  same 
mass  and  stiffness  as  the  hexagonal  dome.  Then  the  finite  element  modal  analysis  of  the  SRT  was  carried  out  for  an 
equivalent  torus  made  of  flat  film.  The  geometric  nonlinearity  and  the  effect  of  the  follower  load  on  the  stiffness  were 
included  in  the  analysis.  Natural  frequencies  and  mode  shapes  determined  by  the  finite  element  modal  analysis  were 
compared  with  those  obtained  from  the  earlier  modal  testing. 

1.  Introduction 

The  antenna  design  requirements  for  satellites  drove  their  size  to  dimensions  that  could  not  be  launched  into  space  using 
current  technology.  This  problem  has  introduced  a  revolutionary  change  in  current  satellite  design.  Instead  of  using  large 
rigid  antennas,  new  satellites  may  have  inflatable  ones.  Inflatable  satellites  possess  many  advantageous  properties  such  as 
ultra-lightweight,  small  stowage  volume,  high  strength-to-mass  ratio,  low  overall  space  program  cost,  on-orbit  deployability, 
and  low  total  system  mass  and  deployment  complexity  [1]. 

The  three  main  components  of  several  gossamer  communication  or  imaging  satellites  are  inflatable  struts,  an  inflatable  torus 
as  the  structural  support  components  and  some  sort  of  lens,  aperture,  or  array  housed  inside  the  torus  boundary.  The  circular 
or  elliptical  torus  provides  the  boundary  for  any  housed  membrane  or  lens,  and  it  ties  together  the  satellite  or  craft  supporting 
struts  [2,  3].  While  having  many  advantageous  properties,  the  inflatable  structures  have  additional  challenges  when  compared 
to  the  rigid  ones.  Many  traditional  space  structures  have  vibration  problems.  The  harsh  environment  of  space,  i.e.  intense 
temperature  differentials  and  micrometeorite  bombardment,  most  likely  threatens  the  pressurized  satellite  components. 

Addressing  this  issue,  United  Applied  Technologies  (Huntsville,  AL,  USA)  has  designed  and  manufactured  a  new  thin  film 
casting  process  for  the  toroidal  satellite  component.  The  membrane  of  the  so  called  self-rigidizing  torus,  SRT,  has  a  regular 
pattern  of  hexagonal  domes.  The  inflated  SRT,  due  to  the  additional  stiffness  provided  by  the  pushed  out  hexagonal  domes, 
can  support  its  own  structural  shape  even  when  there  is  no  internal  pressure. 

The  satellite  structures  are  subjected  to  a  variety  of  time-varying  loadings,  hence  in  order  to  design  them,  a  study  of  dynamic 
behavior  is  important.  The  free  vibration  analysis  is  necessary  in  order  to  get  the  natural  frequencies  and  mode  shapes  as 
basis  for  forced  vibration  analysis  and  control  design. 

Free  vibration  analyses  of  toroidal  shells  made  out  of  flat  sheets  have  been  studied  by  many  researchers  [3-21].  While  some 
experimental  studies  are  available  for  the  SRT  [22-24],  analytical  structural  dynamic  studies  of  these  types  of  structures  lag 
behind  the  experimental  one  even  for  the  inflatable  pressurized  smoothed-surface  torus. 

2.  Self  rigidizing  torus 

The  structure,  SRT,  was  an  extremely  flexible  self-rigidizing  inflatable  torus,  which  ideally  once  inflated  could  support  its 
own  structural  shape  even  when  its  internal  pressure  released.  The  181cm  ring  diameter  and  22  cm  tube  diameter  torus  was 
designed  and  manufactured  at  the  United  Applied  Technologies  (Huntsville,  Alabama)  of  thin  films  of  Kapton  300JP®.  The 
flat  76  micrometers  thin  sheets  of  Kapton  were  formed  into  curved  46  micrometers  thin  films  with  regular  pattern  of 
hexagonal  domes  of  32.5  micrometers  thickness,  Fig.  la.  The  top  and  bottom  of  the  torus,  which  each  were  constructed  from 
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seven  joined  segments  at  shear  seams,  were  joined  together  at  the  inner  and  outer  peel  seams  to  form  the  complete  torus,  Fig.  lb. 
The  "3M  scotch-weld  epoxy  adhesive  2216  B/A  translucent®"  was  used  to  join  these  14  segments. 

The  physical  properties  of  the  SRT  are  listed  in  Table  1.  The  material  properties  of  the  Kapton  300JP®  and  the  3M  scotch- 
weld  epoxy  adhesive  2216  B/A  translucent®  are  listed  in  Table  2.  The  moduli  of  elasticity  were  measured  at  the  Pulp  of  Paper 
Research  Laboratory  of  McMaster  University,  Canada.  Owing  to  the  lack  of  first  hand  experimental  data  as  well  as 
manufacturer  data,  a  Poisson's  ratio  of  0.34  was  selected  for  both  Kapton  300JP®  and  the  epoxy. 


peel  seam 

(a)  (b)  * 

Fig.  1   The  self- stiffening  inflatable  torus,  (a)  Complete  torus;  (b)  Peel  and  shear  seams 


Table  1      Geometric  properties  of  the  SRT 


Property 

Value 

Film  thickness 

46x1 0-6m 

Ring  radius 

0.907  m 

Tube  radius 

0.111m 

Average  shear  seam  width 

0.021  m 

Average  peel  seam  width 

0.051m 

Average  shear  and  peel  seam  thickness 

2.88xl0"4m 

Average  overlapped  shear  and  peel  seam  thickness 

4.48xl0"4m 

Hexadome  width  (major  radius) 

7xl0"3m 

Hexadome  height 

3xl0-3m 

Hexadome  thickness 

32.5xl0-6m 

Gap  between  the  adjacent  hexadomes 

lxl0"3m 

Mass 

0.560  kg 

Table  2      Material  properties 


Parameter 

Values 

Kapton  300JP®Mass  density,  kg/m3 

1399.7 

Kapton  300JP®  Poisson's  ratio 

0.34 

Kapton  300JP®  Elastic  modulus,  GPa 

2.98 

Epoxy  Mass  density,  kg/m3 

1042 

Epoxy  Poisson's  ratio 

0.34 

Epoxy  Elastic  modulus,  GPa 

0.363 

3.   Finite  element  analysis 

Due  to  the  large  number  of  hexagonal  domes  in  the  SRT  shell,  a  simplified  sub -structuring  technique  was  used  to  replace 
each  hexagonal  dome  with  a  statically  equivalent  flat  hexagon  with  the  same  mass  and  stiffness  as  the  hexagonal  dome.  Then 
the  SRT  was  modeled  by  an  equivalent  torus  with  smooth  surface.  Such  an  approach  combined  accuracy  and  acceptable 
computational  cost  and  made  it  possible  to  perform  modal  analysis  of  the  structure  using  multi-purpose  commercial  software. 
This  approach  also  allowed  updating  stiffness  matrix  and  taking  into  account  the  large  deformation  under  nonlinear  static 
pressurization.  Furthermore,  the  effect  of  the  follower  load  on  the  stiffness  was  included  in  the  analysis. 
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Using  the  commercial  finite  element  software  ANSYS  ,  the  4  nodes  SHELL181  element  with  six  degrees  of  freedom  at 
each  node,  translations  in  and  rotations  about  the  x,  y,  and  z-axes,  was  used.  SHELL181  was  well  suited  for  linear,  large 
rotation  and  large  strain  nonlinear  applications  and  suitable  for  analyzing  thin  to  moderately  thick-layered  shell  structures.  It 
also  accounts  for  the  follower  (load  stiffness)  effects  of  the  distributed  pressure. 


The  following  steps  were  taken  in  the  sub -structuring  process.  First,  the  geometry  of  one  single  hexagonal  dome  was  built. 
This  was  done  by  pressurizing  the  central  region  of  a  hexagonal  plate  to  match  the  actual  dome  shape.  This  step  ended  by 
updating  the  geometry  of  the  model  to  form  the  hexagonal  dome  shape.  Second,  by  modifying  the  thickness  or  density,  a  flat 
hexagon  with  the  same  width,  mass  and  modulus  of  elasticity  (Kapton  300JP®)  of  the  hexagonal  dome  was  selected.  Third, 
through  a  tensile  test  and  under  a  uniform  displacement  applied  on  the  boundaries  of  models,  the  reaction  forces  of  both 
hexagonal  dome  and  hexagonal  flat  plate  were  calculated.  The  reaction  forces  were  compared  and  the  relative  stiffness  of  the 
two  models  was  calculated.  Then,  the  stiffness  of  the  SRT  model  was  modified  (changed)  by  the  inverse  ratio  of  the  reaction 
forces  of  the  hexadome  to  that  of  the  flat  plate.  Thereafter,  the  SRT  was  modeled  by  a  torus  with  smooth  surface. 

3.1.      Equivalent  Hexagonal  Plate 

In  order  to  build  the  geometry  of  the  dome,  Table  1,  a  hexagonal  plate  with  the  major  radius  of  7.5  mm  and  thickness  of 
32.5  urn  was  constrained  at  a  distant  of  0.5  mm  from  each  side.  Hexagonal  domes  were  separated  from  each  other  by  1mm 
flat  film. 

By  applying  sufficient  normal  pressure  load  on  the  plate,  the  un-constrained  part  of  the  hexagonal  plate  deformed  to  a  dome 
shape  with  the  desired  height  of  3  mm,  as  shown  in  Fig.  2.  Then  the  geometry  of  the  finite  element  model  was  updated  to  the 
deformed  configuration. 

In  the  sub-structuring  process,  each  hexagonal  dome  was  replaced  with  a  statically  equivalent  flat  hexagon  of  the  same  width, 
mass  and  stiffness.  Three  different  flat  hexagons  with  different  thicknesses  and  densities  were  selected.  First,  a  thickness  of 
32.5  jum  (same  as  dome  thickness)  and  then  46  jum  (same  as  the  SRT  film  thickness)  was  chosen.  In  both  cases,  in  order  to 
keep  the  mass  constant,  the  density  was  modified.  For  the  third  case,  the  density  was  kept  the  same  as  of  Kapton  300JP®  and 
the  thickness  was  modified.  Thereafter,  the  tensile  test  modeling  of  the  flat  hexagons  and  the  hexadome  was  undertaken. 
Their  sides  were  stretched  for  an  arbitrary  uniform  displacement  of  0.01mm,  as  illustrated  in  Fig.  3. 


3  mm 


Fig.2    A  hexadome 
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Fig.  3    Schematic  of  tensile  test  of  hexadome  and  equivalent  hexagon 


Table  3      Reaction  forces 


Flat  hexagon 
thickness  (urn) 

Flat  hexagon 
density 
(kg/m3) 

F 

flat _hexagon  | 

(N) 

T?                             j 

hexadome  \x 

(N) 

77 

flat _hexagon  | 

(N) 

F              1 

hexadome  \  y 

(N) 

32.5 

1707 

1.4670 

0.1567 

0.84492 

0.0907 

39.65 

1399.7 

1.7897 

0.1567 

1.0308 

0.0907 

46 

1206 

2.0764 

0.1567 

1.1959 

0.0907 

Table  4      Stiffness  ratios 


Flat  hexagon 
thickness  (jum) 

Flat  hexagon 
density  (kg/m3) 

flat  _  hexagon 
hexadome 

32.5 

1707 

9.34 

39.65 

1399.7 

11.39 

46 

1206 

13.22 

The  thickness  and  density  of  the  three  cases  as  well  as  the  reaction  forces  in  the  x  and  y  directions  on  the  boundary  lines  are 
listed  in  Table  3.  Considering  the  fact  that  the  displacement  boundary  conditions  were  equal,  the  ratio  of  reaction  force  to 
modulus  of  elasticity  of  both  cases  should  have  been  equal.  This  ratio  for  the  flat  hexagon  with  the  thickness  of  32.5  um  in 
the  x  and  y  direction  was  found  to  be  9.362  and  9.315,  respectively,  with  the  average  of  9.34.  This  means  that  the  flat 
hexagon  was  9.34  times  stiffer  than  the  hexadome.  Henceforth,  the  torus  with  hexagonal  dome  could  be  simulated  with  a 
torus  having  a  flat  surface  pending  that  the  modulus  of  elasticity  of  the  Kapton  300JP®  film  was  reduced  9.34  times.  This 
ratio  for  a  39.65  jum  and  46  urn  thick  flat  hexagons  was  1 1.39  and  13.22,  respectively.  These  ratios  are  listed  in  Table  4. 

3.2.       Finite  element  modal  analysis  of  self-rigidized  torus 

In  the  vibration  analysis  of  an  inflated  structure,  the  direct  action  of  the  pressure  force,  which  is  in  addition  to  the  pre -stress' 
effects,  and  accurate  geometric  nonlinearities  was  also  considered.  The  finite  element  modal  analysis  was  carried  out  based 
on  the  following  assumptions: 

1 .  a  linear  elastic  and  isotropic  properties  was  assigned, 

2.  the  internal  pressure  of  149.3  Pa  (1.5  mm  Water)  equal  to  that  used  in  the  modal  experiment  study  was  applied  to  the 
torus  and  assumed  to  be  constant  during  the  static  and  modal  FEA  analyses, 

3.  geometric  nonlinearity  (large  strain)  was  considered  during  the  pre-stress  analysis, 

4.  the  effect  of  the  follower  load  on  the  stiffness  was  included, 

5.  except  for  the  internal  pressure  load,  the  other  effects  of  the  enclosed  gas  are  ignored, 

6.  the  effect  of  air  damping  was  disregarded, 

7.  Free-free  boundary  conditions  were  considered. 


Using  the  commercial  finite  element  software  package  ANSYS     ,  and  SHELL181  element,  a  two-step  approach  was 
undertaken.  First,  a  nonlinear  static  pressurization  resulted  in  an  updated  stiffness  matrix  that  took  into  account  the  large 
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deformation.  Thereafter,  through  a  restart  procedure,  the  updated  stiffness  matrix  was  imported  to  a  linear  modal  analysis 

section. 

The  geometry  of  the  SRT  and  the  material  properties  of  Kapton  300JP®  and  3M  scotch- weld  epoxy  adhesive  2216  B/A 

translucent®  were  adopted  from  Tables  1  and  2,  respectively.  The  modulus  of  elasticity  of  the  shear  seam  and  peel  seam 

wasl.35  GPa.  For  the  section  with  the  overlapped  shear  and  peel  seams,  the  modulus  of  elasticity  was  0.966  GPa. 

Once  the  modal  analysis  was  carried  out,  it  was  observed  that  bonded  regions  added  locally  distributed  masses  to  the 

structure  and  had  higher  stiffness  than  that  of  the  toroidal  membrane,  which  had  to  be  accounted  in  the  modeling  of  the  torus, 

as  well.  The  flaps  constituted  35.5%  of  the  SRT's  total  mass.  When  the  peel  seams,  as  shown  in  Fig.  Lb,  were  added  to  the 

model,  it  was  observed  that  numerous  low  frequency  local  modes  of  the  flaps  obscured  the  torus'  modes  of  interest.  Hence, 

for  comparison  purposes,  two  different  models  were  developed.  First,  the  peel  seams  (flaps)  were  added  to  the  model  and 

modal  analysis  was  carried  out.  Second,  instead  of  adding  the  peel  seams  to  the  model,  structural  mass  elements  MASS21 

with  the  mass  equal  to  the  mass  of  the  flaps  were  used  at  the  nodes  shared  by  the  peel  seams  and  the  torus.  That  is,  the  mass 

of  each  peel  seam,  inner  and  outer,  was  distributed  equally  on  the  corresponding  seam's  nodes  by  the  structural  mass 

element. 

Modal  analysis  was  carried  out  for  the  three  different  combinations  of  thickness  and  density  listed  in  Table  3.  Since  the 
boundary  conditions  of  the  inflated  torus  were  assumed  free-free,  the  free  vibration  analysis  should  result  in  rigid-body 
motions.  The  present  FEA  study  resulted  in  six  approximately  zero  frequencies  corresponding  to  six  rigid  body  modes.  This 
verifies  that  the  element  type  is  properly  selected.  Finite  element  analysis  carried  out  by  other  researchers  for  an  inflatable 
torus  could  not  obtain  six  zero  natural  frequencies  associated  with  the  six  rigid-body  modes  [16]. 

The  mode  shapes  were  mainly  in  two  categories  of  in-plane  and  out  of  plane  modes.  The  out  of  plane  mode  shapes  resembled 
the  bending  modes  of  a  free-free  beam.  In  the  in-plane  mode,  the  structure  symmetrically  bended  in  plane  of  the  torus  and 
vibrated  by  making  oval,  triangular,  square  and  pentagon  shape  for  the  first  four  modes,  respectively.  Both  the  in-plane  and 
out  of  plane  modes  were  obtained  in  pairs.  The  frequencies  for  both  cases  of  lumped  mass  and  peel  seems  are  listed  in  Tables 
5  to  8  for  the  in-plane  and  out  of  plane  modes,  respectively.  All  three  combinations  of  density  and  thickness  resulted  in  the 
same  frequencies  and  sequence  of  mode  shapes. 


Table  5      Frequencies  for  the  in-plane  modes  for  lumped  mass  application 


Mode  number 

Frequency  (Hz) 

Thickness  32.5um 

Thickness  39.65um 

Thickness  46jum 

1 

3.54 

3.54 

3.54 

2 

7.66 

7.67 

7.67 

3 

9.90 

9.91 

9.92 

4 

11.23 

11.25 

11.26 

Table  6      Frequencies  for  the  in-plane  modes  for  peel  seam  application 


Mode  number 

Frequency  (Hz) 

Thickness  32.5um 

Thickness  39.65um 

Thickness  46jum 

1 

4.00 

4.00 

4.00 

2 

9.76 

9.76 

9.77 

3 

15.98 

15.99 

16.00 

4 

24.26 

24.27 

24.27 

Table  7      Frequencies  for  the  out  of  plane  modes  for  lumped  mass  application 


Mode  number 

Frequency  (Hz) 

Thickness  32.5jum 

Thickness  39.65um 

Thickness  46um 

1 

3.91 

3.91 

3.91 

2 

9.36 

9.36 

9.36 

3 

13.73 

13.73 

13.73 

4 

17.19 

17.20 

17.20 
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Table  8      Frequencies  for  the  out  of  plane  modes  for  peel  seam  application 


Mode  number 

Frequency  (Hz) 

Thickness  32.5jum 

Thickness  39.65jum 

Thickness  46|um 

1 

3.60 

3.63 

3.65 

2 

11.26 

11.36 

11.46 

3 

15.77 

15.79 

15.82 

4 

19.06 

19.09 

19.11 

By  comparing  the  two  cases  of  lumped  mass  and  peel  seams,  we  conclude  that  except  for  the  first  out  of  plane  mode,  the 
frequencies  of  the  model  with  flaps  are  higher  than  the  corresponding  model  with  lumped  mass.  This  means  that  the  model 
with  the  flaps  is  stiffer  than  the  model  with  no  flaps.  Adding  the  flaps  increased  the  stiffness  of  the  torus  mainly  in  the 
in-plane  direction,  affecting  the  in-plane  mode  frequencies  more  than  the  out  of  plane  ones.  For  the  case  of  lumped  mass,  the 
mode  shapes  for  the  first  four  in-plane  and  out  of  plane  modes  are  shown  in  Figs.  4  and  5.  By  reviewing  the  natural 
frequencies,  one  can  conclude  that  the  natural  frequencies  of  the  torus  came  in  clusters. 


Is  in-plane 


2nd  in-plane 


3r  in-plane 


4    in-plane 


Fig.  4  The  first  four  in-plane  mode  shapes 


Is  out  of  plane 


2na  out  of  plane  3ra  out  of  plane 

Fig.  5  The  first  four  out  of  plane  mode  shapes 


4m  out  of  plane 


4.   Discussion 

The  modal  testing  of  the  SRT  model  was  recently  studied  [24].  Overall,  a  satisfactory  agreement  was  found  between  the 
experimentally  measured  frequencies  and  those  predicted  in  the  finite  element  approach,  Tables  9  and  10.  The  results  indicate 
that  in  the  out  of  plane  direction,  the  FE  models  are  slightly  stiffer  than  the  experimental  model.  While  in  the  in-plane 
direction,  except  for  the  first  mode,  the  experimental  model  is  stiffer  than  the  FE  model  with  the  lumped  mass  and  is  softer 
than  the  model  with  flap. 

A  few  sources  of  discrepancies  could  be  indentified  in  this  approach  explaining  the  aforementioned  differences  between 
experimental  and  predicted  frequencies.  In  the  modal  testing,  since  maintaining  the  internal  pressure  was  done  manually,  it  is 
less  likely  to  achieve  the  same  pressure  at  all  times.  Variable  pressure  contributes  to  variable  stiffness  which  alters  the  modal 
parameter  of  the  structure.  Owing  to  presence  of  very  small  punctures  in  the  SRT,  the  air  leakage  made  the  distribution  of 
pressure  non-uniform  in  the  torus.  In  the  finite  element  model,  the  pressure  was  assumed  to  be  constant  in  the  entire  torus. 
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Table  9      Frequencies  for  the  in-plane  modes 


Frequencies  (Hz) 

Experiment  [24] 

Lumped  mass 

Peel  seams  (flaps) 

4.68/6.07 

3.54 

4.00 

8.43  /  9.46 

7.66 

9.76 

13.3 

9.90 

15.98 

17.2 

11.23 

24.26 

Table  10    Frequencies  for  the  out  of  plane  modes 

Frequencies  (Hz) 

Experiment  [24] 

Lumped  mass 

Peel  seams  (flaps) 

3.21 

3.91 

3.60 

8.12 

9.36 

11.26 

12.8 

13.73 

15.77 

17.5 

17.19 

19.06 

Owing  to  the  extremely  small  values  of  the  film  thickness,  any  increase  in  the  thickness  significantly  affects  the  stiffness  and 
mass  of  the  structure  and  eventually  the  eigenvalues.  For  example,  the  average  seams'  thickness  was  above  six  times  the  shell 
film  thickness.  Furthermore,  the  method  of  fabrication,  as  well  as  the  extensive  repair  that  was  done  on  the  flaps,  resulted  in 
variations  of  the  thickness  of  the  joined  regions.  This  contributed  to  non-uniform  stiffness  and  mass  distribution  in  both  the 
torus  and  the  flaps,  affecting  the  modal  parameters  of  the  SRT.  The  flaps  were  not  completely  flat  and  had  wrinkles  at 
various  locations.  In  the  finite  element  study,  the  flaps  were  assumed  to  be  flat  with  a  uniform  thickness  equal  to  the  average 
thickness  of  the  inner  and  outer  flaps. 

To  reduce  the  effect  of  the  air  tube's  mass  (to  inflate  the  torus)  on  the  SRT,  the  tube  was  suspended  from  a  stand.  However, 
since  the  plastic  air  tube  was  not  soft  enough,  it  might  have  constrained  the  torus  which  was  not  modeled  in  the  finite  element 
analysis. 

In  the  modal  testing,  the  torus  was  suspended  at  six  points  from  the  ceiling  by  very  soft  and  long  springs.  The  suspension 
frequencies  were  less  than  ten  percent  of  the  first  natural  frequency,  3.21  Hz,  and  should  not  affect  the  modal  parameters 
directly.  Though  at  the  six  suspension  points,  the  outer  flaps  were  inverted  upward  and  their  shape  did  not  stay  flat  as  it  was 
assumed  in  the  finite  element  analysis.  These  local  deformations  of  flaps  altered  the  stiffness  of  the  structure  and  could  affect 
the  modal  parameters. 

While  during  the  experiments  all  the  air  ventilation  ducts  of  the  lab  were  blocked  and  the  air  condition  was  turned  off,  still 
the  effect  of  the  air  current  disturbance  over  the  SRT  was  observable.  This  disturbance  and  the  effect  of  the  air  damping 
might  be  another  cause  of  discrepancy  between  the  experimental  and  predicted  results.  The  impact  of  air  current  and  damping 
were  not  included  in  the  model.  The  uncertainty  in  the  material  properties  might  be  another  source  of  discrepancies. 
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ABSTRACT 

Biologically  inspired  wings  of  micro  munition  vehicles  are  constructed  with  the  pre- strained  hyperelastic  membrane, 
attached  with  composite  reinforcing  structures.  Finite  element  models  are  developed  for  the  modal  characteristics  of  the 
flexible  wings  of  micro  munition  vehicles  and  validated  by  experimental  results.  The  effect  of  added  mass,  damping,  and 
aerodynamic  loads  on  the  modal  characteristics  (natural  frequencies  and  mode  shapes)  of  the  wings  is  investigated.  The 
wings  are  vibrated  in  the  vacuum  and  air  environments  for  investigating  the  effect  of  added  mass  and  damping  on  their 
modal  characteristics.  Aerodynamic  loads  are  calculated  from  the  wind  tunnel  test  data  where  the  angle  of  attack  of  the 
wings  and  free  stream  velocity  of  air  are  varied.  Natural  frequencies  increase  with  mode,  pre-strain  level  of  the 
membrane,  and  aerodynamic  loads  but  decrease  in  air  from  those  in  the  vacuum  environment  due  to  the  added  mass  of 
air.  Damping  of  air  is  low  and  has  minimal  effect  on  the  natural  frequencies  of  the  wings  but  helps  to  reduce  the  out-of- 
plane  modal  amplitude  of  vibration.  The  effect  of  added  mass,  damping,  and  aerodynamic  loads  on  the  mode  shapes  of 
the  wings  is  also  presented  in  the  paper. 

INTRODUCTION 

The  micro  munition  vehicles  (MMVs)  are  small  (wing  span  on  the  order  of  100  mm)  and  fly  at  low  flight  speeds  (up  to 
13  m/s)  with  low  Reynolds  number  aerodynamics  (10,000-100,000).  The  design  and  operation  of  MMVs  of  similar 
proportions  to  natural  fliers  emphasize  the  intricate  but  vital  aeroelastic  features  mastered  by  the  biological  systems.  A 
particular  form  of  these  enhanced  flying  abilities  benefits  from  the  use  of  flexible  lifting  surfaces:  either  fixed  or  flapping. 
Biologically  inspired  wings  of  MMVs  (Fig.  1)  are  constructed  by  attaching  pre-strained  hyperelastic  membrane  with 
composite  reinforced  structures  and  the  modal  characteristics  (natural  frequencies  and  mode  shapes)  of  the  wings  are 
controlled  mainly  by  the  pre-strained  membrane  due  to  lower  stiffnesses  than  those  of  composite  reinforced  structures. 
The  modal  characteristics  of  the  wings  can  be  tuned  by  changing  the  pre-strain  level  of  the  membrane  and  also  depend  on 
the  added  mass,  damping,  and  aerodynamic  loads  of  surrounding  air. 


Fig.  1  MMV  from  the  MAV  Lab  at  the  University  of  Florida,  Gainesville,  Florida,  USA 

Recently,  there  has  been  significant  progress  in  the  understanding  of  the  aerodynamics  of  low  Reynolds  number  artificial 
and  natural  flight  [1],  though  the  structural  behavior  is  still  under  early  numerical  modeling  efforts.  The  large  amplitude 
of  wing's  deformation,  the  nonlinear  interaction  with  the  flow,  and  the  lack  of  quantitative  experimental  results  for 
validation  limit  the  numerical  models'  applications.  The  aerodynamic  models  and  flight  control  design  of  fixed  [1]  and 
flapping  wings  [2]  must  include  the  wing  flexibility  and  structural  dynamics,  an  area  where  very  little  experimental  data 
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is  available.  Experimental  modal  analysis  of  the  membrane  has  presented  by  Chakravarty  and  Albertani  [3],  Sewall  et  al. 
[4],  Gaspar  et  al.  [5],  Jenkins  and  Korde  [6].  Graves  et  al.  [7]  have  conducted  the  dynamic  deformation  measurements 
of  a  MMVRIC-I  semispan  wing  in  a  wind  tunnel.  Shape  and  strain  measurements  using  visual  image  correlation  (VIC) 
and  aerodynamic  coefficients  evaluations  for  different  configurations  of  the  membrane  MMV  wings  in  the  wind  tunnel 
have  been  performed  in  steady  conditions  [8,  9].  Critical  experimental  work  has  shown  the  dependency  of  modal 
characteristics  of  microstructures  with  ambient  pressure  [10]. 

This  paper  presents  the  finite  element  (FE)  models  for  evaluating  the  modal  characteristics  of  an  elliptical  wing  of 
MMVs.  The  FE  modal  analysis  is  validated  by  the  experiment  results.  The  elliptical  wing  is  constructed  by  attaching  the 
pre-strained  membrane  with  a  carbon/epoxy  (T300/5208)  elliptical  ring.  The  wing  is  placed  in  a  low  speed  wind  tunnel, 
where  the  strain  levels  of  the  membrane  due  to  aerodynamic  loads  are  measured  at  different  angles  of  attack  and  free 
stream  velocities.  FE  models  are  developed  for  investigating  the  effect  of  added  mass,  damping  of  air,  and  aerodynamic 
loads  on  the  modal  characteristics  (natural  frequencies  and  mode  shapes)  of  the  wing. 

EXPERIMENTAL  SET-UP  AND  PROCEDURE 

Test  Specimen 

An  elliptical  wing  (Fig.  2)  is  considered  for  investigating  the  effect  of  damping,  added  mass,  and  aerodynamic  loads  on 
the  modal  characteristics.  Pre-strained  latex  membrane  (thickness  =  0.15  mm)  is  attached  with  an  elliptical  ring 
(thickness  =1.5  mm)  of  major  and  minor  inner  radii  (96,  46)  and  outer  radii  (100,  50)  mm,  respectively.  The  thickness 
and  density  of  the  latex  membrane  are  0.15  ±0.01  mm  and  980  kg/m3,  respectively.  Mooney-Rivlin  material  model  [11, 
12]  is  considered  for  the  hyperelastic  latex  membrane.  The  Mooney-Rivlin  material  parameters  of  the  membrane  are  CI 
=  18.088E4  Pa  and  C2  =  18.088E3  Pa.  The  ring  is  attached  (symmetric  to  the  minor  axis)  with  a  thin  rectangular  plate  of 
dimension  (100x3x10  mm  with  round  of  radius,  10  mm  at  a  corner).  Carbon/epoxy  (T300/5208  prepreg  plies  of  uniform 
thickness,  0.75  mm  and  +/-  45°  orientation  angles)  is  selected  as  the  material  of  the  ring  and  the  plate.  The  Material 
properties  of  carbon/epoxy  (T300/5208)  unidirectional  prepreg  are  provided  in  Table  1. 

Table  1  Material  properties  of  carbon/epoxy  (T300/5208)  unidirectional  prepreg 


Density 

Young's  moduli 

Shear  modulus 

Poisson'  s  ratios 

P  (kg/mj) 

Ej  (GPa)            E2  (GPa) 

G12  (GPa) 

Vn                     V23 

1600 

181                     10.3 

7.17 

0.28           0.33 

Membrane  Deformation  Measurement 

The  pre- strain  level  of  the  membrane  is  measured  using  a  non-contact  method,  visual  image  correlation  (VIC)  technique 
[3].  The  images  are  captured  using  two  high  speed  cameras.  Typical  data  results  obtained  from  the  VIC  system  consist  of 
geometry  of  the  surface  in  discrete  coordinates  (x,  y,  and  z)  and  the  corresponding  displacements  (u,  v,  and  w).  A  post- 
processing option  involves  calculating  the  in-plane  strains  (sxx,  syy,  and  sxy).  The  strain  level  of  the  membrane  of  the 
elliptical  wing  is  also  calculated  due  to  the  aerodynamic  loads  using  the  VIC  system  during  the  low  speed  wind  tunnel 
tests  at  different  angles  of  attack  and  free  stream  velocities. 

FINITE  ELEMENT  (FE)  MODEL 

FE  models  are  developed  for  investigating  the  effect  of  added  mass,  damping,  and  aerodynamic  loads  at  atmospheric 
pressure  on  the  modal  characteristics  of  the  elliptical  wing  using  FE  analysis  software,  Abaqus  6.9@  [13].  The 
aerodynamic  in-plane  strains  of  the  membrane  of  the  wing  are  calculated  from  the  wind  tunnel  test  data  at  different 
angles  of  attack  and  free  stream  velocities.  These  aerodynamic  strains  are  added  with  the  pre- strains  of  the  membrane 
and  provided  in  the  FE  models  as  input  data.  The  pre- stresses  of  the  membrane  are  calculated  based  on  the  hyperelastic 
Mooney-Rivlin  material  model.  The  damping  is  provided  in  the  FE  models  as  Rayleigh  damping  parameters.  The  FE 
models  are  developed  using  M3D6  (6-node  quadratic  triangular  membrane)  and  SC6R  (6-node  triangular  in-plane 
continuum  shell  wedge,  general-purpose  continuum  shell,  and  finite  membrane  strains)  type  of  elements  for  the 
membrane  of  the  wing  and  the  ring  attached  with  plates,  respectively. 

RESULTS  AND  DISCUSSION 

The  FE  modal  analysis  of  an  elliptical  wing  of  MMVs  is  presented  in  the  paper.  Before  presenting  the  FE  modal  analysis 
of  the  wing,  the  FE  models  for  the  modal  analysis  technique  is  validated  by  experimental  results.  For  the  validation 
process,  pre-strained  membrane  is  attached  with  a  rigid  circular  ring.  The  pre- strain  level  of  the  membrane  is  measured 
using  the  VIC  system.  The  rigid-circular-ring-membrane  specimen  is  mounted  on  a  shaker,  placed  inside  a  vacuum 
chamber,  and  vibrated  at  different  ambient  pressures  of  air.  The  three-dimensional  dynamic  deformation  of  the  specimen 
is  measured  using  the  scanning  laser  Doppler  vibrometer  (LDV),  and  the  natural  frequencies  are  found  from  the  fast 
Fourier  transform  of  the  out-of-plane  deformation  time  histories  of  the  selected  points  (LDV  data)  on  the  surface  of  the 
specimen.  The  mode  shapes  and  damping  ratios  of  the  specimen  are  found  from  the  experimental  modal  analysis.  FE 
model  of  the  circular  membrane  with  clamped  boundary  condition  (due  to  the  attached  circular  rigid  ring)  is  developed. 
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A  good  agreement  is  found  between  the  experimental  and  FE  results.  The  correlation  between  the  experimental  and  FE 
results  is  not  shown  in  this  paper  and  can  be  found  in  Ref .  [3] .  The  convergence  of  the  natural  frequencies  of  the  circular 
membrane  specimen  is  studied  and  it  is  found  that  the  frequencies  converge  even  at  lower  degrees  of  freedom  (on  the 
order  of  1,000)  [3]. 


(a)   Ring  with  clamped  boundary  condition  on  the 
red  color  surface 


(b)  Latex  membrane 


(c)  Wing  with  clamped  boundary  condition  on  the  red 
color  surface 

Fig.  2  Carbon/epoxy  (T300/5208)  ring,  membrane,  and  wing 

The  wing  is  constructed  by  attaching  the  latex  membrane  of  pre-strains,  sxx  =  0.0464  and  syy  =  0.0334,  with  an  elliptical 
ring  (Fig.  2).  The  wing  is  placed  inside  the  low  speed  wind  tunnel  and  characterized  at  different  angles  of  attack  and  free 
stream  velocities.  The  in-plane  strains  (sxx  and  syy)  of  the  wing's  membrane  due  to  the  aerodynamic  loads  are  increased 
with  the  angle  of  attack  and  free  stream  velocity  up  to  the  stall  of  the  wing  and  measured  using  the  VIC  system.  The  in- 
plane  shear  strain  (sxy)  of  the  membrane  is  small  and  neglected  for  this  analysis.  These  in-plane  strains  with  the  pre- 
strains  are  provided  as  input  data  to  the  FE  models  for  investigating  the  effect  of  added  mass,  damping,  and  aerodynamic 
loads  on  the  modal  characteristics  of  the  wing.  The  effect  of  added  mass  of  air  on  the  membrane  and  elliptical  ring 
(without  the  attached  plate)  is  considered  for  the  FE  model. 


The  natural  frequencies  of  the  wing  decrease  in  air  from  those  in  the  vacuum  environment  due  to  the  effect  of  added 
mass  of  air  because  the  wing  also  needs  to  move  the  surrounding  air  during  vibration  [14].  Rayleigh  damping  parameters 
are  computed  by  assuming  the  damping  ratios  are  0.5%  based  on  the  experimental  modal  analysis  of  the  membrane  [3] 
and  provided  in  the  FE  model  of  the  wing.  The  effect  of  damping  on  the  natural  frequencies  is  negligible  due  to  low 
damping  ratios  but  the  damping  helps  to  reduce  the  amplitude  of  vibration. 

The  first  three  natural  frequencies  and  mode  shapes  of  the  wing  from  the  FE  model  in  air  at  atmospheric  pressure  are 
shown  in  Fig.  3  where  the  effect  of  aerodynamic  loads  is  not  considered.  Natural  frequencies  of  the  wing  increase  with 
mode.  The  shape  of  the  wing  also  changes  with  mode.  The  natural  frequencies  of  the  ring  (for  the  first  three  modes: 
90.038,  92.553,  and  256.58  Hz)  are  higher  than  those  of  the  membrane  (for  the  first  three  modes:  51.053,  67.987,  and 
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86.154  Hz).  As  a  result,  the  natural  frequencies  and  mode  shapes  of  the  wing  are  dominated  by  the  membrane 
characteristics. 


(a)   First  mode  shape  at  49.739  Hz 


(b)  Second  mode  shape  at  63.207  Hz 


(c)  Third  mode  shape  at  77.731  Hz 

Fig.  3  Mode  shapes  of  the  wing  for  the  membrane's  pre-strains,  sxx  =  0.0464  and  syy  =  0.0334  (no  aerodynamic  strain) 

The  first  three  natural  frequencies  and  mode  shapes  of  the  wing  from  the  FE  model  in  air  at  atmospheric  pressure  are 
shown  in  Fig.  4  where  the  effect  of  strains  due  to  the  aerodynamic  loads  at  free  stream  velocity,  13  m/s  and  angle  of 
attack,  20°  is  considered.  The  natural  frequencies  of  the  membrane  increase  due  to  the  increase  of  strain  level  for  the 
aerodynamic  loads  from  the  previous  case  (Fig.  3),  where  the  effect  of  aerodynamic  loads  is  not  considered.  The 
influence  of  the  ring  on  the  modal  characteristics  increases  with  mode.  The  first  natural  frequency  of  the  ring  (90.038  Hz) 
is  higher  than  that  of  the  membrane  (73.784  Hz).  The  first  mode  shape  of  the  wing  is  similar  to  that  of  the  membrane 
although  the  first  natural  frequency  (68.215  Hz)  decreases  from  that  of  the  membrane  due  to  minor  deformation  of  the 
ring.  The  second  and  third  natural  frequencies  of  the  wing  (76.197  and  90.783  Hz,  respectively)  are  less  than  those  of  the 
membrane  (97.747  and  123.47  Hz,  respectively)  due  to  the  deformation  of  the  ring.  (The  second  and  third  natural 
frequencies  of  the  ring  are  92.554  and  256.59  Hz,  respectively.)  The  second  mode  shape  of  the  wing  shows  a  slight 
deformation  of  the  ring  but  the  third  mode  shape  of  the  wing  clearly  depicts  the  deformation  of  the  ring  as  well  as  the 
membrane. 


CONCLUSIONS 

FE  model  is  developed  for  investigating  the  modal  characteristics  of  an  elliptical  wing  of  MMVs.  The  wing  is 
constructed  by  attaching  pre-strained  membrane  with  an  elliptical  carbon/epoxy  (T300/5208)  ring.  The  pre-strain  level  of 
the  membrane  of  the  wing  is  measured  using  the  VIC  system  before  conducting  any  laboratory  experiments.  The  wing  is 
placed  inside  a  low  speed  wind  tunnel  and  the  strains  of  the  membrane  due  to  the  aerodynamic  loads  at  different  angles 
of  attack  and  free  stream  velocities  are  also  measured  using  the  VIC  system.  These  aerodynamic  strains  and  the  pre- 
strains  of  the  membrane,  added  mass,  and  damping  of  air  are  considered  for  the  modal  characteristics  of  the  wing.  It  is 
found  that  aerodynamic  strains  increase  up  to  the  stall  of  the  wing  and  then  decrease  with  the  angle  of  attack.  Natural 
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frequencies  of  the  wing  increase  with  mode  and  strain  level  of  the  membrane.  The  influence  of  the  ring  on  the  natural 
frequencies  and  mode  shapes  increases  with  the  strain  level  of  the  membrane  by  increasing  the  aerodynamic  loads  (i.e., 
angle  of  attack  and  free  stream  velocity).  The  modal  characteristics  of  the  wing  are  dominated  by  the  membrane  at  lower 
strain  level  of  the  membrane  but  ring  also  plays  a  significant  role  at  comparatively  higher  strain  level  of  the  membrane. 


(a)   First  mode  shape  at  68.215  Hz 


(b)  Second  mode  shape  at  76. 197  Hz 


(c)  Third  mode  shape  at  90.783  Hz 

Fig.  4  Mode  shapes  of  the  wing  for  the  membrane's  strains,  sxx  =  0.0947  and  syy  =  0.0781  (pre-strains,  sxx  =  0.0464  and  syy 
=  0.0334  and  aerodynamic  strains,  sxx  =  0.0483  and  syy  =  0.0447)  for  free  stream  velocity,  13.0  m/s  and  angle  of  attack, 

20° 
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ABSTRACT 

The  rapid  advancement  of  computing  power  and  recent  advances  in  numerical  techniques  and  material 
models  have  resulted  in  accurate  simulation  of  ballistic  impacts  into  multi-layer  transparent  armor  configurations. 
Transparent  and  opaque  materials  are  used  in  protective  systems  for  enhancing  survivability  of  ground  vehicles,  air 
vehicles,  and  personnel.  Transparent  materials  are  utilized  for  face  shields,  riot  gear,  and  vehicle  windows,  in  addition 
to  other  applications  for  sensor  protection,  including  radomes  and  electromagnetic  (EM)  windows.  For  both 
transparent  and  opaque  protective  systems,  low  velocity  impact  damage  can  compromise  structural  integrity  and 
increase  the  likelihood  of  further  damage  or  penetration  from  a  high  velocity  impact  strike.  Modeling  and  simulation 
of  material  impact  by  various  threat  types  has  proven  to  be  a  significant  analysis  tool  in  the  identification  of  damage 
mechanisms  and  the  failure  process.  The  impact  of  laminate  targets  consisting  of  a  series  of  glass  layers  adhered  to 
each  other  by  polyurethane  and  backed  by  a  polymeric  backing  layer,  was  modeled  and  simulated.   The  failure 
mechanism  of  laminate  targets  was  studied  by  ANSYS/AUTODYN  [1]  commercial  software  and  the  results  were 
compared  to  available  experimental  data  from  various  nondestructive  techniques.  Successful  output  of  this  modeling 
effort  will  provide  useful  information  for  the  mitigation  of  damage  propagation  through  targets  used  in  protective 
systems  and  it  will  help  to  establish  an  economical  damage  acceptance  criterion  for  any  future  material  prior  to  its 
fielding. 

INTRODUCTION 

The  U.S.  Army  has  invested  heavily  in  the  development  of  next  generation  materials,  including  ceramics,  for 
military  systems  [2].  Among  the  potential  ceramic  materials  considered  for  armor  —  sapphire,  edge-form-growth 
sapphire,  magnesium  aluminate  spinel,  aluminum  oxynitride  —  one  was  selected  for  the  current  pursuit,  glass. 
Individual  transparent  materials  used  in  protective  systems  typically  consist  of  glass  or  other  transparent  materials, 
polymeric  and/or  ceramics ,  which  were  stacked  and  adhered  by  polymer  interlayers  to  form  interlayers  to  form 
transparent  laminate  protective  systems  [3].  In  particular,  glass  is  an  appealing  transparent  material  due  to  its 
availability  and  low  cost.    The  presence  of  potentially  harmful  internal  defects  in  these  individual  materials 
(pores,  inclusions,  secondary  phases,  etc.)  and  interlayer  defects  in  the  laminates  (disbands,  delamination,  etc.) 
can  reduce  material  properties  but  may  not  be  visually  detectable  if  index-matched  [3]. 

Current  strike  face  glasses  used  in  transparent  laminate  protective  systems  are  limited  in  how  thin  the  can  be 
fabricated  before  encountering  durability  issues.  Lower  density  novel  glass  components  have  been  developed  that  can 
be  fabricated  more  than  ten  times  thinner  while  maintaining  their  durability.  By  reducing  the  thickness  and  lowering 
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the  density  of  the  strike  face  glass,  the  overall  weight  will  also  be  reduced.    Weight  reduction  is  desirable  for 
vehicle  systems  to  increase  maneuverability  and  transportability  while  reducing  operational  costs  [4]. 

Nondestructive  bulk  characterization  techniques  can  be  utilized  in  the  pre -impacted  state  to  detect 
material  inhomogeneities  and  improve  quality  control  for  transparent  materials  before  they  are  utilized  in  the 
field.  They  can  also  be  used  post-impact  to   detect  resulting  damage  and  a  comparison  of  baseline  and 
damaged  states  can  be  established  to  help  determine  critical  impact  conditions  [4] . 

The  damage  resulting  from  standard  projectile  impact  on  a  brittle  target  has  been  studied  extensively  over  the  past 
decades  and  it  corresponds  to  the  three  stages  [5-9]: 

1.  Crushing  occurs  in  the  high  pressure  compressive  zone  in  the  region  of  contact,  which  is  associated  with  the 
onset  of  micro-cracking,  the  formation  of  interconnected  cracks  and  fragmentation  (loss  of  ceramic 
continuity). 

2.  The  dynamic  erosion  at  the  interface  between  the  ceramic  and  the  projectile  proceeds  by  a  process  of  high 
pressure  grinding  and  the  mixture  of  target  and  impactor  particles  is  accelerated  and  ejected  from  the  front 
surface  of  the  target. 

3.  The  size  distribution  of  the  ceramic  fragments  is  determined  by  the  network  of  radial,  transverse  and  spall 
cracks  spreading  from  the  contact  zone  determines.  The  constraint  of  the  target  is  expected  to  affect  mostly 
these  failure  processes. 

The  propagation  of  cracks  in  brittle  solids,  such  as  ceramics,  results  in  their  failure.  Various  defects  in  the 
ceramics  such  as,  holes,  inclusions,  microcracks  and  surface  scratches  facilitate  the  nucleation  and  propagation  of 
cracks  by  Asbhy  et  al.[10].  Ashby  and  Sammis  [9]  reported  that  "the  difference  between  compressive  and  tensile 
fracture  is  that  in  tension  a  single  crack  grows  unstably  (once  started,  it  accelerates  across  the  sample  to  cause  failure) 
while  in  compression  a  population  of  small  cracks  extends  stably,  each  growing  longer  as  the  stress  is  raised,  until 
they  interact  in  some  cooperative  way  to  give  final  failure.  Because  of  this,  the  strength  of  a  brittle  solid  in 
compression  is  usually  greater,  by  a  factor  often  or  more,  than  that  in  tension". 

Finite  element  modeling  has  progressed  substantially  in  the  ability  to  predict  failure  of  materials  under 
extreme  dynamic  loading  conditions.  One  of  the  limitations  of  predictive  models  is  lack  of  a  complete  dynamic 
materials  properties  database  which  is  needed  for  materials  models  for  each  of  the  materials  in  the  simulations.  In 
order  to  compensate  for  parameters  whose  dynamic  values  were  extrapolated  from  their  static  or  quasi-static 
properties,  baseline  experiments  are  often  used  to  recalibrate  the  models  [11,  12].  However,  the  recalibration  method 
of  modeling  lacks  many  of  the  physical  properties  and  failure  mechanisms  associated  with  real-world  materials. 
Therefore,  recalibrated  models  often  lack  the  ability  to  predict  within  statistical  error  future  failures  over  any 
substantial  ranges  due  to  the  existence  of  defects,  and  materials  substitutions  often  lead  to  new  calibration 
requirements.  The  desired  approach  is  to  validate  a  fully  characterized  materials  database  with  one  calibration  model, 
and  subsequently  apply  the  model  to  modified  designs.  However,  despite  its  apparent  problems,  recalibration  of 
existing  materials  models  has  been  proven  to  be  an  effective  tool  in  the  hands  of  the  modeler  by  minimizing  the 
number  of  simulation  iterations,  resulting  in  more  successful  predictions.  Regardless  of  methodology,  finite  element 
tools  can  be  applied  effectively  to  reduce  the  variability  between  impact  tests  and  can  be  used  to  validate  designs  with 
fewer  experimental  failures,  when  robust  models  are  created  [11].  The  result  of  the  on-going  investments  is  a  critical 
understanding  of  ceramics  strengths  and  weaknesses  for  military  platforms. 

EXPERIMENTAL 

The  transparent  materials  chosen  for  this  study  were  four  14-inch  by  14-inch  laminate  panels  designated  as  740  and 
741  series..    Each  laminate  consisted  of  a  glass  strike  face,  Glass  A  and  Glass  A'  for  740  and  741  series,  respectively, 
a  central  glass  layer  (Glass  C),  a  polycarbonate  backing  and  a  polyurethane  adhesive  layer  between  the  neighboring 
laminates.  The  total  thickness  of  740  and  741  series  laminates  was  23  mm  and  17  mm  respectively.  The  thickness 
and  properties  of  strike  face  Glass  A  of  laminate  740  were  different  than  the  corresponding  ones  of  the  face  glass  A' 
of  741 -series.  Both  laminates  were  impacted  by  4340  steel  spheres  of  19.05  mm  and  5.56  mm  diameter  respectively. 
The  laminates  which  were  impacted  by  the  19.05  mm  spheres  were  labeled  as  740-1  and  741-1  respectively.  The 
laminates  which  were  impacted  by  the  5.56  mm  sphere  were  labeled  as  740-2  and  741-2  respectively. 
Visual  characterization,  cross-polarization  imaging,  ultrasonic  testing,  x-ray  digital  radiography,  and  x-ray  computed 
tomography  (XCT)  were  used  for  the  nondestructive  characterization  of  the  laminates.    Details  of  the  nondestructive 
techniques  used  can  be  found  in  reference  [3]. 


297 


MODELING 

The  ballistic  behavior  of  all  targets,  which  consisted  of  glass  and  polycarbonate  backing,  and  were  held  together  by 
polyurethane  and  impacted  by  steel  spheres  of  19  mm  and  5.56  mm  diameter  ,  were  simulated  using  the  non-linear 
ANSYS/AUTODYN  commercial  package  [1].  The  geometry  of  the  2D  and  3D  axisymmetric  modeled  laminates  was 
identical  to  the  actual  geometry  of  the  laminates  (Figure  1  and  Figure  2).  Smooth  particle  hydrodynamics  (SPH)  solver  was 
used  for  the  laminate  and  the  impactor.  The  element  size  was  0.2  mm  for  2D  modeling  and  0.5  mm  for  the  3D  modeling.  The 
polycarbonate  was  simply  supported  at  the  corners  by  applying  zero  velocity  along  the  x -direction  as  a  boundary  condition. 
Results  were  obtained  by  simulating  a  projectile  impacting  the  targets  at  constant  velocity  of  400  m/s  and  30  m/s 
respectively.  The  material  models  used  for  all  materials  were  obtained  from  the  AUTODYN  material  library  [1].  The 
polycarbonate  (PC)  was  modeled  using  a  shock  equation  of  state  (EOS),  piecewise  Johnson-Cook  (JC)  strength  model,  and  a 
plastic  strain  failure  criterion.  The  projectile  steel  was  modeled  using  a  shock  EOS  and  a  JC  strength  model.  The  glass  was 
modeled  using  a  polynomial  EOS  and  Johnson-Holmquist  (JH2)  strength  and  failure  models.  The  polyurethane  was  modeled 
using  linear  EOS,  elastic  strength  model  and  principal  stress  tensile  failure. 


(a) 


Fig.  1:  (a)  laminate  740-1;  (b)  laminate  740-2  (not  under  scale) 


(b) 
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Fig.  2:  (a)  laminate  741-1;  (b)  laminate  741-2  (not  under  scale) 
RESULTS 


Figure  3  shows  the  XCT  cross-section  images  of  all  four  laminates  prior  and  after  the  impact.    Cone  cracking 
appears  in  Glass  C  for  740-1  and  741-2  laminates.  Simulations  also  showed  similar  cracking  pattern  for 
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Fig  3  XCT  cross  section  images  of  all  laminates  prior  and  after  the  impact  (-1  designates  impact  by  a  19.05  mm  steel  sphere, 
and  -2  designates  impact  by  a  5.56  mm  sphere) 
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Fig.  4  2D  simulated  cross  section  images  of  all  laminates  after  50  |us  impact 

the  same  laminates  740-1  and  741-2.  Moreover,  the  characteristic  comminuted  zone  below  the  center  of  impact  and  the 
tensile  cracking  of  glass  appears  in  all  simulations.    The  simulation  results  agree  with  the  experimentally 
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741-2  A 

Cross  section 

Fig.  5  Simulated  damage  for  741-2  geometry  using  Glass  A  and  Glass  A'  as  strike  face  after  30  jus 
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Fig.  6  Cross-polarized  images  of  740-2  (a)  and  741-2  (b)  laminate  targets 

observed  data.    The  experimentally  observed  extension  of  the  of  the  strike  face  damage  into  the  central  glass  layers,  was 
captured  by  all  simulations.  Careful  examination  of  the  cross-sections  of  the  2D  simulations  (Fig.  4)  shows  more  cracking 
near  the  striking  face  of  the  740-1  and  740-2  laminate  targets  than  the  cracking  shown  in  741-1  and  741-2  laminate  targets. 
These  simulation  results  agree  well  with  the  experimental  results  (Fig.  6).  To  further  test  the  experimental  observation  that 
the  741 -series  transparent  laminate  system  was  the  preferred  choice  due  to  the  reduced  average  damage  and  less  radial 
cracking  that  resulted  in  significant  optical  distortion  [3],  3D  impact  simulations  of  741-2  laminates  were  conducted.  For  this 
comparison,  the  Glass  A'  of  the  741-2  target  geometry  was  replaced  by  a  similar  thickness  Glass  A.  After  30  |us  simulation, 
the  cracking  of  the  741-2  target  having  Glass  A  as  the  striking  face  was  more  extensive  than  the  cracking  of  741-2  with  Glass 
A'  as  the  striking  face.  Moreover,  the  simulations  showed  higher  density  of  tensile  cracking  at  the  periphery  of  the 
pulverized  zone  around  the  center  of  impact  for  the  741-2  (Glass  A)  case,  in  agreement  with  the  experimental  results  shown 
in  Fig.  6. 

CONCLUSIONS 

The  failure  mechanism  of  two  different  thickness  laminate  targets  impacted  at  30  m/s  and  400  m/s  by  steel  spheres 
was  studied  by  2D  and  3D  modeling  and  simulation.  The  results  of  the  simulation  compared  well  to  the  experimental  data. 
The  surface  and  interior  failure  of  the  laminate  targets  was  observed  experimentally  by  using  a  combination  of  various 
techniques  such  as  visual  characterization,  cross-polarization  image,  ultrasonic  testing,  x-ray  digital  radiography,  and  x-ray 
computed  tomography  (XCT).  The  simulations  replicated  successfully  the  experimental  surface  and  interior  failure  of  the 
targets.  Details  of  the  failure  of  individual  plies  in  the  laminate  target  were  observed  and  studied  by  simulation.  It  was  shown 
that  the  damage  of  the  surface  is  reflected  in  the  central  glass,  an  indication  of  the  damage  created  by  the  propagating  shock 
wave  impact  ahead  of  the  penetrating  projectile.  In  addition,  the  simulations  replicated  the  bulging  of  the  actual 
polycarbonate  backing  layer.  The  successful  replication  of  the  experimental  data  and  the  failure  details  of  the  laminate  target 
suggest  that  modeling  and  simulation  can  be  implemented  as  the  initial  decision  making  stage  for  examining  current  and 
future  target  architectures,  thus  decreasing  the  cost  of  the  necessary  experiments  and  NDE  techniques. 
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ABSTRACT 

Many  steel  truss  railroad  bridges  use  tension  members  consisting  of  eyebars.  After  years  of  service,  these  eyebars  may 
exhibit  significant  wear  at  the  pin  holes,  leading  to  the  development  of  unequal  tension  stresses  among  eyebars  within  the 
same  set.  To  restore  bridge  performance,  eyebar  tensions  are  often  equalized  through  flame -shortening,  where  the  tension  in 
any  eyebar  is  determined  by  measuring  its  fundamental  natural  frequency  and  then  converting  this  frequency  to  the 
corresponding  tension  through  a  simple  analytical  model.  In  practice  this  model  assumes  that  the  ends  of  the  eyebar  are 
pinned;  however,  for  transverse  vibration  about  the  minor  axis,  a  significant  degree  of  rotational  restraint  will  often  exist, 
potentially  resulting  in  very  inaccurate  tension  estimates.  This  paper  presents  the  results  of  analytical  studies,  model  testing, 
and  field  observations  that  focus  on  improving  the  prediction  of  eyebar  tensions  from  observed  natural  frequencies.  Besides 
supporting  the  flame- shortening  process,  the  ability  to  achieve  greater  accuracy  in  tension  measurements  also  provides  for 
valuable  applications  to  bridge  rating. 

INTRODUCTION 

Older  pin-connected  truss  bridges  often  use  eyebars  for  tension  members.  Such  a  member  will  consist  of  multiple  eyebars, 
and  for  optimal  performance  the  tension  in  all  eyebars  that  make  up  a  particular  member  should  be  equal.  After  years  of 
heavy  traffic  loads,  especially  those  associated  with  railroad  structures,  it  is  possible  for  the  eyebars  to  develop  considerable 
variation  in  tension  due  to  pin  wear.  To  restore  bridge  performance,  flame  shortening  of  eyebars  is  often  used  to  equalize 
stresses.  A  procedure  for  flame  shortening  is  presented  by  AREMA  [3];  to  support  this  procedure,  a  simple  technique  is 
described  for  estimating  eyebar  dead  load  stress  by  observing  the  transverse  fundamental  flexural  natural  frequency  (about 
the  minor  axis).  A  chart  is  provided  by  AREMA  that  enables  this  determination  of  dead  load  stress,  the  theoretical  basis  of 
which  is  a  closed- form  solution  that  relates  tension  stress  to  the  observed  natural  frequency  as  given  by  Timoshenko  [5]. 
While  this  solution  assumes  pinned  ends,  for  vibrations  about  the  minor  axis  it  is  apparent  that  a  significant  degree  of  fixity 
might  generally  be  expected.  However,  a  chart  even  for  the  extreme  case  of  perfectly  fixed  ends  has  not  been  included  in  the 
AREMA  procedure  because  a  similar  closed-form  solution  does  not  exist.  This  paper  presents  such  a  chart  developed  for  the 
fixed-end  case  (obtained  using  a  numerical  solution),  examines  experimental  work  to  both  verify  this  new  chart  as  well  as 
study  the  effects  of  end  fixity,  and  then  considers  the  behavior  of  eyebars  in  actual  bridge  structures  through  field  testing. 

ANALYTICAL  STUDY 

The  key  parameters  for  the  fixed-end  eyebar  model  are  shown  in  Fig.  1,  and  include  the  tension  force,  S,  length,  L,  and 
thickness,  t.  The  model  assumes  the  eyebar  to  be  prismatic,  homogeneous,  and  linear-elastic,  with  the  focus  being  on  the  first 
flexural  mode.  Using  the  equation  of  motion  as  developed  by  Timoshenko  [5]  (which  disregards  the  effects  of  shear  and 
rotary  inertia),  and  applying  boundary  conditions  for  the  fixed-end  case,  a  numerical  solution  was  completed  as  described  in 
further  detail  by  Mazurek  [4].  The  resulting  chart  that  relates  tension  stress  to  the  frequency  of  vibration  for  the  first 
transverse  flexural  mode  (about  the  minor  axis)  is  presented  in  Fig.  2.  This  chart  was  developed  using  a  similar  range  of 
eyebar  lengths  and  thicknesses  as  given  in  the  current  AREMA  procedure.  To  examine  the  differences  between  the  fixed  and 
pin-ended  cases,  Fig.  3  provides  a  comparison  for  the  same  range  of  lengths  and  a  thickness  of  50  mm.  This  figure  shows 
that  for  longer  eyebars  of  a  given  thickness,  there  is  only  a  modest  difference  between  the  fixed  and  pinned  cases,  but  as 
eyebar  length  decreases,  the  differences  significantly  increase.  This  reflects  the  general  relation  that  as  the  Lit  ratio 
decreases,  the  difference  between  the  fixed  and  pin-ended  cases  increases,  and  this  difference  can  be  quite  substantial. 
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Fig.  1  Parameters  of  Fixed-End  Eyebar 
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Fig.  2  Eyebar  Stress  Based  on  the  Fixed-End  Model 
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Fig.  3  Eyebar  Stress  for  Thickness  t  =  50  mm 
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EXPERIMENTAL  STUDY 

In  order  to  both  validate  the  analytical  model  described  in  the  previous  section  as  well  as  to  examine  the  effects  of  pinhole 
wear  on  the  dynamic  response  of  eyebars,  an  experimental  study  was  completed  using  smaller-scale  specimens  suitable  for 
laboratory  testing.  The  eyebars  were  fabricated  from  4.75-mm-thick  ASTM  A3 6  steel  plate,  and  their  key  length  attributes 
are  illustrated  in  Fig.  4.  The  geometry  of  the  heads  satisfied  the  requirements  of  AREMA  [1],  and  the  heads  were  initially 
bored  to  accommodate  a  snug-fitting  but  free-to-rotate  steel  pin  of  22.3-mm  diameter.  The  AREMA  procedure  for 
determining  dead  load  stress  is  not  clear  regarding  what  eyebar  length  is  intended,  but  it  is  believed  that  the  distance  between 
pin  centers  is  most  commonly  used,  as  this  is  the  length  typically  given  in  construction  drawings;  for  the  laboratory  specimen 
this  is  shown  as  the  1092-mm  dimension.  Using  this  length,  the  resulting  Lit  ratio  for  the  eyebars  is  230,  which  falls  well 
within  the  range  of  120  to  600  for  the  cases  given  in  the  AREMA  procedure. 
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Fig.  4  Measurement  Stations  for  Eyebar  Laboratory  Model 

A  universal  testing  machine  was  used  to  apply  and  measure  tensile  loads  on  the  eyebars.  For  the  results  reported  here,  two 
load  range  settings  were  used,  providing  ranges  of  stress  within  the  body  of  the  eyebar  of  approximately  0  to  40  MPa  (low 
load  range)  and  40  MPa  to  90  MPa  (high  load  range).  Vibration  measurements  were  collected  using  two  accelerometers, 
each  having  a  mass  of  about  2  g  and  a  sensitivity  of  100  mV/g,  and  a  spectrum  analyzer  operating  a  frequency  range  of  4  to 
104  Hz  and  a  resolution  of  0.125  Hz.  Autospectra  were  collected  at  the  measurement  stations  shown  in  Fig.  4,  with  the 
excitation  consisting  of  a  single  impact  with  a  plastic-tipped  hammer.  The  fundamental  flexural  frequency  was  obtained  by 
peak-picking  from  the  raw  autospectra,  and  mode  shapes  were  obtained  by  scaling  the  corresponding  autospectral  amplitude 
at  each  station  to  that  measured  at  the  reference  station  (where  one  of  the  two  accelerometers  remained  throughout  the 
testing).  Due  to  the  nature  of  the  hydraulically-driven  testing  machine,  it  was  often  difficult  to  maintain  a  constant  tension 
over  the  course  of  a  given  set  of  data  collection.  Thus,  to  minimize  the  duration  of  each  test,  only  3  averages  were  collected, 
which  still  generally  resulted  in  smooth  autospectra.  In  addition,  it  permitted  confirmation  that  the  load  was  holding 
constant,  as  any  significant  shift  in  load  was  readily  apparent  by  distortions  in  the  autospectra,  and  any  such  measurements 
were  then  discarded.  Based  on  the  calibration  and  operating  characteristics  of  the  universal  testing  machine,  the  uncertainty 
of  measured  stress  is  estimated  to  be  under  0.5  MPa  for  the  low  range  and  under  2  MPa  for  the  high  range. 


Tests  were  first  conducted  to  validate  the  fixed-end  analytical  model  described  in  the  previous  section.  In  actual  bridge 
applications,  it  is  common  for  the  multiple  eyebars  from  members  sharing  the  same  pin  to  have  firm  contact  between  their 
heads  and  the  overlapping  heads  of  eyebars  from  adjacent  members.  This  was  emulated  in  the  laboratory  by  placing  washers 
(representing  overlapping  eyebar  heads)  on  either  side  of  each  head,  and  clamping  the  pin-plate  supports  firmly  about  the 
washers.  In  this  paper,  this  support  condition  will  be  referred  to  as  a  "packed  joint".  Regarding  the  washers,  their  outer 
diameters  were  slightly  (11%)  less  than  the  outer  diameter  of  the  eyebar  heads.  In  theory,  if  the  behavior  of  the  joints 
emulates  fixed-end  conditions,  the  clear  distance  between  overlapping  eyebar  head  edges  would  be  a  suitable  length  to  use  in 
the  fixed-end  model;  thus,  in  this  study  the  length  used  in  the  analytical  model  was  the  clear  distance  between  the  washers, 
reflected  by  the  1041 -mm  dimension  shown  in  Fig.  4.  An  example  of  a  measured  autospectrum  is  shown  in  Fig.  5;  this  was 
obtained  at  Station  3,  with  the  eyebar  stress  being  22.0  MPa.  Fig.  6  provides  a  comparison  between  the  experimental  results 
(tight  pin,  packed  joint)  and  those  predicted  by  the  analytical  model;  here  the  correlation  between  the  fixed-end  specimen  and 
the  fixed-end  analytical  model  using  a  length  measured  between  overlapping  eyebar  heads  (i.e.,  washers)  is  quite  good,  while 
the  conventional  analytical  model  assuming  pinned  ends  and  a  length  measured  between  pin  centers  deviates  considerably. 
These  results  serve  well  to  validate  the  fixed-end  analytical  model. 


304 


1     I 


0.0001 


Mode  2 


24  44  64  84 

Frequency,  Hz 

Fig.  5  Example  Autospectrum  for  Fixed-Ended  Eyebar  (22.0  MPa) 
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Fig.  6  Comparison  of  Experimental  Eyebar  Stresses  with  Analytical  Models 

Tests  were  then  conducted  to  study  the  behavior  of  a  very  loose  eyebar,  that  is,  one  that  had  sustained  significant  pinhole 
wear  as  well  as  having  no  lateral  restraint  of  the  head.  The  pinholes  for  an  eyebar  were  reamed  to  result  in  an  oversize  of 
about  3%  relative  to  the  diameter  of  the  pin.  For  comparison,  AREMA  [2]  limits  pin  clearances  in  new  construction  to 
approximately  0.4%  to  0.6%,  depending  upon  pin  diameter.  In  addition,  there  was  a  gap  of  approximately  20  mm  between 
the  eyebar  head  and  the  pin-plate  support  on  either  side;  in  this  paper,  this  support  condition  will  be  referred  to  as  an 
"unpacked  joint".  Given  the  apparent  looseness  of  the  eyebar,  it  was  hypothesized  that  the  most  appropriate  length  to  use  in 
either  analytical  model  might  be  the  outside  distance  between  pins,  or  the  distance  between  the  primary  points  of  bearing. 
This  is  reflected  by  the  1 1 14-mm  dimension  shown  in  Fig.  4.  The  results  of  this  experiment  are  shown  in  Fig. 6  (loose  pin, 
unpacked  joint).  Observing  the  general  trend  that  the  experimental  results  drift  from  the  pin-ended  analytical  model  at  low 
load  levels  to  the  fixed  at  higher  load  levels  suggests  that  as  the  head  "bites"  into  the  pin  under  increasing  load,  the  level  of 
rotational  restraint  appears  to  increase.  Further,  once  beyond  the  lowest  levels  of  load,  the  experimental  results  follow 
reasonably  close  to  the  fixed-end  analytical  model  using  a  length  equal  to  the  outer  distance  between  pins  (1114  mm).  This 
increase  in  rotational  restraint  with  load  is  also  illustrated  in  Fig.  7,  which  shows  the  experimental  modal  amplitudes 
compared  to  the  mode  shapes  obtained  using  the  fixed-end  analytical  model  (and  a  length  of  1 1 14  mm),  where  both  have 
been  normalized  at  the  mid-length  of  the  eyebar.  Here,  the  right  end  of  the  eyebar  in  particular  displays  considerable  rotation 
at  low  stress,  but  both  ends  quickly  approach  the  fixed-end  restraint  exhibited  by  the  analytical  model  at  higher  stress. 
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ACTUAL  BRIDGE  PERFORMANCE 


Case  studies  of  eyebar  behavior  in  two  operational  railroad  bridges  are  now  considered.  Following  an  approach  similar  to  the 
laboratory  testing  discussed  in  the  previous  section,  measurement  stations  were  marked  off  at  the  eighth-points  for  each 
eyebar  that  was  studied.  Excitation  was  applied  by  either  using  a  single  impact  from  a  rubber  mallet  or  just  manually  shaking 
and  releasing  the  eyebar.  Auto  and  cross-spectra  were  measured  over  a  frequency  range  of  0-50  Hz  and  a  resolution  of 
0.0625  Hz.  The  fundamental  natural  frequency  was  obtained  by  peak-picking  from  the  raw  autospectra,  modal  amplitudes 
were  obtained  by  scaling  autospectral  amplitudes  to  a  reference  station,  and  cross-spectra  were  used  to  confirm  phase 
relations. 

The  first  study  involves  a  bridge  of  the  former  Baltimore  &  Ohio  Railroad's  Philadelphia  Branch  in  Canton,  MD,  now  owned 
and  operated  by  CSX  Transportation.  The  bridge  was  built  in  1885  and  is  a  skewed,  pin-connected,  steel  12-panel  Whipple 
through  truss.  Tests  were  conducted  on  the  south  truss  and  included  lower  chord  member  L9-L10,  which  consists  of  four 
eyebars,  each  with  a  152-mm  by  36.5-mm  cross  section.  Visual  observation  indicated  that  the  faces  of  overlapping  eyebar 
heads  were  in  firm  contact  with  each  other,  and  overall  the  joints  appeared  to  be  quite  tight.  In  addition,  the  pins  themselves 
were  highly  restrained  against  translation  or  rotation  by  heavy  structure  consisting  of  a  floor  beam  as  well  as  other  members 
tied  into  the  joint.  Therefore,  the  length  used  in  the  fixed-end  analytical  model  was  the  clear  distance  between  overlapping 
eyebar  heads,  or  5420  mm.  With  an  L/t  ratio  of  approximately  150,  this  eyebar  is  at  the  low  range  of  those  considered  in  the 
AREMA  procedure  discussed  earlier,  where  a  greater  difference  in  predicted  eyebar  stress  would  be  anticipated  between  the 
pinned  and  fixed-end  analytical  models.  The  results  obtained  for  the  second  eyebar  are  shown  in  Fig.  8,  where  excellent 
correlation  between  the  fixed-end  model  and  actual  observed  eyebar  behavior  is  evident.  This  strong  correlation  was 
exhibited  by  the  other  three  eyebars  as  well.  As  expected,  the  stress  predicted  by  the  fixed-end  model  (35.6  MP  a)  is 
considerably  less  than  for  the  pinned  model  (75.4  MPa),  where  both  values  reflect  a  length  equal  to  the  clear  distance 
between  overlapping  eyebar  heads.  If  the  length  between  pin  centers  is  used  instead  for  the  pinned  model,  the  disparity  with 
the  fixed  becomes  even  worse  with  a  predicted  stress  of  88.0  MPa.  These  results  show  that  when  firm  contact  exists  between 
eyebar  heads  and  the  pins  are  restrained  by  heavy  structure,  the  behavior  of  eyebars  is  very  consistent  with  that  predicted  by 
the  fixed-end  model.  Further  details  regarding  the  testing  of  this  bridge  and  additional  results  are  provided  by  Mazurek  [4]. 


The  second  study  involved  a  bridge  over  the  Connecticut  River  on  Amtrak's  Springfield  Line  in  Windsor,  CT.  Erected  in 
1904,  this  bridge  of  the  former  New  York,  New  Haven,  and  Hartford  Railroad  is  a  skewed,  pin-connected,  steel  7-panel  sub- 
divided Pratt  through  truss.  Tests  were  conducted  on  the  north  truss  and  focused  on  the  diagonal  member  M5-L6,  consisting 
of  four  eyebars,  each  with  a  203-mm  by  31.8-mm  cross  section.  This  member  was  selected  in  part  because  the  first  eyebar 
exhibited  obvious  looseness  and  very  little  tension,  and  when  vibrated,  its  head  was  visibly  rocking  about  the  pin  at  mid- 
panel  joint  M5  (and  about  the  minor  axis  of  the  eyebar).  It  was  evident  that  the  other  three  eyebars  were  under  considerably 
more  tension  and  appeared  to  have  much  more  rotational  resistance  at  this  joint.  At  joint  L6,  all  four  eyebars  displayed  firm 
and  tight  contact  between  overlapping  heads,  and  the  pin  itself  was  further  restrained  by  a  floor  beam.  A  new  analytical 


306 

model  was  developed  that  incorporated  rotational  springs  of  variable  stiffness  at  each  end,  thereby  permitting  the  study  of 
eyebars  with  intermediate  degrees  of  rotational  end-restraint,  as  seemed  apparent  for  this  truss  member.  The  details  of  this 
newer  model  will  be  presented  in  a  future  paper.  Because  of  the  significant  looseness  observed  at  the  pin  at  one  end  of  the 
first  eyebar,  based  on  the  laboratory  study  it  seemed  appropriate  to  consider  measuring  the  eyebar  length  to  the  far  edge  of 
the  pin  at  this  joint  if  using  the  fixed-end  model.  With  the  other  end  of  the  eyebar  appearing  to  be  fixed,  the  total  length 
became  the  distance  between  the  outer  pin  edge  at  the  loose  joint  to  the  edge  of  the  overlapping  eyebar  head  at  the  tight  joint. 
This  length,  being  6350  mm,  reflects  anZ/£  ratio  of  approximately  200,  placing  these  eyebars  in  the  lower  range  of  those 
considered  in  the  AREMA  procedure. 
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The  results  for  the  first  and  fourth  eyebars  of  member  M5-L6  of  the  Amtrak  bridge  are  shown  in  Fig.  9  and  Fig.  10.  Because 
of  access  limitations,  measurements  could  only  be  obtained  from  joint  M5  to  the  midpoint  of  each  eyebar.  When  using  the 
variable  stiffness  model,  joint  L6  was  treated  as  fixed  while  the  stiffness  of  the  rotational  spring  at  joint  M5  was  adjusted 
until  the  analytical  model  (labeled  as  "partial-fixed")  achieved  a  best  fit  with  the  measured  response.  The  modal  amplitudes 
in  these  figures  have  been  adjusted  so  that  the  station  possessing  the  peak  value  of  measured  response  matches  the  partial- 
fixed  model,  and  the  amplitudes  at  the  remaining  stations  scaled  accordingly.  For  the  first  eyebar,  the  results  of  Fig.  9 
confirm  the  visual  observation  that  very  little  rotational  resistance  existed  at  joint  M6.  Not  included  in  this  figure  is  the 
conventional  pin-ended  model,  which,  when  using  a  length  measured  between  pin  centers,  resulted  in  a  predicted  stress  of 
9.79  MPa;  this  deviates  considerably  from  the  0  MPa  obtained  for  the  best- fit  partial-fixed  model  as  shown  in  Fig.  9. 
Considering  the  fixed-end  model,  it  was  not  surprising  that  it  did  not  fit  the  modal  amplitudes  well,  given  the  extremely  low 
state  of  stress  and  observed  looseness  at  joint  M5;  nonetheless,  it  also  predicted  a  stress  of  0  MPa.  Though  not  shown,  it 
should  be  noted  that  the  variable  stiffness  model  achieved  a  slightly  better  fit  for  the  first  eyebar  if  the  length  was  taken  to  the 
center  of  the  loose  pin;  even  in  this  case,  however,  the  predicted  stress  remained  0  MPa.  Referring  now  to  Fig.  10,  the  fourth 
eyebar  displayed  a  high  degree  of  rotational  restraint  at  joint  M6  along  with  higher  predicted  stresses,  as  anticipated  by  visual 
observations.  In  this  case,  the  pinned-end  model  (not  shown)  provided  a  predicted  stress  of  49.4  MPa,  which  again  differs 
greatly  from  the  best-fit  partial-fixed  model  result  of  25.5  MPa,  while  the  fixed-end  model  is  much  closer  at  24.3  MPa.  As 
observed  in  the  laboratory  study,  this  figure  also  shows  that  with  the  increase  in  tension,  the  fixed-end  analysis  fits  much 
more  closely  with  the  observed  modal  amplitudes. 


These  results  show  that  when  ideal  conditions  are  known  to  exist,  such  as  both  ends  being  fixed,  a  chart  like  that  given  in  Fig. 
2  can  be  used  to  quickly  and  accurately  predict  dead  load  stress  in  an  eyebar  from  a  single  frequency  measurement. 
Conversely,  when  partial  rotational  restraint  exists  at  a  joint,  it  may  be  possible  to  adjust  a  variable-stiffness  spring  model  to 
obtain  a  similar  measure  of  eyebar  stress  accuracy.  In  practice,  however,  this  would  not  be  conducive  to  performing  a  rapid 
assessment  of  eyebar  behavior,  as  a  number  of  measurements  would  be  required  for  each  eyebar  in  order  to  quantify  the 
actual  degree  of  rotational  resistance.  An  alternate  approach  where  full  rotational  restraint  at  an  end  appears  to  be  lacking 
might  be  to  continue  to  use  the  fixed-end  model  and  chart  of  Fig.  2,  along  with  a  length  measured  to  the  far  edge  of  the  pin  at 
this  joint;  both  the  laboratory  and  field  results  presented  here  show  that  this  would  provide  for  a  close  approximation. 
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Fig.  9  First  Flexural  Mode  for  Amtrak  Member  M5-L6,  Eyebar  1 
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Fig.  10  First  Flexural  Mode  for  Amtrak  Member  M5-L6,  Eyebar  4 


An  analytical  model  has  been  examined  that  enables  the  determination  of  stress  from  the  observed  fundamental  flexural 
natural  frequency  in  eyebars  with  fixed  ends.  It  has  been  shown  that  using  the  pin-ended  model  as  currently  given  by 
AREMA  when  fixed-end  conditions  actually  exist  can  result  in  significant  error,  especially  for  eyebars  with  relatively  low 
slenderness  ratios.  Laboratory  test  results  were  presented  that  served  to  validate  the  fixed-end  analytical  model,  and  field 
tests  have  also  shown  excellent  correlation  with  this  model  when  fixed-end  conditions  are  apparent.  It  has  been  demonstrated 
that  the  appropriate  length  to  use  in  this  case  is  the  clear  distance  between  overlapping  eyebar  heads.  Laboratory  test  results 
were  also  presented  which  considered  the  behavior  of  eyebars  with  significant  pin-hole  wear  and  with  no  lateral  restraint  of 
the  heads.  For  all  but  the  lowest  levels  of  stress  in  this  rather  extreme  situation,  the  eyebar  response  closely  followed  the 
fixed-end  model  when  using  a  length  equal  to  the  distance  between  the  far  edges  of  the  pins.  Field  tests  of  eyebars  that 
displayed  varying  degrees  of  rotational  stiffness  at  one  end  were  examined  to  illustrate  how  an  analytical  model  with 
variable-stiffness  rotational  springs  might  be  used  to  accurately  predict  stresses  in  these  situations.  From  a  more  practical 
standpoint,  however,  acceptable  approximations  might  be  obtained  by  using  the  fixed-end  model  with  an  eyebar  length 
measured  to  the  far  edge  of  the  pin  at  the  end  of  reduced  rotational  restraint.  The  results  of  this  research  have  potential 
applications  well  beyond  supporting  the  flame -shortening  process  for  eyebars.  For  example,  the  ability  to  quickly  and 
accurately  measure  eyebar  tensions  in  a  bridge  could  provide  valuable  information  relevant  to  bridge  rating  and  performance 
assessments.  Further,  for  bridges  that  are  instrumented  with  strain  gages  to  study  live  load  behavior,  the  work  presented  here 
could  be  used  to  obtain  dead  load  characteristics  that,  when  combined  with  the  strain  gage  results,  would  provide  a  complete 
picture  of  overall  eyebar  stress  levels. 
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INTRODUCTION 

Cellular  solids  are  materials  comprised  of  an  interconnected  network  of  solid  ligaments  or  plates  which 
form  the  edges  and  walls  of  cells  [1].  These  types  of  materials  are  often  considered  in  engineering 
applications  because  of  their  unique  properties  relative  to  their  fully-dense  counterparts,  including  elastic 
moduli,  specific  strength,  and  thermal  conductivity  [1].  Classical  cellular  mechanics  models,  such  as  the 
Gibson-Ashby  model,  have  been  extensively  used  to  describe  the  mechanical  response  and  idealize  the 
behavior  of  foam-like  materials  by  modeling  unit-cell  level  deformation.  Scaling  equations  provided  by 
such  mechanics  formulations  allow  for  comparison  between  theory  and  experiment  through  readily 
measurable  quantities  such  as  relative  density.  These  mechanics  models  are  applied  to  cell  sizes  on  the 
order  of  several  micrometers  or  larger,  and  often  to  materials  with  random  cell  structures  in  the  absence 
of  a  complete  understanding  of  the  mechanics  governing  local  deformation.  Direct  experimental 
characterization  of  unit-cell  level  deformation  has  been  scarce  and  generally  limited  to  either  two- 
dimensional  or  post-mortem  analyses.  Extensions  to  micro-  and  nanostructured  systems  are  further 
complicated  by  size-dependent  mechanical  behavior  where  the  constitutive  response  of  the  ligament 
material  is  not  always  known  a  priori. 

To  better  experimentally  characterize  the  mechanics  of  porous  materials,  we  have  developed  a  novel 
micromechanical  testing  technique  that  utilizes  scanning  confocal  microscopy  and  digital  volume 
correlation  to  provide  three-dimensional  deformation  analysis  of  open-cell  cellular  solids.  The  testing 
system  employs  a  piezoelectric  actuator,  a  miniature  load  cell,  and  multi-axis  alignment  stages. 
Micromechanical  testing  is  performed  within  a  high  frame  rate  confocal  microscopy  system,  which  utilizes 
a  piezoelectric  objective  scanner  to  systematically  alter  depth  of  focus.  Controlling  depth  of  focus 
provides  a  way  to  achieve  optical  sectioning  of  transparent  or  porous  structures,  which  results  in  full 
three-dimensional  sample  reconstruction  and  visualization  (Fig.  1a).  Laser  scanning  confocal  microscopy 
provides  enhanced  focal  plane  resolution  by  placing  a  spatial  pinhole  along  the  optical  axis  to  eliminate 
out-of-focus  intensities.  The  planar  confocal  images  of  the  optical  sectioning  are  assembled  into  volume 
arrays.  Using  digital  volume  correlation,  the  volume  arrays  are  correlated  to  provide  local  and  full-field 
displacement  and  strain  measurements  to  subvoxel  accuracies  in  three  dimensions. 

This  technique  has  been  validated  by  tracking  the  deformations  of  25.4  |jm  thick  polyimide  films  in  three 
dimensions  during  tension  testing.  3  |jm  nominal  diameter  polystyrene  beads  are  disbursed  on  the  top 
and  bottom  surfaces  of  the  transparent  polyimide  film  to  provide  high-contrast  markers  for  tracking.  As 
the  polyimide  film  is  pulled  in  tension,  the  polystyrene  markers,  as  well  as  other  natural  areas  of  high- 
contrast  throughout  the  thickness  of  the  film,  are  tracked.  Full  displacements  (Fig.  1b)  and  strain  fields 
are  computed  for  every  deformation  increment,  and  in  conjunction  with  the  load  measurement  are  used  to 
measure  Young's  modulus  and  Poisson's  ratio  for  three  orthogonal  directions. 
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Fig.  1:  (a)  Three-dimensional  specimen  reconstruction  of  a  polyimide  film  with  polystyrene  bead  markers  (note 

different  vertical  scale  to  show  specimen  thickness),  and  (b)  a  vector  plot  used  to  visualize  three-dimensional 

displacements  of  discrete  marker  points  within  the  sample  (superimposed  white  arrow  indicates  pulling  direction). 


We  have  demonstrated  a  viable  method  to  resolve  in  three  dimensions  the  deformations  of  transparent 
structures.  This  experimental  technique  will  be  extended  to  study  three-dimensional  periodically  ordered 
polymeric  microcellular  solids  synthesized  by  multi-beam  interference  lithography  (Fig.  2) [2][3].  In 
addition,  other  periodic  elastomeric  cellular  solids  have  shown  the  ability  to  undergo  pattern 
transformations  triggered  by  deformation,  which  demonstrates  the  potential  for  mechanically-tunable 
photonic  and  phononic  properties  [4].  Experimental  testing  of  these  structures  will  be  compared  to  the 
theoretical  predictions  of  the  cellular  mechanics  models,  and  the  influence  of  size-dependent  effects  on 
the  properties  and  behavior  of  these  materials  will  be  explored  at  the  microscale.  Macroscopic 
mechanical  behavior  will  be  correlated  with  unit-cell  level  deformation.  This  experimental  technique  may 
also  be  applicable  to  characterizing  unit-cell  level  deformations  of  other  cellular  systems,  such  as  porous 
biological  materials  or  periodically  ordered  multi-phase  structures. 


'nv. 





Fig.  2:  Examples  of  three-dimensional  periodically  ordered  polymeric  microcellular  solids:  (a)  SU-8  diamond  like 
structure,  and  (b)  POSS  diamond  structure.  Images  are  courtesy  of  S.  Yang  and  J.  Li  at  University  of  Pennsylvania. 
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ABSTRACT 

Recrystallization  of  the  grain  structure  of  metals  into  nano-sized  grains  by  using  mechanical  means,  has  received  wide 
attention  in  the  last  two  decades.  It  is  well  known  that  materials  with  a  fine-grain  crystal  structure  have  favorable  properties 
compared  to  the  same  materials  with  course -grained  crystal  structure.  Surface  Mechanical  Attrition  Treatment  (SMAT),  a 
technique  developed  in  the  early  part  of  this  decade,  has  been  successfully  used  to  recrystallize  the  surface  grains  of  metals 
into  nanocrystals  of  the  order  of  10  to  100  nanometers  from  their  original  grain  sizes  on  the  order  of  10  to  30  microns. 
Resulting  enhancement  in  surface  properties  has  quite  interesting  applications,  varying  from  materials  with  improved  fatigue 
resistance  to  medical  devices.  In  this  study,  our  focus  is  on  experimental  characterization  of  the  enhancement  in  mechanical 
properties  of  surface  nanocrystallized  metals.  Copper,  Aluminum  and  Titanium  samples  are  subjected  to  SMAT  under 
different  conditions  followed  by  appropriate  heat  treatment.  Microindentation  and  nanoindentation  techniques  are  conducted 
to  characterize  various  mechanical  properties.  Microindentation  test  shows  significant  improvement  in  surface  hardness  due 
to  SMAT  process  on  these  samples.  Our  initial  results  from  nanoindentation  also  show  significant  enhancement  in  materials 
surface  properties.  However,  several  other  interesting  characteristics  obtained  in  the  nanoindentation  tests  require  further 
studies  for  verification. 

1.  Introduction 

At  low  temperatures  nanocrystallization  is  one  of  the  few  mechanical  techniques  that  will  increase  strength  and  toughness 
without  severely  reducing  ductility.  The  large  number  of  grains  and  grain  boundaries  inhibit  the  movement  of  dislocations, 
and  at  low  temperatures  this  strengthens  the  material.  According  to  Hall  Petch  theorem,  mechanical  properties  such  as 
strength  and  hardness,  will  improve  as  grain  sizes  decrease  until  they  are  below  the  10  nm  size.  Below  10  nm  size  the 
behavior  is  reverse,  governed  according  to  the  inverse  Hall  Petch  Theorem  [1].  Nanocrystallization  of  a  material  is 
accomplished  in  various  ways,  such  as  electroplating  [2],  atomic  layer  deposition  [3],  severe  plastic  deformation  (SPD)  [4], 
inert  gas  condensation  [13],  and  pulsed  laser  deposition  [2]  .  In  this  experiment  SPD  is  studied  as  the  method  for 
nanorecrystallization.  SPD  leading  to  nanorecrystallization  can  be  enacted  in  several  ways.  Some  popular  techniques  consist 
of  equal  angular  channel  pressing  (ECAP)  [5],  high  pressure  torsion  (HPT)  [14],  surface  mechanical  attrition  treatment 
(SMAT)  [7,  8],  and  hammer  peening  [9]. 

SMAT  was  chosen  as  in  this  study  due  to  its  relatively  simplistic  implementation  and  broad  application  for  various  materials. 
The  surface  of  a  material  in  most  cases  is  where  most  of  the  fatigue  and  wear  initiate,  so  improving  the  surface  layer  will 
improve  the  durability  of  the  material  as  a  whole.  This  is  especially  true  in  thin  film  applications,  since  the  surface  to  volume 
ratio  is  very  high.  SMAT  is  accomplished  by  impregnating  kinetic  energy  from  an  impulse  into  the  surface  of  a  material 
through  strain  hardening.  The  energy  from  the  impact  displaces  and  shifts  dislocations  in  the  materials  crystal  lattice.  Frank 
Reed  sources  develop  from  the  constant  impact  as  dislocations  continue  to  shift  and  combine.  Shear  bands  and  low  energy 
dislocation  structures  form,  storing  strain  energy  from  the  impacts.  These  dislocation  structures  form  into  cells  causing  low 
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angle  tilt  boundaries  that  make  up  the  basis  for  new  grain  formation.  It  has  also  been  debated  that  a  true  nanocrystalline 
structure  is  not  formed  until  the  sample  has  been  annealed  allowing  recrystallization  and  grain  growth  to  occur  [10].  The 
newly  formed  grains  or  dislocation  cells  range  in  size  from  10  to  100  nm  depending  on  the  material  and  crystal  structure. 

In  the  present  study,  we  characterized  the  improvement  in  the  surface  properties  of  bulk  and  thin  foil  material.  Bulk  copper 
samples  were  characterized  by  both  microindentation  and  nanoindentation  testing.  We  studied  the  improvement  in  properties 
through  the  thickness  by  cutting  the  sample  and  probing  the  cross-sectional  face.  Microindentation  testing  clearly  shows 
significant  improvement  in  hardness  at  the  surface.  Deeper  into  the  sample  this  enhancement  in  properties  reduces  and 
eventually  reaches  the  untreated  sample  value.  Initial  results  from  nanoindentation  testing  also  shows  significant 
improvement.  However  the  overall  behavior  is  inconclusive  and  requires  further  studies  to  confirm.  Nanoindentation  testing 
was  also  used  to  determine  the  improvement  in  surface  properties  for  thin  foil  samples.  Both  Aluminum  and  Titanium 
samples  were  studied.  In  both  cases,  the  reduced  modulus  was  found  to  increase  significantly,  while  hardness  didn't  show 
any  significant  improvement. 

2.  Experiment 

2.1  Thick  samples 

Bar  Stock  of  25.4  mm  diameter  99.99%  alloy  101  Copper  Alloy  was  utilized.  The  bar  was  cut  into  12  mm  pucks,  polished 
and  then  annealed  in  a  vacuum  furnace  at  700°C  for  one  hour.  Polishing  consisted  of  varying  grits  of  silicon  carbide  paper, 
120,  300,  400,  600,  2400,  and  4000  grit  respectively.  After  rough  polishing  samples  were  diamond  polished  with  a  3  and  1 
um  Buehler  Meta-Di  diamond  suspension.  Annealing  removed  the  effects  of  polishing  and  any  prior  mechanical  deformation, 
as  well  promoted  grain  growth  up  to  an  average  size  of  40  um.  Prior  to  annealing,  samples  were  cut  transversely  using  a 
Buehler  20  HC  diamond  wafering  blade  and  then  polished.  After  each  step  the  samples  were  then  viewed  using  an  Olympus 
PME  optical  microscope  to  document  the  change  in  micro  structure.  The  samples  were  then  treated  to  SMAT  for  15  minutes. 
The  SMAT  process  was  accomplished  by  using  a  dome  shaped  vacuum  sealed  refractory  chamber  attached  to  a  Labworks 
Inc.  LW- 139-40  Electrodynamic  Shaker  System.  Each  sample  was  clamped  into  the  top  of  the  dome  refractory  chamber  and 
impacted  with  ten  6mm  tungsten  carbide  balls  at  a  frequency  of  3 1  HZ.  The  pre  cut  cross  sections  were  paired  together  at  the 
spot  of  the  cut  and  clamped  to  the  top  of  the  refractory  chamber.  Further  details  on  the  SMAT  process  have  been  documented 
in  previous  papers  [9,10].  Tungsten  balls  were  used  in  order  to  deter  mechanical  alloying  of  the  balls  into  the  specimen.  One 
sample  was  left  without  treatment  to  be  used  as  annealed  control  sample  during  testing. 

Microindentation  (hardness)  test  was  used  to  confirm  the  existence  of  surface  improvement  with  the  use  of  a  LECO  M-400 
Microindenter  with  a  Vickers  Tip.  A  series  of  45  indents  spaced  250  microns  apart  were  performed  down  the  cross  section  of 
a  polished  as  annealed  copper  sample.  The  indents  were  produced  with  a  force  of  200  gf  and  a  hold  time  of  15  seconds  to 
account  for  thermal  expansion  and  creep.  The  same  method  was  repeated  with  the  SMAT  sample  for  comparison. 

Nanoindentation  was  carried  out  on  the  same  cross  sections  that  microindentation  had  been  performed  on,  for  verification  of 
results.  A  Hysitron  Triboindenter  950  nanoindenter  was  used  for  indentation  along  with  a  Berkovich  150nm  tip.  The  cross 
section  of  each  sample  was  indented  a  total  of  30  times  laterally  from  the  edge  subjected  to  SMAT  to  the  opposite  untouched 
surface.  Each  indent  lasted  15  seconds  with  a  two  second  hold  time  to  account  for  creep  and  thermal  expansion.  This  process 
was  repeated  3  times  on  each  sample  for  validation  of  consistent  results. 

2.2  Thin  samples 

Foils  of  10.1  micron  thick  Titanium  and  12  micron  thick  Aluminum  were  treated  using  the  same  refractory  chamber  and 
vibration  apparatus.  In  order  to  prevent  excessive  plastic  deformation  to  the  surface  and  eventual  fracture  of  the  thin  foil  a 
sacrificial  aluminum  puck  was  used.  Each  foil  was  held  in  between  two  7068  alloy  aluminum  plates  of  6  mm  thickness  and 
attached  to  the  top  of  the  refractory  chamber.  The  aluminum  plate  allowed  for  transmittance  of  the  strain  inflicted  by  the 
impulse  of  the  tungsten  balls,  but  prevented  the  destruction  of  the  foil.  The  foil  was  then  tested  with  the  use  of  a  Hysitron 
Triboindenter  950  nanoindenter.  The  specimens  were  tested  using  a  nanoindenter  with  a  Berkovich  150  nm  radius  tip  and  a 
series  of  25  indents.  Both  non  treated  and  30  minute  SMAT  samples  were  then  compared  based  on  change  in  reduced 
modulus  and  hardness  (GPA). 
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3.  Results  and  Discussion 


3.1  Bulk  Material 


Results  of  the  microhardness  test  conducted  on  SMAT  treated  and  non  treated  samples  are  shown  in  figure  1.  Two  sets  of 
samples  were  tested  both  for  untreated  and  treated  cases.  Results  obtained  shows  that  a  large  increase  in  hardness  is  achieved 
through  SMAT  process  on  the  surface  of  the  sample.  The  degree  of  enhancement  in  properties  was  similar  for  both  the 
samples  indicating  a  high  level  of  repeatability  of  the  sample  preparation,  SMAT  and  testing  processes.  The  hardness 
decreases  with  depth  as  expected  and  reaches  the  hardness  of  the  untreated  sample  at  a  depth  of  around  7mm.  Improvement 
in  properties  for  such  a  large  depth  has  not  been  observed  in  previous  studies  [11,12,15].  Another  interesting  behavior  is  the 
enhancement  in  properties  at  the  non- SMAT  region.  Considering  the  fact  that  these  samples  were  not  completely  constrained 
laterally  on  that  surface,  the  chances  of  property  enhancement  from  the  effect  of  residual  stress  build  up  is  negligible.  A 
modified  setup  with  an  even  lower  amount  of  constraint  will  be  used  in  our  future  studies  to  investigate  this  property 
enhancement. 
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Fig.  1  Vickers  hardness  results  of  micro  indentation  on  four  cross  sections  of  copper  samples  both  as 
annealed  and  15  minute  SMAT.  Hardness  on  SMAT  sample  is  seen  to  decrease  linearly  from  the  edge  of 
the  sample 


Results  from  the  nanoindentation  test  of  treated  and  untreated  samples,  two  each,  are  shown  in  figures  2  &  3.  For  each  of  the 
treated  samples  scanning  was  carried  out  at  three  different  locations  in  order  to  verify  the  consistency  of  the  result.  Only  one 
of  the  results  is  shown  in  the  figure  since  all  the  three  results  match  very  well.  SMAT  treatment  increased  the  reduced 
modulus  almost  two  times  that  of  the  untreated  values.  Interestingly,  the  enhancement  in  modulus  and  the  hardness  did  not 
show  any  significant  variation  through  the  thickness  as  we  observed  in  the  hardness  behavior  obtained  using 
microindentation.  Any  enhancement  in  properties  due  to  SMAT  process  is  expected  to  vary  with  thickness  since  the  induced 
plastic  deformation  due  to  ball  impact  should  vary  with  the  thickness.  The  uniform  enhancement  in  properties  as  we  observed 
in  our  result  should  result  from  a  uniform  attrition  process,  which  in  our  case  is  polishing  step  conducted  after  SMAT.  As  per 
our  result,  this  specimen  preparation  step  for  nanoindentation,  appears  to  induce  significant  amount  of  plastic  deformation 
resulting  in  significant  properly  enhancement.  However,  this  enhancement  in  property  is  only  in  a  very  thin  volume  of  the 
material  near  the  polished  surface.  In  nanoindentation  method,  the  indentation  force  and  stress  field  are  in  a  very  small 
volume  that  the  result  obtained  from  this  measurement  is  dominated  by  the  effect  of  polishing.  On  the  other  hand,  the 
hardness  measurement  obtained  from  the  microindentation  where  indentation  depth  is  much  larger  and  hence  the  influence  of 
polishing  is  relatively  lower,  clearly  shows  a  variation  in  hardness  values  with  thickness  indicating  the  effect  of  SMAT.  In 
order  to  investigate  this  further,  one  of  the  SMAT  samples  was  annealed  and  measurements  were  repeated  (not  shown  here). 
Annealing  removed  all  the  property  enhancement,  though  the  samples  did  not  completely  attained  its  original  before -SMAT 


314 

values.  Further  studies  will  be  conducted  to  quantify  the  effect  of  polishing  in  order  to  differentiate  it  from  that  obtained  from 
SMAT  process. 
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Fig.  2  Nanoindentation  results  of  reduced  modulus  on  both  as  annealed  and  15  minute  SMAT  copper  cross  sections.  A  large 

increase  in  the  coppers  elastic  modulus  can  be  seen  towards  the  middle  of  the  sample 


More  than  two  times  enhancement  was  also  observed  in  hardness  due  to  SMAT  process  is  as  shown  in  Fig  3.  As  in  the  case 
of  reduced  modulus,  the  enhancement  in  the  hardness  of  the  SMAT  sample  was  disappeared  when  the  sample  was  subjected 
to  annealing. 
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Fig.  3  Nanoindentation  results  of  hardness  on  both  as  annealed  and  15  minute  SMAT  copper  cross  sections.  More  than  a 

100%  increase  in  hardness  is  seen  throughout  the  sample 
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3.2  Thin  foil 

Nanoindentation  results  of  aluminum  foil  samples  are  given  in  figures  4  and  5 .  Data  obtained  at  different  locations  on  the 
surface  shows  that  there  is  roughly  a  40%  increase  in  the  reduced  modulus.  This  is  quite  significant  considering  the  fact  that 
for  very  thin  samples  enhancement  in  properties  on  the  surface  has  higher  influence  on  its  macroscopic  properties.  However, 
the  enhancement  in  the  surface  hardness  is  marginal.  Since  the  variation  observed  in  the  hardness  values  obtained  at  different 
locations  is  significantly  high,  drawing  a  statistically  meaningful  conclusion  is  challenging. 
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Fig.  4  Nanoindentation  results  of  reduced  modulus  on  both  as  received  and  15  minute  SMAT  aluminum 
foil  samples.  An  increase  in  the  elastic  modulus  after  a  15  minute  SMAT  treatment  is  shown. 
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Fig.  5  Nanoindentation  results  of  hardness  on  both  as  annealed  and  15  minute  SMAT  aluminum  foil 
samples.  So  far  no  real  increase  has  been  found  in  terms  of  hardness 
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Improvement  in  the  reduced  modulus  was  also  observed  in  the  titanium  foil  (figures  6  and7).  Improvement  was  relatively 
lower  compared  to  that  aluminum  foil  samples.  This  could  be  due  to  the  fact  that  Titanium  is  a  much  stiffer  and  harder 
material,  to  obtain  same  amount  of  improvement  in  the  property  Titanium  would  require  more  SMAT  energy.  Currently  we 
are  testing  Titanium  under  longer  period  of  SMAT  to  investigate  this  effect.  We  have  also  made  some  modifications  to  the 
current  set  up  in  order  to  vary  the  impact  energy.  In  the  case  of  hardness,  SMAT  treatment  did  not  make  any  improvement  to 
the  sample,  similar  to  aluminum  foil  material. 
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Fig.  6  Nanoindentation  results  of  reduced  modulus  on  both  as  received  and  30  minute  SMAT  Titanium  foil 
samples.  An  increase  in  the  elastic  modulus  of  the  thin  foil  is  seen  in  the  SMAT  sample 
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Fig.  7  Nanoindentation  results  of  hardness  on  both  as  annealed  and  15  minute  SMAT  Titanium  foil 
samples.  Similar  to  the  aluminum  sample  no  clear  trend  can  be  seen  in  terms  of  hardness  increase  between 
either  sample 
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4.  Conclusions 

Improvement  in  mechanical  propertied  due  to  surface  mechanical  attrition  treatment  (SMAT)  was  studied  for  bulk  and  thin 
foil  samples.  Enhancement  in  properties  was  determined  by  microhardness  and  nanoindentation  tests.  Microhardness  tests 
clearly  show  significant  improvement  in  the  hardness  properties.  Improvement  in  surface  hardness  was  achieved  for  as  deep 
as  6  mm  into  the  sample.  This  is  significantly  high  compared  to  previous  studies.  Initial  results  from  nanoindentation  results 
are  substantially  different  from  those  obtained  from  microhardness  tests.  The  difference  is  mainly  attributed  to  the  difference 
in  scale.  Some  of  the  interesting  characteristics  obtained  in  the  nanoindentation  test  require  further  study  to  confirm  the 
behavior  and  to  provide  explanation  for  such  behavior.  In  the  case  of  aluminum  and  titanium  thin  foil,  significant 
enhancement  in  reduced  modulus  was  obtained.  However,  hardness  was  not  changed  for  the  level  of  impact  energy  used  in 
the  current  study. 

Acknowledgements 

The  authors  of  this  research  would  like  to  thank  Arnold  Magnetics  for  their  donation  of  thin  foil  titanium  specimens,  as  well 
as  Center  for  Advanced  Materials  and  Processing  (CAMP)  at  Clarkson  University  for  the  use  of  their  resources  and  facilities. 


References 

[I]  Aifantis,  K.  E.,  and  Konstantinidis,  A.  A.,  2009,  "Hall-Petch  Revisited  at  the  Nanoscale,"  Materials  Science  and 
Engineering:  B,  163(3)  pp.  139-144. 

[2]  Bao,  Q.,  Chen,  C,  Wang,  D.,  2005,  "Pulsed  Laser  Deposition  and  its  Current  Research  Status  in  Preparing 

Hydroxyapatite  Thin  Films,"  Applied  Surface  Science,  252(5)  pp.  1538-1544. 

[3]  Erb,  U.,  Aust,  K.T.,  and  Palumbo,  G.,  2007,  "Nanostructured  Materials  (Second  Edition),"William  Andrew  Publishing, 

Norwich,  NY,  pp.  235-292. 

[4]  Fecht,  H.J.,  and  Ivanisenko,  Y.,  2007,  "Nanostructured  Materials  (Second  Edition),"William  Andrew  Publishing, 

Norwich,  NY,  pp.  119-172. 

[5]  Iwahashi,  Y.,  Horita,  Z.,  Nemoto,  M.,  1998,  "The  Process  of  Grain  Refinement  in  Equal-Channel  Angular  Pressing,"  Acta 

Materialia,  46(9)  pp.  3317-3331. 

[6]  Klepper,  K.  B.,  Nilsen,  O.,  and  Fjellvag,  H.,  2007,  "Growth  of  Thin  Films  of  Co304  by  Atomic  Layer  Deposition,"  Thin 

Solid  Films,  515(20-21)  pp.  7772-7781. 

[7]  Lu,  J.,  and  Lu,  K.,  2003,  "Comprehensive  Structural  Integrity," Per gamon,  Oxford,  pp.  495-528. 

[8]  Lu,  K.,  and  Lu,  J.,  2004,  "Nanostructured  Surface  Layer  on  Metallic  Materials  Induced  by  Surface  Mechanical  Attrition 

Treatment,"  Materials  Science  and  Engineering  A,  375-377pp.  38-45. 

[9]  Mao,  X.  Y.,  Li,  D.  Y.,  Fang,  F.,  2010,  "A  Simple  Technique  of  Nanocrystallizing  Metallic  Surfaces  for  Enhanced 

Resistances  to  Mechanical  and  Electrochemical  Attacks,"  Materials  Science  and  Engineering:  A,  527(12)  pp.  2875-2880. 

[10]  Mao,  X.  Y.,  Li,  D.  Y.,  Fang,  F.,  2010,  "Can  Severe  Plastic  Deformation  Alone  Generate  a  Nanocrystalline  Structure?" 

Philosophical  Magazine  Letters,  90(5)  pp.  349. 

[II]  Ren,  J.,  Shan,  A.,  Zhang,  J.,  2006,  "Surface  Nanocrystallization  of  Ni3Al  by  Surface  Mechanical  Attrition  Treatment," 
Materials  Letters,  60(17-18)  pp.  2076-2079. 

[12]  Revesz,  A.,  and  Takacs,  L.,  2009,  "Coating  a  Cu  Plate  with  a  Zr-Ti  Powder  Mixture  using  Surface  Mechanical  Attrition 

Treatment,"  Surface  and  Coatings  Technology,  203(20-21)  pp.  3026-3031. 

[13]  Sanders,  P.  G.,  Eastman,  J.  A.,  and  Weertman,  J.  R.,  1997,  "Elastic  and  Tensile  Behavior  of  Nanocrystalline  Copper  and 

Palladium,"  Acta  Materialia,  45(10)  pp.  4019-4025. 

[14]  Vorhauer,  A.,  and  Pippan,  R.,  2004,  "On  the  Homogeneity  of  Deformation  by  High  Pressure  Torsion,"  Scripta 

Materialia,  51(9)  pp.  921-925. 

[15]  Wang,  K.,  Tao,  N.  R.,  Liu,  G.,  2006,  "Plastic  Strain-Induced  Grain  Refinement  at  the  Nanometer  Scale  in  Copper,"  Acta 

Materialia,  54(19)  pp.  5281-5291. 


Variation  of  Compression  of  Seals  in  PEM  Fuel  Cells 

Chi-Hui  Chien*a,  Chih-Wei  Lina,  Yuh-Jin  Chaob 

Cui  Tongc ,  John  Van  Zeec  and  Ting-Hsuan  Sua 

a  Department  of  Mechanical  and  Electro-Mechanical  Engineering, 

National  Sun  Yat-Sen  University, 

70,  Lien-Hai  Rd.,  Kaohsiung  804,  Taiwan  ROC 

b  Department  of  Mechanical  Engineering,  University  of  South  Carolina 

300  S.  Main  Street,  Columbia,  SC  29208,  USA 

c  Department  of  Chemical  Engineering,  University  of  South  Carolina 

301  S.  Main  Street,  Columbia,  SC  29208,  USA 
*  Corresponding  Author,  chchien@faculty.nsysu.edu.tw 


ABSTRACT 

Seals  or  gaskets  under  compressive  stress  are  used  in  PEM  fuel  cells  (PEMFC)  or  stacks  to 
prevent  leaking  of  the  liquid  and  gas  inside  the  cell.  The  fuel  cells  are  normally  assembled  with  bolts  or 
a  combination  of  bolts  and  springs.  As  the  seal  is  typically  made  of  polymers,  the  level  of  the 
compressive  stress  on  the  seal  during  long  term  operation  of  the  fuel  cell  depends  on  the  stress 
relaxation  property  and  any  potential  chemical  degradation  of  the  seal  materials.  In  addition,  the 
amount  of  compression  applied  to  the  seal  may  vary  due  to  temperature  changes  during  the  fuel  cell 
operation  which  causes  thermal  expansion  and  contraction  of  all  components  in  the  cell.  To  understand 
the  sealing  force  existed  in  a  fuel  cell  during  operation,  all  these  factors  must  be  fully  understood. 

In  this  study,  the  compression  of  the  seal  in  a  PEMFC  was  investigated  experimentally. 
Specifically  the  compressive  amount  was  measured  in-situ,  i.e.  immediately  after  the  assembly  and 
during  the  normal  operation  of  the  PEMFC.  The  objective  of  this  study  is  to  gain  an  understanding  of 
the  variation  of  compressive  strain  applied  to  the  seal  as  the  temperature  of  the  PEMFC  changes  and 
cycles.  This  information  can  then  be  used  to  estimate  the  sealing  force  in  the  cell  and  consequently  the 
life  prediction  of  the  seal.  Both  the  temperature  and  pressure  are  monitored  during  the  tests. 

An  interesting  observation  is  that  both  the  gap  spacing  and  the  outside  dimensions  jumped 
initially  and  did  not  follow  the  cell  temperature's  later  rise  to  a  maximum  of  80oC.  It's  effect  by  the 
first  gas  inlet  pressure. 

Keywords:  Seals,  PEMFC,  Fuel  cell  stack,  Durability 
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1.  Introduction 

There  have  been  many  studies  on  how  the  pressure  applied  to  the  GDL  affects  the  electrical 
performance  of  PEMFC.  Lee  et  al.  [1]  measured  the  power  performance  of  PEMFC  and  found  that 
each  GDL  has  its  optimal  assembly  pressure  because  of  different  mechanical  properties  and 
micro-porous  characteristics.  Chu  et  al.  [2]  proposed  a  mathematical  model  for  the  porous  structure  of 
the  PEM  GDL  and  studied  its  effects  on  cell  performance.  Because  of  the  relatively  thin  dimensions 
(e.g.  20-200  //  m)  and  low  mechanical  strength  of  the  GDL  and  membrane  electrode  assembly  (MEA) 

versus  sealant,  bipolar  plates  and  end  plates,  one  important  goal  in  the  stack  design  and  assembly  is  to 
achieve  a  proper  and  uniform  pressure  distribution.  To  achieve  this  goal,  many  stacking  designs  have 
been  proposed  [3-5].  Zhang  et  al.  [6]  employed  hydro-pressure  on  the  end  plates  to  obtain  uniform 
pressure.  It  is  demonstrated  that  the  cell  performed  better  than  the  traditional  nut  and  bolt  point-load 
stacking  design.  Lee  et  al.  [7]  compared  simulation  results  with  experimental  data  at  various  levels  of 
assembly  pressures  and  analyzed  the  procedures  for  the  fuel  cell  stacking  assembly.  The  results 
obtained  can  help  determine  the  proper  stacking  parameters  such  as  bipolar  plate  thickness,  sealing  size 
and  assembly  pressure,  and  are  important  in  obtaining  a  consistent  fuel  cell  performance. 

As  the  seal  in  PEMFC  is  typically  made  of  polymeric  materials,  stress  relaxation  is  inevitable 
which  may  eventually  lead  to  leakage  of  the  containments.  In  practice,  performance  of  seals  is  required 
to  be  known  over  periods  of  years  [8]  and  therefore  accelerated  testing  is  required  from  short  term 
laboratory  tests  to  predict  long  term  behavior.  Studies  on  the  sealing  of  PEMFC  is  however  scarce. 
Tan,  et  al  [9-11]  have  studied  chemical  and  mechanical  degradation  of  sealing  materials  in  PEMFC 
environment  [12-14].  Burton  et  al.  [15]  made  measurements  for  one  year  and  applied  an  Arrhenius 
equation  to  predict  the  performance  at  the  fifth  years.  Meier  and  Kuster  [16]  made  measurements  for  up 
to  17  years  in  dry  condition  and  found  that  at  longer  time  the  dominance  of  chemical  relaxation  could 
cause  errors,  but  obtained  some  success  in  correlating  results  from  short  term  tests  by  the  method  of 
reduced  variables.  Sprey  [17]  has  demonstrated  that  predictions  of  compression  set  can  be  made  from 
intermittent  and  continuous  tension  relaxation  measurements.  Derham  [18]  demonstrated  the  effects 
that  arise  from  the  cycling  of  temperature  on  a  fluorocarbon  elastomer  and  immersion  in  liquids  on  a 
EPDM  and  concluded  that,  while  swelling  of  fluorocarbon  elastomer  could  be  adequately  described  by 
theory,  temperature  effects  would  need  to  be  tested  for  each  set  of  circumstances.  In  studying  the 
sealing  of  PEMFC,  a  method  for  determining  the  torque  applied  to  the  bolts  to  achieve  a  desired 
compression  of  the  elastomeric  gasket  in  PEMFC  is  proposed  by  Tan,  et  al  [19]. 

In  this  study,  the  compression  of  the  seal  in  25  cm2  single  PEMFC  [20]  was  investigated 
experimentally.  The  thickness  of  the  seal  or  the  gap  spacing  in  FC  was  measured  in-situ,  i.e. 
immediately  after  the  assembly  and  during  a  thermal  cycle  of  the  PEMFC.  The  objective  is  to  gain  an 
understanding  of  the  level  of  variation  of  the  compressive  strain  applied  to  the  seal  as  the  temperature 
of  the  PEMFC  changes  and  cycles.  This  information  can  be  useful  in  estimating  the  sealing  force  in 
the  cell  and  consequently  the  life  prediction  of  the  seal. 
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2.  Experimental  Procedures 

2.1  Preparation  of  the  PEMFC 

A  single  PEM  cell  was  assembled.  As  shown  in  the  Fig.  1,  the  PEMFC  contains  two  end  plates, 
two  current  collecting  plates,  two  flow  channel  plate,  two  gas  diffusion  layers,  two  sheets  of  gasket, 
and  a  membrane  electrode  assembly  (ME A)  in  the  middle.  Table  1  shows  the  dimensions  and  materials 
of  each  component  used  in  our  test.  The  dimensions  of  the  assembled  cell  are  shown  in  Fig.  2. 

The  flow  field  channel  and  end  plates  were  first  cleaned.  Dimensions  and  thickness  of  the 
gasket,  MEA,  and  gas  diffusion  layer  were  measured  and  recorded.  Two  gaskets  were  cut  from  a  large 
sheet  into  76.3x76.3  mm  and  a  square  opening  50x50  mm  in  the  center  was  made  to  accommodate  the 
two  carbon  clothes  (GDL)  with  a  membrane  sandwiched  in-between.  Eight  nuts/bolts  around  the 
peripherals  (see  figure  1)  were  used  to  assemble  the  cell.  A  pre-load  or  pre-torque  of  20kgf.cm  was 
applied  first  to  each  bolt  and  a  star  sequence  was  then  used  to  assemble  the  cell  for  a  uniform 
distribution  of  the  applied  loads.  A  final  torque  50kgf.cm  was  selected. 

2.2  Operation  of  the  PEMFC 

A  PEMFC  testing  station  was  used  in  the  test.  The  station  has  heater,  pipe,  humidifier,  electric 
controller  and  pressure  gauge.  A  computer  and  software  are  used  for  control  and  continuous 
measurement.  Following  a  typical  operation  of  PEMFC,  a  break-in  procedure  was  first  applied  for  72 
hours.  During  the  operation  of  the  FC,  the  temperature  at  the  center  of  the  FC  was  measured  with  a 
thermocouple  and  recorded  continuously.     The  temperature  history  in  this  test  is  shown  in  Fig.  3. 

2.3  Measurement  of  gap  spacing,  outside  cell  dimensions  and  inlet  gas  pressure 

The  overall  thickness  of  the  cell  and  the  gap  spacing  were  measured  occasionally  during  the  test. 
As  the  flow  pattern  and  temperature  inside  the  cell  are  not  uniform  from  place  to  place,  these 
dimensional  measurements  were  performed  at  four  sides  of  the  cell  as  shown  in  Fig.  4  and  Fig.  5. 

Fig.  4(a)  shows  the  PEMFC  cathode  side  flow  flied  channel's  shape.  We  can  see  the  inlet  and 
outlet  holes  and  two  pipes  link  with  these  holes.  Fig.  4(b)  shows  the  four  measured  gap  spacing 
positions.  On  the  upper  position  is  No.l  and  the  bottom  position  is  No.  3.  The  left  and  right  side  were 
No. 2  and  No.  4.  No.  2  closed  to  inlet  pipe  and  No.4  closed  to  outlet  pipe.  Fig.  5(a)  shows  the  measuring 
value  position.  In  the  picture,  we  can  see  the  inside  gap  spacing  and  the  overall  outside  thickness 
measured  position.  Fig.  5(b)  shows  inside  gap  spacing  before  and  after  assembly  thickness  sketch 
graph.  Note  that  in  the  FC  assembly,  two  gaskets  and  a  plastic  sheet  from  the  MEA  are  compressed 
together  as  the  seal  as  shown  in  Fig.  5(b).  The  total  thickness  of  the  combined  three-pieces  before 
compression  is  0.34  +  0.13  +  0.34  =  0.81  mm.  After  assembly,  there  is  a  compressive  strain  to  the 
combined  seal. 

A  spark  plug  gap  gauge,  Mitutoyo  950-250  was  used  to  measure  the  gap  spacing,  which 
accommodates  the  seal.  This  gauge  has  the  range  from  0.038  mm  to  0.635  mm  and  the  difference  in 
thickness  between  two  adjacent  gauges  or  resolution  is  0.0254  mm  (0.001  in),  which  therefore  provides 
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a  tolerance  or  uncertainty  of  ±0.0 127mm.  A  Mitutiyo  digital  slide  caliper  having  the  smallest  scale  of 
0.01  mm  was  used  to  measure  the  outside  or  external  dimensions  of  the  cell.  The  uncertainty  for  this 
measurement  is  then  ±0.005  mm.  We  installed  two  pressure  gauges  into  anode  and  cathode  gas  inlet 
sides.  A  U.S.  Gauge  co.  pressure  gauge  resolution  is  O.lpsi.  The  measure  range  is  0  to  30psi.  When 
running  the  measure  experiment,  we  should  be  careful  about  those  measure  tools  conduct  electricity. 

Table  1 .  PEMFC  dimensions  (length  (L),  width  (W)  and  height  (H)  or  thickness)  and  materials 


Component 

End  Plate 

Current 
Collecting  Plate 

Flow  Flied 

Channel 

Plate 

Gas 

Diffusion 

Layer 

Gasket 

MEA 

Dimension 

(mm) 
L*W*H 

108*  108*  18.5 

108*76.3*1.3 

76.3*  76.3*  13 

50*  50*  0.04 

76.3*76.3*0.34  (outside) 
50*50*0.34  (inside) 

50*  50* 
0.12 

Material 

Stainless  steel 

Copper 

Graphite 

Carbon  Cloth 

Saint-Gobain  1005 

Gore  57 

Current  collector 


Anode  fuel  inlet 


Flow  field  channel  block     Gas  diffusion  layer 


O 
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i«»™       "G) 
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Cathode  fuel  inlet 


Fig.  1.  Schematic  of  components  in  a  PEM  fuel  cell 
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Fig.  2.  Assembled  dimensions  of  the  PEMFC  tested. 
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Fig.  3.  Temperature  history  at  the  center  of  the  fuel  cell. 


(a)  (b) 

Fig.  4.(a)Front  view  and  (b)  the  four  sides  of  the  PEMFC  where  the  dimensions  were  measured. 
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Fig.  5.  (a)  Side  view  of  the  PEMFC  showing  the  locations  where  the  inside  gap  spacing  and  the  overall 
outside  thickness  of  the  FC  were  measured;  (b)  gap  spacing  before  assembly. 
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3.  Results  and  discussions 

The  gap  spacing  at  the  four  sides  of  the  FC  during  the  thermal  cycle  is  presented  in  Fig.  6  along 
with  the  temperate  of  the  FC,  Fig.  8(a)  shows  the  time  before  0.2  hr's  four  gaps  spacing's  variation.  Fig. 
6(b)  shows  the  four  gaps  spacing's  variations  following  the  PEMFC  running  breaking  procedure.  Note 
that  the  initial  gap  spacing  at  the  four  sides,  after  the  assembling  but  before  the  operation  of  the  FC,  are 
0.47,  0.546,  0.4955,  and  0.546  mm,  respectively.  They  are  non-uniform  as  typically  seen  in  industrial 
operation.  These  four  readings  represent  42  %,  33  %,  39  %,  and  33  %  compression,  respectively, 
that  all  exceed  the  25  %  industry  standard  for  sealing.  As  shown  in  Fig.  6(a),  the  gap  spacing  at 
No.  1-4  increased  in  the  initial  10  minutes  due  to  the  applied  humidity  gas  which  is  at  25  °C.  No  change 
is  observed  after  that  until  shutdown.  Fig.  6(b),  the  gap  spacing  No. 3  changed  during  48th  hours.  It  is 
suspected  that  this  is  because  No. 3  is  close  to  the  exit  (for  air/water)  and  at  the  cell  bottom  which  the 
air/water  cumulating  more  than  the  other  three.  The  maximum  increase  for  all  four  gaps  is  about 
0.0254  mm  which  is  equivalent  to  a  3  %  (0.0254/0.81  mm  x  100  %)  reduction  in  compressive  strain  to 
the  seal.  Assuming  a  linear  relation  between  the  stress  and  strain,  this  implies  that  the  sealing 
pressure/force  is  reduced  by  3  %  from  the  time  just  assembled  to  normal  operation  of  the  cell.  Note 
this  reduction  of  sealing  force  is  purely  from  thermo-mechanical  effect  of  the  cell  structure  which  is  in 
addition  to  the  inherent  material  stress  relaxation  behavior  of  the  polymeric  seal  material. 

In  order  to  understood  the  input  gas  pressure's  variation.  We  get  the  pipe  of  gas  pressure  rate 
from  inlet  of  the  cathode  and  anode  side.  Fig.  7  shows  the  fuel  cell  input  gas  pressure  compared  with 
gap  spacing  values.  Fig.  7(a)  shows  the  time  before  0.2  hr's  compare  input  gas  pressure  and  four  gap 
spacing's  variation.  Fig.  7(b)  shows  following  the  PEMFC  breaking  procedure  running  compare  input 
gas  pressure  and  four  gap  spacing's  variation.  In  the  graph,  Fig.  7(a)  was  found  the  gap  spacing  rose 
immediately  when  the  gas  input.  Follow  procedure,  it  is  suspected  that  the  jump  is  due  to  the 
application  of  the  inlet  gas  pressure  which  is  in  the  range  of  0.2  to  1.4  psig.  For  our  group  simulation 
study  is  0.5-1  psi  [21].  At  the  Fig.  7(b),  the  gap  spacing  No. 3  was  increasing  when  change  the  gas 
pressure.  The  No. 3  was  near  the  gas  output  and  the  end  of  the  flow  flied  channel.  It's  in  the  bottom  and 
that  has  more  gas  and  water  accumulation.  All  of  the  gap  spacing's  deformation  from  the  first  inlet 
air  pressure  and  No. 3  was  changed  with  increasing  air/water  pressure. 

We  found  the  inlet  air  flow  rate  in  the  anode  and  cathode  side.  Fig.  8  shows  the  flow  rate's 
variation  that  compared  with  time  and  temperature.  Fig.  8(a)  shows  the  time  before  0.2hr's  compare 
inlet  flow  rate  in  the  anode  and  cathode  side's  variation.  Fig.  8(b)  shows  following  the  PEMFC 
breaking  procedure  running  in  the  anode  and  cathode  side's  variation.  At  Fig.  8(a),  it  found  the  flow 
rate  start  at  Ominute  that  we  set  84ccm  and  332ccm.  After  time  at  lOminute,  the  flow  rate  was  going  to 
144  ccm  and  570  ccm.  After  one  day,  the  flow  rate  was  going  to  150  ccm  and  600  ccm.  The  cell 
temperature  was  going  to  60°C  that  the  flow  rate  at  670  ccm  and  170  ccm.  The  cell  temperature  was 
70  °C  that  flow  rate  was  growth  to  720  ccm  and  1 80  ccm.  We  try  to  up  to  80  °C,  but  the  flow  rate  was 
decreasing. 
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Fig.  6.  The  gap  spacing's  variation  at  four  locations  (the  numbers  were  shown  in  fig. 5).  (a)  the  time 
before  0.2hr's  four  gaps  spacing's  variation,  (b)  the  four  gaps  spacing's  variations  following 
the  PEMFC  running  breaking  procedure. 
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Fig.  7.  Compare  the  gap  spacing  with  input  pressure  and  measured  values,  (a)  The  time  before  0.2hr's 
compare  input  gas  pressure  and  four  gap  spacing's  variation,  (b)  Following  the  PEMFC 
breaking  procedure  running  compare  input  gas  pressure  and  four  gap  spacing's  variation(Blue 
line  is  Cathode  side  pressure  (Air),  Red  side  is  Anode  side  pressure  (H2)). 
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8. Compare  input  flow  rate  values  with  time  and  temperate,  (a)  The  time  before  0.2hr's  compare 
inlet  flow  rate  in  the  anode  and  cathode  side's  variation,  (b)  Following  the  PEMFC  breaking 
procedure  running  in  the  anode  and  cathode  side's  variation. 


4.  Conclusions 

Variation  of  Compression  of  Seals  in  PEM  Fuel  Cells  was  studied  in  this  paper. 
The  following  conclusion  can  be  made. 

1.  It  appears  that  the  change  of  gap  spacing  with  temperature  is  relatively  small,  i.e.  +3% 
maximum.  That  implies  the  sealing  force  is  not  affected  much  from  the  time  assembled  to 
operation,  excluding  the  stress  relaxation  effect.  It  is  largely  because  the  operating  temperature 
of  PEMFC  is  low,  i.e.  less  than  90°C.  In  addition,  the  change  of  all  dimensions  from  thermal 
expansion  is  negligible. 

2.  An  interesting  observation  is  that  both  the  gap  spacing  and  the  outside  dimensions  jumped 
initially  and  did  not  follow  the  cell  temperature's  later  rise  to  a  maximum  of  80°C.  It's  effect 
by  the  first  gas  inlet  pressure. 

3.  Gap  spacing  at  No. 3  was  increasing  when  change  the  gas  pressure.  The  No. 3  in  the  bottom 
was  near  the  gas  output  and  the  end  of  the  flow  flied  channel.  Here  has  more  gas  and  more 
water  accumulation. 
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ABSTRACT 

Neutron  emission  measurements,  by  means  of  3He  devices  and  bubble  detectors,  were  performed  during  three 
different  kinds  of  compression  tests:  (i)  under  monotonic  displacement  control,  (ii)  under  cyclic  loading,  and  (iii)  by 
ultrasonic  vibration.  The  material  used  for  the  tests  was  Green  Luserna  Granite.  Since  the  analyzed  material 
contains  iron,  our  conjecture  is  that  piezonuclear  reactions  involving  fission  of  iron  into  aluminum,  or  into 
magnesium  and  silicon,  should  have  occurred  during  compression  damage  and  failure.  This  hypothesis  is 
confirmed  by  the  direct  evidence  of  Energy  Dispersive  X-ray  Spectroscopy  (EDS)  tests.  It  is  also  interesting  to 
emphasize  that  the  anomalous  chemical  balances  of  the  major  events  that  have  affected  the  geomechanical  and 
geochemical  evolution  of  the  Earth's  Crust  should  be  considered  as  an  indirect  evidence  of  the  piezonuclear 
fission  reactions. 

INTRODUCTION 

We  deal  with  a  new  topic  in  the  scientific  literature:  piezonuclear  neutron  emissions  from  brittle  rock  specimens 
under  mechanical  loading.  The  phenomenon  is  analyzed  from  an  experimental  point  of  view.  In  the  scientific 
community  some  studies  have  been  already  conducted  on  the  different  forms  of  energy  emitted  during  the  failure 
of  brittle  materials.  They  are  based  on  the  signals  captured  by  the  acoustic  emission  measurement  systems,  or  on 
the  detection  of  the  electromagnetic  charge.  On  the  other  hand,  only  very  recently  piezonuclear  neutron 
emissions  from  very  brittle  rock  specimens  in  compression  have  been  discovered  [1-3]. 

In  this  paper,  we  present  original  experimental  tests,  using  3He  neutron  detectors  and  bubble  type  BD 
thermodynamic  neutron  detectors,  performed  on  brittle  rock  test  specimens.  We  carried  out  three  different  kinds 
of  compression  tests:  (i)  under  monotonic  displacement  control,  (ii)  under  cyclic  loading,  and  (iii)  by  ultrasonic 
vibrations  [4].  Similarly  to  the  preliminary  piezonuclear  experiments  presented  in  [1-3],  the  material  used  for  the 
tests  is  non-radioactive  Green  Luserna  Granite.  In  these  new  tests  cylindrical  specimens  with  different  size  and 
slenderness  are  used  and  not  prismatic  specimens  as  in  the  preliminary  tests  [1-3].  The  compression  tests  were 
performed  at  the  Fracture  Mechanics  Laboratory  of  the  Politecnico  of  Torino,  while  the  ultrasonic  tests  at  the 
Medical  and  Environmental  Physics  Laboratory  of  the  University  of  Torino. 

For  the  specimens  of  larger  dimensions  characterized  by  a  brittle  behaviour,  neutron  emissions,  detected  by  3He, 
were  found  to  be  of  about  one  order  of  magnitude  higher  than  the  ordinary  natural  background  level  at  the  time  of 
the  catastrophic  failure.  As  regards  test  specimens  with  more  ductile  behaviour,  neutron  emissions  significantly 
higher  than  the  background  level  were  also  found.  These  emissions  fully  confirm  the  preliminary  tests  [1-3]  and 
are  due  to  piezonuclear  reactions,  which  depend  on  the  different  modalities  of  energy  release  during  the  tests.  For 
specimens  with  sufficiently  large  size  and  slenderness,  a  relatively  high  energy  release  is  expected,  and  hence  a 
higher  probability  of  neutron  emissions  at  the  time  of  failure.  Furthermore,  during  compression  tests  under  cyclic 
loading,  an  equivalent  neutron  dose,  analysed  by  neutron  bubble  detectors,  about  twice  higher  than  the  ordinary 
background  level  was  found  at  the  end  of  the  test. 

Finally,  by  using  an  ultrasonic  horn  suitably  joined  with  the  specimen,  an  ultrasonic  test  was  carried  out  on  a 
Green  Luserna  Granite  specimen  in  order  to  produce  continuing  vibration  at  20  kHz.  Three  hours  after  the 
beginning  of  the  test,  an  equivalent  neutron  dose  about  three  times  higher  than  the  background  level  was  found. 
Moreover,  Energy  Dispersive  X-ray  Spectroscopy  (EDS)  was  performed  on  different  samples  of  external  or 
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fracture  surfaces  belonging  to  specimens  used  in  the  preliminary  piezonuclear  tests  [5].  For  each  sample, 
different  measurements  of  the  same  crystalline  phases  (phengite  or  biotite)  were  performed  in  order  to  get 
averaged  information  of  the  chemical  composition  and  to  detect  possible  piezonuclear  transmutations  from  iron  to 
lighter  elements.  The  samples  were  carefully  chosen  to  investigate  and  compare  the  same  minerals  before  and 
after  the  crushing  failure.  Phengite  and  biotite,  that  are  rather  common  in  the  Luserna  Granite  (20%  and  2%, 
respectively),  were  considered  owing  to  the  high  iron  concentration  in  their  chemical  compositions.  The  results  of 
EDS  analyses  show  that,  on  the  fracture  surface  samples,  a  considerable  reduction  in  the  iron  content  (-25%)  is 
counterbalanced  by  a  nearly  equal  increase  in  Al,  Si,  and  Mg  concentrations. 

Our  conjecture  is  that  piezonuclear  reactions  involving  fission  of  iron  into  aluminum,  or  into  magnesium  and 
silicon,  should  have  occurred  during  compression  on  the  tested  specimens.  The  present  natural  abundances  of 
aluminum  (-8%),  and  silicon  (-28%)  and  scarcity  of  iron  (-4%)  in  the  continental  Earth's  crust  are  possibly  due  to 
the  piezonuclear  fission  reactions  considered  above.  These  reactions  would  be  activated  where  the  environment 
conditions  (pressure  and  temperature)  are  particularly  severe,  and  mechanical  phenomena  of  fracture,  crushing, 
fragmentation,  comminution,  erosion,  friction,  etc.,  may  occur. 

From  this  point  of  view,  piezonuclear  reactions,  induced  by  the  sliding  of  faults  and  plate  subduction  phenomena 
at  the  Earth'  crust  scale,  could  imply  the  different  mineral  reservoir  localizations  on  the  Earth's  surface  and  the 
most  significant  chemical  element  evolutions  over  the  past  4.57  Gyrs  (Earth's  life  time).  The  geomechanical  and 
geochemical  evidences  shown  in  this  paper  involve  the  most  abundant  elements  in  the  Earth's  continental  crust 
such  as  Si,  Al,  Mg,  Fe,  Ca,  K,  and  Na.  Therefore  the  plate  tectonics,  the  related  plate  collisions,  and  the 
subduction  phenomena  are  useful  to  understand  not  only  the  morphology  of  our  planet,  but  also  its  compositional 
evolution  [6]. 

NEUTRON  EMISSION  DETECTION  TECHNIQUES 

Since  neutrons  are  electrically  neutral  particles,  they  cannot  directly  produce  ionization  in  a  detector,  and 
therefore  cannot  be  directly  detected.  This  means  that  neutron  detectors  must  rely  upon  a  conversion  process 
where  an  incident  neutron  interacts  with  a  nucleus  to  produce  a  secondary  charged  particle.  These  charged 
particles  are  then  detected,  and  from  them  the  neutrons  presence  is  deduced.  For  an  accurate  neutron 
evaluation,  a  3He  proportional  counter  and  a  set  of  passive  neutron  detectors,  based  on  the  superheated  bubble 
detection  technique,  insensitive  to  electromagnetic  noise,  were  employed. 

The  3He  detector  used  in  the  tests  is  a  3He  type  (Xeram,  France)  with  electronics  of  preamplification, 
amplification,  and  discrimination  directly  connected  to  the  detector  tube.  The  detector  is  powered  with  high  voltage 
power  supply  (about  1.3  kV)  via  NIM  (Nuclear  Instrument  Module)  module.  The  logic  output  producing  the  TTL 
(through  the  lens)  pulses  is  connected  to  a  NIM  counter.  The  logic  output  of  the  detector  is  enabled  for  analog 
signals  exceeding  300  mV.  This  discrimination  threshold  is  a  consequence  of  the  sensitivity  of  the  3He  detector  to 
the  gamma  rays  ensuing  neutron  emission  in  ordinary  nuclear  processes. 

A  set  of  passive  neutron  detectors  insensitive  to  electromagnetic  noise  and  with  zero  gamma  sensitivity  was  used. 
The  dosimeters,  based  on  superheated  bubble  detectors  (BTI,  Ontario,  Canada)  (BUBBLE  TECHNOLOGY 
INDUSTRIES  (1992))  [7],  are  calibrated  at  the  factory  against  an  AmBe  (Americium-Beryllium)  source  in  terms  of 
NCRP38  [8]. 

EXPERIMENTAL  SET-UP 

Compression  tests  under  monotonic  displacement  control 

Similarly  to  the  preliminary  piezonuclear  tests  presented  in  [1-3],  the  material  used  for  the  tests  is  non-radioactive 
Green  Luserna  Granite  [4].  In  these  new  experiments  cylindrical  specimens  with  different  size  and  slenderness 
are  used  in  order  to  assess  neutron  emissions  related  to  specimens  with  very  brittle  or  catastrophic  failure  [9,10]. 
Neutron  emissions  were  measured  on  nine  Green  Luserna  Granite  cylindrical  specimens,  of  different  size  and 
shape,  denoted  with  P1,  P2,...,  P9.  The  tests  were  carried  out  by  means  of  a  servo-hydraulic  press,  with  a 
maximum  capacity  of  1800  kN,  working  by  a  digital  type  electronic  control  unit.  The  management  software  was 
TESTXPERTII  by  Zwick/Roel  (Zwick/Roel  Group,  Ulm,  Germany),  while  the  mechanical  parts  are  manufactured 
by  Baldwin  (Instron  Industrial  Products  Group,  Grove  City,  PA,  USA).  The  force  applied  was  determined  by 
measuring  the  pressure  in  the  loading  cylinder  by  means  of  a  transducer.  The  margin  of  error  in  the  determination 
of  the  force  is  1%,  which  makes  it  a  class  1  mechanical  press.  The  specimens  were  arranged  with  the  two  smaller 
surfaces  in  contact  with  the  press  platens,  without  coupling  materials  in-between,  according  to  the  testing 
modalities  known  as  "test  by  means  of  rigid  platens  with  friction".  The  tests  were  performed  under  monotonic 
loading,  with  the  planned  displacement  velocities  ranging  from  0.001  to  0.01  mm/s. 

The  3He  neutron  detector  was  switched  on  at  least  one  hour  before  the  beginning  of  each  compression  test,  in 
order  to  reach  the  thermal  equilibrium  of  electronics,  and  to  make  sure  that  the  behaviour  of  the  devices  was 
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stable  with  respect  to  intrinsic  thermal  effects.  The  detector  was  placed  in  front  of  the  test  specimen  at  a  distance 
of  20  cm  and  it  was  enclosed  in  a  polystyrene  case  of  10  cm  of  thickness  in  order  to  avoid  "spurious"  signals 
coming  from  impact  and  vibration. 

A  relative  measurement  of  natural  neutron  background  was  performed  in  order  to  assess  the  average  background 
affecting  data  acquisition  in  experimental  room  condition.  The  3He  device  was  positioned  in  the  same  condition  of 
the  experimental  set-up  and  the  background  measures  were  performed  fixing  at  60  s  the  acquisition  time,  during  a 
preliminary  period  of  more  than  three  hours,  for  a  total  number  of  200  counts.  The  average  measured  background 
level  is  ranging  from  (3.17±0.32)-10-2  to  (4.74±0.46)-10-2  cps  (see  Table  1). 

Compression  test  under  cyclic  loading 

A  Green  Luserna  Granite  specimen  (D=53mm,  H=53mm,  A=1)  was  used.  The  cyclic  loading  was  programmed  at 
a  frequency  of  2  Hz  and  with  a  load  excursion  from  a  minimum  load  of  10  kN  to  a  maximum  of  60  kN.  With 
respect  to  the  tests  performed  under  monotonic  displacement  control,  neutron  emissions  from  compression  test 
under  cyclic  loading  were  performed  by  using  neutron  bubble  detectors.  Due  to  their  isotropic  angular  response, 
three  BDT  and  three  BD-PND  detectors  were  positioned  at  a  distance  of  about  5  cm,  all  around  the  specimen. 
The  detectors  were  previously  activated,  unscrewing  the  protection  cap,  in  order  to  reach  the  suitable  thermal 
equilibrium,  and  they  were  kept  active  for  all  the  test  duration.  Furthermore,  a  BDT  and  a  BD-PND  detector  were 
used  as  background  control  during  the  test. 

Ultrasonic  test 

A  Green  Luserna  Granite  specimen  (D=53mm,  H=100mm,  A=2)  was  connected  to  the  ultrasonic  horn  by  a  glued 
screw  inserted  in  a  5  mm  deep  hole.  This  kind  of  connection  was  made  in  order  to  achieve  a  resonance  condition, 
considering  the  speed  of  sound  in  Luserna  stone,  and  the  length  of  the  specimen.  Ultrasonic  irradiation  of  the 
specimen  was  carried  out  for  3  hours.  After  the  switching  on  of  the  transducer,  10%  of  the  maximum  power  was 
reached  in  20  min.  Successively,  the  transducer  power  increased  to  20%  after  one  hour,  and  next  reached  a 
maximum  level  of  about  30%  after  2  hours.  Then,  the  transducer  worked  in  the  same  power  condition  up  to  the 
end  of  the  test. 

TESTS  ON  CYLINDRICAL  SPECIMENS:  EXPERIMENTAL  RESULTS 

Compression  tests  under  monotonic  displacement  control 

Additional  background  measurements  were  repeated  before  each  test,  fixing  an  acquisition  time  of  60  s,  up  to  the 
assessment  of  no  significant  variation  in  natural  background.  Neutron  measurements  of  specimens  P2,  P3,  P4, 
P7  yielded  values  comparable  with  the  ordinary  natural  background,  whereas  in  specimens  PI  and  P5  the 
experimental  data  exceeded  the  background  value  by  about  four  times.  On  the  other  hand,  for  specimen  P6,  P8 
and  P9,  the  neutron  emissions  achieved  values  of  about  one  order  of  magnitude  higher  than  the  ordinary 
background  (see  Table  1).  In  Fig.  1a-c  the  load  vs.  time  diagram  and  the  neutron  count  rate  evolution  for 
specimens  P6,  P8  and  P9  are  shown. 

The  preliminary  experimental  results  described  above  and  reported  in  [1-3]  are  confirmed  by  those  obtained  from 
compression  tests  on  the  cylindrical  specimens.  Neutron  emissions  related  to  specimens  with  very  brittle  or 
catastrophic  failure  result  to  be  larger  by  about  one  order  of  magnitude  than  the  ordinary  background  (see  Fig.  1). 
The  maximum  neutron  emissions  were  obtained  from  test  specimens  with  a  volume  larger  than  a  threshold  value 
of  about  360  cm3  [4]. 

In  addition,  the  experimental  results  seem  to  demonstrate  that  neutron  emissions  follow  an  anisotropic  and 
impulsive  distribution  from  a  specific  zone  of  the  specimen.  It  is  a  matter  of  fact  that  the  neutron  flux  and 
consequently  neutron  dose  are  inversely  proportional  to  the  square  of  the  distance  from  the  source.  For  these 
reasons,  the  3He  device  could  have  underestimated  neutron  flux  intensity.  A  possible  solution  to  avoid 
underestimated  data  acquisition  is  an  experimental  measurement  by  using  more  than  one  3He  detector  and  more 
bubble  dosimeters  placed  around  the  test  specimen  [4]. 

Compression  test  under  cyclic  loading 

Droplets  counting  was  performed  every  12  hours  and  the  equivalent  neutron  dose  was  calculated.  In  the  same 

way,  the  natural  background  was  estimated  by  means  of  the  two  bubble  dosimeters  used  for  assessment.  The 

ordinary  background  was  found  to  be  (13.98±2.76)  nSv/h. 

In  Fig.  2  neutron  equivalent  dose  variation,  evaluated  during  the  cyclic  compression  test,  is  reported.  An 

increment  of  more  than  twice  higher  than  the  background  level  was  detected  at  specimen  failure.  No  significant 

variations  in  neutron  emissions  were  observed  before  the  failure.  The  equivalent  neutron  dose,  at  the  end  of  the 

test,  was  (28.74±5.75)  nSv/h. 
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Fig.  1.  Specimens  P6,  P8,  P9.  Load  vs.  time  diagrams,  and  neutron  emissions  count  rate 

Table  1.  Compression  tests  under  monotonic  displacement  control.  Neutron  emissions  experimental  data  on 

Green  Luserna  Granite  specimens 


Granite 
Specimen 


Average  neutron 
D          A=H/D                 background 
(mm) (102cps) 


Count  rate 

at  the  neutron 

emission  (102cps) 


P1 

28 

0.5 

3.17±0.32 

P2 

28 

1 

3.17±0.32 

P3 

28 

2 

3.17±0.32 

P4 

53 

0.5 

3.83±0.37 

P5 

53 

1 

3.84±0.37 

P6 

53 

2 

4.74±0.46 

P7 

112 

0.5 

4.20±0.80 

P8 

112 

1 

4.2010.80 

P9 

112 

2 

4.20±0.80 

8.33±3.73 
background 
background 
background 
11.67±4.08 
25.00±6.01 
background 
30.00±11.10 
30.00±10.00 


Ultrasonic  test 

Ultrasonic  oscillation  was  generated  by  an  high  intensity  ultrasonic  horn  (Bandelin  HD  2200)  working  at  20  kHz. 

The  device  guarantees  constant  amplitude  (ranging  from  10%  to  100%)  independently  of  changing  conditions 
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within  the  sample.  The  apparatus  consists  of  a  generator  that  converts  electrical  energy  to  20  kHz  ultrasounds, 
and  of  a  transducer  that  switches  this  energy  into  mechanical  longitudinal  vibration  at  the  same  frequency. 
The  ultrasonic  test  on  Green  Luserna  Granite  specimen  (D=53mm,  H=100mm,  A=2)  was  carried  out  at  the 
Medical  and  Environmental  Physics  Laboratory  of  Experimental  Physics  Department  of  the  University  of  Torino.  A 
relative  natural  background  measurement  was  performed  by  means  of  the  3He  detector  for  more  than  6  hours. 
The  average  natural  background  was  of  (6.50±0.85)-1CT3  cps,  for  a  corresponding  thermal  neutron  flux  of 
(1.00±0.13)-10-4  nthermai  ciTf2s~1.  This  natural  background  level,  lower  than  the  one  calculated  during  the 
compression  tests  at  the  Fracture  Mechanics  Laboratory  of  the  Politecnico  of  Torino,  is  in  agreement  with  the 
location  of  the  experimental  Physics  Laboratory,  which  is  three  floors  below  the  ground  level. 
During  the  ultrasonic  test,  the  specimen  temperature  was  monitored  by  using  a  multimeter/thermometer 
(Tektronix  mod.  S3910).  The  temperature  reached  50°C  after  20  min,  and  then  increased  up  to  a  maximum  level 
of  100°C  at  the  end  of  the  ultrasonic  test.  In  Fig.  3,  the  neutron  emissions  detected  are  compared  with  the 
transducer  power  trend  and  the  specimen  temperature.  A  significant  increment  in  neutron  activity  after  130  min 
from  the  beginning  of  the  test  was  measured.  At  this  time,  the  transducer  power  reached  30%  of  the  maximum, 
with  a  specimen  temperature  of  about  90°C.  Some  neutron  variations  were  detected  during  the  first  hour  of  the 
test,  but  they  could  be  due  to  ordinary  fluctuations  of  natural  background.  At  the  switching  off  of  the  sonotrode,  the 
neutron  activity  decreased  to  the  typical  background  value. 


Compression  test  under  cyclic  loading  on 
Green  Luserna  granite  specimen 

-  Equivalent  Neutron  Dose 

-Average  Neutron  Background  (13.98±2.76)  nSv/h 


I 


Time  (hrs) 

Fig.  2.  Compression  test  under  cyclic  loading.  Equivalent  neutron  dose  variation  on  Green  Luserna  Granite 
specimen. 

Ultrasonic  Test  on  Green  Luserna  granite  specimen 
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Fig.  3.  Ultrasonic  test.  Neutron  emissions  compared  with  the  specimen  temperature,  and  with  the  transducer 
power  trend. 


COMPOSITIONAL  AND  MICROCHEMICAL  EVIDENCE  OF  PIEZONUCLEAR  FISSION  REACTIONS  IN  THE 
ROCK  SPECIMENS 

Energy  Dispersive  X-ray  Spectroscopy  (EDS)  was  performed  on  different  samples  of  external  or  fracture  surfaces, 
belonging  to  the  same  specimens  in  Green  Luserna  Granite  used  in  the  preliminary  piezonuclear  tests  by 
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Carpinteri  et  al.  [1-3].  The  tests  were  conducted  in  order  to  correlate  the  neutron  emissions  from  the  Luserna 
Granite  with  the  variations  in  rock  composition.  These  analyses  lead  to  get  averaged  information  of  the  mineral 
and  chemical  composition  and  to  detect  possible  piezonuclear  transmutations  from  iron  to  lighter  elements.  The 
quantitative  elemental  analyses  were  performed  by  a  ZEISS  Supra  40  Field  Emission  Scanning  Electron 
Microscope  (FESEM)  equipped  with  an  Oxford  X-rays  microanalyser.  The  samples  were  carefully  chosen  to 
investigate  and  compare  the  same  crystalline  phases  both  before  and  after  the  crushing  failure.  In  particular,  two 
crystalline  phases,  phengite  and  biotite,  were  considered  due  to  their  high  iron  content  and  relative  abundances  in 
the  Luserna  Granite  (20%  and  2%,  respectively)  [11]. 

In  consequence  of  Luserna  stone  being  a  very  heterogeneous  rock,  and  in  order  to  assess  mass  percentage 
variations  in  chemical  elements  such  as  Fe,  Al,  Si  and  Mg,  the  EDS  analyses  have  been  focused  on  two 
crystalline  phases:  phengite  and  biotite.  These  two  minerals  of  granitic  gneiss,  that  are  quite  common  in  the 
Luserna  stone  (20%  and  2%,  respectively),  show  a  mineral  chemistry  in  which  the  iron  content  is  largely  diffused. 
In  Figs.  4a  and  4b,  two  electron  microscope  images  of  phengite  and  biotite  sites,  the  first  on  the  external  sample 
(thin  section  1)  and  the  second  on  the  fracture  surface  (fracture  surface  2),  are  shown. 

EDS  results  for  phengite  and  biotite 

In  Table  2,  the  results  for  the  Fe  concentrations  obtained  from  the  measurements  on  phengite  crystalline  phase 
are  shown.  Thirty  measurements  were  carried  out  on  the  polished  thin  sections  as  representatives  of  the  external 
surface  samples,  whereas  other  thirty  measurements  were  carried  out  on  fracture  surfaces  [5].  The  distribution  of 
Fe  concentrations  for  the  external  surfaces  has  an  average  value  (calculated  as  the  arithmetic  mean  value)  equal 
to  6.20%.  The  distribution  of  Fe  concentrations  on  the  fracture  samples  shows  a  significant  variations.  The  mean 
value  of  the  distribution  of  measurements  performed  on  fracture  surfaces  is  equal  to  4.0%  and  it  is  considerably 
lower  than  the  mean  value  of  external  surface  measurements  (6.20%)  [5]. 

The  iron  decrease,  considering  the  mean  values  of  the  distributions  of  phengite  composition,  is  about  2.20%.  This 
iron  content  reduction  corresponds  to  a  relative  decrease  of  35%  with  respect  to  the  previous  Fe  content  (6.20% 
in  phengite).  Similarly  the  Al  mass  percentage  concentrations  are  considered  in  both  the  cases  of  external  and 
fracture  surfaces  (see  Table  2).  For  Al  contents,  the  observed  variations  show  a  mass  percentage  increase 
approximately  equal  to  that  of  Fe.  The  average  increase  in  the  distribution,  corresponding  to  the  fracture  surfaces 
is  about  2.00%  of  the  phengite  composition.  The  average  value  of  Al  concentrations  changes  from  12.50%  on  the 
external  surface  to  14.50%  on  the  fracture  surface.  The  relative  increase  in  Al  content  is  equal  to  16%. 
The  evidence  emerging  from  the  EDS  analyses,  that  the  two  values  for  the  iron  decrease  (-2.20%)  and  for  the  Al 
increase  (+2.0%)  are  approximately  equal,  is  really  impressive.  This  fact  is  even  more  evident  considering  the 
trends  of  the  other  chemical  elements  constituting  the  mineral  chemistry  (excluding  H  and  O)  in  phengite, 
because  no  appreciable  variations  can  be  recognized  between  the  average  values  (Table  2)  [5]. 


Fig.  4.  FESEM  images  of  phengite  and  biotite  in  the  case  of  (a)  external  and  (b)  fracture  sample. 


In  Table  3  the  mean  value  for  Fe,  Al,  Si  and  Mg  concentrations  measured  on  30  acquisition  points  of  biotite 
crystalline  phase  are  shown.  The  measurements  were  selected  on  the  polished  thin  sections  as  representatives  of 
the  uncracked  material  samples  (15  measurements)  and  on  fracture  surfaces  (15  measurements)  [5].  It  can  be 
observed  that  the  distribution  of  Fe  concentrations  for  the  external  surfaces  shows  an  average  value  (calculated 
as  the  arithmetic  mean  value)  equal  to  21 .20%.  On  the  other  hand  the  distribution  of  Fe  concentrations  on  fracture 
samples  drops  to  18.20%.  In  this  case,  the  iron  decrease,  considering  the  mean  values  of  the  Fe  distributions,  is 
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about  3.00%  (see  Table  3).  This  iron  content  reduction  (-3.00%)  corresponds  to  a  relative  decrease  of  14%  with 
respect  to  the  previous  Fe  content  (21.20%  in  biotite).  Similarly  the  Al  mass  percentage  concentrations  are 
considered  in  both  cases  of  external  and  fracture  samples.  For  Al  contents  the  observed  variations  show  an 
average  increase  of  about  1.50%  in  the  biotite  composition  (see  Table  3).  The  average  value  of  Al  concentrations 
changes  from  8.10%  on  the  external  surface  to  9.60%  on  the  fracture  surface,  with  a  relative  increase  in  Al 
content  equal  to  18%.  In  Table  3  it  is  shown  that,  in  the  case  of  biotite,  also  Si  and  Mg  contents  present 
considerable  variations.  The  mass  percentage  concentration  of  Si  changes  from  a  mean  value  of  18.40% 
(external  surface)  to  a  mean  value  of  19.60%  (fracture  surface)  with  an  increase  of  1.20%.  Similarly,  the  Mg 
concentration  distributions  show  that  the  mean  value  of  Mg  content  changes  from  1.50%  (external  surface)  to 
2.20%  (fracture  surface)  (Table  3).  Therefore,  the  iron  decrease  (-3.00%)  in  biotite  seems  to  be  counterbalanced 
by  an  increase  in  aluminum  (+1.50%),  silicon  (+1.20%),  and  magnesium  (+0.70%)  [5]. 

Table  2:  Phengite:  Fe,  Al,  Si,  Mg,  and  K  weight  percentage  mean  values  on  external  and  fracture  surfaces. 
Variations  with  respect  to  the  mineral  (phengite)  and  to  the  same  element 


External  surface 

mean  value 

(wt%) 

Fracture  surface 

mean  value 

(wt%) 

Increase/ 

decrease 

with  respect  to 

phengite 

Increase/ 

decrease  with 

respect  to  the  same 

element 

Fe 

6.20 

4.00 

-2.20% 

-35% 

Al 

12.50 

14.50 

+2.00% 

+16% 

Si 

28.00 

27.80 

NO  VARIATIONS 

NO  VARIATIONS 

Mg 

0.75 

0.85 

NO  VARIATIONS 

NO  VARIATIONS 

K 

8.00 

7.75 

NO  VARIATIONS 

NO  VARIATIONS 

Table  3:  Biotite:  Fe,  Al,  Si,  Mg,  and  K  weight  percentage  mean  values  on  external  and  fracture  surfaces. 
Variations  with  respect  to  the  mineral  (biotite)  and  to  the  same  element 


External  surface 

mean  value 

(wt%) 

Fracture  surface 

mean  value 

(wt%) 

Increase/ 

decrease 

with  respect  to 

biotite 

Increase/ 
decrease  with 
respect  to  the 
same  element 

Fe 

21.20 

18.20 

-3.00% 

-14% 

Al 

8.10 

9.60 

+1.50% 

+18% 

Si 

18.40 

19.60 

+1.20% 

+6% 

Mg 

1.50 

2.20 

+0.70% 

+46% 

K 

6.90 

7.10 

NO  VARIATIONS 

NO  VARIATIONS 

PIEZONUCLEAR  REACTIONS:  FROM  THE  LABORATORY  TO  THE  EARTH  SCALE 

From  the  results  shown  in  the  previous  sections  and  the  experimental  evidence  reported  in  recent  papers  [1-4,5], 
it  can  be  clearly  seen  that  piezonuclear  reactions  are  possible  in  inert  non-radioactive  solids. 
From  the  EDS  results  on  fracture  samples,  the  evidences  of  Fe  and  Al  variations  in  phengite  (Table  2)  lead  to  the 
conclusion  that  the  piezonuclear  reaction: 

Fe||  ->  2  Al?|  +  2  neutrons  ( 1 ) 

should  have  occurred  [1-4,5].  Moreover,  considering  the  evidences  for  the  biotite  content  variations  in  Fe,  Al,  Si, 
and  Mg  (Table  3),  it  is  possible  to  conjecture  that  another  piezonuclear  reaction,  in  addition  to  (1),  should  have 
occurred  during  the  piezonuclear  tests  [1-4,5]: 
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Fe||  ->  Mg^  +  Si^+  4  neutrons  (2) 

Taking  into  account  that  granite  is  a  common  and  widely  occurring  type  of  intrusive,  Sialic,  igneous  rock,  and  that 
it  is  characterized  by  an  extensive  concentration  in  the  rocks  that  make  up  the  Earth's  crust  (-60%  of  the  Earth's 
crust),  the  piezonuclear  fission  reactions  expressed  above  can  be  generalized  from  the  laboratory  to  the  Earth's 
crust  scale,  where  mechanical  phenomena  of  brittle  fracture,  due  to  fault  collision  and  subduction,  take  place 
continuously  in  the  most  seismic  areas.  This  hypothesis  seems  to  find  surprising  evidence  and  confirmation  from 
both  the  geomechanical  and  the  geochemical  points  of  view  [6].  The  neutron  emissions  involved  in  piezonuclear 
reactions  can  be  detected  not  only  in  laboratory  experiments,  as  shown  in  this  paper,  and  in  [1-4],  but  also  at  the 
Earth's  crust  scale  [6].  Recent  neutron  emission  detections  by  Kuzhevskij  et  al.  [15,16]  have  led  to  consider  also 
the  Earth's  crust,  in  addition  to  cosmic  rays,  as  being  a  relevant  source  of  neutron  flux  variations.  Neutron 
emissions  measured  near  the  Earth's  surface  exceeded  the  neutron  background  by  about  one  order  of  magnitude 
in  correspondence  to  seismic  activity  and  rather  appreciable  earthquakes  [17].  This  relationship  between  the 
processes  in  the  Earth's  crust  and  neutron  flux  variations  has  allowed  methods  for  short-term  prediction  and 
monitoring  of  earthquakes  to  be  developed  [15,16].  Neutron  flux  variations,  in  correspondence  to  seismic  activity, 
may  be  evidence  of  changes  in  the  chemical  composition  of  the  crust,  as  a  result  of  piezonuclear  reactions.  The 
present  natural  abundances  of  aluminum  (-8%),  silicon  (-28%)  and  magnesium  (-1.3%)  and  scarcity  of  iron 
(-4%)  in  the  continental  Earth's  crust  [18-20]  are  possibly  due  to  the  piezonuclear  fission  reactions  expressed 
above  [6].  In  addition,  considering  the  mass  percentage  concentrations  of  other  chemical  elements,  such  as  Na 
(-2.9%),  Ni  (-0.01%),  and  Co  (-0.003%),  in  the  continental  crust  [18-24],  it  is  possible  to  conjecture  additional 
piezonuclear  fission  reactions  that  could  have  taken  place  in  correspondence  to  plate  collision  and  subduction  [6]: 

Cog  ->  Al^  +  Si?J  +  4  neutrons  ,  (3) 

Nig  ^2  Si^+ 3 neutrons,  (4) 

Ml™  ->  Na?i3  +  CI137  +  1  neutron .  (5) 

The  large  concentrations  of  granite  minerals,  such  as  quartz  and  feldspar  (Si02,  Al203)  in  the  Earth's  crust,  and  to 
a  lesser  extent  of  magnesite,  halite,  and  zeolite  (MgO,  Na20,  Cl203),  and  the  low  concentrations  of  magnetite, 
hematite,  bunsenite  and  cobaltite  minerals  (composed  predominantly  of  Fe,  Co,  and  Ni  minerals),  could  be 
ascribed  to  piezonuclear  reactions  due  to  tectonic  and  subduction  phenomena  [6]. 

HETEROGENEITY  IN  THE  COMPOSITION  OF  THE  EARTH'S  CRUST:  Fe  AND  Al  RESERVOIR 
LOCALIZATIONS 

The  localization  of  Al  and  Fe  mineral  reservoirs  seems  to  be  closely  connected  to  the  geological  periods  when 
different  continental  zones  were  formed  [18-21,  25-28].  This  fact  would  seem  to  suggest  that  our  planet  has 
undergone  a  continuous  evolution  from  the  most  ancient  geological  regions,  which  currently  reflect  the  continental 
cores  that  are  rich  in  Fe  reservoirs,  to  more  recent  or  contemporary  areas  of  the  Earth's  crust  where  the 
concentrations  of  Si  and  Al  oxides  present  very  high  mass  percentages  [18].  The  main  iron  reservoir  locations 
(Magnetite  and  Hematite  mines)  are  reported  in  Fig.  5a.  The  main  concentrations  of  Al-oxides  and  rocky  andesitic 
formations  (the  Rocky  Mountains  and  the  Andes,  with  a  strong  concentration  of  Al203  minerals)  are  shown  in  Fig. 
5b  together  with  the  most  important  subduction  lines,  plate  tectonic  trenches  and  rifts  [18,25].  The  geographical 
locations  of  the  main  bauxite  mines  show  that  the  largest  concentrations  of  Al  reservoirs  can  be  found  in 
correspondence  to  the  most  seismic  areas  of  the  Earth  (Fig. 5b).  The  main  iron  mines  are  instead  exclusively 
located  in  the  oldest  and  interior  parts  of  continents  (formed  through  the  eruptive  activity  of  the  proto-Earth),  in 
geographic  areas  with  a  reduced  seismic  risk  and  always  far  from  the  main  fault  lines.  From  this  point  of  view,  the 
close  correlation  between  bauxite  and  andesitic  reservoirs  and  the  subduction  and  most  seismic  areas  of  the 
Earth's  crust  provides  a  very  impressive  evidence  of  piezonuclear  effects  at  the  planetary  scale. 

GEOCHEMICAL  EVIDENCE  OF  PIEZONUCLEAR  REACTIONS  IN  THE  EVOLUTION  OF  THE  EARTH'S 
CRUST  ELEMENTS 

Evidence  of  piezonuclear  reactions  can  be  also  recognized  considering  the  Earth's  composition  and  its  way  of 
evolving  throughout  the  geologic  eras.  In  this  way,  plate  tectonics  and  the  connected  plate  collision  and 
subduction  phenomena  are  useful  to  understand  not  only  the  morphology  of  our  planet,  but  also  its  compositional 
evolution  [6]. 

From  4.0  to  2.0  Gyrs  ago,  Fe  could  be  considered  one  of  the  most  common  bio-essential  elements  required  for 
the  metabolic  action  of  all  living  organisms  [29-38].  Today,  the  deficiency  of  this  nutrient  suggests  it  as  a  limiting 
factor  for  the  development  of  marine  phytoplankton  and  life  on  Earth  [21,32].  Elements  such  as  Fe  and  Ni  in  the 
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Earth's  protocrust  had  higher  concentrations  in  the  Hadean  (4.5-3.8  Gyr  ago)  and  Archean  (3.8-2.5  Gyr  ago) 

periods  compared  to  the  present  values  [19,20,32,33,  39-42].  The  Si  and  Al  concentrations  instead  were  lower 

than  they  are  today  [18-20]. 

The  estimated  concentrations  of  Fe,  Ni,  Al,  and  Si  in  the  Hadean  and  Archean  Earth's  protocrust  and  in  the 

present  Earth's  continental  crust  are  reported  in  Fig.  6.  The  data  for  the  Hadean  period  (4.5-3.8  Gyrs  ago)  are 

referred  to  the  composition  of  Earth's  protocrust,  considering  the  assumptions  made  by  Foing  [35]  and  by  Taylor 

and    Mclennan   [19,20].   According   to  these   authors,   the   Mars   and    Moon's   crusts   are   considered   to   be 

representative  of  the  composition  of  the  early  Earth's  protocrust  (Hadean  Eon)  that  was  strongly  basaltic,  with  a 

composition  similar  to  that  of  the  proto-planets  (chondrites)  [19,20,35]. 

In  the  same  Figure,  for  the  Archean  period  (3.8-2.5  Gyrs  ago)  the  data  are  referred  to  compositional  analysis  of 

Archean  sediments  [6,18-20,  24,  43,  44,  45,  46].  For  the  last  period  from  2.5  Gyrs  ago  to  today,  the  mass 

percentage  concentrations  of  Fe,  Ni,  Al  and  Si  are  referred  to  the  present  composition  of  Earth's  continental  crust 

[5,18-20,46,47]. 

A  clear  transition  from  a  more  basaltic  condition  (high  concentrations  of  Fe  and  Ni)  to  a  Sialic  one  (high 

concentrations  of  Si  and  Al)  can  be  observed  during  the  life  time  of  our  planet  [18-20,  23,  24,  43,  43,  36-47]. 

The  most  abrupt  changes  in  element  concentrations  shown  in  Fig.  6  appear  to  be  intimately  connected  to  the 

tectonic  activity  of  the  Earth.  The  vertical  drops  in  the  concentrations  of  Fe  and  Ni,  as  well  as  the  vertical  jumps  in 

the  concentrations  of  Si  and  Al,  3.8  Gyrs  ago,  coincide  with  the  time  that  many  scientists  have  pointed  out  as  the 

beginning  of  tectonic  activity  on  the  Earth.  The  subsequent  abrupt  transitions  2.5  Gyrs  ago  coincide  with  the 

period  of  the  Earth's  largest  and  most  intense  tectonic  activity  [19,20]. 


Iron  reservoirs 

A    More  than  40  Mt  year 
a     from  0  to  40  Mt  /year 


(a) 


Aluminum  reservoirs 

£    More  than  10  Mt  /year 
0     from  5  to  tO  Mt  /year 
4    from  1  to  5  Mt  /year 
•     from  0.5  to  1  Mt  iyeat 


Subduction  tmes  and  tectonic 
plate  trenches 


Large  Andesitie  formations  (the 
Rocky  Mountains  and  the  Andes) 


(b) 


Fig.  5.  (a)  Locations  of  the  largest  iron  mines  in  the  world  [25-28].  Iron  ore  reservoirs  (Magnetite  and  Hematite 
mines)  are  located  in  geographic  areas  with  reduced  seismic  risks  and  always  far  from  fault  lines,  (b)  The  largest 
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aluminum  (bauxite)  reservoirs  are  reported  together  with  the  main  Andesitic  formations  and  most  important 
subduction  lines  and  plate  tectonic  trenches  [18]. 


As  shown  in  Fig.  6,  the  decrease  in  the  mass  concentration  of  iron  and  nickel  is  balanced  by  Al  and  Si  increase 
and  assuming  an  increase  in  Mg,  according  to  reaction  (2),  equal  to  that  of  Si  over  the  Earth's  lifetime.  In  the 
same  figure,  a  total  decrease  of  -7%  in  Fe  and  Ni  concentrations  and  a  relative  increase  of  -7%  in  the  lighter 
chemical  element  concentrations  (Si,  Al  and  Mg)  between  the  Hadean  period  (Hadean  Eon,  4.5-3.8  Gyrs  ago) 
and  the  Archean  period  (Archean  Eon,  3.8-2.5  Gyrs  ago)  is  shown.  Similarly,  a  decrease  of  -5%  in  the  heavier 
elements  (Fe  and  Ni)  and  a  related  increase  (-5%)  in  the  concentrations  of  lighter  ones  (Si,  Al  and  Mg)  can  be 
considered  between  the  Archean  period  (Archean  Eon,  3.8-2.5  Billion  years  ago)  and  more  recent  times  (Fig.  6). 
In  particular,  piezonuclear  reactions  (1,2,4)  seem  to  be  the  cause  of  the  abrupt  variations  shown  in  Fig.  6. 
Piezonuclear  reaction  (2)  implies  that  not  only  the  Si  mass  percentage  should  increase  overall  by  about  4.0%  but 
also  that  of  Mg.  However,  the  latter  increase,  due  to  piezonuclear  reaction  (2),  cannot  be  revealed  from  geological 
data  of  sediments  in  the  Earth's  continental  crust.  The  most  probable  explanation  is  that  Mg  is  not  only  a  resulting 
element,  as  shown  by  piezonuclear  reaction  (2),  but  can  also  be  considered  as  a  starting  element  of  another 
possible  piezonuclear  reaction  [6],  like  for  example: 

U<£t^2C\2  (6). 

Reaction  (6)  could  be  very  important  for  the  evolution  of  both  the  Earth's  crust  and  atmosphere,  and  considered 
as  a  valid  explanation  for  the  high  level  of  C02  concentration  (-15%)  in  the  Archean  Earth's  atmosphere  [48].  In 
addition,  the  large  amount  of  C  produced  by  Mg  transformation  (-4.0%  of  the  Earth's  crust)  has  undergone  a  slow 
but  continuous  diminishing  in  the  C02  composition  of  the  Earth's  atmosphere,  as  a  result  of  the  escape  which  also 
involves  other  atmospheric  gases  like  He  and  H  [49]. 


30' 


25 


20- 


E 


15 


O 
"^ 

c 

o 

§     10- 

O 


[19,20,23] 

[20]             *" 

Si  (-26Kr)    y 

[20]         f~ ' 
[20,30] 

Fe(-15ft> 

[18-20] 

I                           [18-20,24] 

\     Fe<-&ro 

^  ^™  ^  tw-»t\ 

[20,30]       *      AK-7&)         Y 

[18-20] 

[19"30]                          [43-46] 

m-i%)             Nl(-U«> 

[46] 

Ni(-OJHtt) 

-^ 

5                          19                          *5 

1.5 

0.5 

Billion  years  ago 

Figure  6:  Estimated  concentrations  of  Fe,  Ni,  Al,  and  Si  in  the  Hadean  and  Archean  Earth's  protocrust  and  in  the 
Earth's  continental  crust  [18-20,  23,  30.  43-46]. 
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Piezonuclear  reaction  (6)  can  also  be  put  into  correlation  with  the  increase  in  seismic  activity  that  has  occurred 
over  the  last  century  [50].  Very  recent  evidence  has  shown  C02  emissions  in  correspondence  to  seismic  activity 
[51]:  significant  changes  in  the  emission  of  carbon  dioxide  were  recorded  in  a  geochemical  station  at  El  Hierro,  in 
the  Canary  Islands,  before  the  occurrence  of  several  seismic  events  during  the  year  2004.  Appreciable  precursory 
C02  emissions  were  observed  to  start  before  seismic  events  of  relevant  magnitude,  and  to  reach  their  maximum 
values  some  days  before  the  earthquakes  [51]. 

Relation  (6)  is  not  the  only  piezonuclear  reaction  that  involves  Mg  as  a  starting  element.  Like  the  considerations 
made  for  the  concentrations  of  elements  such  as  Fe,  Ni,  Al,  and  Si  (Fig.  6),  it  is  also  possible  to  consider  other 
elements  such  as  Mg,  Ca,  Na,  K,  and  O,  which  are  involved  in  other  piezonuclear  reactions  that  have  been 
assumed  to  occur  in  the  chemical  evolution  of  the  Earth's  crust  [6]. 
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Figure  7:  Variations  in  mass  percentage  concentration  for  Mg,  Ca,  Na,  K,  and  O  in  the  Hadean  and  Archean 
Earth's  protocrust  and  in  the  Earth's  continental  crust  [18-20,  47]. 


The  variations  in  mass  percentage  for  Mg,  Ca,  Na,  K,  and  O  in  the  Hadean  and  Archean  Earth's  protocrust  and  in 
the  present  Earth's  continental  crust  are  reported  in  Fig.  7,  analogously  to  Fig.  6  [6,  18-20,  47].  The  decrease  in 
the  mass  concentrations  of  Mg  and  Ca  has  been  balanced  by  the  increase  in  Na,  K,  and  O,  during  the  Earth's 
lifetime.  In  particular,  between  the  Hadean  (4.5-3.8  Gyr  ago)  and  the  Archean  (3.8-2.5  Gyrs  ago)  era,  and 
between  the  latter  and  more  recent  times,  it  is  possible  to  observe  an  overall  decrease  of  -4.7%  for  Mg  and  -4% 
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for  Ca.  This  decrease  in  the  two  alkaline-earth  metals  (Mg  and  Ca)  seems  to  be  nearly  perfectly  balanced  by  the 
increase  in  the  concentrations  of  the  two  alkaline  metals,  Na  and  K  (which  have  increased  by  2.7%  and  2.8%, 
respectively),  and  by  a  total  increase  (-3%)  in  O,  which  has  varied  from  -44%  to  -47%  (the  latter  being  the 
present  Oxygen  concentration  in  the  Earth's  crust)  (Fig.  7). 

CONCLUSIONS 

Neutron  emission  measurements  were  performed  on  Green  Luserna  Granite  specimens  during  mechanical  tests. 
From  these  experiments,  it  can  be  clearly  seen  that  piezonuclear  reactions  giving  rise  to  neutron  emissions  are 
possible  in  inert  non-radioactive  solids  under  pressure  loading.  In  particular,  during  compression  tests  of 
specimens  with  sufficiently  large  size,  the  neutron  flux  was  found  to  be  of  about  one  order  of  magnitude  higher 
than  the  background  level  at  the  time  of  catastrophic  failure.  For  test  specimens  with  more  ductile  behaviour, 
neutron  emissions  significantly  higher  than  the  background  were  found.  Neutron  detection  is  also  confirmed  in 
compression  test  under  cyclic  loading  and  during  ultrasonic  vibration. 

Our  conjecture,  also  confirmed  by  the  Energy  Dispersive  X-ray  Spectroscopy  (EDS)  tests,  is  that  piezonuclear 
reactions  involving  fission  of  iron  into  aluminum,  or  into  magnesium  and  silicon,  should  have  occurred  during 
compression  on  the  tested  specimens.  This  hypothesis  seems  to  find  surprising  evidence  and  confirmation  at  the 
Earth  crust  scale  from  both  geomechanical  and  geochemical  points  of  view.  In  this  way,  the  piezonuclear 
reactions  have  been  considered  in  order  to  interpret  the  most  significant  geophysical  and  geological 
transformations,  today  still  unexplained.  Finally,  through  experimental  and  theoretical  studies  of  neutron 
emissions  and  piezonuclear  fission  reactions  from  brittle  fracture,  it  will  also  be  possible  to  explore  new  and 
interesting  application  fields,  such  as  short-term  prediction  and  monitoring  of  earthquakes. 
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ABSTRACT 

Acoustic  emission  (AE),  electromagnetic  emission  (EME)  and  electrical  properties  measurements  have  been 
performed  during  laboratory  compression  tests  on  Green  Luserna  Granite  dry  rock  loaded  with  increasing 
pressure  up  to  their  failure.  Using  a  servo-controlled  testing  machine  (MTS)  each  compression  test  was 
carried  out  at  constant  displacement  rate  and  under  ordinary  room  conditions.  AE  signals  were  detected  by 
applying  to  the  sample  surface  a  piezoelectric  (PZT)  transducer,  sensitive  in  the  frequency  range  from  50  to 
500  kHz.  EME  signals  were  detected  using  a  loop  antenna  (80.0  dB  gain  at  500  kHz).  The  time-dependent 
outputs  of  the  PZT  transducer  and  the  electromagnetic  tester  were  connected  to  a  DL708  Yokogawa 
oscilloscope  (10  MSa  s"1)  in  order  to  acquire  simultaneously  AE  and  EME  signals  associated  with  the  same 
fracture  event.  Electrical  properties,  in  terms  of  relative  electrical  resistance  variation,  were  monitored  by 
using  copper  electrodes  coupled  to  specimens  by  conductive  silver  paint,  and  connected  to  a  multimeter 
(Agilent  model  34411  A).  The  recorded  AE,  EME  and  electrical  properties  variation  were  related  to  the  load 
vs.  time  diagram  of  the  tested  specimens.  The  experiments  conducted  in  this  research  confirm  that  AE  and 
EME  are  failure  precursors  in  quasi-brittle  materials,  moreover  EME  signals  and  electrical  property  variations 
are  related  to  sharp  drops  in  stress  vs.  time  diagram. 

INTRODUCTION 

It  is  possible  to  demonstrate  experimentally  that  the  failure  phenomena,  in  particular  when  they  occur  in  a 

brittle  way,  i.e.  with  a  mechanical  energy  release,  emit  additional  forms  of  energy  related  to  the  fundamental 

natural  forces.  In  this  work  the  authors  have  found  increasing  experimental  evidence  that  energy  emission  of 

different  forms  occurs  from  solid-state  fractures.  The  tests  were  carried  out  at  the  Laboratory  of  Fracture 

Mechanics  of  the  Politecnico  di  Torino,  Italy. 

In  the  past,  in  addition  of  the  studies  on  acoustic  emission  (AE),  several  analysis  have  been  performed 

during  fracture  experiments   on   quasi-brittle   materials  to  detect  electromagnetic  emission   (EME)  and 

variations  in  electrical  properties  [1-11].  Acoustic  and  electromagnetic  emissions  and  electrical  properties 

changes  of  materials  during  failure  are  analogous  to  the  anomalies  observed  before  major  earthquakes  [12- 

15]   reinforcing  the   idea  that  these  experimental   methods   can   be  applied   as   a  forecasting  tool  for 

earthquakes. 

While  the  mechanism  of  AE  is  fully  understood,  being  provided  by  transient  elastic  waves  due  to  stress 

redistribution  following  fracture  propagation  [16-21],  the  origin  of  EME  from  fracture  is  not  completely  clear 

and  different  attempts  have  been  made  to  explain  it. 

An  explanation  of  the  EME  origin  was  related  to  dislocation  phenomena  [22,23],  which  however  are  not  able 

to  explain  EME  from  fracture  in  brittle  materials  where  the  motion  of  dislocations  can  be  neglected  [5].  The 

weakness  of  the  "dislocation  movement  hypothesis"  was  confirmed  in  some  experiments  showing  that  the 

EME  amplitude  increased  with  the  brittleness  of  the  investigated  materials  [24]. 

Another  EME  explanation  was  initially  given  in  terms  of  charge  separation  occurring  across  the  fractures, 

even  if  no  reasonable  explanation  is  found  for  each  crack  face  to  obtain  a  net  charge  [3,25].  More  recently,  a 

model  preserving  the  charge  neutrality  of  crack  surfaces,  where  lines  of  positive  ions  on  both  newly  created 
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fracture  surfaces  oscillate  around  their  equilibrium  position  in  opposite  phase  to  the  negative  ones,  was 
proposed  [5,8]. 

Regarding  the  electrical  properties,  most  rocks,  in  particular  silicates  and  carbonates,  have  very  high  specific 
resistivities  (>  109  Ohm  m)  and  for  this  reason  are  classified  as  insulators,  materials  with  very  large  energy 
barriers  between  atoms  such  that  electrons  rarely  become  charge  transport  carriers.  Studies  on  electrical 
properties  of  rocks  have  been  demonstrated  that  their  resistivity  is  highly  dependent  on  the  porosity  [9-11];  a 
relationship  referred  to  as  Archie's  law  has  been  established  between  in-situ  rocks  porosity  and  electrical 
resistivity  [26].  Electrical  resistivity  increases  as  microcracks  open  within  the  material  failure  and  it  appears 
that  there  should  be  a  correlation  between  electrical  resistivity  and  cumulative  damage.  The  experimental 
relation  between  resistivity  in  water  saturated  crystalline  rocks,  and  compressive  stress  was  discovered  by 
Brace's  group  [27-30].  Electrical  resistivity  of  igneous  rocks  and  limestone  was  measured  in  direction  of  the 
axial  pressure  saturating  the  rocks  with  tap  water  or  salt  solution.  Changes  in  electrical  resistivity  were 
observed  as  a  function  of  pressure  in  a  variety  of  crystalline  rocks  subjected  to  confining  pressure  and  pore 
pressure. 

In  this  work  we  present  preliminary  compression  tests,  analyzed  by  acoustic  and  electromagnetic  emissions, 
on  four  cylindrical  Green  Luserna  Granite  specimens  characterized  by  different  shape  and  size.  Moreover 
further  tests  on  the  same  type  of  rock  specimens,  simultaneously  monitored  by  electrical  resistance  variation, 
and  EME  are  presented.  The  novelty  of  this  work  is  that  the  rocks  electrical  resistance  was  analyzed  in  dry 
and  non-saturated  conditions. 

To  obtain  suitable  tests  on  electrical  properties  of  Green  Luserna  Granite  specimens  under  stress, 
preliminary  electrical  resistance  measurements  were  performed  on  ad  hoc  prismatic  mortar  specimens. 
These  cementitious  specimens  are  enriched  with  10%  of  iron  oxide  in  weight.  Iron  oxide,  joined  with  a 
deposition  of  silver  paint  on  the  external  specimen  surfaces  -in  which  the  copper  electrodes  are  applied- 
increases  the  mortar  conductivity.  Than  the  electrical  conductivity  of  the  granite  specimens  was  also 
improved  with  a  deposition  of  the  same  silver  paint  layers  along  the  external  surface  of  the  specimens. 
The  mortar  samples  were  tested  in  compression  at  a  constant  displacement  rate,  and  analyzed  only  in  terms 
of  relative  electrical  resistance  variation  trough  a  special  multimeter  detector.  Instead  Green  Luserna  Granite 
specimens  were  simultaneously  monitored  by  EME  and  electrical  resistance  device. 

PRELIMINARY  AE  AND  EME  TESTS 

Crack  growth  is  accompanied  by  AE  ultrasonic  waves  and  EME.  We  measured  the  magnetic  field,  given  by 
the  moving  charges,  in  the  low-frequency  range  during  laboratory  fracture  experiments  on  granitic  rocks 
specimens  loaded  up  to  failure  [34,35]. 

Four  cylindrical  Green  Luserna  Granite  specimens  were  examined  (Fig.  1).  The  electromagnetic  signals 
were  detected  using  a  device  (Narda  ELT-400  exposure  level  tester)  calibrated  according  to  metrological 
requirements.  The  adopted  device  works  in  the  frequency  range  between  10  Hz  and  400  kHz,  the 
measurement  range  is  between  1  nT  and  80  mT,  and  the  three-axial  measurement  system  has  a  100  cm2 
magnetic  field  sensor  for  each  axis.  This  particular  frequency  range  was  chosen  to  avoid  disturbances  due  to 
radio  waves  that  operate  on  medium  frequencies  of  300-3000  kHz,  or  other  electronic  devices  that  generally 
operate  on  frequencies  above  5-30  MHz. 


Fig.  1.  The  Cylindrical  Luserna  Granite  Specimens  P1,P2,P3  and  P4  utilized  for  EM  tests. 


The  tests  were  carried  out  by  means  of  a  servo-hydraulic  press,  with  a  maximum  capacity  of  1800  kN, 
working  by  a  digital  type  electronic  control  unit.  The  management  software  was  TESTXPERTII  by  Zwick/Roel 
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(Zwick/Roel  Group,  Ulm,  Germany),  while  the  mechanical  parts  are  manufactured  by  Baldwin  (Instron 
Industrial  Products  Group,  Grove  City,  PA,  USA).  The  force  applied  was  determined  by  measuring  the 
pressure  in  the  loading  cylinder  by  means  of  a  transducer.  The  margin  of  error  in  the  determination  of  the 
force  is  1%,  which  makes  it  a  class  1  mechanical  press.  The  specimens  were  arranged  with  the  two  smaller 
surfaces  in  contact  with  the  press  platens,  without  coupling  materials  in-between,  according  to  the  testing 
modalities  known  as  "test  by  means  of  rigid  platens  with  friction".  During  the  compression  tests  Narda  ELT- 
400  device  was  placed  1  m  away  from  the  specimens.  Specific  tests  were  conducted  to  assess  the  potential 
EM  environmental  noise,  and  what  affecting  the  EM  signals  due  to  the  MTS  test  machine  electronic  control. 
In  particular,  the  EM  probe  was  used  to  detect  the  EM  background  noise  for  about  five  hours  before  the 
beginning  of  each  compressive  test.  The  background  noise  was  estimated  at  about  40  nT  in  the  frequency 
range  10  Hz  -  400  kHz.  Data  acquisition  of  the  EME  signals  was  triggered  when  the  magnetic  field  exceeded 
the  threshold  fixed  at  0.2  |jT,  after  the  preliminary  measurements  to  filter  out  the  magnetic  noise  in  the 
laboratory. 

All  the  shapes  and  sizes  of  all  the  tested  specimens,  and  the  employed  piston  velocity  are  listed  in  Table  1. 
The  selected  piston  velocity,  reported  in  the  table,  is  in  the  authors'  experience  the  most  suitable  value  to 
evaluate  AE  and  EME  activity  in  quasi-brittle  materials  such  as  concrete  and  rocks  [34-37]. 


Specimen 

Material 

Diameter 

[mm] 

Height 

[mm] 

Slenderness 

A=H/D 

Piston  velocity 

[m  s"1] 

P1 

Granite 

28 

14 

0.5 

LOxlO"6 

P2 

Granite 

28 

28 

1 

LOxlO-6 

P3 

Granite 

28 

56 

2 

LOxlO-6 

P4 

Granite 

53 

100 

2 

2.0x1 0-6 

Table  1:  Geometry  of  the  Green  Luserna  Granite  specimens,  and  compression  test  piston  velocities. 


As  can  be  seen  from  Table  1,  the  first  three  specimens  (P1-P3)  have  the  same  diameter  (28  mm)  with  a 
different  slenderness  X,  respectively  of  0.5,  1  and  2,  specimen  P4  has  a  diameter  equal  to  53  mm  and 
slenderness  X=2.  During  the  compression  tests  all  the  specimens  have  shown  a  brittle  response,  with  a  rapid 
decrease  in  load-carrying  capacity  beyond  the  peak  load.  In  Figs.  2-5,  the  load  vs.  time  diagrams  and  the 
EM  signals  are  reported  for  specimens  P1-P4.  As  shown  in  Figs.  2-5,  the  specimens  mechanical  behaviour 
is  characterized  by  a  complex  load  vs.  time  diagram.  This  is  due  to  the  composition  of  Green  Luserna 
Granite,  which  is  a  natural  and  heterogeneous  material. 

Specimen  P1  presents  a  more  ductile  behaviour  (Fig.  2)  characterized  by  the  descending  branch  of  the  load 
vs.  time  diagram.  During  the  compression  test  three  EM  signals,  with  constant  peak  amplitude  of  1.2  |jT, 
were  detected  at  180s,  500s  and  750s  (see  Fig.  2a).  All  these  signals  were  anyway  detected  at  stress-drops, 
in  Fig.  2b  also  the  amplitude  and  FFT  analysis  of  the  first  EME  signal  of  the  test  on  specimen  P1  are  shown. 
During  the  post-peak  stage,  i.e.,  the  softening  branch  in  the  load  vs.  time  diagram,  no  further  EME  signals 
were  detected.  In  fact,  at  the  peak  load  the  fracture  is  completely  formed  and  the  subsequent  stages  are 
characterized  only  by  opening  of  the  fracture  surfaces.  According  to  the  model  proposed  by  [5]  and  [8],  this 
means  that  no  newly  broken  atomic  bonds  can  contribute  to  EME.  In  Fig.  2b  the  FFT  analysis  for  signal  1  is 
shown.  The  main  detected  frequency  is  close  to  160  kHz  according  to  the  working  frequency  range  of  the 
Narda  ELT-400. 

Otherwise,  specimens  P2  and  P3  show  a  very  brittle  behaviour,  characterized  by  abrupt  stress  drops  after 
reaching  the  peak  load.  The  experimental  results  are  reported  in  Figs.  3  and  4.  Five  EM  signals  were 
detected  during  the  specimen  P2  test.  In  specimen  P3  four  EM  signals  were  observed.  Only  in  the  case  of 
specimen  P2  the  signal  amplitudes  (in  |jT)  seem  to  be  proportional  to  the  stress-drop  values,  as  reported  in 
[7].  Specimen  P4  presents  a  very  high  amplitude  EME  (16  jjT)  in  correspondence  of  a  stress  drop  localized 
at  1420  s  after  the  beginning  of  the  test.  In  this  case,  a  very  brittle  behaviour  is  observed  and  the  EME  is 
localized  in  correspondence  of  the  failure  of  the  specimen.  Also  the  cumulated  number  of  AE  is  detected 
during  the  compression  test  (see  Fig.  5).  The  experimental  results  obtained  in  the  described  test  are  in  good 
agreement  with  those  obtained  in  [34,35]. 

Based  on  the  authors'  experience  gained  in  numerous  laboratory  tests,  it  is  interesting  to  note  that,  despite 
their  different  mechanical  behaviour,  all  the  specimens  composed  by  brittle  or  quasi-brittle  materials,  as 
rocks  or  concrete,  generate  EME  only  during  sharp  drops  in  stress  [7,34,35].  These  sharp  stress  drops  are 
due  to  a  rapid  decay  of  the  material  mechanical  properties,  generated  by  the  formation  of  new  micro-cracks 
during  the  loading  process.  Indeed,  as  it  has  been  shown  by  Carpinteri  [38-41]  and  by  Hudson  et  al.  [42],  the 
energy  release  modalities  during  compressive  tests  depend  on  the  intrinsic  brittleness  of  the  material  of  the 
test  specimens,  as  well  as  on  test  specimen  dimensions  and  slenderness.  This  evidence  enables  the 
investigation  EM  signals  as  collapse  precursors  in  materials  like  rocks  and  concrete.  Furthermore,  the 
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observed  electromagnetic  activity  from  laboratory  experiments  looks  very  promising  for  effective  applications 
at  the  geophysical  scale  [1 ,3]. 
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Fig.  2.  (a)  Load  vs.  time  diagram  of  the  Luserna  Granite  specimen  P1.  (b)  Amplitude  and  FFT  analysis  for 
the  detected  signal  1 . 


800  1000 

Time  (s) 


Fig.  3.  Load  vs.  time  diagram  of  the  Luserna  Granite  specimen  P2.  Five  EM  signals  were  detected  during 
the  test. 
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Fig.  4.  Load  vs.  time  diagram  of  the  Luserna  Granite  specimen  P3.  Four  EM  signals  were  detected  during 
the  test. 
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Fig.  5.  Load  vs.  time  diagram  and  AE  cumulated  number  (dashed  line)  for  specimen  P4.  A  signal  of  16  |jT  is 
detected  in  correspondence  to  the  peak  load. 

EME  AND  RELATIVE  ELECTRICAL  RESISTANCE  VARIATIONS  TESTS 

Three  further  cylindrical  specimens  made  of  Green  Luserna  Granite,  and  four  prismatic  cementitious  mortar 
specimens,  enriched  with  10%  of  iron  oxide  in  weight,  were  examined  to  analyze  the  relative  electrical 
resistance  variations  in  compression  (Fig.  6).  The  geometric  characteristics  of  the  specimens  and  the 
employed  piston  velocity  are  listed  in  Table  2.  To  obtain  electrical  contacts,  copper  electrodes  joined  with 
silver  paint,  were  connected  on  two  opposite  faces,  parallel  to  the  vertical  load  axis,  and  positioned 
symmetrically  at  the  half  height  of  the  specimens.  The  electrical  resistance  was  monitored  by  means  of 
constant-voltage  method  using  an  Agilent  model  34411 A  multimeter  detector.  By  this  device  the  electrical 
resistance  is  automatically  detected.  The  multimeter  was  programmed  in  order  to  acquire  experimental  data 
every  0.1  s  in  real-time  measurement. 

For  all  the  specimens,  at  the  beginning  of  each  compression  test,  the  initial  electrical  resistance  R0  was 
evaluated.  Afterwards  the  resistance  variation  R  was  monitored  until  the  final  collapse,  calculating  the 
relative  ratio  R/R0. 


Fig.  6.  Prismatic  mortar  specimens  C1-C4  and  cylindrical  granite  specimens  P5-P7. 


Specimen 

Material 

Side 

[mm] 

Height 

[mm] 

Slenderness 

A=H/S 

Piston  velocity 

[m  s"1] 

C1 

Mortar 

40 

80 

2 

2.0x1 0"6 

C2 

Mortar 

40 

80 

2 

2.0x10^ 

C3 

Mortar 

40 

160 

4 

2.0x10^ 

C4 

Mortar 

40 

160 

4 

2.0x1 0"6 

Specimen 

Material 

Diameter 

[mm] 

Height 

[mm] 

Slenderness 

A=H/D 

Piston  velocity 

[m  s"1] 

P5 

Granite 

28 

56 

2 

LOxlO"6 

P6 

Granite 

53 

50 

1 

LOxlO-6 

P7 

Granite 

53 

50 

1 

LOxlO-6 

Table  2:  Geometry  of  mortar  and  granite  specimens,  and  compression  test  piston  velocities. 
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The  four  mortar  specimens  (C1-C4),  analyzed  during  the  preliminary  electrical  resistance  tests,  have  the 
same  section  (40x40  mm2)  and  different  slenderness  A,  respectively  of  2  (C1-C2)  and  4  (C3-C4).  All  the 
specimens  present  a  very  brittle  behaviour,  characterized  by  abrupt  stress-drops  after  reaching  the  peak 
load.  Figures  7a-7d  illustrate  the  relation  between  applied  stress  level  and  electrical  resistance  variation  for 
specimens  C1-C4.  As  can  be  seen  from  Figs.  7a-7d  the  mechanical  behaviour  of  the  specimens  is 
characterized  by  an  almost  linear  load  vs.  time  diagram  up  to  failure.  For  specimens  C1  and  C2,  at  about 
30%  of  the  peak  load  a  moderate  increment  in  electrical  resistance  variation  was  observed.  Successively  a 
plateau  appeared  in  which  the  electrical  resistance  remained  almost  constant  until  the  90%  of  the  peak  load. 
An  intense  electrical  resistance  variation  was  detected  at  final  stress-drop.  The  significant  variation  of  the 
electrical  resistance  that  precedes  the  final  collapse  clearly  represents  a  precursor  of  specimen  failure. 
Excepting  of  the  moderate  increase  of  the  resistance  at  30%  of  the  peak  load,  similar  behaviour  was 
observed  for  specimens  C3  and  C4. 
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Fig.  7.  Load  vs.  time  diagram  and  relative  electrical  resistance  (R/Ro)  variation  for  specimens  C1  (a),  C2  (b), 
C3  (c)  and  C4  (d). 
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Fig.  8.  Load  vs.  time  diagram  and  relative  electrical  resistance  (R/Ro)  variation  for  specimens  P5  (a)  and  P6 
(b). 
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In  Figs.  8a  and  8b,  the  load  vs.  time  diagrams,  and  the  relative  electrical  resistance  variations  are  reported 
for  Green  Luserna  Granite  specimens  P5-P6.  These  samples  are  characterized  by  different  diameters  (28 
mm  and  53  mm)  and  different  slenderness  (X=2,  ?i=1),  see  Table  2.  The  brittle  mechanical  behaviour  of 
these  samples  is  characterized  by  a  more  complex  load  vs.  time  diagram  with  respect  to  the  mortar 
specimens.  This  is  due  to  the  composition  of  Green  Luserna  Granite  that,  as  previously  reported,  is  a  natural 
and  more  heterogeneous  material.  Electrical  resistance  maintains  constant  values  until  to  the  first  stress- 
drop,  than  significant  variations  occurred  at  each  successively  load  vs.  time  steps.  Also  in  this  case,  as  for 
mortar  specimens,  it  is  evident  the  correlation  between  electrical  resistance  changes  and  cumulative 
damage.  Similar  behaviour  was  observed  for  the  specimen  P7.  As  can  be  observed  from  Figs.  8a  and  8b, 
specimen  P5  presents  an  EM  signal  (2.5  jjT)  in  the  failure  correspondence.  For  the  specimen  P6  two  EM 
signals  were  detected,  the  first  (3.5  |iT)  at  850  s  starting  from  the  beginning  of  the  test,  the  second  (10  |iT)  at 
the  final  failure. 

As  can  be  seen  from  Figure  8a  and  8b,  the  EME  signals,  related  to  the  sharp  stress-drops,  take  place 
instantaneously,  while  the  electrical  resistance  changes,  connected  to  the  size  evolution  and  different 
orientations  of  the  fracture  planes,  take  place  first  gradually  and  then  in  a  very  sudden  way,  reaching  very 
high  R/R0  values  at  the  final  specimen  collapse. 

CONCLUSION 

By  subjecting  Green  Luserna  Granite  rocks,  to  compression  tests,  it  was  observed  AE,  EME  signals,  and 
resistance  variations  during  the  damage  evolution,  suggesting  electrical  charges  redistribution.  These 
experiments  confirm  AE  and  EME  as  failure  precursors  in  quasi-brittle  materials.  Moreover,  EME  signals  are 
related  to  sharp  stress-drops,  while  electrical  property  variations  are  linked  to  the  size  and  orientations  of  the 
fracture  planes.  These  signals  are  analogous  to  the  anomalies  observed  before  major  earthquakes, 
reinforcing  the  idea  that  these  experimental  methods  can  be  applied  as  a  forecasting  tool  for  earthquakes. 
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ABSTRACT 

Monotonic  tensile  tests  were  conducted  following  ASTM  Standards  D3039  (Standard  Test  Method  for  Tensile  Properties  of 
Polymer  Matrix  Composite  Materials)  and  D3518  (Standard  Test  Method  for  In-Plane  Shear  Response  of  Polymer  Matrix 
Composite  Materials  by  Tensile  Test  of  a  ±45°  Laminate),  on  hybrid  and  non-hybrid  plain  weave  composite  materials.  Strips 
of  non-hybrid  IM-7  Graphite/SC-79  epoxy  called  GR  for  short,  non-hybrid  S-2  Glass/SC-79  epoxy  called  GL  for  short, 
hybrid  GR/GL/GR  and  hybrid  GL/GR/GL  specimens  were  tensile  tested.  The  tests  were  conducted  at  -60°C,  -20°C,  room 
temperature,  75°C  and  125°C.  The  rule  of  mixtures  was  used  to  predict  the  Young's  moduli  of  GL/GR/GL  and  GR/GL/GR 
using  the  experimental  values  obtained  from  the  stress-strain  curves  of  the  GL  and  GR  specimens.  The  predicted  Young's 
moduli  of  GL/GR/GL  and  GR/GL/GR  were  then  compared  to  those  obtained  experimentally.  It  was  found  that  the  calculated 
Young's  and  shear  moduli  match  closely  (within  6  %)  to  those  obtained  experimentally. 

INTRODUCTION 

Tensile  testing  has  been  the  most  fundamental  test  in  obtaining  the  mechanical  properties  of  a  particular  material.  The 
limitation  of  obtaining  mechanical  properties  from  tensile  testing  using  an  MTS  machine  is  that  only  low  strain  rates  results 
can  be  obtained,  therefore  only  material  properties  under  quasi- static  loading  can  be  determined.  Material  properties  under 
high  strain  rates  require  different  types  of  tests  such  as  tests  using  the  Split  Hopkinson  Pressure  Bar  Test  (SHPB)  [1]. 
Several  analytical  models  have  been  developed  to  predict  the  material  properties  and  behavior  of  woven  hybrid  and  non 
hybrid  composites  under  tensile  loading.  Many  of  these  models  also  incorporate  the  effect  of  moisture  and  temperature; 
however  most  of  these  models  assume  the  properties  of  each  individual  constituent  as  being  constant.  For  example,  most  of 
these  models  assume  that  the  thermal  expansion  coefficient  is  temperature  independent.  Analytical  models  tend  to  provide  a 
cost  effective  method  to  determine  the  effects  of  several  parameters  on  the  mechanical  properties.  These  parameters  include 
fabric  weight,  constituent  volume  fraction,  yarn  undulation,  weave  style  and  properties  of  the  constituent  materials.  Several 
micro  mechanical  models  based  on  the  classical  thin  laminate  theory  have  been  developed.  Scida  [2]  developed  a  model 
called  MESOTEX  to  predict  the  elastic  behavior  of  composites  reinforced  with  hybrid  and  non-hybrid  weaves. 
A  model  which  study  the  failure  behavior  of  plain  weave  fabric  laminates  under  on-axis  uniaxial  tensile  loading  was  done  by 
Naik  and  Ganish  [3-5] 
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Ishakawa  and  Chou  [6-10]  have  presented  three  models  (mosaic,  crimp  and  bridging)  for  the  analytical  and  numerical 

prediction  of  the  thermo-mechanical  properties  of  woven  composites  (plain,  twill  and  satin  weaves). 

Maybe  the  most  common  agent  other  then  force  that  may  adversely  affect  composites  is  temperature.  Some  research  has  been 

done  to  study  the  effect  of  temperature  on  composite  materials.  High-performance  thermo-plastic  matrices  used  in  composite 

materials  need  to  be  processed  at  high  temperatures;  therefore,  thermal  residual  stresses  arise  due  to  the  mismatch  of  thermal 

expansion  coefficients  of  the  fibers  and  the  thermoplastic  matrix.  Since  residual  stresses  are  inherently  present  in  virtually  all 

composite  materials  and  influence  the  properties  of  the  composite  structure,  it  is  important  to  take  them  into  consideration  in 

the  event  that  they  are  significant.  Parlevliet,  Bersee  and  Beukers  [11-13]  did  a  study  of  the  literature  focusing  on  the 

formation  of  residual  stresses  due  to  manufacturing,  experimental  techniques  in  quantifying  these  residual  stresses  and  also 

the  effect  of  these  residual  stresses 

In  this  study,  the  effect  of  temperature  on  the  unidirectional  tensile  behavior  of  the  composites  will  be  studied  experimentally. 


EXPERIMENTAL  PROCEDURE 

Materials: 

The  individual  constituent  materials  combined  to  form  the  composite  material  used  in  this  research  are,  IM-7  graphite  (IM7- 
GP  6000)  and  S2-glass  (S2-4533  6000)  woven  fabrics  placed  in  SC-79  toughened  epoxy  resin  matrix.  The  IM-7  graphite 
woven  fabric  and  SC-79  epoxy  matrix  form  the  non-hybrid  composite  called  GR.  The  S2-Glass  woven  fabric  and  SC-79 
epoxy  matrix  form  the  non-hybrid  laminate  called  GL.  A  GL  laminate  will  be  sandwiched  between  two  GR  layers  to  form  the 
hybrid  laminate  called  GR/GL/GR.  Finally  the  fourth  layup  is  formed  by  a  GR  layer  sandwiched  between  two  GL  layers  to 
form  the  second  hybrid  laminate  called  GL/GR/GL.  S2-glass  fabrics  and  IM7-graphite  fabrics  were  supplied  by  the  Hexcel 
Corporation.  The  matrix,  SC-79  toughened  epoxy  resin,  which  has  Part  A  (Batch  number:  SC79A0 12307)  and  Part  B  (Batch 
number:  SC79B012507),  was  supplied  by  Applied  Poleramic  Inc.  The  manufacturing  of  the  composite  was  done  by  EDO 
Fiber  Innovations.  The  vacuum  assisted  resin  transfer  molding  (VARTM)  technique  was  used  to  stack  the  plain  woven 
fabrics  together.  The  specimens  were  cured  at  177°  C.  Fiber  volume  fraction  for  all  types  were  55%. 

Experimental  setup: 

Strip  specimens  of  dimensions  6.35mmx25.4mmx254mm  with  four  different  lay-ups  were  tested  under  uniaxial  tension  at 
125  °C,  75  °C,  room  temperature  (R.T),  -20  °C  and  -60  °C.  The  desired  temperatures  were  achieved  using  an  environmental 
chamber,  where  each  specimen  was  allowed  to  soak  at  the  required  temperature  for  thirty  minutes  before  testing.  The 
chamber  utilizes  a  heating  coil  for  achieving  high  temperatures  and  liquid  nitrogen  for  low  temperatures.  During  this  soaking 
period,  one  end  of  the  specimen  was  clamped  while  the  other  end  was  free;  this  was  done  in  order  to  allow  the  specimen  to 
elongate  freely.  The  tests  were  conducted  using  a  universal  testing  machine  also  known  as  MTS  while  specimens  were  still  in 
the  environmental  chamber.  Both  loading  and  elongation  histories  were  recorded  using  a  National  Instruments  (NI)-DAQ 
based  Lab  View  data  acquisition  system.  The  longitudinal  and  shear  modulus  of  each  specimen  were  calculated  from  the 
acquired  data.  Due  to  the  woven  fiber  structure,  the  transverse  (in-plane)  modulus  of  the  composites  was  assumed  to  be  the 
same  as  the  longitudinal  (in-plane)  modulus.  Thus,  tensile  tests  for  transverse  direction  were  not  carried  out.  For  each  lay-up 
configuration  a  minimum  of  three  tests  were  conducted. 

EXPERIMENTAL  RESULTS 

In  Figure  1  the  longitudinal  stress-strain  curves  of  GL  are  shown  at  the  five  different  temperatures.  Each  specimen  in  the  tests 
didn't  exhibit  the  identical  stress-strain  relationship;  however  the  curves  were  very  close  to  each  other  especially  in  the  elastic 
range.  In  order  to  avoid  clustering  of  data,  only  a  representative  curve  is  plotted  along  with  an  error  bar  which  represents  the 
range  of  results  obtained  from  the  tests. 

It  is  seen  that  at  low  temperatures  the  effect  of  temperature  is  less  pronounced  than  at  higher  temperatures.  At  high 
temperatures,  the  stress-strain  curves  become  more  non  linear.  Figure  4.2  shows  the  stress-strain  curves  for  GL  specimens 
with  ±  45  fiber  orientation.  The  results  indicate  that  temperature  has  a  significant  effect  on  the  shear  properties  of  GL 
specimens. 


353 


a 


60  C 

-  20  C 

R.T 

75  C 

125C 

0.02 


0.04 


0.06 


0.08 


Figure  1  Longitudinal  and  transverse  stress-strain  curves  for  GL  specimens 
at  125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 
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Figure  2  Stress-strain  relations  for  ±  45  GL  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 


Figure  3  shows  the  longitudinal  stress-strain  curves  for  hybrid  GR/GL/GR  specimens.  The  curves  can  be  divided  into  three 
portions.  The  first  portion  is  almost  linear  at  all  test  temperatures  followed  by  a  mostly  nonlinear  portion.  Then  the  material 
had  a  sudden  drop  in  stress  due  to  the  fracture  of  the  graphite  part  of  the  hybrid  specimen.  However,  the  glass  part  in  the 
hybrid  composite  was  still  undamaged,  providing  some  strength  which  constitutes  the  third  portion  of  the  curve. 

Figure  4  shows  the  stress  strain  curves  of  the  GR/GL/GR  specimen  with  ±45°  fiber  orientation.  Here,  there  is  no  drop  before 
failure.  This  is  due  to  the  fact  that  the  graphite  and  glass  layers  failed  together.  It  is  observed  that  all  the  curves  are  non-linear. 
Also  at  higher  temperatures  the  specimens  did  not  totally  fracture. 
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Figure  3  Longitudinal  and  transverse  stress-strain  curves  for  GR/GL/GR  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C. 
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Figure  4  Stress-strain  relations  for  ±  45  GR/GL/GR  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 


In  Figures  5  and  6,  the  stress  strain  behavior  of  hybrid  GL/GR/GL  specimens  is  seen  to  be  similar  to  that  of  the  hybrid 
GR/GL/GR  specimens  described  above. 
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Figure  5  Longitudinal  and  transverse  stress-strain  curve  for  GL/GR/GL  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 


250 


0.05 


0.1 


0.15 


0.2 


0.25 


Figure  6  Stress-strain  curve  for  ±  45  GL/GR/GL  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 


Figure  7  shows  the  longitudinal  stress-strain  relation  of  the  GR  composite  specimens.  Tests  conducted  at  each  test 
temperature  were  very  consistent  with  each  other. 

The  GR  specimens  are  shown  to  have  higher  failure  strengths  than  all  the  other  specimens  at  a  given  test  temperature.  The 
stress-strain  relations  for  ±45°  GR  specimens  are  shown  in  Figure  4.8.  All  the  specimens  exhibit  a  linear  behavior  followed 
by  a  non-linear  portion.  At  higher  temperatures  again  the  specimens  did  not  fracture  completely. 
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Figure  7  Longitudinal  and  transverse  stress-strain  curves  for  GR  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 
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Figure  8  Stress-strain  curves  for  ±  45  for  GR  specimens  at 
125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 


Tables  1  and  2  show  the  summary  of  material  properties  obtained  from  the  uniaxial  tension  tests.  GR  at  -60  °C  has  the 
highest  Young's  modulus  (43.8  GPa)  and  ultimate  stress  (633  MPa)  compared  to  all  specimens  at  all  temperature  values. 
Overall  it  is  also  seen  that  GR  exhibits  the  highest  stiffness  and  strength  while  GL  exhibits  the  lowest.  The  hybrid  specimens 
have  material  properties  which  are  intermediate  between  those  of  GR  and  GL.  It  can  also  be  seen  that  as  the  temperature 
increases  the  stiffness  of  the  material  decreases. 
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Table  1  Material  properties  for  0790°  plain  weave  composites 


C  omp  o  site 

Test  Temperature 

^=^2  (GP<$ 

<Tm«  QtiPa) 

C<fo) 

Non-  Hybrid 
GL 

-60  °C(-7u   °F) 

19.395 

46  9 

3.56 

-20  °C(-4  °F) 

18.927 

44  3 

3.46 

RT    (RT) 

17.047 

427 

3.76 

75  °C  (167  °F) 

16.139 

342 

4.13 

125°C(257  °F) 

15.038 

28  6 

5.81 

Hybrid 
GL/GE/GL 

-60  °C(-76   °F) 

31.985 

48  9 

1.90 

-20  °C(-4  °F) 

30.285 

52  9 

2.05 

RT     (RT) 

29.036 

493 

3.08 

75  °C(167  °F) 

27.102 

47  0 

5.50 

125°C(257  °F) 

26.894 

45  9 

8.10 

Hybrid 

GR'GIGR 

-60  °C(-7u   °F) 

31.460 

38  8 

1.43 

-20  °C(-4  °F) 

30.725 

46  6 

1.87 

RT     (RT) 

30.305 

418 

3.26 

75  °C(167  °F) 

27.208 

39  3 

4.15 

125°C(257  °F) 

25.912 

374 

6.59 

Non-  Hybrid 
GR 

-60  °C(-76  °F) 

43.820 

633 

1.76 

-20  °C(-4  °F) 

43.715 

62  8 

2.01 

RT    (RT) 

42.559 

614 

2.13 

75  °C(167  °F) 

41.497 

58  6 

2.54 

125°C(257  °F) 

40.392 

544 

3.60 

Table  2  Material  properties  for  ±45°  plain  weave  composites 


Composite 

Test  Temperature 

E*,(GPa) 

antx  (MPa) 

G^x  (%) 

Non-  Hybrid 
GL 

-60  °C(-76   °F) 

10.118 

239.50 

7.8 

-20  °C(-4  °F) 

9.474 

219.34 

7.7 

RT     (RT) 

8.667 

182.43 

7.0 

75  °C(167  °F) 

6.288 

152.12 

7.2 

125°C(257   °F) 

4.940 

100.27 

6.5 

Hybrid 
GL/GR'GL 

-60  °C(-76   °F) 

12.117 

216.05 

5.9 

-20  °C(-4  °F) 

10.872 

198.62 

8,3 

RT     (RT) 

9.794 

178.41 

8.0 

75  °C(167  °F) 

6.571 

135.03 

8.0 

125°C(257   °F) 

5.275 

95.67 

7.8 

Hybrid 
GRGL/GR 

-60   °C(-76   °F) 

12.782 

240.70 

7.0 

-20  °C(-4  T) 

11.177 

214.57 

8.1 

RT     (RT) 

9.939 

186.38 

8.5 

75  °C(167  °F) 

6.604 

133.44 

9.0 

125°C(257   °F) 

5.070 

92.89 

9.2 

Non-  Hybrid 
GR 

-60   °C(-76   °F) 

13.96 

233.41 

8.0 

-20   eC(-4   T) 

12.906 

213.20 

8.7 

RT    (RT) 

10.739 

193.05 

9.0 

75  °C(167  -F) 

6.765 

104.86 

10.3 

125*C(257  °F) 

5.481 

49.40 

11.0 

Figure  9  shows  the  change  in  elastic  moduli  as  the  test  temperature  changes  for  all  layups.  It  is  a  summary  of  table  1  for  the 
variation  of  elastic  moduli. 
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Figure  9  Elastic  Moduli  of  all  layups  at  different  test  temperatures 


Using  the  Rule  of  Mixtures  to  determine  the  Young's  Modulus  of  Hybrid  Composites: 

Using  the  rule  of  mixtures  (RoM),  the  Young's  moduli  for  the  hybrid  composites  were  calculated  and  then  compared  with 
those  obtained  experimentally  from  the  uniaxial  tensile  tests.  The  rule  of  mixtures  for  fiber  reinforced  composites  can  be 
written  as: 

E   =VfEf+V  E 

c  f      f  mm 

where  Ec,  Ef,  Em  are  the  Young's  moduli  of  the  composite,  fiber,  and  matrix,  respectively,  and  Vf,  Vm  are  the  fiber  and  matrix 
volume  fractions.  To  obtain  the  Young's  modulus  of  the  hybrid  composite,  the  formula  was  applied  to  the  laminae, 
F    =  V        F         +V        F 

^c         v  GRIE^GRIE  ^  v  GLIE^GLIE 

where  Vqr/e,  Vgl/e  are  the  volume  fractions  of  the  GR  and  GL  laminae  of  the  hybrid  GR/GL/GR  and  GL/GR/GL  laminates, 
and  EGR/E,  EGL/E  are  the  Young's  moduli  of  the  GR  and  GL  specimens  respectively,  obtained  from  the  tensile  tests. 

Table  3  Material  properties  for  0°/90°  composites  from  experiments  and  applying  RoM 


Composite 

Test 
Temperature 

Young'  Modulus 
from  Experiment 

Young's  Modulus 
from  RoM 

Hybrid 
GL/GR/GL 

-60  °C(-76  °F) 

31.985 

31.61 

-20  °C(-4  °F) 

30.285 

31.32 

R  T     (R  T) 

29.036 

29.80 

75  °C(167  °F) 

27.102 

28.82 

125  °C  (257  °F) 

26.894 

27.71 

Hybrid 
GR/GL/GR 

-60  °C  (-76  °F) 

31.460 

31.61 

-20  °C(-4  °F) 

30.725 

31.32 

R  T     (R  T) 

30.305 

29.80 

75  °C(167  °F) 

27.208 

28.82 

125  °C  (257  °F) 

25.912 

27.71 
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Table  4  Material  properties  for  ±45°  composites  from  experiment  and  applying  RoM 


Composite 

Test 
Temperature 

Young'  Modulus 
From  Experiment 

Young'  Modulus 
from  RoM 

Hybrid 
GL/GR/GL 

-60  °C(-76  °F) 

12.117 

12.04 

-20  °C(-4  °F) 

10.872 

11.19 

R  T     (R  T) 

9.794 

9.70 

75  °C(167  °F) 

6.571 

6.53 

125  °C  (257  °F) 

5.275 

5.21 

Hybrid 
GR/GL/GR 

-60  °C(-76  °F) 

12.782 

12.04 

-20  °C(-4  °F) 

11.177 

11.19 

R  T     (R  T) 

9.939 

9.70 

75  °C(167  °F) 

6.604 

6.53 

125  °C  (257  °F) 

5.070 

5.21 

From  Tables  3  and  4  it  can  be  seen  that  there  is  good  correlation  between  experimental  results  and  those  obtained  using  RoM. 
The  RoM  provides  a  better  prediction  for  the  Young's  modulus  of  the  ±45°  laminates  than  of  0°/90°  composite  specimens. 

Determination  of  material  properties: 

Based  on  the  experimental  data,  some  of  the  material  constants  can  be  obtained,  i.e.  Young's  modulus  in  longitudinal 
direction  (Ej),  transverse  Young's  modulus  (E2)  and  in  plane  Shear  modulus  (G12).  Ej  and  E2  were  assumed  to  be  same  due  to 
the  woven  structure  of  the  composites  and  were  obtained  from  tensile  tests.  Following  the  ASTM  Standard  D-3518,  the 
corresponding  shear  stress,  shear  strain  and  in-plane  shear  modulus  were  calculated  using  the  relations: 


Tn  = 


2 


Tu  ~sx  -<?y,andG]2  = 


2(1  +  vj 


,  respectively.  Here  <7X  = 


f  T>\ 


\Aj 


is  the  axial  stress,  sx  and  sy  are  the 


axial  and  transverse  strains,  respectively  (sy  <  0)  and  V     = 


is  the  associated 


Poisson's  ratio  obtained  in  the  ASTM  D-3518  ±45°  laminate  tensile  test  while  Ex  is  the  initial  slope  of  the  stress-strain  curve 

obtained  from  that  test.  As  verification  G12  was  also  calculated  by  taking  the  initial  slope  of  the  Tl2  vs.  yn  curve,  where  the 
results  closely  match  those  obtained  using  the  ASTM  D-3518  standard.  The  shear  moduli  in  the  remaining  two  planes  were 

obtained  through  the  relations  G^  —  G^  = . 

2(1  + vj 

Details  of  the  Poisson's  ratio  can  be  found  in  [14].  Figs.  10  and  1 1  depict  the  temperature-dependent  shear  stress-shear  strain 
curves  of  the  GL  and  GR  composites,  respectively,  from  high  to  low  temperatures.  The  slopes  of  these  curves  give  the  shear 
moduli  of  the  material.  The  nonlinear  behavior  of  the  curves  is  due  to  damage  as  well  as  temperature  effect. 
Table  5  gives  a  summary  of  the  key  in-plane  material  properties  obtained  for  the  composite  for  all  the  test  temperatures. 
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Figure  10  In-plane  shear  stress-strain  curves  with  their  slopes  representing  shear  moduli  for  GL  at 

125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 


140   n 


Figure  11  In-plane  shear  stress-strain  curves  with  their  slopes  representing  shear  moduli  for  GR  at 

125  °C,  75  °C,  R.T,  -20  °C  and  -60  °C 
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Table  5  Mechanical  properties  of  woven  GL  and  GR  composites 

E1=E2(GPa) 

G12(GPa) 

Vn 

p(kg/m  ) 

i 

-60  °C 

19.39 

2.98 

0.152 

1766 

-20  °C 

18.92 

2.78 

0.145 

1761 

R.T 

17.04 

2.74 

0.130 

1755 

75    °C 

16.13 

1.89 

0.128 

1750 

125  °C 

15.03 

1.44 

0.121 

1744 

1 

to 

-60  °C 

43.82 

3.97 

0.140 

1392 

-20  °C 

43.71 

3.93 

0.129 

1387 

R.T 

42.55 

3.08 

0.121 

1381 

75    °C 

41.49 

1.99 

0.116 

1375 

125  °C 

40.39 

1.67 

0.099 

1370 

a) 


b) 
c) 


CONCLUSION 

As  the  test  temperature  increases,  the  elastic  modulus  of  the  material  tends  to  decrease.  It  can  also  be  seen  that  the 

modulus  of  toughness  (This  may  be  calculated  as  the  entire  area  under  the  stress-strain  curve  from  the  origin  to 

rupture.)  of  the  material  increases  with  an  increase  in  temperature. 

The  over-all  mechanical  properties  of  hybrid  composites  were  between  those  of  GL  and  GR  composites. 

The  rule  of  mixture  can  be  used  successfully  to  predict  the  elastic  and  shear  moduli  of  hybrid  composites. 
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ABSTRACT 

In  the  present  investigation,  fibers  from  banana  stem  and  Bagasse  are  used  in  addition  to  low  wt%  of  silica  to  cast  bio 
composites.  Extraction  of  the  banana  fibers,  Bagasse  fibers  and  preparation  of  both  banana  and  Bagasse  fibers  were  carried 
out  as  explained  elsewhere  in  literature.  The  lengths  of  the  fibers  are  kept  between  180  to  425  micrometer.  Composites, 
containing  lower  fiber  content  of  Bagasse  and  banana  (10  wt  %)  and  higher  fiber  content  (20  wt  %)  were  used  with  silica  (2 
wt%)  and  mixed  with  epoxy  CY  230  epoxy  resin.  Different  mechanical  properties  such  as  tensile,  compressive,  impact, 
flexural,  fracture  strength  etc  are  discussed  and  characterized. 

Introduction 

With  growing  environmental  awareness,  ecological  concerns  and  new  legislations,  bio-fiber-reinforced  plastic  composites 
have  received  increasing  attention  during  the  recent  decades.  The  composites  have  many  advantages  over  traditional  glass 
fiber  or  inorganic  mineral-filled  materials,  including  lower  cost,  lighter  weight,  environmental  friendliness,  and  recyclability. 
In  addition,  use  of  their  composites  have  established  comparable  performance  with  those  of  glass  fiber  composites  with 
possibility  for  their  use  as  structural  components  as  well  [1-3].  When  such  materials  are  used  in  composites,  developing 
countries,  which  produce  these,  become  part  of  global  composite  industry  as  developer  and  manufacturer  leading  to  increased 
revenues  and  creation  of  jobs  [4].  In  view  of  the  above,  many  attempts  have  been  made  to  characterize  the  lignocellulosic 
fibers  either  individually  [5-6],  or  as  part  of  their  composites  research  [7]. 

Sugarcane  is  one  of  the  most  abundant  agro  fiber  resources  whose  worldwide  annual  production  of  1200  million  metric  tones 
per  year.  Bagasse  (BaG)  is  a  byproduct  from  sugarcane  processing.  The  composition  of  bagasse  is  approximately  50% 
cellulose,  25%  hemicellulose,  and  25%  lignin  [8].  Currently  the  main  use  of  bagasse  is  for  energy  in  the  sugarcane  industry 
through  burning,  but  their  caloric  value  is  relatively  low  compared  to  other  fuel  resources  [9]. 

Banana  fiber  (BaN)  is  extracted  from  the  waste  product  of  banana  cultivation.  Due  to  high  cellulose  content  and 
comparatively  low  microfibrillar  angle,  it  has  superior  mechanical  properties,  especially  tensile  strength  and  modulus  [10- 
13].  It  is  thus  considered  as  a  promising  candidate  for  replacing  conventional  glass  fibers  in  the  fiber-reinforced  composites. 
Earlier  studies  showed  that  BaN  provided  good  reinforcement  for  various  thermosetting  resins  such  as  unsaturated  polyester 
[14-18],  phenol  formaldehyde  (PF)  [19-20],  and  epoxy  [21]. 

This  paper  presents  mechanical  and  fracture  behavior  aspects  of  two  different  types  of  lignocellulosic  fibers  of  India  namely, 
fiber  from  bark  (banana)  and  fiber  from  agro  waste  (sugarcane  bagasse).  It  is  hoped  that  such  attempts  would  lead  to  the 
better  utilization  of  these  fibers  through  composite  technology  leading  to  a  low  cost  eco  friendly  composite  materials  for 
many  automotive  parts,  household  equipments,  and  also  as  packing  and  insulating  materials. 

Experimental  Aspects 

Materials 
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Two  types  of  fibers,  namely  banana  fibers  (Musa  sapientum)  obtained  from  the  pseudostem  of  the  plant  and  sugarcane 
(Saccharum  officinarum)  bagasse  fibers  obtained  from  a  nearby  sugar  mill  in  the  state  of  Uttarakhand,  India  were  used  in  this 
study.  Banana  fibers  were  extracted  from  the  pseudostem  (average  diameter  of  150  mm)  of  the  banana  plant.  The  leaf  sheaths 
from  the  pseudostem  were  cut  in  parts  of  about  300  mm  length  using  long  knife  and  then  dried  outdoors  exposing  the  fibers 
to  the  sun  for  about  two  to  three  weeks.  They  were  then  dried  in  a  hot  air  oven  at  65°  C  until  constant  mass  was  observed. 
They  were  then  further  cut  in  a  knife  mill  to  get  fibers  of  3-5  mm  length.  The  banana  fibers  were  cleaned  with  5%  sodium 
hypochlorite  before  they  were  maintained  at  100°  C  for  1  h  in  an  autoclave  followed  by  drying  at  65°  C  for  72  h  to  maintain 
constant  moisture  content.  The  sugarcane  fiber  also  known  as  Bagasse  fiber  (here  after  called  as  Bagasse  and  denoted  as 
BaG)  used  in  the  present  study  are  collected  from  the  nearby  sugar  industry.  No  fiber  preparation  was  required  in  this  case 
since  the  Bagasse  fiber  received  was  in  the  fiber  form  (not  extracted  from  the  stem/stalk  as  described  for  banana  fiber), 
except  cutting  them  to  random  size  using  a  suitable  cutter  and  conditioning  them  by  keeping  the  fibers  for  12  h  at  65°  C  to 
maintain  constant  moisture  content.  The  fibers  obtained  from  banana  and  Bagasse  (Fig.  1)  were  then  grinded  in  ball  mill  to 
obtain  relatively  finer  particles.  The  sizes  of  the  fibers  were  controlled  by  using  sieves  (ASTM  18  and  40).  Silica  is  another 
reinforcing  element  used  in  the  present  investigation.  In  the  present  investigation  nano  sized  silica  powder  (<142  nm) 
procured  from  M/s  DEGUSSA  INDIA  Pvt.  Limited,  New  Delhi  have  been  used  in  the  ratio  of  0.5%,  1%,  and  2.0%  wt/wt. 
Silica  powder  is  directly  mixed  in  resin  and  stirred  mechanically  by  means  of  a  high  speed  mechanical  stirrer  while  casing  the 
composites. 


Fig.  1  (a)  Bagasse  and  (b)  banana  fiber 


Results  and  Discussion 


Tensile  stress-strain  behavior 


The  tensile  stress-strain  curve  for  unfilled  epoxy  resin  (8  wt%  HY-951  hardener  and  rest  CY-230  resin)  and  hybrid  composite 
materials  containing  20wt%  Bagasse  fiber,  20wt%  bagasse+2  wt%  silica  reinforced  composite  and  banana  +  Bagasse 
(10wt%  each)  reinforced  composite  is  shown  in  figure  1.  All  tests  are  conducted  as  per  ISO  in  100  kN  servo  hydraulic 
universal  testing  machine  under  displacement  mode  of  control. 
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Fig.  2  Stress-strain  diagram  for  different  composite  materials  at  0.1  mm/min  crosshead  speed 
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Table  1  shows  the  mechanical  properties  of  the  hybrid  composites  containing  different  wt  %  of  Bagasse,  banana  and  silica. 
Table  1  Tensile  properties  of  the  composite  materials  and  epoxy  resin. 


Property 

BaG  fibre 

BaG  fibre+  Si 

BaN 

BaN+Si 

BaG+  BaN  fibre 

Epoxy 

E  (GPa) 

1.268+0.121 

1.357+0.10 

1.34+0.14 

1.46+0.18 

1.523+0.06 

1.359+0.124 

UTS  (MPa) 

28.397+2.342 

28.297±3.888 

22.26  ±5.55 

24.62  +  4.94 

22.663+2.36 

35.790+7.767 

Yield  Stress 
(MPa) 

5.41+0.791 

5.57±1.137 

4.15  +  2.99 

4.43+  1.36 

4.93±0.81 

9.82+0.629 

Strain  Energy 
(Joule) 

19.135±3.865 

20.652+9.176 

23.79  +  10.28 

37.41  +  8.45 

30.388±7.642 

597.54+42.48 

Remarkable  differences  can  be  seen  on  the  mechanical  properties  of  the  hybrid  composite  material  having  different 
reinforcing  materials.  It  can  be  noticed  that  Bagasse  fiber  reinforced  material  is  having  higher  strength  as  compared  to  banana 
fiber  composites.  Use  of  silica  as  additional  filler  material  has  little  effect  on  the  mechanical  properties.  However,  if  the 
material  is  to  be  used  as  energy  storing  device,  banana  fibre  based  composites  is  more  suitable  as  compared  to  Bagasse  based 
composites.  From  the  results  it  is  evident  that  moderate  increase  in  tensile  strength  occurred  upon  filling  the  polymer  matrix 
with  BaG  fibers,  indicating  a  considerable  reinforcing  effect  from  these  fibers.  The  possible  reasons  proposed  for  this  kind  of 
behavior  may  be  the  improved  interfacial  adhesion  between  the  matrix  and  BaG  fibers  as  compared  to  BaN  fibre. 

Compressive  Strength 

The  results  of  the  compressive  test  are  shown  in  figure  3  and  mean  values  are  tabulated  in  table  2. 


Fig.  3  Stress-strain  diagram  for  different  composite  materials 
Table  2  Compressive  properties  of  the  composite  materials  and  epoxy  resin 


Property 

BaG 

BaG  +  Si 

BaN 

Ban+Si 

BaG+  BaN 

Epoxy 

E  (GPa) 

0.512+0.156 

0.754+0.110 

0.564+0.25 

1.67+0.27 

1.235+0.113 

0.736+0.136 

Comp.  strength  (MPa) 

76.621+4.35 

60.691+2.184 

49.86+4.23 

63.28+15.75 

35.770+5.672 

175.283+37.679 

Yield  Stress(MPa) 

48.9+2.3 

36.3+3.21 

10.17+2.02 

13.07+6.28 

10.1+2.166 

13.5+2.18 

Strain  Energy(Joule) 

21.401+8.136 

21.670+2.164 

31.26+9.03 

11.32+1.57 

62.829+28.395 

50.899+27.581 

The  load  bearing  capacity  in  compression  is  more  incase  of  Bagasse  based  composites  as  compared  to  banana  based 
composites. 
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Impact  Strength 

The  results  obtained  from  Charpy  test  are  presented  in  table  3. 

Table  3  Impact  strength 


S.No. 

BaG 
(Nm) 

BaG  +  Si 
(Nm) 

BaN 
(Nm) 

BaN+Si 
(Nm) 

BaG+  BaN 
(Nm) 

Epoxy 
(Nm) 

Mean 

24.53 

20.44 

20.42 

23.68 

24.50 

22.07 

SD 

2.45 

1.42 

2.83 

1.42 

2.45 

2.45 

It  is  seen  that  Bagasse  fibres  shows  maximum  impact  strength  amongst  all  hybrid  composites  studied.  Addition  of  banana 
with  Bagasse  has  insignificant  effect  on  the  impact  strength  where  as  silica  decreases  the  impact  strength.  From  the  present 
observations  it  can  be  concluded  that  banana  and  bagasse  fibres  shows  same  impact  strength  when  they  added  individually  or 
as  combined  with  equal  weight  percentage.  Addition  of  silica  particle  as  filler  material  decreases  the  impact  strength.  The 
probably  causes  may  be  due  to  localized  stress  concentration  due  to  angularities  in  the  regions  of  silica  particle  corners  and 
would,  therefore  facilitate  failure  under  impact  conditions.  Therefore,  silica  is  causing  decrease  in  impact  strength  of  bagasse 
or  banana  based  composites. 

Bending 

The  Bending  strength  properties  of  the  Bagasse,  Bagasse+silica  and  Bagasse+banana  filled  epoxy  resin  hybrid  composite 
materials  were  determined  by  100  kN  ADMET  make  servo  controlled  universal  testing  machine  at  O.lmm/min  strain  rate 
under  displacement  control  mode.  The  results  are  presented  in  Table  4. 

Table  4  bending  strength  properties  for  resin  and  composite  materials 


Property 

BaG 

BaG+  Si 

BaN 

BaN+Si 

BaG+  BaN 

Epoxy 

E  (GPa) 

0.799+0.098 

1.189+0.3105 

1.25+0.42 

0.697+0.298 

0.901+0.462 

0.801+0.254 

Flexural  stress(MPa) 

30.716+5.779 

36.622+6.308 

32.62+5.78 

29.67+5.84 

31.311+5.97 

51.254+7.171 

Flexural  Strain 

0.048±0.014 

0.038+0.008 

0.04+0.006 

0.043±0.005 

0.047±0.022 

0.09K0.026 

As  depicted  by  the  test  data,  amongst  the  composite  materials  developed  the  20  wt%  Bagasse+2  wt%  silica  reinforced 
composite  shows  the  best  results  with  regards  to  the  modulus  of  elasticity  (1.189  GPa  against.  0.801  GPa  of  epoxy  resin)  and 
also  it  is  better  than  20  wt%  Bagasse,  20  wt%  banana  reinforced  composites. 

Toughness  Test  -Kic  Test 

Linear-elastic  plane-strain  fracture  toughness  KIC  of  metallic  materials  is  most  often  tested  according  to  ASTM  E  399 
specifications.  The  KIC  test  is  used  to  determine  the  fracture  toughness  of  metallic  materials.  Thirty  numbers  of  tests  are 
conducted  according  to  the  standard  procedure  described  in  ASTM  E  399.  The  specimens  used  are  shown  in  Figure  4  and  the 
results  are  presented  in  Fig.  5  with  mean  and  standard  value  in  table  5. 


(a)  Before  KiC  test  (b)  After  KiC  test 

Fig.4  KIC  test  specimen  before  and  after  fracture 
Table  5  Toughness  test  values  for  resin  and  composite  materials 


Composites 

BaG 

BaG+Si 

BaN 

BaN+Si 

BaN+BaG 

Epoxy 

Mean,  MPa  yfm 

49.56 

55.28 

20.39 

48.64 

20.12 

57.39 

SD 

9.29 

11.53 

5.65 

12.22 

9.63 

11.96 
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The  probability  distribution  of  the  test  results  are  shown  in  Figure  5.  The  result  shows  that  mostly  they  follow  normal 
distribution.  The  mean  and  standard  deviation  of  the  test  results  are  shown  in  table  5.  Addition  of  silica  seems  to  be 
beneficial.  Bagasse  fiber  shows  higher  fracture  strength  as  compared  to  banana  fibre. 
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Conclusions 


The  term  bio-composite  is  now  being  applied  to  a  staggering  range  of  materials  derived  wholly  or  in  part  from  renewable 
biomass  resources.  This  concept  of  bio-based  materials  has  now  become  of  key  importance  due  to  the  need  to  preserve  our 
environment.  Present  study  shows  that  Biofibres  like  banana  and  Bagasse  shows  improved  strength  when  they  are  mixed  with 
different  volume  fraction.  This  study  has  experienced  an  explosion  of  interest,  particularly  with  regard  to  its  comparable 
properties  to  glass  fibres  within  composites  materials. 
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Abstract 

Nature  is  a  popular  source  of  inspiration  for  the  development  of  new  materials  and  structures.  Palmetto  wood  has 
been  found  to  be  a  potential  bio-inspiration  due  to  its  historically  successful  mechanical  performance  to  develop 
materials  with  enhanced  mechanical  properties.  To  understand  the  basis  of  mechanical  performance  of  Palmetto 
wood,  its  failure  mechanism  and  energy  absorbing  capacity  is  elucidated  at  multiple  length  scales.  The  quasi-static 
and  dynamic  three-point  bend  tests  has  been  used  to  reveal  the  leading  failure  mechanisms  like  shear  dominated 
debonding  and  pore  collapse.  The  damage  evolution  under  quasi-static  and  dynamic  impact  is  determined.  The 
sandwich  material  systems  are  yet  to  be  investigated  in  detail  to  utilize  its  potential  in  advanced  engineering 
applications.  We  present  some  work  on  development  of  sandwich  composites  with  improved  mechanical  behavior 
using  Palmetto  wood  as  a  biological  template.  The  quasi-static  and  dynamic  characterization  of  nano-enhanced 
sandwich  materials  is  presented.  The  leading  failure  mechanism  in  Palmetto  wood  are  found  to  be  shear  dominated 
delamination  at  the  macrofiber-matrix  interface  caused  by  shear  strain  concentration  and  shear  cracking  in  the  porous 
cellulose  matrix  caused  by  pore  collapse.  Reinforcement  in  the  bio-inspired  core  and  the  nano-enhancement  in  the 
adhesive  increase  the  mechanical  properties  of  the  sandwich  structure. 

I.  Introduction 

Palmetto  wood  has  attracted  the  attention  as  a  potential  bio-inspiration  to  develop  bioinspired  energy- 
absorbent  sandwich  structures  for  its  successful  usage  in  the  protective  structures  in  the  Civil  and  Revolutionary 
wars.  Palmetto  wood  exhibited  excellent  mechanical  strength  and  dynamic  behavior  under  the  impact  of  bullets  and 
calls  for  detail  study  of  the  basis  of  its  mechanical  behavior  to  replicate  its  properties  in  advanced  composite 
materials  with  enhanced  mechanical  behavior  and  damage  tolerance.  To  understand  the  mechanical  behavior  of  the 
Palmetto  wood,  the  hierarchical  structure  of  the  fibers  and  its  relationship  to  the  mechanical  behavior  of  the  fibers 
has  been  characterized  at  multiple  length  scales  and  related  to  the  mechanical  behavior  of  the  fibers  [1]. 
Characterizing  the  inelastic  behavior  of  Palmetto  wood  at  multiple  length  scales  is  very  important  to  improve  the 
understanding  of  the  mechanisms  that  give  rise  to  its  extraordinary  energy  absorbing  capacity.  Therefore,  to 
understand  the  inelastic  behavior  and  failure  mechanism  of  Palmetto  Wood  to  provide  the  foundation  for  developing 
polymer  composites  with  similar  properties,  an  appropriate  mechanical  characterization  technique  have  been 
established  to  elucidate  on  the  deformation  process  at  different  length  scales  [2].  The  quasi-static  mechanical 
behavior  of  Palmetto  wood  under  three-point  bend  test  has  been  characterized  at  multiple  length  scales.  The  images 
of  the  specimen  were  captured  during  the  deformation  to  characterize  and  quantify  the  load  transfer  mechanism  and 
the  response  of  the  porous  cellulose  matrix  and  the  reinforced  macrofibers  to  the  bending  load.  Digital  Image 
Correlation  (DIC),  a  widely-used  optical  deformation  measurement  technique  has  been  employed  to  the  images 
captured  during  the  test  to  quantify  the  strains.  DIC  being  non-contact,  full-field  deformation  measurement  technique 
has  been  well  accepted  in  the  experimental  mechanics  for  the  deformation  measurement  at  several  length  scales, 
materials  like  wood,  concrete,  metal,  polymers  as  well  as  to  capture  non-uniform  deformation  fields,  crack  tip 
singularities  [2,  3,  4,  5,  6,  7].  The  DIC  technique  correlates  the  undeformed  and  deformed  images  through  the  grey 
scale  of  the  image  and  tracks  the  local  deformation  through  the  subset,  a  finite  area  that  is  repeated  over  the  full 
images  during  the  correlation.  The  image  correlation  calls  for  a  random  speckle  pattern  to  track  the  deformation. 
Several  literatures  are  available  detailing  the  evolution  and  applications  of  DIC  [8,  9].  In  the  present  investigation, 
images  of  deformed  specimen  were  captured  at  several  magnifications  achieved  by  lenses  and  at  several  location  of 
the  specimen  with  respect  to  the  global  loading.  The  natural  texture  of  the  wood  was  found  to  be  sufficient  for  image 
correlation.  Motivated  by  the  excellent  mechanical  behavior  of  Palmetto  wood,  bioinspired  foam-core  sandwich 
materials  have  been  developed  to  achieve  enhanced  mechanical  as  well  as  energy  absorbent  behavior.  The 
sandwich  materials  have  been  fabricated  by  closed  cell  foam  as  core  and  epoxy-carbon  laminate  as  facesheets. 
Even  though  the  core  of  a  sandwich  material  is  assumed  to  act  as  a  separator  between  the  facesheets  and  to 
increase  the  energy  absorption  by  compressive  deformation,  the  core  is  used  to  increase  the  strength  and  stiffness 
of  the  sandwich  by  reinforcement  in  the  foam  core.  Carbon  rods  have  been  used  as  macroscale  reinforcement  in  the 
foam  core  in  longitudinal  direction.  The  hierarchical  structure  has  been  employed  using  nano-enhancement  at  lower 
length  scale  to  increase  the  interface  strength.  The  sandwich  materials  fabricated  in  the  preliminary  investigation  has 
been  characterized  under  quasi-static  three-point  bend  test. 
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In  this  paper,  the  characterization  of  the  failure  mechanism  Palmetto  wood  is  reported.  The  failure 
mechanisms  in  the  Palmetto  wood  were  elucidated  to  investigate  the  failure  initiation  and  energy  absorbing 
mechanism.  The  leading  failure  mechanism  was  found  to  be  shear-dominated  delamination  at  the  macrofiber  and 
porous  cellulose  matrix  interface.  The  macrofibers  being  mechanically  stronger  deforms  lesser  than  the  porous 
cellulose  matrix  leading  to  a  deformation  mismatch  at  the  interface,  which  again  leads  to  accumulation  of  shear 
strain.  It  has  been  found  that  the  macrofibbers  carry  the  axial  load  and  the  cellulose  matrix  transfers  the  loads  to  the 
macrofiber.  The  pore  collapse  mechanism  helps  to  absorb  the  high  strain  energy  as  well  as  leads  to  the  potential 
sites.  The  detail  of  fabrication  and  preliminary  results  of  the  mechanical  characterization  of  the  sandwich  structures 
with  bio-inspired  core  have  been  reported. 


200  nm 


Figure  1.  Characterization  of  mechanical  behavior  and  failure  mechanism  in  Palmetto  wood  at  multiple  length 

scales  [2] 

2.  Experimental  mechanical  characterization  technique 


Quasi-static  three-point  bend  test  has  been  used  to  characterize  the  mechanical  behavior  of  the  Palmetto  wood 
and  the  sandwich  material  with  bio-inspired  core  at  multiple  length  scales  as  depicted  in  Figure  1.  The  Palmetto  wood 
specimens  were  prepared  from  a  harvested  palmetto  tree  of  the  size  of  around  10  cm  x  9  mm  x  9  mm.  Tests  were 
performed  in  an  Imada  model  MX  500  load  frame  with  a  Z2H-440  2  kN  load  cell  with  resolution  of  0.1  kg.  Supports 
for  the  three-point  bend  test  fixture  were  62.5  mm  apart,  and  the  specimen  was  loaded  with  the  fibers  oriented 
transverse  to  the  loading  direction  (Figure  2).  The  quasi-static  bending  was  performed  under  displacement  control 
at  a  macroscale  flexural  strain  rate  1.6  x  10-4/sec.  The  Palmetto  wood  surface  texture  was  good  enough  for  the 
image  correlation  at  all  length  scales  waiving  off  any  artificial  speckle  pattern.  The  images  of  the  specimen 
undergoing  bending  and  illuminated  by  MI-150  high  intensity  fiber  optic  illuminator  from  Edmund  Industrial  Optics 
was  captured  by  FL2-14S3C  Point  Grey  high  speed  camera  aided  with  the  required  lenses  for  magnification  The 
DIC  analysis  was  performed  using  a  commercially  available  package  known  as  Vic-2D  from  Correlation  Solutions 
Inc.  (Columbia,  SC).  The  optimum  subset  size  and  strain  filter  was  chosen  for  the  image  correlation  to  determine 
the  deformation  in  the  specimen. 
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Wood 
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Figure  2.  Quasi-static  three-point  bend  test  set-up  and  test  configuration 

The  dynamic  response  of  the  Palmetto  wood  was  performed  at  low  velocity  impact  test  at  three-point  bend 
configuration.  The  specimen  was  impacted  by  a  12.6  gm  cylindrical  projectile  at  a  velocity  of  about  30  m/s  leading 
to  a  strain  rate  of  around  450  s\  The  images  were  captured  by  a  high  speed  Phantom  camera  under  the 
illumination  by  high  intensity  illuminators. 

3.  Fabrication  of  sandwich  structure  with  bio-inspired  core 

The  bio-inspired  sandwich  specimens  were  prepared  from  soft  closed-cell  foam  as  core  and  epoxy- 
carbon  composites  from  The  Composite  Store.  Carbon  rods  of  diameter  of  0.027"  from  The  Composite  Store 
have  been  used  as  reinforcement  in  the  soft  foam.  Epoxy  resin  105  and  slow  hardener  206  from  West  System 
have  been  used  as  the  adhesive  in  the  interfaces  between  facesheet  -  core  and  carbon  rod  reinforcement  -  foam 
core.  Two  types  of  adhesives  were  prepared,  namely,  pure-epoxy  based  and  nano-enhanced  epoxy.  West 
system  epoxy  resin  105  with  206  slow  hardener  has  been  mixed  by  5:1  ratio  by  weight.  Nano-enhancement  was 
achieved  by  mixing  1  wt  %  PR-19  grade  low  density  carbon  nanofiber  (LDCNF)  that  was  obtained  from  Applied 
Sciences.  The  pure  epoxy  adhesive  was  prepared  by  hand-mixing  of  the  the  epoxy  resin  and  hardener  for  3  -  5 
minutes,  with  a  subsequent  degassing  for  5  minutes  at  a  vacuum  chamber  with  22  mm  Hg  vacuum  pressure. 
The  nano-enhanced  adhesive  was  prepared  by  a  hand-mixing  of  epoxy  resin  and  LDCNF  for  3  -  5  minutes 
followed  by  90  minutes  of  sonication  and  a  degassing  of  3  -  5  minutes  in  the  vacuum  chamber  with  22  mm  Hg 
vacuum  pressure.  These  pure  epoxy  and  nano-enhanced  epoxy  based  adhesives  have  been  used  as  adhesives 
to  glue  the  soft  foams,  and  facesheets  of  carbon  strips.  The  foam  and  facesheets  were  manually  attached  by  the 
adhesives  detailed  above.  For  another  class  of  specimen,  reinforcement  of  Carbon  rods  have  been  used  by 
penetrating  the  carbon  roads  in  the  soft  foam  core  after  dipping  them  in  the  adhesive  to  achieve  better  adhesion 
with  the  foam.  The  glued  and  reinforced  specimens  were  cured  in  a  closed  chamber  at  80  C  for  30  hrs  under  a 
dead  weight.  The  bio-inspired  sandwich  structures  fabricated  for  this  investigation  are  depicted  in  Figure  3. 


Figure  3.  Representative  sandwich  specimen  with  bio-inspired  foam-core 
4.  Characterization  of  Palmetto  wood 


A  representative  flexural  response  of  the  Palmetto  wood  specimen  under  quasi-static  three-point  bending 
is  depicted  in  Figure  4(a).  A  fit  of  a  Weibull  distribution  for  the  failure  response  of  a  bundle  of  fibers  is  found  to  fit 
well  with  the  flexural  response  of  the  Palmetto  wood.  For  these  specimen  dimensions,  the  cross-sectional  area  is 
nearly  400  times  the  cross-sectional  area  of  an  individual  fiber  in  the  macro-fiber  bundle,  so  the  global  behavior 
should  be  considered  macroscopic.  The  bulk  flexural  modulus  of  this  representative  specimen  was  determined  to 
be  approximately  500  MPa,  and  the  specimen  failed  at  approximately  4%  elongation  with  a  corresponding 
nominal  stress  of  about  10  MPa.  The  Weibull  distribution  of  the  failure  response  for  a  bundle  of  fiber  is  given  by: 


a  =  Eeexp 


£ 


0) 


where  £0  and/? are  the  Weibull  parameters  and  E  is  elastic  modulus.  The  Weibull  parameters  are  chosen  as 
£0  =  0.05  and  jB  =  1.5  for  the  present  response  with  elastic  modulus  (E)  as  500  MPa. 
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At  the  macroscale,  the  vertical  displacement  and  strain  field  obtained  by  DIC  in  Figure  4(b),  (c) 
resembles  to  that  of  a  homogeneous  isotropic  response.  The  symmetric  displacement  field  indicates  that  the 
macroscopic  behavior  of  the  wood  appears  to  be  homogeneous.  Slight  asymmetry  in  the  strain  field  with  respect 
to  the  loading  point  was  assumed  to  arise  due  to  inhomogeneity  from  the  macro-fiber  distribution  in  the  wood 
along  the  specimen  length. 
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Figure  4.  (a)  Representative  quasi-static  macroscopic  flexural-stress  strain  curve  for  Palmetto  wood  with  a  fit 
indicating  that  the  failure  response  conforms  to  Weibull  failure  distribution,  (b)  vertical  displacement  and  (c)  axial 
strain  field  in  Palmetto  wood  before  the  onset  of  failure  (point  A)  indicating  macro scopically  homogeneous 

behavior  [2]. 

Strain  fields  at  the  microscale  elucidate  high  strain  accumulation  at  the  macrofiber-matrix  interface  as 
depicted  in  Figure  5.  The  strain  fields  indicate  high  shear  and  normal  strain  at  the  macro-fiber-matrix  interface.  It 
is  apparent  that  the  high  interfacial  strains  make  the  wood  prone  to  cell  collapse  near  the  macro-fibers,  which 
increases  shear  loading  and  initiates  the  shear  dominated  debonding.  Pore  collapse  mechanism  is  captured  from 
the  deformation  in  the  porous  cellulose  matrix  as  shown  in  Figure  6.  Due  to  the  normal  compression  and  shear, 
cells  collapse  and  coalesce  at  the  micro-scale  and  gives  rise  to  shear  cracking. 


43.006  0.006 

Figure  5.  Interfacial  strains  measured  200  |Lim  into  matrix  at  microscale  indicating  concentration  of  shear  strains 
very  close  (~0.25df)  to  the  fiber-matrix  interface  with  associated  pore  collapse  which  may  allow  the  shear  strain  to 

Y      build  up  at  the  interface  [2]. 
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Figure  6.  Shear  cracking  in  cellulose  material.  The  pores  collapse  and  coalesce  together  due  to  compressive 
normal  strain  (left)  which  causes  shear  strain  to  accumulate  (right)  leading  to  macroscopic  crack  formation.  The 

pore  collapse  mechanism  helps  for  load  absorption  [2]. 

The  flexural  response  of  Palmetto  wood  under  low  velocity  impact  is  depicted  in  Figure  7(a)  and 
compared  to  that  under  the  quasi-static  loading.  The  Palmetto  wood  exhibits  a  higher  stiffness  and  failure 
initiation  load  under  impact  as  compared  to  characterization.  The  preliminary  results  show  that  the  macrofiber 
volume  fraction  has  significant  role  in  the  elastic  behavior  as  well  as  the  failure  mode  of  the  Palmetto  wood. 
Specimens  were  prepared  from  several  locations  of  the  Palmetto  stem  with  different  macrofiber  volume  fraction 
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indicated  by  the  bulk  density.  The  effect  of  macrofiber  distribution  in  the  bulk  Elastic  modulus  is  depicted  in  Figure 
7(a).  As  evidenced  by  Figure  7(b),  higher  macrofiber  volume  fraction  increases  the  Elastic  modulus  of  the 
Palmetto  wood.  Under  the  quasi-static  loading  the  Elastic  modulus  is  noted  to  increase  by  around  45%  for  an 
increase  in  macrofiber  volume  fraction  by  8%,  whereas,  this  increment  under  dynamic  load  is  found  to  be  around 
25%. 
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Figure  7.  (a)  Flexural  response  of  Palmetto  wood  under  low  velocity  impact  and  comparison  with  quasi-static 
flexural  response  (b)  effect  of  macrofiber  distribution  on  the  bulk  Elastic  modulus  of  palmetto  wood 


The  damage  evolution  of  palmetto  would  under  quasi-static  bending  and  low  velocity  impact  is  quantified. 

The  Damage  parameter  is  determined  by  D  =  1-(E/E0)    and  the  Palmetto  wood  is  found  to  exhibit  a  slower 
damage  evolution  under  dynamic  load  than  under  quasi-static  load  as  depicted  in  Figure  8.  A  regression  fit  using 

progressive  damage  evolution  given  by   De  =  0.9 jl-exp[-A(£ -0.034)1]  is  used  to  estimate  the  dame 
evolution  parameters  [10].  As  depicted  in  Figure  8(a),  the  damage  acceleration  rate  is  80%  less  under  dynamic 


l-exp\-aye-eyj   \     with  appropriate 


bending.  The  evolution  of  plastic  strain  was  determined  by  £p  =  £t 

parameters  from  the  regression  fit.  The  Palmetto  wood  was  found  to  exhibit  a  slower  evolution  of  damage  and 
plastic  strain  under  the  dynamic  load  than  that  under  quasi-static  bending. 
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Figure  8.  (a)  Damage  evolution  in  palmetto  wood  and  (b)  evolution  of  plastic  strain  under  quasi-static  and  dynamic 

load 


5.  Characterization  of  sandwich  material  with  bio-inspired  core 

Motivated  by  the  mechanical  benefits  of  hierarchical  structure  in  the  Palmetto  wood  to  resist  failure,  we 
developed  a  reinforced  sandwich  material  system  as  shown  in  Figure  3  to  replicate  and  investigate  the  strength 
and  energy  absorbing  capabilities.  The  sandwich  specimens  have  been  characterized  under  quasi-static  three-point 
bend  and  low  velocity  impact  as  discussed  earlier.  The  sandwich  specimens  have  been  fabricated  (1)  with  pure 
epoxy  as  adhesive  and  no  reinforcement,  (2)  with  pure  epoxy  as  adhesive  and  carbon  rod  reinforcement  and  (3) 
with  nano-enhancement  in  epoxy  and  carbon  rod  reinforcement.  The  quasi-static  response  of  several  sandwich 
specimens  has  been  depicted  in  Figure  9.  The  nano-enhancement  at  the  facesheet-core  and  carbon  rod  -  foam 
interfaces  increases  its  stiffness  as  well  as  energy  absorbance. 
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Figure  9.  Flexural  response  of  the  conventional  sandwich  and  sandwich  with  bio-inspired 
core  under  quasi-static  three-point  bend  test. 


The  dynamic  response  of  the  sandwich  specimen  with  palmetto  wood  as  core  was  measured  under  low 
velocity  impact  (-34  m/s)  and  compared  with  that  of  a  specimen  with  the  bio-inspired  core  of  similar  dimensions 
(Figure  9).  From  the  impact  force-time  curves,  the  behavior  of  the  two  specimens  is  remarkably  similar.  The  force 
is  higher  in  the  bio-inspired  core,  peaking  around  2750  N  shortly  after  initial  impact  while  the  Palmetto  wood  core 
specimen  peaks  around  2050  N  about  0.15  ms  after  impact.  While  the  bio-inspired  specimen  exhibits  a  load  drop 
after  initial  impact,  the  Palmetto  wood  core  specimen  is  able  to  sustain  its  load.  Furthermore,  the  Palmetto  wood 
core  specimen  tends  to  accumulate  load  approximately  twice  as  quickly  as  the  bio-inspired  specimen  upon  initial 
impact,  which  would  be  indicative  of  a  greater  initial  stiffness.  It  has  been  seen  that  the  bio-inspired  core  enhances 
the  impact  resistance  and  energy  absorbance  of  the  specimen  in  a  manner  that  is  similar  to  the  Palmetto  wood. 
The  strain  fields  under  low  velocity  impact  test  of  sandwich  specimen  with  bio-inspired  core  are  also  depicted  in 
Figure  9.  The  flexural  response  of  the  sandwich  beam  specimens  under  low  velocity  impact  and  quasi-static 
loading  as  they  become  more  bio-inspired  through  the  use  of  15  wt.  %  carbon  fibers  and  with  CNF  coating  of  the 
fibers  is  also  shown  in  Figure  9.  It  is  found  that  the  carbon  rod  reinforced  nano-enhanced  foam  core  has  the 
maximum  impact  resistance  and  energy  absorbing  capability. 
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Figure  9.  (left)  Effects  of  using  new  bio-inspired  core  on  sandwich  specimens  on  flexural  response  under  impact, 
and  (right)  comparison  of  dynamic  response  of  sandwich  specimens  with  Palmetto  wood  and  a  bio-inspired 

structure  as  core  under  low  velocity  impact. 
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6.  Conclusions 

The  mechanical  behavior  of  Palmetto  wood,  a  potential  bio-inspiration  to  develop  advanced  materials  has 
been  characterized  under  quasi-static  and  dynamic  bending.  The  study  has  been  performed  in  the  elastic  and 
inelastic  deformation  regime  to  elucidate  the  load  transfer  and  failure  initiation.  The  DIC  technique  has  been 
employed  at  multiple  length  scale  to  elucidate  failure  mechanisms.  Palmetto  wood  has  been  found  to  exhibit 
higher  stiffness  and  energy  absorbance  under  dynamic  impact  than  the  quasi-static  bending.  The  deformation 
measurement  in  the  inelastic  regime  at  multiple  length  scale  revealed  that  the  shear  dominated  delamination 
occurs  at  the  macrofiber-matrix  interface  due  to  accumulation  of  high  shear  strain  caused  by  the  difference  in 
mechanical  properties  of  macrofiber  and  porous  cellulose  matrix.  The  shear  cracking  in  the  porous  matrix  has 
been  captured  at  lower  length  scale  occurring  following  the  pore  collapse  and  coalescence.  The  damage  evolution 
under  dynamic  loading  is  found  to  be  slower  than  under  quasi-static  bending.  The  damage  modeling  of  palmetto 
wood  based  on  a  progressive  damage  model  revealed  the  slower  plastic  strain  evolution  under  dynamic  load. 

Sandwich  specimens  have  been  developed  based  on  closed-cell  soft-foam  as  core  and  carbon- 
epoxy  laminates  as  facesheet.  Reinforcement  of  carbon  rod  has  been  used  in  the  soft  foam  core  to 
mimic  the  structure  of  palmetto  wood.  Using  the  hierarchical  structure  of  Palmetto  wood  as  template, 
nano-enhancement  was  employed  in  the  epoxy  based  adhesive  used  in  the  facesheet-foam  and 
reinforcement-foam  interfaces.  The  preliminary  quasi-static  and  dynamic  characterization  of  the 
sandwich  materials  shows  that  the  nano-enhancement  increases  the  stiffness  and  energy  absorbance  of 
the  sandwich  material. 
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ABSTRACT 

Woven  fabrics  are  used  in  many  applications,  including  ballistic  armors,  propulsion  engine  containment  systems 
and  fabric  reinforced  composites.  In  order  to  facilitate  the  design  and  improvement  of  such  applications,  this 
paper  presents  the  experimental  programs  of  quasi-static  uniaxial  tension,  biaxial  tension  and  picture  frame  test 
to  obtain  the  material  properties  of  Kevlar®  49  fabric.  This  study  discusses  the  stress-strain  response  in  both  the 
warp  and  the  fill  directions  of  the  fabric  under  uniaxial  tension,  the  effective  Poisson's  ratio  and  the  in-plane  shear 
response,  and  also  investigates  the  possible  effect  of  specimen  size  on  the  responses  of  the  fabric.  The  results 
show  that  the  fabric  exhibits  non-linear  and  orthogonal  behavior  in  tension,  and  can  deform  up  to  20%  before  the 
complete  failure.  The  effective  Poisson's  ratio  is  a  nonlinear  function  of  strain.  The  shear  response  is  nonlinear  to 
the  shear  angle,  but  not  dependent  upon  the  specimen  size  after  normalization.  Images  were  used  to 
demonstrate  the  deformation  and  failure  behavior  of  the  fabric.  All  these  results  are  very  important  for  the 
numerical  modeling  of  the  Kevlar®  49  fabric  used  in  engine  fan  containment  systems  and  other  ballistic  protection. 

Keywords:  Woven  fabric;  Stress-strain  response;  Poisson's  ratio;  Shear  behavior 

1.  Introduction 

High  strength  woven  fabrics  are  ideal  materials  for  use  in  structural  systems  where  large  deformations  and  high 
energy  absorption  are  required.  Their  high  strength  per  weight  ratio  and  ability  to  resist  high  speed  impacts 
enable  them  to  be  very  efficient  compared  to  metals.  Fabrics  are  highly  anisotropic  and  the  behavior  in  one 
direction  is  coupled  to  the  behavior  in  the  other  in  a  nonlinear  manner.  Even  under  uniaxial  loading,  the  response 
of  a  fabric  is  often  nonlinear  due  to  its  woven  structure  and  to  nonlinearities  in  the  material  response.  In  addition, 
many  applications  of  fabric  involve  large  rotations  and  deformations.  Various  deformation  mechanisms,  i.e.  yarn 
stretch,  uncrimping,  crimp  interchange,  locking,  trellising  and  yarn  slip,  determine  the  mechanical  response  of  a 
woven  fabric  [1]. 

Research  on  the  mechanics  properties  of  aramid  yarns  has  been  reported  by  some  authors,  but  little  on  aramid 
woven  fabrics.  Schwartz  et  al.  [2]  carried  out  quasi-static  tensile  tests  on  single  fibers  of  Kevlar®  29  and  49  taken 
from  various  locations  within  a  spool  and  production  lots.  An  increased  strength  for  fibers  at  shorter  gage  lengths, 
but  no  increased  variability  at  longer  lengths  was  observed.  Amaniampong  and  Burgoyne  [3]  studied  the  effect  of 
gage  length  and  strain  rate  from  3x1 0"4  to  0.003  s"1  on  the  failure  stress  and  failure  strain  of  Kevlar®  49  yarns. 
Yarn  strength  decreases  slightly  as  the  gage  length  increases;  whereas  the  failure  strain  of  the  Kevlar®  49  yarns 
was  independent  of  the  gage  length,  however  decreased  slightly  as  the  strain  rate  increased.  Zhu  et  al.  [4-7] 
conducted  dynamic  tensile  testing  on  Kevlar®  49  single  yarn  and  fabrics  using  a  servo-hydraulic  high  speed 
machine  [8-14]  and  found  that  the  Young's  modulus,  tensile  strength,  maximum  strain  and  toughness  increased 
with  increasing  strain  rate  over  a  range  of  20  to  170  s"1.  Naik  et  al.  [15]  studied  the  quasi-static  properties  of 
Kevlar®  49  and  Zylon  fabrics  in  tension  at  a  strain  rate  of  1.4x10"4  s"1  and  the  load-deflection  response  of  single 
layer  and  multiple  layers  in  static  penetration  test. 


T.  Proulx  (ed.),  Experimental  and  Applied  Mechanics,  Volume  6,  Conference  Proceedings  of  the  Society  for  Experimental  377 

Mechanics  Series  9999,  DOI  10.1007/978-1-4614-0222-046,  ©  The  Society  for  Experimental  Mechanics,  Inc.  201 1 


378 

Determination  of  biaxial  nature  of  interaction  between  yarns  in  two  dimensional  woven  fabrics  is  among  the 
fundamental  characteristics  of  textile  materials.  This  interaction  characterizes  important  mechanical 
characteristics  for  a  woven  fabric,  and  affects  the  response  in  many  applications  which  incorporate  textile  fabrics 
as  structural  elements.  This  process  is  known  as  crimp  interchange  which  is  similar  to  a  Poisson's  effect,  although 
it  is  nonlinear,  so  the  effective  Poisson's  ratio  evolves  as  the  fabric  is  deformed.  This  mechanism  represents  an 
important  difference  between  fabrics  and  other  anisotropic  materials  because  it  permits  the  two  families  of 
reinforcing  structures  to  interact  in  a  nonlinear  manner  [1].  While  the  significance  of  the  effects  of  Poisson's  ratios 
on  fabric  drape  and  other  behaviors  is  well  recognized,  their  values  were  mostly  estimated,  based  on  those  for 
ordinary  solid  materials,  for  fabric  modeling  and  simulations. 

Another  important  material  property  required  for  the  finite  element  models  of  the  fabric  is  the  response  of  the 
fabric  under  shear  deformation.  During  shear  deformation,  the  fabric  yarns  experience  large  angular  variation 
between  warp  and  fill  yarns.  Three  experimental  approaches  can  be  used  to  characterize  the  shear  properties: 
the  simple  shear  [16],  bias  extension  test  [17]  and  the  picture-frame  shear  test  [18].  The  bias  extension  approach 
usually  brings  out  a  complex  combination  of  shear  and  tension,  which  makes  it  difficult  to  isolate  the  shear 
deformation  in  the  test  and  hence  complicates  the  characterization  of  pure  shear  behavior.  In  the  picture-frame 
shear  test,  a  fabric  sheet  is  clamped  within  a  square  frame  hinged  at  each  corner.  The  two  diagonally  opposite 
corners  are  then  displaced  using  a  mechanical  testing  machine.  It  can  produce  a  quite  uniform  shear  deformation 
state  in  the  fabric  or  composite  sheet  [19].  In  the  picture-frame  shear  test,  in-plan  shear  deformation  is  limited  by 
local  wrinkling,  when  yarns  reach  the  so-called  "locking  angle".  And  corner  cut-off  is  typically  needed  to  allow 
rotations  of  the  hinges  and  prevent  immediate  wrinkling. 

This  paper  presents  a  comprehensive  experimental  study  of  Kevlar®  49  fabric  subjected  to  quasi-static  uniaxial 
tension,  biaxial  tension  and  in-plane  shear.  The  first  section  of  this  paper  presents  detailed  experimental 
programs  to  characterize  the  orthotropic  stress-strain  relationships  by  uniaxial  tension  test,  the  effective  Poisson's 
ratio  by  biaxial  test,  and  the  shear  properties  by  picture-frame  shear  test.  The  second  section  discusses  the 
results  and  the  possible  effects  of  specimen  size  and  pre-loading  on  the  mechanical  properties.  Images  captured 
during  loading  process  have  been  used  to  study  the  deformation  and  failure  mechanism  of  the  fabric.  The  last 
section  summarizes  the  results  and  makes  some  conclusions.  It  is  expected  that  the  results  will  improve  the 
modeling  of  the  fabric  used  in  aircraft  engine  fan  containment  systems  [20]  and  other  ballistic  protection. 

2.  Experimental  Program 

The  plain-woven  Kevlar®  49,  a  high  performance  fabric  for  ballistic  protection  application,  made  by  El  du  Pont  de 
Nemours  &  Co.,  is  used  in  this  study.  It  is  about  five  times  stronger  than  steel  on  an  equal  weight  basis,  yet  it  is 
more  flexible  and  light  weight.  The  Kevlar®  49  fabric  is  manufactured  using  a  plain  weave  of  17x17  yarns  (per 
linear  inch)  each  consisting  of  hundreds  of  filaments.  The  bulk  density  and  linear  density  are  1.44  g/cm3, 
1 .656(1 0"3)  g/cm,  respectively.  The  cross-sectional  area  of  each  yarn  was  calculated  as  1 .15(1 0"3)  cm2  by  dividing 
the  linear  density  of  the  material  by  its  bulk  density  [5]. 

2.1  Uniaxial  Tensile  Test 

The  tests  were  performed  in  a  90  kN  INSTRON  machine  operated  under  closed-loop  displacement  control  with 
the  displacement  rate  of  2.5  mm/min.  Digital  data  acquisition  was  used  to  collect  data  at  a  sampling  rate  of  2  Hz. 
The  test  was  continued  until  complete  failure  of  the  specimen  was  achieved.  The  overall  specimen  deformation 
was  measured  by  the  stroke  movement.  To  create  a  strip  of  specimen,  the  fabric  was  first  cut  into  rectangular 
strips,  and  then  a  number  of  yarns  along  the  fabric  length  are  removed  from  both  sides  of  the  fabric  width,  thereby 
producing  a  sample  without  yarn  crossovers  along  the  edges.  This  step  is  necessary  to  ensure  that  the  effects  of 
edge  defects  are  minimized  and  that  the  loaded  yarns  will  not  slip  out  of  the  cross  yarns  during  the  test.  The  fabric 
was  cut  into  strips  with  a  length  of  250  mm  and  two  sets  of  width-30  mm  and  60  mm.  In  each  set,  yarns  are 
removed  from  both  sides  of  the  strip  such  that  the  samples  are  left  with  17  and  34  longitudinal  yarns,  respectively. 
The  initial  gage  length  was  200  mm.  The  total  cross-sectional  area  of  a  specimen  was  defined  as  the  cross- 
sectional  area  per  yarn  multiplied  by  the  number  of  yarns  per  width  of  the  specimen.  Five  tests  were  conducted 
on  each  specimen  size  in  both  the  warp  and  the  fill  directions,  and  the  deformation  and  failure  behavior  of  the 
specimens  were  recorded  by  a  CCD  camera. 
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2.2  Biaxial  Tension  Test 

The  test  setup  comprises  of  two  actuators  which  are  capable  of  applying  displacement  velocity  and  measuring 
displacement  of  test  specimen  in  two  orthogonal  directions  independently,  two  load  cells  with  capacity  of  90  and 
225  kN  which  are  used  force  measurement,  a  grip  assembly  to  hold  the  specimen,  a  sliding  block  (super  pillow) 
on  a  steel  roller  which  is  mounted  on  ground,  and  connecting  bars  and  universal  joints,  as  shown  in  Figure  1(a). 
The  load  cell  with  capacity  of  90  kN  was  used  to  measure  the  force  in  vertical  direction,  and  the  other  was  used  to 
measure  the  force  in  horizontal  direction.  An  edge-clamped  fabric  holding  fixture  was  developed  to  hold  the  fabric 
specimen.  The  clamping  of  the  fabric  edges  is  accomplished  through  wrapping  with  a  notch.  The  grip  assembly 
can  hold  specimens  with  size  up  to  150  mm  x  150  mm.  The  original  fabric  is  250  mm  wide  and  was  cut  into 
different  specimen  sizes  with  corner  cut-off.  The  arm  parts  were  clamped  to  the  fixture.  Figure  1(b)  shows  the 
specimens  of  100  mm  x  100  mm  with  corner  cut-off.  The  clamped  specimens  were  pre-loaded  in  vertical  direction 
for  each  specimen  size  at  4.5  N/mm,  and  keep  vertical  direction  stationary  after  pre-loading,  and  then  apply 
displacement  in  horizontal  direction  at  a  loading  rate  of  5  mm/min. 


Ground 
Fig.  1  (a)  Schematic  diagram  of  biaxial  test  setup  and  (b)  cruciform  specimens  of  100  mm  x  100  mm 


2.3  Picture  Frame  Test 


All  the  tests  were  conducted  in  a  servo-hydraulic  test  frame  (MTS)  operated  under  closed-loop  displacement 
control.  Data  were  acquired  at  a  sampling  rate  of  2Hz.  A  CCD  monochrome  camera  was  used  to  capture  the 
images  during  loading  process.  A  schematic  diagram  of  the  picture  frame  is  shown  in  Figure  2(a).  The  frame 
consists  of  five  basic  parts  namely  bearings,  clamping  plates,  multiplier  links,  a  long  plate  with  a  88.9  mm  slot  and 
two  connecting  fixtures  (for  connecting  to  the  top  and  bottom  crosshead  mount).  The  side  length  of  the  frame 
(Lframe)  is  165  mm,  and  the  side  length  of  the  amplifier  (La)  is  70  mm.  The  fabric  was  wound  over  the  circular  rod 
and  placed  in  the  circular  slot  in  the  top  part  of  the  clamping  plate.  The  tightened  set  screws  at  the  top  of  the 
plates  kept  the  assembly  intact  and  prevented  the  fabric  slipping  through  the  application  of  uniform  mechanical 
pressure.  Before  the  start  of  the  test  the  multiplier  links  are  orthogonal  to  each  other.  The  top  crosshead  mount 
remains  stationary  while  the  stroke  moves  down  at  a  rate  of  5  mm/min.  In  order  to  minimize  the  marginal 
restriction  due  to  the  joints  of  the  fixture,  four  corners  of  a  square  fabric  sheet  are  cut  off  to  generate  a  test  sample 
with  smaller  size  than  clamped  in  the  picture  frame.  However,  the  fringe  yarns  still  rotate  and  make  contribution  to 
immediate  wrinkling.  One  way  to  eliminate  the  contribution  from  the  edge  parts,  thus  provide  an  accurate  material 
characterization,  is  removing  some  yarns  in  each  arm  part.  The  inner  areas  of  constructed  specimens  have  three 
different  sizes,  i.e.,  75x75  mm,  100x100  mm  and  125x125  mm.  Before  experiment,  four  unidirectional-yarn  parts 
are  clamped  tightly  into  the  two  plates  on  the  fixture  with  screws,  as  shown  in  Figure  2(b).  When  clamped  into  the 
fixture,  the  specimen  is  kept  exactly  loose  in  order  to  avoid  pre-tension  in  both  directions  of  the  fabric. 
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Multiplier  Links 


Crosshead  Mount 


Fig.  2  (a)  Schematic  diagram  of  the  picture  frame  and  (b)  specimen  clamped  into  fixture 

The  picture  frame  tests  were  conducted  by  following  procedure  which  is  similar  to  the  procedure  in  the  reference 
by  Zhu  et  al.  [18].  The  shear  angle,  shear  force  and  shear  stress  were  determined  using  the  same  method  as 
discussed  by  Cao  et  al.  [19].  To  compare  the  results  of  different  specimen  sizes  or  the  tests  conducted  on 
different  fixtures,  Harrison  et  al.  [21]  proposed  a  method  for  normalization  which  uses  the  frame  length  based  on 
an  energy  method.  Their  assumption  was  that  the  frame  length  was  equal  to  the  fabric  length.  However,  as  there 
is  no  standard  ratio  for  the  length  of  a  test  sample  to  the  length  of  the  frame,  this  method  is  not  the  best  method 
for  normalization.  The  investigation  continued  by  comparing  the  data  when  normalized  by  the  fabric  area  as 
discussed  by  Peng  et  al.  [22].  Here,  the  fabric  area  was  defined  as  the  inner  square  area  of  the  sample,  i.e.,  the 
arm  areas  were  neglected.  The  fabric  area  is  directly  related  to  the  number  of  crossovers  in  the  material.  A  larger 
sample  would  have  more  yarns  resulting  in  more  crossovers  between  the  yarns.  With  an  increased  number  of 
yarns  and  crossovers,  a  larger  force  is  required  to  shear  the  sample.  The  normalization  by  the  inner  fabric  area  is 
quite  straightforward  and  reasonable  if  part  of  the  yarns  in  the  arm  area  is  removed  so  that  no  shear  occurred  in 
the  arm  area.  In  the  present  study,  as  some  of  the  yarns  in  the  arm  area  are  removed  before  the  tests,  it  is 
reasonable  to  normalize  the  shear  force  by  the  inner  fabric  area,  and  normalize  the  shear  stress  by  the  length 
(width)  of  the  inner  area. 

3.  Experimental  Results  and  Discussion 
3.1  Uniaxial  Tensile  Behavior 


Figure  3  shows  the  typical  stress  versus  strain  (time)  relationship,  the  fabric  deformation  and  failure  mechanism 
under  uniaxial  tension.  There  are  four  distinct  regions  in  the  stress-strain  behavior:  crimp  region,  linear  pre-peak 
region,  linear  post-peak  region  and  non-linear  post-peak  region.  In  the  undeformed  state  (t  =0  second),  the  warp 
and  fill  yarns  are  orthogonal  to  each  other  and  free  of  any  stretch.  In  the  crimp  region,  the  stress  increase  is 
relative  low  due  to  the  straightening  of  the  woven  structure  of  the  fabric.  As  the  strain  is  increased,  the  yarns  in 
the  loading  direction  are  extended  and  become  compacted.  When  the  yarns  in  the  loading  directions  are  fully 
straightened,  or  in  some  cases,  until  cross  yarns  wrap  around  the  loaded  yarns  and  thereby  prevent  them  from 
extending  [23],  the  fabric  exhibits  a  linear  response  and  there  is  no  visible  failure  of  the  fabric.  The  Young's 
modulus  is  defined  by  the  slope  of  the  stress-strain  curve  in  this  region.  When  the  stress  level  reaches  the 
strength  of  the  constituent  yarns,  the  yarns  in  the  loading  direction  start  to  fail,  resulting  in  a  dramatic  decrease  in 
the  fabric  load-carrying  capacity  until  reaching  a  transition  point  which  is  about  200  MPa  (the  end  of  linear  post- 
peak  region).  After  that  the  stress  decreases  gradually  to  almost  zero  when  the  strain  increases  up  to  about  0.2 
mm/mm,  representing  the  nonlinear  post-peak  region  where  the  failed  yarns  slip  away  out  of  the  fabric  (t  =  200  to 
800  second).  The  strain  energy  of  stretched  yarns  and  the  energy  dissipated  through  frictional  sliding  play  key 
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roles  in  the  energy  absorption  ability  of  the  fabric.  The  toughness  is  defined  by  the  area  under  the  entire  stress- 
strain  curve. 
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Fig.  3  Typical  stress-strain  relationship  and  fabric  deformation  under  uniaxial  tension 


Tables  1  summarizes  the  tensile  properties  of  both  specimen  sizes  in  warp  and  fill  directions.  The  tensile  strength 
in  warp  direction  is  approximately  10-15%  lower  than  that  in  fill  direction,  while  the  ultimate  strain  in  warp  direction 
is  approximately  7-12%  higher  than  that  in  fill  direction.  The  elastic  stiffness  in  pre-peak  region  of  warp  direction  is 
almost  identical  to  that  of  fill  direction.  Although  the  tensile  strengths  of  50  mm  wide  specimen  are  slightly  lower 
(2-6%)  than  those  of  25  mm  wide  specimens  in  both  warp  and  fill  direction,  the  Young's  modulus,  toughness  and 
ultimate  strain  are  almost  identical  to  each  other,  indicating  the  tensile  properties  of  the  fabric  are  independent 
with  the  width-to-length  ratio  for  the  considered  range  of  configuration. 

Table  1  Summary  of  Tensile  Properties  of  Kevlar  49  Fabric  in  Warp  and  Fill  Directions 

Specimen  Size           Direction      Tensile  Strength     Young's  Modulus      Toughness         Ultimate  Strain 
(Width  x  Length,  mm)    (Warp/Fill)  (MPa) (GPa) (MPa) (mm/mm) 

50x200 


25x200 


Warp 

1748  ±56 

11 7.2  ±3.3 

32.4  ±3.0 

0.0223  ±0.0012 

Fill 

2013  ±44 

117.1  ±3.0 

33.9  ±1.3 

0.0201  ±0.0010 

Warp 

1859  ±109 

11 7.9  ±2.5 

32.9  ±1.4 

0.0215  ±0.0015 

Fill 

2055  ±  72 

119.7  ±4.0 

33.2  ±1.2 

0.0200  ±  0.0009 
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3.2  Effective  Poisson's  Ratio 

Figures  4(a)  and  4(b)  show  the  effective  Poisson's  ratio  of  the  specimens  with  pre-loading  of  4.5  N/mm.  The 
effective  Poisson's  ratio  first  increases  with  increasing  strain  very  quickly  at  the  beginning,  then  decreases 
gradually,  leveling  off  before  the  specimen  fails  for  all  the  specimen  sizes  and  pre-loading  conditions.  For  the  50 
mm  x  50  mm  specimens,  the  maximum  value  of  Poisson's  ratio  varies  between  0.35  and  0.57.  When  the  fabric 
fails  at  the  strain  value  of  0.025,  the  effective  Poisson's  ratio  decreases  to  approximately  0.15  (average  value). 
For  the  100  mm  x  100  mm  specimens,  the  maximum  value  of  Poisson's  ratio  is  in  the  ranges  of  0.48  to  0.63.  And 
the  average  Poisson's  ratio  is  also  approximately  0.15  when  the  fabric  fails. 
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Fig.  4  Effective  Poisson's  ratio  of  (a)  50  mm  x  50  mm  and  (b)  100  mm  x  100  mm  specimens 

3.3  In-plane  Shear  Behavior 

The  shear  response  of  woven  fabric  is  different  from  that  in  metals  and  other  homogeneous  material  sheets  due 
to  the  fabric  unique  woven  structure.  In  particular,  the  in-plane  shear  response  of  fabric  is  dominated  by  the 
relative  rotation  of  the  two  yarn  families.  This  behavior  is  responsible  for  many  distinct  features  observed  during 
shear  deformation  of  woven  fabrics.  Figure  5  shows  the  images  captured  during  the  shear  deformation  of  the  125 
mm  x  125  mm  specimen.  Grid  pattern  was  applied  on  the  specimen  surface  before  the  test  for  image  analysis. 
One  should  notice  that  all  the  specimens  undergo  fairly  uniform  shear  deformation. 


1 0  degree  20  degree  30  degree  40  degree 

Fig.  5  Shear  deformation  of  the  1 25  mm  x  1 25  mm  specimen  at  different  shear  angles 


The  initial  portion  of  the  Figures  6(a)  and  6(b)  depicts  a  linear  response  corresponding  to  the  elastic  rotation, 
following  with  a  region  where  the  yarns  undergo  dissipative  rotation  at  the  yarn  crossover  points.  In  dissipative 
rotation  region  (shear  angle  from  2  to  30  degree),  both  the  shear  force  and  the  shear  stress  slightly  increase  with 
shear  angle.  As  the  yarns  are  compressed  (shear  angle  between  30  and  40  degree),  shear  stiffness  in  the  fabric 
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increases,  providing  higher  shear  resistance.  The  shear  force  and  the  shear  stress  increase  much  faster  in  this 
region.  When  the  yarns  cannot  be  compacted  further  and  the  in-plane  movements  of  the  yarns  are  prohibited,  the 
level  of  shear  deformation  is  commonly  referred  to  as  the  fabric's  shear  locking  angle.  The  last  portion  of  the 
curves  (shear  angle  above  40  degree)  is  dominated  by  shear  locking  effects. 
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Fig.  6  Normalized  (a)  shear  force  and  (b)  shear  stress  versus  shear  angle 


4.  Conclusions 


The  present  study  focuses  on  the  experiment  and  characterization  of  uniaxial,  biaxial  tension,  and  in-plane  large 
shear  deformation  on  the  Kevlar  49  fabric,  and  analyzes  the  non-linear  stress-strain  relationship  in  warp  and  fills 
directions,  effective  Poisson's  ratio  as  a  function  of  strain,  and  the  shear  response.  The  following  conclusions  can 
be  reached: 

(1)  The  stress-strain  response  of  Kevlar  49  fabric  exhibits  non-linear  and  orthogonal  behavior  in  warp  and  fill 
directions,  and  can  deform  up  to  20%  before  the  complete  failure.  The  tensile  strength  in  warp  direction  is 
approximately  10-15%  lower  than  that  in  fill  direction,  while  the  ultimate  strain  in  warp  direction  is 
approximately  7-12%  higher  than  that  in  fill  direction.  The  elastic  stiffness  in  pre-peak  region  of  warp 
direction  is  almost  identical  to  that  of  fill  direction. 

(2)  The  effective  Poisson's  ratio  is  a  nonlinear  function  of  strain  values.  It  first  increases  with  increasing  strain 
very  quickly  at  the  beginning,  then  decreases  gradually,  leveling  off  before  the  specimen  fails.  The 
maximum  value  of  the  effective  Poisson's  ratio  varies  between  0.35  and  0.63,  and  when  the  fabric  starts 
to  fail  it  is  approximate  0.15. 

(3)  The  normalized  shear  response  is  independent  with  the  specimen  size.  The  normalized  shear  force  and 
stress  versus  shear  angle  curves  consist  of  several  regions:  linear  elastic  rotation  region,  dissipative 
rotation  region,  yarn  compression  region  and  shear  locking  region. 
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ABSTRACT 

In  recent  years,  there  has  been  a  large  increase  in  the  use  of  polymers  in  engineering  applications.  Silica-styrene- 
butadiene  rubber  filled  hybrid  composites  is  a  material  designed  with  different  weight  %  of  silica  and  styrene -butadiene 
rubber.  Five  crosshead  speeds  (0.01  mm/min,  0.1  mm/min,  lmm/min,  lOmm/min  and  lOOmm/min)  are  considered  in  this 
study.  The  results  showed  that  yield  stress  and  elastic  modulus  decreased  with  decreasing  crosshead  speed.  An  artificial 
neural  network  model  is  presented  to  predict  the  mechanical  properties.  The  result  of  the  analysis  of  variance  (ANOVA) 
shows  a  good  interaction  between  filler  materials  and  testing  condition  by  99%  confidence  level.  In  the  present  investigation 
Scanning  Electron  Microscope  studies  has  been  done  to  see  the  dispersion  of  silica  and  styrene -butadiene  rubber  particles  in 
resin. 

INTRODUCTION 

Polymers  are  materials  composed  of  long  chain-like  molecules  in  which  the  atoms  are  bound  together  by  strong 
covalent  bonds.  Polymers  exist  in  nature  in  such  forms  as  wood,  cotton,  silk,  hair  and  flesh.  In  addition,  there  are  countless 
man-made  or  synthetic  polymers  being  used  in  more  traditional  applications  such  as  clothing,  packing  and  various  household 
items.  However,  in  recent  years  these  synthetic  polymers  are  being  increasingly  used  in  engineering  applications  related  to 
the  automotive  and  aerospace  industries,  civil  engineering  applications,  gas  and  liquid  transport  systems,  paints  and  coatings, 
and  electronics  industries. 

Silica  is  one  of  the  most  applied  fillers  in  polymer  composites.  Epoxy  resin  reinforced  with  silica  particles  having 
submicron  dimensions  represents  one  of  the  most  studied  systems.  Already  published  results[l]  evidenced  that  well  dispersed 
silica  nanoparticles  can  effectively  enhance  the  comprehensive  properties  of  epoxy-based  nano-  composites,  which  are 
unique  and  different  from  any  other  current  conventional  micro  composite  with  typical  filler  amounts  of  less  than  5  wt  %. 
Various  investigators  reported  that  mechanical  properties  of  silica  particle/polymer  nanocomposites  are  significantly 
enhanced  even  at  very  low  particle  volume  fraction  [2,  3]. 

Styrene  rubber  resembles  natural  rubber  in  processing  characterization  as  well  as  quality  of  finished  product.  It  has 
been  reported  that  silica  particles  dispersed  uniformly  within  the  rubber  matrix  [4]  and  enhances  the  mechanical  properties  of 
the  hybrid  composite  significantly.  The  interaction  between  the  rubber  and  the  filler  has  been  studied  to  determine  the  effects 
on  failure  of  the  compounds  by  many  researchers  [5,  6].  The  tensile  properties  of  polymers  are  specified  with  parameters  of 
yield  stress,  elastic  modulus  and  ultimate  strength.  For  many  polymeric  materials,  the  simple  stress  strain  test  is  employed  for 
the  characterization  of  these  parameters.  The  tensile  properties  are  highly  sensitive  to  the  strain  rate.  The  data  derived  from 
tensile  tests  is  essential  for  material  selection  during  design  of  engineering  components. 

MATERIAL 

In  the  present  investigation  CY-230  purchased  from  M/s  CIBATUL  Limited,  India  has  been  used  as  matrix  material. 
Hardener  HY-95 1  purchased  from  M/s  CIBATUL  Limited,  India  has  been  used  as  curing  agent.  In  the  present  investigation  8 
%  wt/wt  has  been  used  in  all  material  developed.  It  is  reported  [7]  that  silica  partials  are  uniformly  dispersed  in  to  the  matrix 
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of  parent  material  and  there  is  no  chemical  reaction  between  silica  and  resin  matrix.  In  the  present  investigation  nano  sized 
silica  powder  (<142  nm)  procured  from  M/s  DEGUSSA  INDIA  Pvt.  Limited,  New  Delhi  have  been  used  in  the  ratio  of  0.5%, 
1%,  and  2.0%  wt/wt.  Silica  powder  is  directly  mixed  in  resin  and  stirred  mechanically  by  means  of  a  high  speed  mechanical 
stirrer.  In  the  present  investigation  synthetic  rubber  is  also  used  as  secondary  filler  material  in  order  to  improve  the  abrasion 
resistance  &  load  bearing  capacity  and  resilience. 

RESULT  AND  DISCUSSION 

SCANNING  ELECTRON  MICROSCOPE  (SEM) 

The  state  of  dispersion  of  nano  particles  into  the  resin  matrix  plays  a  significant  role  on  the  mechanical  properties  of 
the  composite.  Various  methods  such  as  SEM,  TEM  etc  can  be  used  to  evaluate  the  particle  dispersion  in  the  composite.  In 
the  present  investigation  SEM  was  carried  out  for  hybrid  composite  containing  different  weight  percentage  of  silica  and 
styrene-butadiene  rubber  to  evaluate  the  particle  size,  particle  matrix  interface  and  dispersion  of  the  silica  particle  and 
styrene -butadiene  rubber  in  the  epoxy  resin  matrix.  Figure  1-2  shows  the  SEM  photographs  of  different  hybrid  composite 
material  investigated  in  the  present  work.  Figure  2  shows  the  SEM  photograph  of  composite  containing  1  wt%  of  silica 
respectively.  It  is  seen  from  the  figures  that  silica  particles  are  well  dispersed  in  the  epoxy  resin  matrix  in  a  preferred 
orientation.  The  absence  of  any  voids  around  the  particle  indicates  a  good  adhesion  between  silica  particle  and  epoxy  matrix. 
From  the  above  figures  it  is  also  evidence  that  there  is  no  chemical  reaction  between  silica-rubber  and  epoxy  resin.  It  is 
estimated  that  average  size  of  the  silica  nano  particles  are  132nm±  12  nm.  Hence,  from  the  above  micrographs  it  is  can  be 
concluded  that  due  to  uniform  dispersion  of  nano  sized  silica  particle  is  the  epoxy  resin,  a  remarkably  affect  on  the 
mechanical  properties  may  be  obtained. 


Figure  1 :  Scanning  electron  micrograph  for  2wt%  Silica  reinforced  composite  material  at  magnification  1  OOOOx. 


Figure  2:  Scanning  electron  micrograph  of  1  wt%  Silica  &  1.5  wt%  rubber  hybrid  composite  material  at  magnification  4000x. 
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TENSILE  STRENGTH 

The  mechanical  properties  of  the  silica- styrene -butadiene  rubber  filled  epoxy  resin  hybrid  composite  material  were 
determined  by  1 00  kN  ADMET  make  servo  controlled  universal  testing  machine  at  different  strain  rates  under  displacement 
control  mode.  Remarkable  differences  can  be  seen  in  the  stress-strain  behavior  due  to  addition  of  silica  and  styrene -butadiene 
rubber  in  epoxy  resin  matrix.  Significant  improvement  in  tensile  strength,  modulus  of  elasticity  and  %  elongation  has  been 
seen  due  to  addition  of  silica  and  styrene -butadiene  rubber  in  the  epoxy  matrix.  Tensile  tests  were  carried  out  at  different 
strain  rates  of  0.01  mm/min,  0.1  mm/min,  1  mm/min,  10  mm/min  and  100  mm/min.  The  results  of  modulus  of  elasticity 
obtained  from  stress-strain  test  data  are  presented  in  table  1 .  The  modulus  of  elasticity  of  pure  epoxy  (8%HY-95 1  hardener 
and  rest  CY-230)  is  found  to  be  0.443  GPa  at  slow  strain  rate  of  0.01  mm/min.  At  higher  strain  rate  of  10  mm/min  it  reduces 
to  0.309  GPa. 

Table  1:  Modulus  of  elasticity  (MP a)  of  base  material  at  different  strain  rates 


S.N 

Strain  rate  (mm/min) 

Modulus  of  elasticity  (MPa) 

1 

0.01 

443.34 

2 

0.10 

388.32 

3 

1.00 

368.00 

4 

10.00 

309.00 

Figure  3-6  shows  the  effect  of  strain  rate  on  ultimate  strengths  and  %  elongation  for  different  composite  material 
containing  lwt%  silica  with  0.25,  0.50,  1.0  and  1.5  wt%  of  styrene -butadiene  rubber.  Figures  3-4  indicate  that  ultimate 
strength  increases  for  0.25,  0.50,  1.00  and  1.50  where  as  decreases  in  case  of  pure  silica  base  nano-composite  as  increases 
strain  rate.  This  indicates  increases  in  ultimate  strength  due  to  addition  of  styrene -butadiene  rubber  in  silica  hybrid  composite 
material;  the  material  is  expected  to  behave  less  elastically  throughout  practically  at  lower  strain  rate.  Its  entire  strength  range 
under  higher  strain  rate  condition,  where  as  sharp  increase  in  ultimate  strength,  the  hybrid  material  containing  silica  and 
styrene-butadiene  rubber  is,  expected  to  behave  plastically  throughout  its  entire  strength  range  under  higher  strain  rate. 
Hence,  it  can  be  concluded  that  silica-styrene -butadiene  rubber  mixed  hybrid  composite  has  decreased  elastic  region  and 
ductility,  a  higher  plastic  region  as  compared  to  base  material  as  shown  in  figure  5-6. 


0.01 


0.25  wt%  SBR 
1.50  wt%  SBR 


-0.50  wt%  SBR 


0.1  1 

Cross  Head  Speed,  (mm/sec.) 


Figure  3 :  Effect  of  strain  rate  on  ultimate  strength  of  1  wt%  of  silica  filled  hybrid  composite 
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Figure  4:  Effect  of  strain  rate  on  ultimate  strength  of  2  wt%  of  silica  filled    hybrid  composite 
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Figure  5:  Effect  of  strain  rate  on  %  elongation  of  1  wt%  of  silica  filled  hybrid  composite 
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Figure  6:  Effect  of  strain  rate  on  %  elongation  of  2  wt%  of  silica  filled    hybrid  composite 
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HARDNESS 

As  known,  hardness  implies  a  resistance  to  indentation,  permanent  or  plastic  deformation  of  material.  In  a  hybrid 
composite  material,  filler  weight  fraction  significantly  affects  the  hardness  value  of  the  hybrid  composite  material.  The  effect 
of  weight  percentage  of  silica  and  styrene -butadiene  rubber  on  the  hardness  values  of  hybrid  composite  are  shown  in  figure  8. 
It  is  found  that  hardness  of  neat  epoxy  resin  (CY-230+  8  wt%  of  HY-951)  is  85  HRR.  The  hardness  of  the  fabricated 
composite  made  of  epoxy  resin  and  0.5,  1.0  and  2  wt%  of  the  silica  are  99.56,  120.17  and  120.98  respectively.  The  hardness 
increases  with  the  amount  of  silica  reflecting  the  reinforcement  formed  in  the  hybrid  composite.  It  is  seen  from  the  figure  7 
that  the  beyond  of  1  wt%  of  silica,  the  improvement  in  the  hardness  value  of  the  hybrid  composite  is  insignificant.  This 
shows  that  the  optimum  value  of  silica  wt%  is  about  1  wt%  which  increases  about  40%  of  hardness  as  compared  to  base 
material.  In  the  contrast,  the  addition  of  styrene-butadiene  rubber  to  silica  filled  composite  decreases  the  surface  hardness.  It 
is  seen  that  addition  of  0.5  wt%  of  styrene-butadiene  rubber  to  1  and  2  wt%  of  silica  filled  composite  yields  the  hardness 
value  of  82.27  and  83.85  HRR,  respectively,  which  is  just  equal  to  the  hardness  of  pure  epoxy  resin  composites.  Hence,  it  can 
be  concluded  that  use  of  styrene-butadiene  rubber  as  additional  filler  material  in  silica  filled  resin  composite  decreases  the 
hardness  values.  An  amount  of  0.5  wt%  of  styrene-butadiene  rubber  may  be  used  in  the  silica  filled  composite  to  get  the 
reasonable  mechanical  properties  including  hardness.  Beyond  the  value  of  0.5-1.0  wt%,  it  decreases  the  hardness  drastically. 
The  variation  of  the  hardness  with  the  ultimate  tensile  strength  of  hybrid  composite  is  shown  in  figure  8.  Figure  8  illustrates 
that  the  hardness  value  follows  a  linear  relation  with  ultimate  strength  of  the  silica-styrene -butadiene  rubber  hybrid  composite 
material.  An  attempt  has  been  made  to  correlate  hardness  with  the  ultimate  strength.  Following  correlation  has  been  obtained 
from  the  least  square  analysis. 


:  (HRR) 


(1) 


With  correlation  coefficient  of  0.866  with  50  %  reliability,  where  <Ju  is  in  MPa  and  hardness  in  Rockwell  'R'  scale. 

Figure  9  is  drawn  to  see  the  effectiveness  of  the  present  model.  Figure  shows  that  most  of  the  data  except  one  falls 
within  the  scatter  bond  of  1.  This  illustrates  the  effectiveness  of  the  proposed  model  to  estimate  the  ultimate  strength  from  the 
hardness.  The  correlation  coefficient  value  of  0.886  indicates  a  good  correlation  between  hardness  and  ultimate  strength  and  a 

direct  relation  between  them.  The  student's  test  results  is  found  to  be  4.582,  \t1  001  =  3.0J,  which  confirm  the  correlation 

between  the  factors  hardness  and  ultimate  strength  with  probability  p  <  0.01.  Hence,  there  is  a  linear  relation  between 
ultimate  strength  and  hardness  exists  in  the  present  investigation. 
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Figure  7:  Effect  of  styrene-butadiene  rubber  (wt  %)  on  Hardness 
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Figure  8:  Variation  of  hardness  with  ultimate  tensile  strength 
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Figure  9:  Effectiveness  of  predicted  ultimate  strength  by  model 


From  the  above  discussions  it  is  evident  that  the  silica  and  rubber  as  filler  material  and  strain  rate  as  test  condition 
has  significant  effect  on  ultimate  strength.  To  find  out  the  effect  of  silica,  styrene -butadiene  rubber  content  and  strain  rate  as 
individual  and  for  their  interactions  three-way  analysis  of  variance  (ANOVA)  have  been  performed.  The  results  are  presented 
in  tables  2.  Numbers  of  replications  are  determined  as  per  the  procedure  given  for  ANOVA  in  statistical  book  [8].  Three 
numbers  of  replicates  are  selected  from  the  experimental  data  provided  in  the  Appendix  F  &  G  for  three-way  analysis  of 
variance  for  tensile  strength,  randomly.  Results  shown  in  Table  2  reveals  that  the  effect  of  styrene-butadiene  rubber  seems  to 
be  more  as  compared  to  the  silica  content  and  strain  rate  on  the  ultimate  strength. 

Table2:  Result  obtained  from  ANOVA  analysis  for  ultimate  tensile  strength 


s 

N 

Source  of  Variation 

Sum  of 
squares  (SS) 

DF 

Mean-square 

ratio 
MS  (SS/DF) 

Mean-square 
ratio  (MSR) 

Min  MSR  required  for 
Confidence 

90% 

95% 

97.5% 

1. 

Among  the  rubber  (wt%) 

8212.89 

3 

2737.63 

524450.50 

2.15 

2.73 

3.28 

2. 

Among  the  strain  rate 

298.39 

1 

298.39 

57163.51 

2.77 

3.96 

5.22 

3. 

Among  the  silica  (wt%) 

3168.58 

4 

792.15 

151752.06 

2.02 

2.49 

2.95 

4. 

rubber  (wt%)-  strain  rate 
interaction 

39.78 

3 

13.26 

2540.04 

2.15 

2.73 

3.28 

391 


5. 

strain  rate  -  silica  (wt%) 
interaction 

538.04 

12 

44.84 

8589.37 

1.64 

1.88 

2.11 

6. 

rubber  (wt%)-  silica  (wt%) 
interaction 

36.19 

4 

9.05 

1733.28 

2.02 

2.49 

2.95 

7. 

rubber  (wt%)-  strain  rate  - 
silica  (wt%)  interaction 

137.21 

12 

11.43 

2190.45 

1.64 

1.88 

2.11 

8. 

Residual  Error 

4.18 

80 

0.05 

PREDICTION  OF  MECHANICAL  PROPERTIES  BY  ARTIFICIAL  NEURAL  NETWORK  (ANN) 

In  the  present  investigation  single  hidden  layered  neural  network  is  used  in  the  prediction  of  mechanical  properties 
of  the  hybrid  composite  material.  The  ANN  structure  used  in  the  present  investigation  is  shown  in  Figure  10.  Back 
propagation  algorithm  is  used  in  training.  The  training  of  ANN  by  back  propagation  involved  three  stages:  the  feed  forward 
of  the  input  training  pattern,  the  calculation  and  back  propagation  of  the  associated  errors  and  the  adjustment  of  the  weights. 
Figure  1 1  shows  the  training  and  testing  output  of  the  selected  ANN  structure.  Figures  indicate  that  most  of  the  outputs  are 
very  close  to  the  experimental  data.  The  prediction  of  ultimate  strength  from  hardness  value  is  compared  with  prediction 
made  by  ANN  in  table  3  and  figure  12. 

Table  3 :   Ratio  of  experimental  values  to  predicted  values  from  the  hardness  data  and  ratio  obtained  from  experimental  and 

ANN. 


Composition 

HRR 

<TM(MPa) 

Experimental 

/Predicted  from 

Hardness 

Experimental 
/Predicted  by 

ANN 

Silica 
(wt  %) 

Rubber 
(wt  %) 

Experi 
mental 

Predicted  by 
Hardness 

Predicted 

by  ANN 

1.0 

0.00 

120.17 

45.40 

37.73 

37.99 

1.20 

1.20 

1.0 

0.25 

112.06 

31.04 

35.19 

34.97 

0.88 

0.89 

1.0 

0.50 

82.27 

23.12 

25.83 

24.59 

0.90 

0.94 

1.0 

1.00 

80.26 

15.33 

25.20 

12.60 

0.61 

1.22 

1.0 

1.50 

14.22 

10.15 

04.47 

11.67 

2.27 

0.87 

2.0 

0.00 

120.98 

35.79 

37.99 

36.93 

0.94 

0.97 

2.0 

0.25 

113.77 

23.59 

35.72 

30.23 

0.66 

0.78 

2.0 

0.50 

83.85 

20.12 

26.33 

18.17 

0.76 

1.11 

2.0 

1.00 

77.06 

11.98 

24.20 

12.61 

0.50 

0.95 

Table  3  shows  that  ratio  of  experimental  values  to  predicted  values  from  the  hardness  data  lies  between  0.61  to  2.27 
as  compared  to  0.78  to  1.22  ratio  obtained  from  experimental  and  ANN.  Figure  12  shows  that  data  set  except  one  falls  out 
side  the  scatter  band  of  1.0,  illustrating  the  suitability  of  equation  4.6  to  the  predict  the  ultimate  tensile  strength  only  from  the 
hardness  values. 


Inputs 


Hidden  Layer 


Outputs 


Figure  10:  ANN  model  for  tensile  strength 
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Figure  1 1 :  Comparison  between  Calculated  and  Target  Ultimate  Strength  for  testing  data 


2.5 


2.0 

T. 
3 

£  1.0 

3 


0.0 


O  Experimental/Predicted  from  Hardness(ou/ouh) 
A  Experimental/  Predicted  by  ANN(ou/oua) 


"5" 

A 
O 


10 


20  30 

<ru,(MPa) 


40 


50 


Figure  12:  Effectiveness  of  Predicted  ultimate  Strength  by  model  and  ultimate  Strength  by  ANN 


REFERENCES: 


[1]  Perminov  V.  P.,  Modyanova  A.  G.,  Ryabkov  Y.  L,    Sevbo  O.  A.,  Gailyunas  I.  A.,  Kuchin  A.  VRussian  J  of  Applied 

Chemistry  (Translation  of  Zhurnal  Prikladnoi  Khimii),  75,  636.  ,2002. 
[2]  Ou,Y.,  Yang,F.,  Yu,Z.Z.,  New  conception  on  the  toughness  of  nylon  6/silica  nanocomposite  prepared  via  in  situ 

polymerization.  J.  Polym.  Sci.  B:  Polym.  Phys.  36,  789-795,  1998. 
[3]  Wetzel  B.,  Haupert  F.,  Zhang  M.Q.  ,Epoxy  nanocomposites  with  high  mechanical  and  tribological  performance.  Compos. 

Sci.  Technol.  63,  2055-2067,2003. 
[4]  Bandyopadhyay  Abhijit,  Bhowmick  Anil  K,  Sarkar  Mousumi  De.  , Synthesis  and  characterization  of  acrylic  rubber/silica 

hybrid  composite  prepared  by  sol  gel  technique.  J.  of  Applied  polymer  Sci,  vol.  93;  pp  2579-2589,  2004. 
[5]  Neogi  C,  Basu  S.P.,  Bhowmick  A.K,  Analysis  of  Rubber-Filler  Interaction  at  High  Temperature  by  Using  Strain 

Amplification  Factor.  Plastics  and  Rubber  Processing  and  Applications,  12,  pp.  147-151,  .1989. 
[6]  Wang  M.J.,.  Effect  of  Polymer-Filler  and  Filler-Filler  Interactions  on  Dynamic  Properties  of  Filled  Vulcanizates.  Rubber 

Chemistry  and  Technology,  71,  pp.  520-589,  1998. 
[7]  Hyung  Jin  Kim,  Sung  Wi  Koh,  Jae  Dong  Kim  and  Byung  Tak  Kim.  ,. Materials  Science  Forum  Vols.  544-545  pp  267- 

270,2007. 
[8]  Lipson  and  Seth  ,Text  book  of  Stastical  design  and  analysis  of  engineering  experiments,  pp  194-219,  1973. 
[9]   Lefebvre  J.M.   ,Micromechanics-based  modeling  of  stiffness   and  yield  stress   for  silica/polymer  nanocomposites. 

International  Journal  of  Solids  and  Structures,  Volume  46,  Pages  1716-1726,  2009. 


Compression/Shear  Response  of  Honeycomb  Core 

Michael  W.  Czabaj,  W.R.  Tubbs,  Alan  T.  Zehnder, 

Mechanical  and  Aerospace  Engineering 

Cornell  University,  Ithaca,  NY  14853 

atz2@cornell.edu 

Barry  D.  Davidson 

Mechanical  and  Aerospace  Engineering 

Syracuse  University,  Syracuse,  NY  13244 


ABSTRACT 

Composite  sandwich  structures  find  applications  in  many  aerospace  systems  due  to  their  lightweight  and 
high  strength.  However,  these  structures  are  susceptible  to  low  energy  impact  damage.  Our  studies  of  the 
damage  resistance  and  tolerance  of  honeycomb  core  sandwich  structures  shows  that  the  performance  of  the 
core  plays  a  key  role.  Thus  we  have  undertaken  a  study  of  the  compressive  and  shear  behavior  of  the 
aluminum  honeycomb  cores  used  in  several  space  systems.  The  study  consists  of  uniaxial  and 
compression/shear  tests  of  the  core.  Using  a  novel  ring  specimen  loaded  in  compression  and  torsion,  we 
can  load  along  any  line  in  compression/shear  stress  space  in  order  to  map  out  the  core's  yield  surface  and 
its  evolution.  Results  from  the  experiments  are  used  to  validate  computational  models  that  are  part  of  a 
larger  simulation  of  the  compression  after  impact  strength  of  honeycomb  core  composites. 

INTRODUCTION 

The  compression  after  impact  strength  of  composite  honeycomb  core  structures  has  been  the  subject  of  a 
great  deal  of  experimental1'2,  analytical3  and  computational4  research.  Past  modeling  approaches  to  the 
prediction  of  CAI  strength  relied  on  explicitly  prescribing  the  state  of  impact  damage  state  as  part  of  the 
computational  model5.  The  response  of  the  underlying  core  is  modeled  with  a  set  nonlinear  springs.  Such 
approaches  limit  the  models  to  cases  where  the  damage  state  is  already  known.  To  bypass  this  limitation 
we  are  developing  an  approach  that  simulates  the  impact  event  and  predicts  the  compression  after  impact 
strength. 

Work  to  date  indicates  that  the  response  of  the  core  must  be  captured  with  high  fidelity  in  order  to  make 
accurate  predictions  of  damage  and  residual  strength.6  Both  a  continuum  model7  and  an  explicit  model6  in 
which  the  core  geometry  is  represented  by  shell  elements  are  being  explored.  To  validate  the  explicit 
model  and  to  provide  inputs  to  the  continuum  model  a  series  of  compression  and  compression/shear 
experiments  are  underway. 

MATERIALS  AND  SAMPLE  PREPARATION 

All  tests  were  performed  using  HexWeb®  CR-III,  3.2  mm  cell  size,  5052-H39  aluminum  honeycomb  core. 
In  all  tests  the  samples  are  bonded  to  aluminum  blocks  using  an  epoxy  based  3M™  AF-555  film  adhesive. 
Prior  to  cure  the  honeycomb  core  was  primed  using  a  3M™  EW-5000  adhesive  primer.  Two  different 
densities  of  25.4  mm  thick  cores  were  used;  CI:  49.7  kg/m3  and  C3:  72.1  kg/m3. 

COMPRESSION  TESTS 

The  flatwise  tension-compression  test  seen  in  Figure  1  was  used  to  measure  the  tensile  and  compressive 
response  of  the  honeycomb  s  in  the  thickness  direction.  The  test  specimen  consisted  of  50.8  x  50.8  mm 
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square  honeycomb  core  bonded  to  aluminum  loading  blocks  using  the  AF-555  film  adhesive.  The  specimen 
deformation  measured  between  the  two  loading  blocks  was  performed  using  an  MTS  LX-500,  non-contact 
laser  extensometer.  The  deformation  in  the  elastic  region  was  measured  with  the  extensometer  range  set  to 
2.54  mm,  while  the  large  deformation  during  core  crushing  was  done  with  the  range  set  to  25.4  mm. 

Example  data  from  a  tension-compression  test  of  a  CI  core  are  presented  in  Figure  2.  In  this  test,  the 
specimen  was  first  loaded  in  tension  at  a  rate  of  0.0237  mm/s  to  a  stress  level  approximately  equal  to  2.1 
MPa.  The  particular  tensile  stress  level  was  chosen  to  prevent  debonding  between  the  core  and  the  loading 
blocks.  Next,  the  loading  direction  was  reversed  and  the  specimen  was  compressed  at  the  same  rate  until 
the  peak  compressive  stress  was  reached,  followed  by  sudden  softening  of  the  material,  and  core  crushing 
at  an  approximately  constant  stress  level.  Once  this  stress  plateau  was  reached,  the  test  was  halted,  and  the 
range  of  the  extensometer  switched  to  25.4  mm.  The  compressive  loading  was  next  reinitiated  and  the 
specimen  was  crushed  to  roughly  40%  of  its  initial  thickness.  Data  for  full  compression  tests  of  cores  CI 
and  C3  core  are  presented  in  Figure  3. 


Figure  1,  Flatwise  compression/tension  test  setup  with  CI  honeycomb  core. 


Examining  the  data  in  Figure  2,  the  difference  between  the  tensile  and  compressive  moduli  is 
approximately  0.3  GPa.  The  measured  tensile  modulus  was  approximately  0.1  GPa  larger  than  the 
theoretically  predicted  modulus  of  1.3  GPa,  while  the  measured  compressive  modulus  was  approximately 
0.2  GPa  smaller  than  theoretically  predicted.  The  difference  between  the  experimentally  measured  tensile 
and  compressive  moduli  can  be  related  to  initial  cell  wall  waviness  of  most  core  specimens.  During  tension, 
the  applied  load  partially  straightens  the  cell  walls,  and  tensile  modulus  gradually  approaches  the 
theoretically  predicted  value.  During  compression,  however,  the  cell  walls  become  increasingly  distorted, 
and  the  elastic  compressive  response  becomes  increasingly  softer.  As  the  load  increases,  the  cell  walls 
undergo  finite  lateral  deformation,  and  trigger  the  onset  of  wall  collapse,  resulting  in  the  sudden  softening 
response. 
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E3T=1.4GPa 


—  Tension  test  data  -  C1  core 
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—  Compression  test  data  -  C1  core 
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Figure  2,  Flatwise  tension/compression  test  data  for  CI  core. 
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Figure  3,  Flatwise  compression  test  data  for  CI  and  C3  cores. 

COMPRESSION/SHEAR  TESTS  WITH  RING  SAMPLE 

In  this  study  a  new  test  was  developed  using  an  existing  axial-torsion  load  frame  to  provide  any 
combination  of  out-of-plane  shear  and  thickness-wise  compression.  The  test  is  based  on  axial/torsional 
loading  of  a  cylindrical  sample  of  core,  shown  in  Figure  4.  The  cylinder  has  inner  and  outer  radii  of  50.8 
and  63.5  mm,  respectively.  The  specimen  geometry  was  chosen  such  that  when  twisted,  the  ratio  of  the 
minimum  and  maximum  values  of  shear  stress  across  the  wall  thickness  remained  near  unity,  while  keeping 
the  specimen  wide  enough  to  measure  the  out-of-plane  shear  across  several  cell  units.  The  specimen  was 
then  loaded  in  an  axial-torsional  load  frame.  The  compression  strain  was  measured  using  a  non-contact, 
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MTS  LX-500,  laser  extensometer,  while  rotation  was  measured  using  a  rotary  variable  differential 
transformer  (RVDT)  built  into  the  axial-torsion  load  frame  system. 

In  the  tests  pure  shear  was  achieved  by  twisting  the  specimen  in  rotation  control,  while  simultaneously 
enforcing  zero  axial  force.  The  enforcement  of  zero  axial  force  minimized  the  tensile  stresses  that  can 
develop  in  the  honeycomb  walls  at  large  angles  of  rotation.  A  pure  compression  test  was  done  in  the  same 
way  as  the  previously  mentioned  flatwise  compression  test.  Tests  performed  at  a  fixed  ratio  of  shear  to 
axial  stress  were  performed  in  rotation  and  displacement  control  to  ensure  test  stability  in  the  post  yield, 
softening  loading  regime.  Preliminary  experiments  in  which  the  shear  and  axial  compliances  were 
measured  were  used  to  determine  the  relative  rates  of  rotation  and  axial  motion  needed  to  attain  a  given 
shear  to  normal  stress  ratio. 


As  in  the  compression  tests,  deformation  localizes  in  the  core  during  shearing  as  shown  in  the  sequence 
given  in  Figure  5.  Repeating  such  tests  for  a  mix  of  shear  to  compressive  stress  ratios  the  yield  surface  in 
compression/shear  is  mapped  out  as  shown  in  Figure  6.  Similar  to  results  from  other  compression/shear 
experiments8  the  initial  collapse  envelope  is  approximately  elliptical,  similar  to  the  yield  surface  of  a 
polycrystalline  metal. 


Figure  4,  Compression/shear  test  of  honeycomb  core 
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Figure  5,  Progression  of  core  deformation  during  a  pure  shear  test. 
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Figure  6,  Yield  surface  for  CI  core.  S  is  the  ratio  of  shear  stress  to  the  shear  yield  strength.  C  is  the  ratio 
of  compressive  stress  to  compressive  yield  strength. 

SUMMARY 

As  part  of  a  larger  study  of  the  damage  due  to  low  energy  impact  on  composite  sandwich  structures,  two 
studies  of  the  behavior  of  aluminum  honeycomb  core  have  been  performed.  Results  from  these  tests  are 
being  used  to  provide  parameters  to  a  phenomenological,  continuum  model  of  the  core.  The  tests  are  also 
used  to  validate  explicit  representation  finite  element  models  of  the  core  based  on  thin  shells  with  elastic- 
plastic  material  behavior  and  geometric  imperfections. 
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ABSTRACT 

In  this  study,  a  light  guide  component  for  enhancing  light  harvesting  efficiency  of  dye-sensitized  solar  cell  (DSSC) 
was  designed  and  developed  through  both  optical  simulated  and  experimental  approaches.  The  light  guide 
component  is  capable  of  being  disposed  on  a  photo  electrode  of  DSSC  to  turn  the  light  toward  a  dye  covered 
nanoporous  Ti02  film  (D-NTF).  The  optical  simulation  results  show  that  the  light  harvesting  efficiency  of  DSSC  can 
be  effectively  improved  and  the  experimental  power  conversion  efficiency  can  be  enhanced  as  high  as  39.78%  for 
active  area  of  0.25  cm2. 

Keywords:  light  guide  component;  dye-sensitized  solar  cell;  light  harvesting  efficiency;  power  conversion 
efficiency 

1.  Introduction 

Dye-sensitized  solar  cells  (DSSCs)  have  been  intensively  investigated  in  past  few  years  [1-3],  driven  by  their 
promises  for  future,  cost-effective,  easily  mass  production.  DSSCs  were  comprised  by  four  key  components,  which 
are  respectively  said  photo  electrode  [4,5],  said  platinum  (Pt)  counter  electrode  [4-7]  disposed  opposite  to  the 
photo  electrode,  said  electrolyte  solution  [5,6]  contained  iodide/tri-iodide  redox  couple  between  the  photo  and 
counter  electrodes  and  said  sealing  spacer  [8,9]  for  spacing  the  photo  and  counter  electrodes  and  sealing  the 
electrolyte  solution.  In  general,  the  photo  electrode  was  formed  by  a  dye  covered  nanoporous  Ti02  film  (D-NTF) 
fabricated  on  a  transparent  conducting  substrate  and  designated  to  perform  the  light-to-electricity  operation.  When 
the  light  illuminates  the  D-NTF  of  the  photo  electrode,  the  dye  will  be  excited  by  the  light,  thereby  leading  to  a  fast 
injection  of  electrons  into  the  conduction  band  of  Ti02  and  further  movement  toward  the  transparent  conducting 
substrate.  However,  the  light  also  illuminates  the  sealing  spacer,  then  penetrates  the  sealing  spacer  and  finally 
departs  from  the  cell.  This  means  that  the  light  illuminated  on  the  D-NTF  could  be  effectively  used.  On  the  contrary, 
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the  light  illuminated  on  the  sealing  spacer  would  be  wasted,  said  phenomenon  could  be  strongly  observed  in  grid 
type  DSSCs  [10,11].  Lee  et  al.  [10]  and  Ramasamy  et  al.  [11]  used  many  sealing  spacers  to  separately  seal  each 
of  the  cells,  so  it  could  be  anticipated  that  a  lot  of  illuminated  light  would  penetrate  the  sealing  spacers  incapable  of 
being  used.  In  other  words,  the  light  harvesting  efficiency  of  DSSCs  would  be  enhanced  if  the  light  could  be  turned 
toward  the  D-NTF  before  illuminating  the  sealing  spacer.  Therefore,  we  present  a  light  guide  component  (LGC) 
and  illustrate  how  this  component  turns  the  light  toward  the  D-NTF  and  further  improves  photovoltaic  performance 
of  DSSCs. 

2.  Simulation  and  Experiment 

2.1  LGC  Simulation 

Figure  1  shows  a  sketch  of  the  light  illuminated  on  a  DSSC.  It  could  be  clearly  observed  that  one  part  of  the  light 
directly  arrives  at  the  D-NTF  of  the  photo  electrode  (PE)  and  absorbed  by  the  dye.  Another  part  of  the  light 
penetrates  the  photo  electrode  (PE),  the  sealing  spacers  (SS)  and  the  counter  electrode  (CE)  in  order  and  finally 
departs  from  the  cell.  This  interprets  that  the  light  illuminated  on  the  sealing  spacer  was  wasted. 


PE^ 


CE^ 


V vvVVv 


W  V  V  w 


Figure  1:  Schematic  illustration  of  the  light  illuminated  on  a  DSSC. 


In  order  to  obtain  a  high  light  harvesting  efficiency,  a  light  guide  component  (LGC)  made  of  a  transparent  medium 
was  proposed  to  turn  the  light  toward  the  D-NTF.  For  a  design  of  the  LGC,  it  is  very  important  to  minimize  the 
optical  loss  in  all  trajectories  of  turning  the  light  toward  the  D-NTF  in  order  to  ensure  that  the  light  arrived  at  the 
D-NTF  can  achieve  a  maximum  intensity.  Therefore,  two  conditions  of  the  normal  incidence  and  the  total  internal 
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reflection  (TIR)  were  applied  to  the  LGC.  The  normal  incidence  condition  was  used  to  ensure  that  the  light  travels 
from  medium  1  into  medium  2  with  a  minimum  reflection  loss.  The  TIR  condition  was  used  to  ensure  that  the  light 
travels  from  medium  1  into  medium  2  without  any  transmission  loss.  According  to  the  above  conditions,  a  suitable 
LGC  structure  was  proposed  as  shown  in  Figure  2. 


34.95°  34.95° 

Figure  2:  LGC  structure. 

In  order  to  verify  the  effect  of  the  LGC  for  enhancing  the  light  harvesting  efficiency,  a  ray-trace  simulation  for  a 
DSSC  with  the  LGC  was  performed.  In  this  study,  the  LGC  was  used  to  turn  the  light  toward  the  D-NTF  of  the  photo 
electrode,  which  means  that  the  analysis  of  the  light  harvesting  efficiency  could  be  focused  at  the  D-NTF. 
Therefore,  the  simulation  model  for  DSSC  could  be  simplified  as  only  the  photo  electrode.  The  software  TracePro 
based  on  Monte-Carlo  ray  tracing  method  was  applied  to  computer  modeling  of  the  photo  electrode  (PE)  with  the 
LGCs.  The  simulation  model  as  shown  in  Figure  3,  it  was  only  consider  geometrical  optics  and  do  not  consider 
diffraction  and  polarization  effects. 


Light  j 


LGC 


LGC 

LGC 

PE^  FTO  glass  substrate 


D-NTF 


Figure  3:  Simulation  model  for  the  photo  electrode  (PE)  with  the  LGCs. 


The  light  source  has  a  wavelength  range  between  400  nm  and  800  nm.  The  wavelength  step  was  1  nm,  and  a  ray 
of  80000  number  was  randomly  generated  with  a  total  power  of  0.18  W.  In  general,  the  photovoltaic  performances 
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of  DSSC  were  measured  under  one  sun  illumination  of  100  mW/cm2  and  the  simulated  light  generated  by  the  solar 
simulator  illuminates  normal  to  the  DSSC.  This  means  that  the  angular  distribution  of  the  light  in  ray-trace 
simulation  should  be  set  at  normal  to  the  DSSC  to  ensure  the  simulation  work  with  the  same  conditions  as  that  in 
the  experiment. 

2.2  LGC  fabrication 

In  order  to  fabricate  the  LGC,  we  made  choice  of  acrylic  as  the  material  of  the  LGC.  The  acrylic  has  a  refractive 
index  of  1 .496  at  wavelength  of  400  nm.  Besides,  the  LGC  was  defined  in  a  size  of  3  mm  (width)  x  3  mm  (height)  x 
100  mm  (length),  wherein  the  width  of  the  LGC  is  regarded  as  the  width  of  the  sealing  spacer.  Based  on  the  LGC 
structure  as  shown  in  Figure  2,  the  LGC  mold  could  be  fabricated  by  using  a  wire-cut  machining  method,  and 
furthermore  a  mirror-like  polishing  was  also  applied  to  the  LGC  mold.  Figure  4  shows  the  photographs  of  the  LGC 
mold.  It  was  clearly  from  this  figure  that  the  machining  error  of  the  LGC  mold  was  very  small. 


Figure  4:  Photographs  of  the  LGC  mold  viewed  from  top  (a)  and  in  cross-section  (b). 

An  acrylic  gel  was  infused  into  the  LGC  mold,  and  then  the  LGC  mold  was  disposed  within  a  vacuum  chamber  to 
remove  the  air  bubbles  inside  the  gel.  Afterword,  a  glass  plate  was  covered  onto  the  top  of  the  LGC  mold  to  level 
the  acrylic  gel.  After  hardening  the  acrylic  gel,  the  first  removes  the  glass  plate  and  the  second  removes  the  LGC 
from  the  mold.  In  order  to  meet  the  area  of  the  D-NTF,  the  LGC  must  be  cut  into  several  sections  as  shown  in 
Figure  5. 


Figure  5:  Photograph  of  the  LGCs. 
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2.3  Fabrication  and  measurements  of  DSSC 

The  photo  electrode  was  fabricated  by  the  procedures  described  below.  First,  an  acetic  solution  was  prepared  by 
mixing  2  g  citric  acid,  0.08  ml_  acetylacetone,  0.2  ml_  Triton  X-100  and  0.2  ml_  tetrabutyl  orthotitanate  in  3  ml_ 
purified  water  and  stirring  for  30  min.  Then,  a  Ti02  paste  was  prepared  by  mixing  1  g  Ti02  nanopowder  (P25, 
Degussa)  with  the  acetic  solution  and  stirring  for  1  h.  The  nanoporous  Ti02  film  was  obtained  by  coating  the  Ti02 
paste  on  an  FTO  glass  substrate  (Hartford  Glass  Co.,  USA,  fluorine-doped  Sn02  overlayer,  sheet  resistance:  7 
O/sq)  using  a  doctor-blade  method  and  then  sintered  at  450  °C  for  30  min.  After  sintering,  the  thickness  of  the 
nanoporous  Ti02  film  was  about  15  |jm  measured  using  an  Alpha-Step  profilometer  and  the  active  area  was  0.5  x 
0.5  cm2. 

Then  the  photo  electrode  was  soaked  in  a  dye  solution  of  0.3  mM  N719  dye  in  ethanol  for  24  h  at  room 
temperature.  The  photo  electrode  and  the  Pt  counter  electrode  were  sandwiched  with  60  |jm  thick  (before  melting) 
surlyn  polymer  foil  (Solaronix)  as  a  sealing  spacer.  Sealing  was  done  by  keeping  the  structure  in  a  hot-pressing  at 
100  °C  for  few  seconds.  An  electrolyte  solution  consisting  of  0.05  M  iodine,  0.1  M  lithium  iodide,  0.5  M 
4-tert-butylpyridine  (TBP)  and  0.3  M  1,2-dimethyl-3-propylimidazolium  iodide  (DMPII)  in  3-methoxy  propionitrile 
(MPN)  was  introduced  into  the  cell  gap  to  complete  the  fabrication  of  DSSC.  In  order  to  investigate  the 
performance  variation  of  DSSCs  with  and  without  the  LGC,  four  LGCs  were  disposed  on  the  DSSC  as  shown  in 
Figure  6.  The  photovoltaic  performances  of  DSSC  were  measured  using  a  computer-controlled  digital  source 
meter  (Keithley,  Model:  2400)  under  one  sun  illumination  of  100  mW/cm2  (AM  1.5  simulated  light  radiation). 


Figure  6:  Photograph  of  DSSC  with  four  LGCs. 


3.  Results  and  discussions 


3.1  Simulation  results 

Figure  7  shows  the  ray  tracing  of  the  photo  electrode  (PE)  with  the  LGCs,  it  could  be  observed  that  the  light 
illuminated  normal  to  the  DSSC  could  be  effectively  turned  toward  the  D-NTF  via  the  LGCs.  Figure  8  shows  the 
simulation  results  of  the  photo  electrodes  with  and  without  the  LGC.  As  shown  in  Figure  8a,  the  photo  electrode 
without  the  LGC  has  a  total  flux  of  13.511  mW  in  the  D-NTF  with  an  active  area  of  0.25  cm2.  The  result  as  shown  in 
Figure  8b  was  the  case  of  the  photo  electrode  with  one  LGC,  it  could  be  found  that  the  total  flux  in  the  D-NTF  was 
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improved  to  16.678  mW  as  an  increase  in  light  harvesting  efficiency  by  23.44%.  When  the  amount  of  the  LGC  was 
increased  to  two  and  four  respectively,  the  total  flux  in  the  D-NTF  could  be  improved  to  19.158  mW  and  26.126  mW 
respectively  as  shown  in  Figures  8c  and  8d.  This  also  means  that  the  light  harvesting  efficiency  could  be  increased 
by  41 .8%  in  case  of  two  LGCs  and  93.37%  in  case  of  four  LGCs. 


Light  source 


D-NTF 


Figure  7:  Ray  tracing  of  the  photo  electrode  (PE)  with  the  LGCs. 
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Figure  8:  Simulation  results  of  the  photo  electrode  without  LGC  (a), 
with  1  LGC  (b),  with  2  LGCs  (c),  and  with  4  LGCs  (d). 
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3.2  Photovoltaic  performances  of  DSSC  with  LGC 

Figure  9  shows  the  photographs  of  DSSC  with  and  without  the  LGC  under  one  sun  illumination  of  100  mW/cm2 
(AM  1.5).  Photovoltaic  performances  of  DSSCs  with  and  without  the  LGC  were  presented  in  Table  1  and  the 
photocurrent  density  versus  voltage  characteristic  curves  were  shown  in  Figure  10.  As  the  results,  the  DSSC 
without  the  LGC  has  an  open-circuit  voltage  (Voc)  of  0.685  V,  short-circuit  current  density  (Jsc)  of  6.90  mA/cm2,  fill 
factor  (FF)  of  0.591 ,  and  power  conversion  efficiency  (n)  of  2.79%.  In  the  case  of  the  DSSC  with  one  LGC,  Jsc  and 
H  were  improved  to  8.04  mA/cm2  and  3.16%  respectively,  as  Jsc  increased  by  16.52%  and  n  increased  by  13.26%. 
In  other  case  of  the  DSSC  with  two  LGCs,  Jsc  and  n  were  improved  to  9.53  mA/cm2  and  3.49%  respectively,  as  Jsc 
increased  by  38.12%  and  n  increased  by  25.09%.  When  the  amount  of  the  LGC  was  increased  to  four,  Jsc  and  n 
were  improved  as  high  as  10.83  mA/cm2  and  3.9%  respectively,  as  Jsc  increased  by  56.96%  and  n  increased  by 
39.78%.  In  comparison  to  the  simulation  work,  it  could  be  found  that  the  light  harvesting  efficiency  increases  as  the 
photocurrent  density  increases  and  the  power  conversion  efficiency  increases.  It  was  also  demonstrated  that  the 
improvement  of  light  harvesting  efficiency  strongly  affect  the  photocurrent  density  of  the  DSSC. 


Figure  9:  Photographs  of  DSSC  without  LGC  (a),  with  1  LGC  (b),  with  2  LGCs  (c), 
and  with  4  LGCs  (d).  Under  one  sun  illumination  of  100  mW/cm2  (AM  1.5). 


Table  1:  Photovoltaic  performances  of  DSSCs  with  and  without  LGC. 


DSSCs 

Jsc  (mA/cm2) 

Voc  (V) 

FF 

n(%) 

without  LGC 

6.90 

0.685 

0.591 

2.79 

with  1  LGC 

8.04 

0.676 

0.581 

3.16 

with  2  LGCs 

9.53 

0.687 

0.533 

3.49 

with  4  LGCs 

10.83 

0.723 

0.498 

3.90 
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Figure  10:  Photocurrent  density-voltage  curves  of  DSSC  without  LGC  (-*-), 
with  1  LGC  (-■- ),  with  2  LGCs  (  ♦  ),  and  with  4  LGCs  (+). 

4.  Conclusion 

We  have  presented  a  comparison  of  DSSCs  with  and  without  the  light  guide  component  (LGC)  in  simulated  and 
experimental  works.  The  results  show  that  the  LGC  could  effectively  turn  the  light  toward  the  dye  covered 
nanoporous  Ti02  film  (D-NTF)  of  the  photo  electrode  and  enhance  the  light  harvesting  efficiency,  thereby  improving 
the  photocurrent  density  and  the  power  conversion  efficiency  of  DSSCs. 
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ABSTRACT 

In  the  last  few  years  the  use  of  guided  ultrasonic  waves  (GUWs)  for  the  health  monitoring  of  engineering  structures  increased 
rapidly,  with  the  most  recent  studies  focusing  on  the  application  of  GUWs  to  complex  structures  or  to  simple  structures  under 
varying  environmental  conditions.  Monitoring  complex  structures  is  challenging  as  reflections,  scattering,  and  mode 
conversion  arise.  In  addition,  sensitivity  to  temperature  and  surface  wetting  can  degrade  the  performance  of  a  GUW-based 
structural  health  monitoring  system.  This  paper  presents  the  results  of  an  experimental  investigation  where  GUWs  were  used 
for  the  health  monitoring  of  a  truss,  that  was  part  of  a  highway  variable  message  structure  removed  from  service.  The 
monitoring  strategy  proposed  here  combines  the  advantages  of  GUWs  with  the  extraction  of  defect- sensitive  features  to 
perform  a  multivariate  diagnosis  of  damage.  The  effectiveness  of  the  proposed  approach  was  tested  by  monitoring  the 
propagation  of  waves  along  one  of  the  main  chords  of  the  truss  and  detecting  the  presence  of  two  artificial  cracks  located 
around  the  welds  that  join  two  diagonal  angular  members  to  the  chord. 

1.     INTRODUCTION 

Sign  and  variable  message  support  structures  are  ubiquitous  in  any  Nation  road  transportation  system.  For  they  contain 
welds,  these  structures  are  prone  to  damage  due  to  defects  at  both  welds'  surface  and  subsurface.  In  truss  structures  where 
weld  is  used  to  connect  diagonal  members  to  the  chords,  cracks  are  usually  found  propagating  within  the  leg  of  a  fillet  weld 
or  at  the  toe.  Depending  upon  the  amount  of  time  the  cracks  have  to  grow,  they  can  propagate  in  the  main  supporting 
member  and  lead  to  damage,  which  ultimately  leads  to  faults.  In  the  United  States,  in-service  sign  support  structures  are 
inspected  using  visual  inspection  and  when  indications  of  possible  damage  are  identified  conventional  nondestructive 
evaluation  methods  such  as  dye  penetrants,  magnetic  particles,  or  ultrasonic  testing  are  employed  [1]. 

This  paper  describes  a  method  based  on  Guided  Ultrasonic  Waves  (GUWs)  to  detect  cracks  in  sign  support  structures.  The 
approach  exploits  the  waveguide  geometry  that  most  of  the  members  composing  the  structure  have.  The  advantage  of  GUW 
inspection/monitoring  is  the  capability  to  probe  long  lengths,  locating  cracks  and  notches  from  a  few  monitoring  points, 
while  providing  full  coverage  of  the  pipe's  cross-section  [2-7].  The  work  presented  here  extends  that  of  [8]  and  presents  the 
results  of  an  experimental  investigation  on  the  use  of  GUWs  to  detect  two  notches  localized  at  the  welded  joint  of  a 
dismantled  overhead  sign  structure  truss.  An  array  of  eleven  Lead  Zirconate  Titanate  (PZT)  transducers  was  attached  to  the 
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structure.  Each  transducer  acted  either  as  an  actuator  or  receiver,  and  it  was  automatically  controlled  via  a  National 
Instruments-PXI  running  under  Lab  View.  Statistical  signal  features  and  damage  indexes  as  introduced  by  Rizzo  and 
co-authors  [9-12],  were  applied  to  the  health  monitoring  of  a  welded  joint.  The  algorithm  and  the  weld  geometry  being 
investigated  are  different  from  the  ones  proposed  recently  for  the  inspection  of  welds  [13-16].  Indeed,  the 
inspection/monitoring  scheme  described  here  utilized  a  set  of  defect-sensitive  features  to  construct  a  damage  index  vector 
that  represented  the  input  vector  of  an  outlier  analysis  (OA)  algorithm.  OA  is  a  novelty  detection  method  that  establishes 
whether  a  new  configuration  of  a  given  system  is  discordant  or  inconsistent  from  the  baseline  configuration  which  consists 
of  an  existing  set  of  data  or  patterns  that  describe  the  normal  operative  conditions  [17]. 

In  the  present  paper  it  is  demonstrated  that  the  method  is  effective  to  detect  the  onset  and  growth  of  damage  and  to  provide  an 
indirect  insight  about  the  location  of  damage.  The  novel  contribution  of  this  study  is  the  application  of  the  GUWs  and  the 
associated  OA  algorithm  to  a  complex  structure  such  as  a  truss.  The  role  of  the  transducers'  locations  on  the  performance  of 
the  signal  processing  consitute  another  contribution  of  the  study. 


8458.2  m: 


^Outer  diameter 
114.3  mm 

Thickness 
8.6  mm 

Figure  1  -  (a)  3-D  rendering  of  the  tested  truss,  (b)  Photo  of  the  side  view. 

2.     EXPERIMENTAL  SETUP 

The  tested  truss  was  part  of  a  variable  message  support  structure  located  in  Pennsylvania,  USA  [1,18].  The  center  to  center 
bearing  span  of  the  original  truss  was  17.4  m,  with  the  bearings  located  on  the  vertical  support  columns.  The  chord  is  made 
from  ASTM  A-53  steel.  The  scheme  and  the  dimensions  of  the  truss  are  presented  in  Figs,  la  and  lb. 
Eleven  PKI-502-Navy  type  II PZT  transducers  from  Piezo-Kinetics  were  employed  to  monitor  the  portion  of  the  truss  boxed 
in  Fig.  la.  They  were  attached  to  the  structure  at  the  positions  shown  in  Fig.  2a.  For  convenience,  the  transducers  are 
sequentially  identified  as  SO,  SI,  ...,  S10.  A  National  Instruments  PXI  unit  running  under  LabView,  integrated  with  a  reed 
relay  matrix  switch  module  PXI  2530,  and  combined  with  TB  2643  and  SCB  264X  as  terminal  block,  was  employed  for 
signal  generation,  detection,  and  acquisition.  Guided  waves  were  excited  using  a  5-cycle  10  V  peak-to-peak  toneburst, 
modulated  with  a  Gaussian  window. 


The  detected  signals  were  amplified  20-fold  by  a  linear  amplifier,  sampled  at  1 0  MHz,  averaged  1 0  times  to  increase  the 
signal-to-noise  ratio,  and  stored  for  post-processing  analysis.  A  LabView  program  was  designed  in-house  to  operate  the 
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Figure  2  -  Location  and  relative  distances  of  the  transducers'  array.  Dimensions  are  expressed  in  mm. 

switch  so  that  every  PZT  could  act  as  a  transmitter  or  as  a  receiver.  For  instance,  when  PZT  SO  was  transmitting  the 
toneburst,  S1-S10  acted  as  sensors.  Then  PZT  SI  was  switched  into  an  actuator  and  PZTs  SO,  S2-S10  acted  as  receivers. 
The  operation  was  repeated  for  every  PZT.  To  simulate  steady-state  vibrations  induced  by  wind  or  traffic-induced  gusts,  a  1 
Hz  sinusoidal  cyclic  load  was  induced  onto  the  structure.  The  loading  setup  consisted  of  a  1290  mm-long  steel  beam  that 
distributed  over  two  joints  the  force  generated  by  a  hydraulic  actuator.  The  load  was  cycled  from  8.9  kN  to  125  kN, 
resulting  in  a  load  range  of  1 16  kN.  Following  every  few  thousand  cycles  the  steady-state  loading  was  paused  and  a  static 
load  of  66.7  kN  was  applied. 

To  investigate  the  capability  of  GUWs  to  detect  crack  initiation  and  growth,  two  artificial  notches  were  machined  and 
progressively  increased  in  size  using  a  Dremel  MultiPro  machine.  The  first  defect  was  devised  near  the  weld  toe  at  one  of 
the  diagonal  members  connected  to  the  portion  of  the  chord  under  monitoring.  The  position  and  orientation  of  the  notch  are 
shown  in  Fig.  3a.  While  the  dynamic  load  was  paused,  the  size  of  the  crack  was  measured,  ultrasonic  data  from  the  PZTs 
were  collected,  and  the  notch  size  was  increased.  The  load  history  of  the  crack,  i.e.  the  crack  size  as  a  function  of  the 
number  of  cycles,  is  presented  in  Fig.  3b.  The  area  of  the  crack  is  approximately  the  length  of  the  notch  along  the  surface 
multiplied  by  the  depth.  The  dots  in  Fig.  3b  indicate  the  moment  at  which  the  crack  size  was  measured.  Ultrasonic 
measurements  were  also  taken  during  the  active  cyclic  loading.  A  total  of  192  acquisitions  associated  with  the  presence  of 
this  first  notch  only  were  taken.  The  acquisition  number  as  a  function  of  the  number  of  load  cycles  is  superimposed  in  Fig. 
3b.  It  should  be  observed  that  the  loading  after  40,000  cycles  had  a  limited  effect  on  the  crack  growth.  The  modest  scatter 
of  the  crack  area  value  above  50,000  cycles  is  likely  related  to  the  variability  of  the  manual  measurement. 

The  second  crack  was  devised  near  the  weld  toe  of  the  other  diagonal  member  concurring  at  the  same  joint.  Similarly  to 
Test  1,  the  crack  was  progressively  machined  and  its  position  and  orientation  are  shown  in  Fig.  3c.  The  load  history  of  the 
crack  is  presented  in  Fig.  3b.  As  Test  2  followed  Test  1,  the  cycle  number  count  associated  to  Test  2  is  considered  starting 
at  cycle  180,001.  During  the  first  150,000  load  cycles  (cycles'  range  180,001-330,000)  the  notch  size  was  increased 
manually.  During  this  range  the  1  Hz  sinusoidal  load  spanned  from  8.9  kN  to  151.2  kN.  Following  every  5,000  cycles  the 
dynamic  loading  was  paused  and  a  static  load  of  80  kN  was  applied.  Under  this  constant  load,  the  size  of  the  crack  was 
measured,  data  from  the  PZTs  were  collected,  and  damage  size  was  increased.  The  circles  in  Fig.  3b  indicate  the  moment  at 
which  the  crack  size  was  measured.  Measurements  were  also  taken  during  the  active  cyclic  loading.  A  total  of  124 
acquisitions  were  taken. 
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Figure  3  (a)  Close-up  view  of  the  first  notch  machined  along  the  weld  between  the  chord  and  one  angular  diagonal  member,  (b)  Crack 
size  and  acquisition  number  as  a  function  of  cycle  loading  number.  The  vertical  lines  representing  the  interval  during  which  the  size  of 
the  cracks  was  increased  by  using  a  Dremel  Pro  machine,  (c)  Close-up  view  of  the  second  notch  machined  along  the  weld  between  the 
chord  and  one  angular  diagonal  member. 


3.     SIGNAL  PROCESSING  ALGORITHM 

Among  all  the  actuator- sensor  pairs  activated  by  the  Nl-switch,  only  a  subset  of  waveform  paths  were  selected  in  the  study 
presented  here.  This  selection  considered  those  paths  where  the  transducers  were  the  farthest  (S0=>S5),  or  those  paths  that 
were  expected  to  be  affected  by  one  crack  only  (S0=>S8,  S5=>S8)  or  unaffected  at  all  (S5=>S4).  The  first  step  of  the 
damage  detection  algorithm  was  to  retain  the  portion  of  the  signal  containing  the  corresponding  to  the  first  three  or  four 
wave  packets  observed  at  each  detected  baseline  waveform.  Such  a  strategy  aimed  at  investigating  the  effect  of  damage  on 
the  fastest  mode  and  at  neglecting  the  contribution  of  the  slow  modes.  Following  the  strategy  adopted  in  previous  studies, 
statistical  features  were  extracted  from  the  time- windowed  waveforms.  Here  maximum  (max)  amplitude,  peak-to-peak  (ppk) 
amplitude,  variance  (var),  root  mean  square  (rms),  kurtosis  (krt),  crest  factor  (cf),  and  k-factor  (kf)  were  selected. 


The  next  step  of  the  algorithm  was  to  compute  a  Damage  Index  (D.I.)  defined  as  the  ratio  between  a  certain  statistical 
feature  Fa=>b  and  the  same  feature  Fa=>d: 

Fn^h 


D.I. 


ab/ad 


(i) 


where  subscripts  a,  b,  or  c  indentify  one  of  the  eleven  PZTs.  The  denominator  was  introduced  to  normalize  the  feature 
associated  with  waveform  path  a=>b  with  respect  to  the  wave  path  that  was  expected  not  to  be  affected  by  the  presence  of 
damage.  In  the  context  of  this  study,  the  aim  was  to  mitigate  or  eliminate  any  operational  disturbance  that  might  have 
affected  the  actuators.  The  D.I.s  were  then  used  to  feed  an  unsupervised  learning  algorithm,  based  on  the  multivariate  OA. 
An  outlier  is  a  datum  that  appears  inconsistent  with  the  baseline,  i.e.  a  set  of  data  that  describes  the  normal  condition  of  the 
structure  under  investigation.  A  new  datum  is  an  outlier  if  the  corresponding  value  of  the  Mahalanobis  Squared  Distance 
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(MSD)  Dc,  calculated  as: 


Dc=({xA-{x})T-[KYl-({xc}-{x})  (2), 


falls  above  a  set  threshold. 

In  Equation  (2),  where   {x^  }    is  the  potential  outlier  vector,    {x}    is  the  mean  vector  of  the  baseline,  [K]  is  the  covariance 

matrix  of  the  baseline,  and  T  symbolizes  the  transpose  operation.  Both  vectors    {x^}    and   {x}    are  ^-dimensional, 

whereas  [K]  is  a  square  matrix  of  the  order  p.  In  the  present  study,  the  baseline  was  computed  from  the  first  18  time 
histories  that  according  to  Fig.  3b  were  collected  within  the  first  5,000  cycles.  Once  the  values  of  D^  of  the  baseline 
distribution  were  determined,  the  threshold  value  was  taken  as  the  usual  value  of  3<r,  equal  to  99.73%  of  the  Gaussian 
confidence  limit. 

4.  EXPERIMENTAL  RESULTS 

The  MSD  for  each  measurements  associated  with  the  onset  and  growth  of  the  defects  was  computed.  Figure  4  shows  the 
results  of  the  single  combination  of  the  7-dimensional  vector  formed  by  the  statistical  features  applied  to  the  following 
features' ratios:  S9=>S6/S9=>S8,  S9=>S1/S9=>S8,  S5=>S6/S5=>S4,  S5=>S1/S5=>S4,  S0=>S4/S0=>S2,  S0=>S5/S0=>S1, 
S0=>S4/S0=>S1,  and  S5=>S0/S5=>S4  against  cycle  number  respectively.  As  the  abscissas  range  from  0  to  480,000,  the 
plots  present  the  results  associated  with  both  Test  1  (0  -  180,000)  and  Test  2  (180,001  -  380,000).  It  is  evident  that  certain 
waveform  paths  outperform  other  paths  in  terms  of  crack  growth  detection.  For  figures  (a),  (b),  (c)  and  (d),  the  MSD  values 
increased  during  the  first  180,000  cycles  and  stay  relatively  constant  from  180,000  to  485,000.  For  instance,  the  wave  path 
S5=>S6/S5=>S4  increased  dramatically  at  the  first  25,000  cycles  in  which  crack  1  was  artificially  increased,  and  then 
remained  constant  as  the  second  crack  was  'shadowed'  by  the  welding  joints.  In  Figs.  4e,  4f  and  4g  an  increasing  trend 
could  be  observed  from  180,000  to  330,000  cycles,  which  suggests  the  crack  growth  along  this  period.  Thus,  different 
behaviors  of  one  PZT  wave  path  in  different  tests  and  of  different  PZT  wave  path  in  same  test  suggest  the  possibility  of 
crack  growth  detection  and  crack  localization. 

It  must  be  remarked  that  the  cluster  of  data  observed  in  Figs.  4a,  4b,  and  4c  and  located  between  295,000  and  340,000 
cycles  are  related  to  an  accidental  connection  loss  that  occurred  to  sensors  6,  7,  and  8.  After  the  connection  was 
re-established  a  slight  shift  of  MSD  values  is  observed. 

5.  DISCUSSION  and  CONCLUSIONS 

This  paper  presents  a  crack  detection  technique  for  truss  welded  joints  using  low-cost,  non  invasive  PZT  transducers. 
Specifically,  the  study  focused  on  the  detection  of  the  onset  and  growth  of  cracks  induced  on  the  weld  fillet  of  a  truss' joint. 
The  technique  is  based  on  the  propagation  and  detection  of  ultrasonic  guided  waves  processed  through  a  multivariate 
analysis.  Ultrasonic  waves  were  generated  through  a  PZT- wafer  connected  to  a  NI-PXI,  used  to  excite  a 
sinusoidal-modulated  toneburst.  The  propagating  waves,  detected  by  identical  PZT-wafer  sensors,  were  digitized  through 
the  same  NI-PXI.  An  array  of  eleven  PZTs  was  used.  The  PZTs  were  used  in  actuator- sensor  pair  mode  and  the 
performance  of  several  pairs  in  terms  of  damage  detection  sensitivity  was  investigated.  The  time  waveforms  were  processed 
to  generate  a  set  of  relevant  damage  sensitive  features  used  to  construct  a  multi-dimensional  damage  index.  The  damage 
index  was  fed  to  an  unsupervised  learning  algorithm,  aimed  at  detecting  anomalous  conditions  of  the  structure  and  in 
particular  the  presence  of  cracks  around  welded  joints  that  are,  according  to  owners  and  inspectors,  the  most  critical  part  of 
sign  support  structures. 
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S0=>S5/S0=>S1;  (g)  S0=>S4/S0=>S1;  (h)  S5=>S0/S5=>S4. 


100000  200000  300000  400000  500000 
Cycle  number 

for  the  actuator- sensor  pairs  considering  all  7 
S5=>S1/S5=>S4;    (e)    S0=>S4/S0=>S2;    (f) 


415 

It  was  shown  that  by  exploiting  the  response  of  the  Mahalanobis  squared  distance,  it  is  possible  to  assess  qualitatively  the 
defect  growth.  By  comparing  the  performance  of  the  multivariate  analysis  for  the  detection  of  two  different  defects,  it  was 
found  that  the  optimal  wave  paths  are  dependent  upon  the  position  of  damage  with  respect  to  the  actuator- sensor  pair  and 
the  orientation  of  the  crack  with  respect  to  the  waves'  direction  of  propagation.  This  can  be  exploited  such  that  the  proposed 
approach  not  only  serves  for  damage  detection  and  damage  growth  assessment,  but  it  serves  as  damage  location  as  well. 

It  is  believed  that  the  health  monitoring  strategy  presented  here  can  be  extended  to  other  sign  support  structures  provided 
the  geometry  of  the  waveguides  forming  the  structure  are  known,  and  therefore  the  dispersive  behavior  of  the  guided  waves 
can  be  predicted.  An  ongoing  study  is  evaluating  the  data  collected  from  the  field  and  associated  to  two  sign  supported 
structures. 

It  must  be  remarked  that,  as  sign  support  structures  can  be  very  large,  any  coherent  strategy  for  instrumenting  this  type  of 
structure  must  account  for  a  tradeoff  between  full  coverage  and  reasonable  number  of  transducers.  The  outcomes  from  this 
paper  seem  to  suggest  that  for  the  type  of  structure  under  consideration  as  few  as  five  transducers,  namely  SO,  S5,  S8,  S4, 
and  SI  (the  latter  two  being  used  for  normalization  purposes)  are  sufficient  to  monitor  a  joint  with  two  concurrent  members. 
It  might  be  argued  that  similar  configuration  can  be  used  for  other  geometries. 
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ABSTRACT.  A  reliability  approach  applied  to  wood  structures  under  seismic  excitation  is  proposed  in  this 
paper.  This  approach  is  based  on  First  Order  Reliability  Method  (FORM).  The  mechanical,  model  which 
represents  a  timber  roof  truss  used  in  individual  housing,  is  detailed  and  the  mechanical  nonlinear  behavior  of 
the  timber  joints  is  defined  by  hysteresis  elements.  The  uncertainties  are  taken  into  account  in  the  numerical 
model  through  random  variables  representing  the  stiffness  parameters  at  timber  joints.  The  reliability  analysis 
allows  us  to  compute  the  failure  probability  and  their  sensitivity  to  various  random  parameters.  Numerical 
examples  show  the  performance  and  the  efficiency  of  the  proposed  method. 

1.  Introduction 

Due  to  the  advantages  provided  by  its  mechanical  behaviour  under  seismic  and  fire  loadings,  to  its  aesthetic  and 
environmental  effects,  timber  is  commonly  employed  in  building  and  civil  engineering  structures.  In  most  cases 
of  industrial  and  individual  buildings,  the  timber  structures  are  composed  of  wood  members  joint  with 
connectors  made  of  steel  plates.  From  the  mechanical  point  of  view,  the  combination  of  the  nonlinear  behaviour 
of  wood  and  the  ductility  of  steel  components  inevitably  generate  energy  dissipation  phenomena  [1]  during  the 
seismic  loading.  Unfortunately,  this  major  advantage  (i.e.  dissipation  capacity)  of  the  wood  material  is  omitted  in 
most  design  codes,  because  it  is  not  appropriately  taken  into  account  in  the  calibration  of  the  safety  factors. 
Mostly,  the  failure  of  the  wood  material  is  considered  to  occurs  due  to  brittle  fracture.  Unfortunately,  the 
mechanical  behaviour  of  timber  joints  is  highly  nonlinear  mainly  due  to  the  metal  plate  fasteners  which  ensure 
the  connection  between  the  timber  members.  In  spite  of  the  important  scientific  work  devoted  in  this  context,  the 
mechanical  behaviour  of  timber  joints  is  still  misunderstood.  Contrary  to  the  approximations  made  in 
considering  the  timber  joints  either  completely  rigid  or  flexible,  the  behaviour  of  punched  metal  plate  fasteners  is 
now  described  by  semi-rigid  behaviour  law.  In  this  way,  several  nonlinear  models  have  been  developed 
including  those  in  [2,  3,  4].  Although,  these  models  have  been  widely  used,  the  obtained  predictions  are 
conservative  since  the  parameters  of  the  behaviour  law  have  been  considered  as  deterministic.  However, 
probabilistic  approaches  must  be  used  in  order  to  take  into  account  the  variability  observed  in  material 
properties,  fluctuations  of  seismic  excitation  and  uncertainties  in  geometrical  properties.  In  this  context,  several 
works  already  took  into  account  these  uncertainties  [5,  6,  7,  8].  In  the  present  work,  an  alternative  to  these 
approaches  is  proposed  on  the  basis  of  reliability  analysis.  The  mechanical  behaviour  under  seismic  loading  is 
simulated  by  nonlinear  finite  element  model,  the  parameters  defining  the  stiffness  of  the  timber  joints  in  the  roof 
truss  are  considered  as  random  variables  and  the  probability  of  failure  against  a  prescribed  failure  mode  is 
estimated  using  the  First  Order  Reliability  Method  (FORM).  This  paper  is  organized  in  three  sections:  in  the  first 
one,  we  describe  the  methodology  adopted  to  construct  the  finite  element  model  dealing  with  timber  roof  truss 
under  seismic  excitation.  In  section  3,  we  describe  the  method  for  coupling  mechanical  and  reliability 
computations.  The  performance  of  the  proposed  approach  is  depicted  in  section  4,  based  on  numerical 
applications.  Finally,  conclusions  based  on  the  obtained  results  and  some  prospects  for  a  further  work  are 
presented. 

2.  Finite  element  model  of  timber  roof  truss 

In  this  study,  we  consider  a  timber  roof  truss  without  attic.  Figure  1  gives  the  geometrical  proprieties  of  the 
timber  members  and  the  punched  metal  plates  ensuring  the  connection  between  those  members.  We  note  that  this 
typical  configuration  of  timber  roof  truss  is  widely  used  in  timber  housing  all  over  the  world  as  in  Europe,  North 
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America,  New  Zealand  and  Australia.  In  these  countries,  timber  housing  represents  more  than  90%  of  the  market 
of  the  private  housing.  In  France,  there  are  more  and  more  interest  to  use  this  configuration  of  timber  roof  trusses 
in  individual  housing.  Indeed,  for  this  reason,  this  typical  configuration  is  already  planned  to  be  studied  in  the 
scope  of  the  French  research  project  SISBAT  [9]. 


Figure  1  :  Truss  wood  structure 

The  industrialized  timber  roof  truss  is  composed  by  several  timber  members  connected  with  punched  metal  plate 
fasteners.  Due  to  the  complexity  of  the  geometrical  configuration  of  the  timber  roof  truss  and  to  the  nonlinear 
behaviour  of  the  metal  joints,  a  finite  element  model  is  developed  [10]  to  analyze  the  mechanical  response 
induced  by  seismic  excitation.  The  adopted  mesh  is  illustrated  in  figure  2. 


-A-    Hysteresis  element 

\-\\-    Contact  dement 
Sliding  hinge 


Figure  2  :  Nodes  mesh 


The  finite  element  model  is  composed  of  beam  elements  modelling  the  timber  members  connected  with 
hysteresis  elements  modelling  the  punched  metal  plates.  Additional  contact  elements  and  sliding  hinges  are  used 
for  the  boundary  conditions.  We  assume  that  the  nonlinearity  is  not  due  to  the  geometrical  configuration  of  the 
timber  roof  truss  but  mainly  induced  by  the  behaviour  of  the  metal  fasteners.  Consequently,  the  behaviour  of  the 
timber  members  is  assumed  to  be  linear  elastic  with  Young's  modulus  Ew  =  12.5  MPa.  This  value  is  chosen  as 
the  lower  bound  of  the  range  given  by  the  mechanical  grading  of  timber  members  achieved  in  experimental  tests. 
We  note  that  the  orthotropy  of  the  wood  is  not  taken  into  account,  as  the  beam  elements  are  slender,  thus  the  load 
remains  collinear  to  the  principal  beam's  direction  and  shear  loads  in  wood  are  limited.  The  wood  density  pw  is 
chosen  equal  to  350  kg/m3  based  on  experimental  measurements. 
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The  finite  element  model  is  composed  of  14  hysteresis  elements  modeling  the  punched  metal  plate  fasteners.  The 
metallic  joints  connect  two  nodes.  We  define  7  locations  corresponding  to  7  metal  plates  in  the  timber  roof  truss. 
At  each  location,  one  or  more  hysteresis  elements  are  used,  depending  on  the  number  of  connected  timber 
beams.  This  modelling  allows  us  to  ensure  a  better  compromise  between  simplicity  and  accuracy.  The  choice  of 
the  parameters  used  for  each  joint  is  based  on  experimental  tests  on  metallic  joints.  The  developed  finite  element 
model  allows  us  to  obtain  the  displacement  fields  at  each  node  during  the  seismic  excitation.  In  this  study,  the 
seismic  excitation  corresponds  to  Kobe  earthquake  in  Japan  which  occurred  in  January  17,  1997.  Figure  3 
illustrates  the  recorded  ground  acceleration.  We  note  that,  the  dynamic  computations  are  performed  using 
incremental  scheme.  The  seismic  excitation  is  applied  in  the  direction  OX  (see  figure  2).  Figure  4  illustrates  the 
displacement  in  the  nodes  related  to  metallic  joints  at  the  top  and  the  supports  of  the  truss. 
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Figure  3  :  Kobe  earthquake  accelerogram 
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Figure  4  :  Displacement  in  the  direction  of  the  applied  seismic  excitation  in  the  nodes  N6,  N7,  N15  and  N1( 


6  0D0005 

1 


I  Mill's  (is) 


10  12  14  16 


Figure  5  :  Displacement  in  the  direction  of  the  applied  seismic  excitation  in  the  nodes  N3,  N4,  N12  and  NL 
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As  it  can  be  seen  in  figures  4  an  5,  the  obtained  displacement  in  the  nodes  defining  the  same  punched  metallic 
plate  fasteners  takes  different  values.  This  can  be  explained  by  the  nonlinear  semi-rigid  behaviour  of  the  metallic 
connection  (i.e.  the  use  of  hysteresis  elements  at  the  same  connection). 

2.  Reliability  computation  method 


2.1.  Failure  criterion  and  probability  of  failure 

The  main  objective  of  the  structural  reliability  analysis  is  to  compute  the  probability  of  failure  Pf  of  a 
mechanical  system  regarding  a  prescribed  failure  criterion  which  takes  account  for  uncertainties  arising  from  the 
geometry,  the  material  parameters  and  applied  load.  The  failure  criterion  concept  can  be  defined  as  the  conflit 
between  two  fundamental  quantities  namely  the  "Demand"  and  the  "Capacity"  of  the  system.  In  the  mechanical 
engineering  context,  the  "Demand"  is  defined  as  the  action  effects  which  induce  a  realization  of  a  mechanical 
state  such  as  stress  or  displacement.  The  "Capacity"  is  represented  by  the  material  strength  which  defines  a  limit 
state  that  should  be  respected  such  as  ultimate  stress  or  critical  displacement,  to  avoid  the  failure  of  the  structure. 
Mathematically  speaking,  the  failure  criterion  is  represented  by  a  limit  state  function  G,  defined  in  terms  of  the 
vector  of  uncertain  parameters  X  =  {XltX2,  ...,Xn}T,  such  that,  G(X)  >  0  denotes  the  safe  domain  and  G(X)  < 
0  denotes  the  failure  domain.  The  limit  state  surface  corresponds  to  the  points  verifying  the  condition  G(X)  =  0, 
in  other  word,  it  defines  the  boundary  between  the  safe  and  the  failure  domains  as  shown  in  figure  6. 
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Figure  6  :  Limit  state  surface  in  the  random  physical  space 

The  probability  of  failure  Pf  of  the  structure  corresponding  to  the  prescribed  limit  state  function  G  (X)  can  be 
defined  by: 


Pf  =  Prob(G(X)  <  0)  =  SG(x)S0f00  dx 


(1) 


where  f(x)  is  the  joint  probability  density  function  associated  to  the  vector  of  uncertain  parameters  X  = 

{*l.*2 XnY- 

2.2.  Computation  of  the  probability  of  failure 

In  practical  applications,  the  evaluation  of  the  integral  (1)  is  not  a  trivial  task,  because  the  reliability  problems 
involve  a  very  large  random  space  dimension  (i.e.  large  number  of  uncertain  parameters)  and  the  value  of  the 
probability  of  failure  is  often  represented  by  a  very  small  quantity.  For  these  reasons,  the  first  order  and  the 
second  order  reliability  methods  FORM/SORM  have  been  proposed  [11].  The  main  idea  of  these  approaches  is 
to  approximate  the  limit  state  function  G  (X)  =  0  to  provide  an  estimation  of  the  probability  of  failure  Pf  (Figure 
7).  Generally,  in  the  FORM/SORM  approaches,  the  approximation  of  the  limit  state  surface  is  carried  out  in  the 
standard  random  space,  where  the  set  of  uncertain  input  parameters  X  =  {XltX2>  ...,^n}r  are  represented  by 
independent  standard  Gaussian  random  variables  denoted  by  the  vector  U  =  [U1>  U2,  ■■■,  Un}T.  The  passage  from 
the  physical  random  space  X  to  standard  random  space  U  is  established  by  the  mean  of  probabilistic 
transformation,  such  that: 

X  =  T(U)  (2) 

The  function  T  can  be  represented  by  either  Rosenblatt's  [12]  or  Nataf  s  [13]  probabilistic  transformations. 

The  limit  state  function  G(X)  is  defined  in  the  standard  random  space  as: 
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G(X)  =  G(T(U))  =  H(U) 

and  the  probability  of  failure  Pf  is  written  as: 

Pf  =  Prob(H(U)  <  0)  =  JH(u^0(pn(u)  du 

where  0n  is  the  probability  density  function  of  n-dimensional  Gaussian  random  variable. 


(3) 
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Figure  7  :  FORM/SORM  reliability  analysis  methodology 

The  first  order  reliability  method  (FORM)  is  based  on  the  concept  of  the  reliability  index  /?  to  estimate  the 
probability  of  failure  Pf.  As  a  geometrical  interpretation,  the  reliability  index  is  the  distance  defined  by  the 
closest  point  on  the  limit  state  surface  H(U)  =  0  to  the  origin  of  the  standard  random  space.  This  point  is  called 
the  most  likely  failure  point  P*,  its  coordinates  in  the  standard  random  space  are  denoted  by  the  vector  u*. 

Based  on  the  above  interpretation,  finding  the  reliability  index  /?  is  an  optimization  problem  under  one 
constraint: 


f  /?  =  min||u*|| 

{under  the  constraint  H(U)  <  0 


(5) 


This  problem  can  be  easily  solved  by  the  use  of  the  optimization  algorithm  developed  by  Rackwitz  and  Fiessler 
[14].  Once,  the  reliability  index  is  obtained,  the  first  order  estimation  of  the  probability  of  failure  is  given  as: 


r/ 


*(-£) 


(6) 


where  O  is  the  standard  Gaussian  cumulated  distribution  function. 


We  note  that,  the  estimation  of  the  probability  of  failure  Pf  using  Eq.  (6)  is  exact  only  when  the  limit  state 
surface  is  linear  in  the  standard  random  space.  However,  the  approximation  is  widely  approved  for  mechanical 
systems. 

2.3.  Dynamic  reliability  problem 

Generally,  when  dealing  with  dynamic  reliability  problem,  the  failure  is  defined  as  the  maximum  displacement 
response  exceeding  a  critical  threshold  dcrit  during  the  seismic  excitation  y(t).  Thus,  the  limit  state  function  is 
defined  in  this  context  as: 


G(X) 


■maxte[0,T]{|d(X;t)|} 


(7) 


where  d  is  the  displacement  response  computed  by  the  finite  element  model  of  the  truss  structure  and  X  is  the 
random  vector  representing  the  uncertain  parameters.  The  critical  threshold  displacement  dcrit  is  defined  as  the 
displacement  recorded  when  the  yield  stress  is  achieved.  It  is  obtained  through  a  static  analysis. 

4.  Numerical  application  :  timber  roof  truss 

As  indicated  above,  the  timber  roof  truss  is  composed  of  several  timber  members  connected  with  punched  metal 
plate  fasteners,  as  depicted  in  figure  8.  The  connections  are  represented  in  the  two  dimensional  finite  element 
model  by  hysteresis  elements  where  the  behaviour  is  defined  by  three  parameters  namely  the  horizontal  stiffness 
Kx,  the  vertical  stiffness  Kz  and  the  rotational  stiffness  Ke.  In  order  to  assess  the  structural  reliability  of  the 
timber  roof  truss  under  seismic  loading,  we  consider  the  stiffness  K  =  f(Kx,Kz,Ke)  of  each  connection  as 
uncertain  parameters  which  are  modeled  as  lognormal  random  variables  having  a  mean  value  \i  =  20  kNmm'1 
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and  a  coefficient  of  variation  Cv  =  10%.  In  order  to  reduce  the  dimension  of  the  random  space,  we  assume 
perfect  correlation  between  the  horizontal  stiffness  Kx,  the  vertical  stiffness  Kz  and  the  rotational  stiffness  Ke. 
We  note  that  for  this  later  (ie.  the  rotational  stiffness),  the  mean  value  is  translated  by  deterministic  quantity 
AK  =  40.  Hence,  the  random  variable  representing  the  rotational  stiffness  is  defined  as  Ke  =  AK  +  Xh  where  Xt 
is  the  random  variable  defining  the  joint  uncertainties. 

Based  on  the  experimental  tests  presented  in  [10],  the  failure  mode  of  the  timber  roof  truss  is  composed  of  wood 
fracture  on  the  top  chord,  as  well  as  an  anchor  failure  on  the  bottom  chord. 


i 

i  -^m 

Figure  8  :  Failure  modes  of  the  timber  roof  truss 

Firstly,  we  are  interested  by  the  first  failure  mode  (i.e.  wood  fracture  on  the  top  chord).  The  mechanical  response 
is  defined  by  the  displacements  of  the  nodes  N14  and  N19  in  the  direction  OX  (see  figure  2).  The  limit  state 
function  is  defined  as  stated  by  equation  (7)  and  the  critical  displacement  is  dcrit  =1,8  10"4  m.  The  results  of  the 
reliability  analysis  are  presented  in  table  1 . 

Table  1  :  Results  of  the  reliability  analysis  of  the  first  failure  mode 


Reliability  index 
Failure  probability 

4,297 
8,651  10-6 

Number  of 
iterations 

10 

Number  FEM  calls 

99 

As  it  can  be  seen,  the  employed  reliability  method  is  not  time  consuming  since  the  convergence  of  the  reliability 
index  is  well  achieved.  For  a  precision  level  of  10"4,  we  need  only  10  iterations  which  correspond  to  99  finite 
element  analysis.  For  instance,  the  target  probability  of  failure  suggested  by  the  design  code  is  about  10"5.  We 
can  observe  that  the  estimated  probability  of  failure  is  lower  than  the  target  value.  Thus,  the  timber  roof  structure 
can  safely  performs  its  function. 

We  are  interested  now  by  the  second  failure  mode  (i.e.  anchor  failure  of  the  bottom  chord).  The  mechanical 
response  is  represented  by  the  displacements  of  the  nodes  Nu,  N17  and  N18  in  the  direction  OX  (see  figure  2).  As 
previously,  the  limit  state  function  is  defined  by  equation  (7).  The  obtained  results  concerning  the  reliability 
analysis  for  different  values  of  the  critical  displacement  dcrit  are  summarised  in  table  2. 


Table  2  :  Results  of  the  reliability  analysis  of  the  second  failure  mode 

doit  =  5.5  10"5  m 

dcrit=  6.1  10"5  m 

doit  =  6.8  10"5  m 

dent  =  7.5  10"5  m 

Reliability  index 
Failure  probability 

0.691 
2.446  10_1 

1.818 
3.447  10-2 

3.102 
9.607  10"4 

4.301 
8.469  10"6 

Number  of 
iterations 

5 

15 

12 

10 

Number  FEM  calls 

45 

154 

129 

103 

423 


We  can  observe  that  the  reliability  index  increases  fastely  when  the  critical  displacement  increases.  Obviously, 
the  critical  displacement  represents  the  capacity  of  the  timber  roof  structure  to  resist  the  seismic  excitation.  From 
the  obtained  results,  we  can  conclude  that  the  risk  of  anchorage  failure  on  the  back  truss  is  more  important  than 
the  failure  by  the  fracture  of  wood  on  the  front  truss.  Those  information  collected  trough  the  reliability  analysis 
can  help  the  engineers  to  take  better  decision  concerning  the  choice  of  the  convenient  technological  solution  for 
the  connection  elements. 

5.  Conclusions 

The  reliability  analysis  methodology  proposed  in  this  paper  can  be  used  to  predict  the  probability  of  failure  of 
timber  roof  truss  subject  to  earthquake  events.  This  approach  is  based  on  coupling  the  numerical  model 
stemming  from  the  finite  element  modeling  of  timber  roof  truss  and  the  First  Order  Reliability  Method.  The 
finite  element  model  has  been  based  on  the  assumption  that  the  main  nonlinearity  is  due  to  the  punched  metal 
plate  fasteners  employed  in  the  timber  joints  (i.e.  connection  between  the  timber  elements).  The  behaviour  of 
these  joints  has  been  simulated  using  hysteresis  elements.  The  stiffness  parameters  of  these  hysteresis  elements 
have  been  considered  as  random.  Based  on  experimental  results,  the  failure  mode  of  the  timber  roof  truss  is 
composed  of  wood  fracture  on  the  top  chord,  as  well  as  an  anchor  failure  of  the  bottom  chord.  These  two  failure 
modes  have  been  considered  in  the  reliability  analysis  and  the  probability  of  failure  against  the  failure  critera  has 
been  estimated.  We  have  shown  that  the  risk  of  anchorage  failure  on  the  back  truss  is  more  important  than  the 
failure  by  fracture  on  the  top  chord.  We  have  also  shown  that  the  proposed  methodology  is  not  time  consuming 
since  the  convergence  of  the  quantities  of  our  interest  (i.e.  reliability  index,  reliability  of  failure)  is  well  achieved 
using  a  limited  number  of  finite  element  analysis.  The  ongoing  research  aims  to  develop  a  coupling  method  able 
to  deal  with  higher  order  reliability  problems. 
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ABSTRACT 

Previous  work  has  led  to  the  publication  of  a  standard  guide  for  the  calibration  of  optical  instruments  for  making  full-field 
measurements  of  in-plane  strain  in  pseudo-static  cases.  A  consortium  of  international  organizations  drawn  from  across  the 
innovation  process  is  engaged  in  extending  this  earlier  work  to  allow  the  calibration  of  instruments  capable  of  making  full- 
field  measurements  of  in-plane  and  out-of-plane  deformations  resulting  from  time-varying  loading  that  may  or  may  not  be 
repetitive  or  cyclic.  Preliminary  designs  for  a  reference  material  have  been  completed  and  are  being  tested  in  a  round  robin 
exercise.  Calibration  of  the  system  employed  for  performing  measurements  in  experiments  allows  the  associated  uncertainty 
to  be  defined  which  is  an  important  step  in  the  validation  of  computational  models.  However  no  recognized  procedures  exist 
for  performing  validations  of  simulations  with  full- field  data  from  experiments.  The  consortium  is  developing  appropriate 
validation  procedures  based  on  using  image  decomposition  to  enable  comprehensive  and  quantitative  comparisons  between 
data  sets  for  strain  from  experiments  and  simulations.  Progress  will  be  reported  and  the  direction  of  planned  work  will  be 
discussed  to  allow  input  from  the  user-community. 

INTRODUCTION 

Structural  analysis  is  an  essential  part  of  the  design  process  for  any  engineering  artefact  whose  function  includes  the  bearing 
or  transmission  of  loads.  Most  analyses  are  performed  using  computational  models  of  prototype  designs.  The  verification 
and  validation  of  these  models  is  a  critical  step  in  ensuring  the  safe  and  reliable  operation  of  engineering  components.  A 
guideline  [1]  exists  that  describes  the  key  components  for  verification  and  validation;  however  there  are  no  guidelines  or 
standards  for  performing  a  validation.  In  2008  a  consortium  of  international  organizations  [2]  was  formed  to  develop 
appropriate  validation  procedures  for  dynamic  analyses  based  on  optical  measurements  of  deformation.  The  work 
programme  agreed  by  this  consortium  represented  a  continuation  and  extension  of  the  pre-normative  research  performed  by 
an  earlier  collaboration,  known  as  SPOTS  (Standardisation  Project  for  Optical  Techniques  of  Strain  measurement)  [3].  The 
objectives  of  the  new  programme,  known  as  ADVISE  (Advanced  Dynamic  Validations  using  Integrated  Simulation  and 
Experimentation)  are  as  follows: 

•  development  of  reference  materials  that  allow  traceability  and  calibration  of  full-field  optical  methods  of  deformation 
measurement  in  cyclic,  transient  and  non-linear  dynamic  events; 

•  optimisation  of  methodologies  for  both  optical  measurement  and  computational  modelling  and  simulation  of  non-linear, 
transient  dynamic  events; 

•  contributions  to  standardisation  activity  for  experimental  validation  of  dynamic  simulations. 

The  planned  output  arising  from  the  last  objective  is  anticipated  to  be  the  first  attempt  to  provide  a  unified  approach  to 
experimental  validation  of  engineering  simulations  of  primary  structures;  while,  the  first  objective  is  expected  to  extend  the 
work  in  SPOTS  for  static  measurements  into  the  realm  of  dynamic  events.  This  paper  provides  a  brief  status  report  on  the 
three-year  funded  programme  of  ADVISE  which  at  the  time  of  writing  had  slightly  under  twelve  months  remaining. 
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CALIBRATION 

Calibration  involves  making  comparisons  with  a  known,  recognized  criterion  or  reference  material  which  has  been  compared 
via  a  continuous  chain  of  comparison  to  an  international  standard.  The  motivation  for  performing  a  calibration  is  usually 
two-fold:  to  establish  the  minimum  uncertainty  in  future  measurements  made  with  the  calibrated  instrument  and  to  provide 
confidence  in  the  quality  of  the  instrument  and  the  results  generated  with  it.  The  latter  is  important  in  a  regulatory 
environment  such  as  the  aerospace  industry;  while  the  former  is  important  when  performing  validations  based  on  the 
experimental  data.  The  SPOTS  programme  designed  a  reference  material,  which  consisted  of  a  beam  loaded  in  four-point 
bending  via  a  monolithic  frame,  for  use  in  the  calibration  of  optical  systems  for  measuring  in-plane  static,  or  pseudo-static 
strain  distributions  [4].  It  was  deemed  impractical  to  extend  the  loading  range  of  the  SPOTS  reference  material  to  include 
out-of-plane  and  dynamic  loading;  so  the  development  of  new  designs  was  initiated  using  the  same  process  of  consultation 
with  the  user-community  that  was  employed  successfully  by  the  SPOTS  consortium.  The  ADVISE  consortium  identified  a 
set  of  attributes  for  the  new  reference  material  and  then  invited  members  of  the  user-community  to  grade  the  importance  of 
the  attributes  and  to  suggest  any  that  may  have  been  omitted.  The  results  are  summarised  in  figures  1  and  2  for  the  physical 
attributes  of  the  reference  material  and  for  the  attributes  of  the  gauge  section,  respectively.  Those  attributes  which  were 
graded  most  highly  were  designated  as  essential  attributes  that  must  be  possessed  by  any  design  in  order  for  it  to  be  viable; 
while  the  remainder  of  the  attributes  were  considered  desirable  and  were  used  for  ranking  candidate  designs. 


surface  texture  is  defined 

completely  self-contained 

incorporates  a  source  of  excitation 

design  is  scaleable 

manufacturing  is  easy 

fabrication  from  different  materials 

low  material  &  fabrication  costs 

easy  to  set  up 

easy  to  operate 

boundary  conditions  are  reproducible 

operational  at  different  temperature 

portable 

robust 


Fig  1  Physical  attributes  of  the  reference  material  and  the  average  grades  assigned  by  the  user-community  (from 
5=essential  to  0=  not  required)  with  those  designated  as  essential  highlighted  in  blue. 


The  ADVISE  consortium  used  brainstorming  to  generate  a  large  number  of  candidate  designs  and  subsequently  rejected 
those  that  did  not  possess  the  essential  attributes.  The  remaining  candidate  designs  were  evaluated  based  on  the  degree  to 
which  they  possessed  the  desirable  attributes.  This  procedure  is  based  on  the  rational  decision  making  process  [5]  which  had 
been  used  in  the  design  of  the  SPOTS  reference  material  [4].  At  the  conclusion  of  this  evaluation,  two  candidate  designs 
were  identified  for  further  investigation  and  detailed  embodiment;  namely,  a  membrane  manufactured  in  a  monolithic 
cylinder  and  a  cantilever  beam  shaped  from  a  monolithic  block  as  shown  in  figure  3.  Prototypes  of  these  designs  have  been 
constructed  and,  at  the  moment,  are  being  tested  in  cyclic  loading  via  a  round  robin  with  the  ADVISE  consortium.  In  the 
future,  the  prototypes  will  be  assessed  to  determine  whether  they  can  be  used  for  calibrating  instruments  designed  to  measure 
transient  and  non-linear  deformation.  The  goal  is  to  extend  the  SPOTS  guidelines  for  the  calibration  of  optical  systems  of 
strain  measurement  to  include  dynamic  loading  cases  and  the  use  of  the  new  reference  material.  The  principles  of  operation 
will  be  similar  since  the  connection  to  the  international  standard  for  length  is  via  a  calibrated  transducer  used  to  measure  the 
displacement  of  the  reference  material  at  a  defined  point.  A  known  distribution  of  deformation  will  be  compared  with  the 
measured  distribution  and  the  level  of  uncertainty  in  the  calibration  established  using  the  same  concepts  as  those  expounded 
in  the  SPOTS  guidelines.  This  procedure  will  allow  confidence  levels  to  be  established  for  the  data  subsequently  acquired 
with  the  calibrated  instrument  and  will  provide  assurance  of  the  fitness  for  purpose  of  the  instrumentation. 
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Fig  2  Attributes  of  the  gauge-section  in  the  reference  material  and  the  average  grades  assigned  by  the  user-community 
(from  5=essential  to  0=  not  required)  with  those  designated  as  essential  highlighted  in  blue. 

VALIDATION 

Verification  is  associated  with  identifying  and  quantifying  the  errors  of  logic  and  programming  in  the  code  used  for 
modelling,  whereas  validation  involves  assessing  the  extent  to  which  the  model  is  an  accurate  representation  of  the  real- 
world.  ASME  guide  [1]  recommends  that  experiments  should  be  designed  and  performed  specifically  for  the  purpose  of 
validation  but  goes  no  further  in  providing  direction  for  their  conduct.  It  is  common  practice  to  identify  locations  of  high 
stress  in  a  component,  known  as  'hot-spots',  using  the  computational  model  and  to  compare  the  stress  with  data  obtained 
from  strain  gauges  placed  in  the  corresponding  locations  in  a  physical  prototype.  This  approach  is  flawed  because  'hot-spots' 
that  occur  at  locations  other  than  those  identified  by  the  model  could  lead  to  unexpected  failure  of  the  component.  Even 
worse,  efforts  to  reduce  the  weight  of  a  component  could  lead  to  catastrophic  failure  through  removal  of  material  at  locations 
predicted  by  the  model  to  be  experiencing  low  or  zero  strain  but  actually  subject  to  significant  strain.  The  advent  of 
powerful,  digital  optical  techniques  for  measuring  strain  distributions  over  the  entire  surface  of  a  component  rendered  it 
unnecessary  and  inappropriate  to  consider  strains  only  at  single  points.  These  techniques  can  provide  maps  of  displacement 
and  strain  for  an  array  with  the  order  of  106  locations  or  nodes  on  the  surface  of  a  component,  which  is  comparable  to  the 
nodal  density  in  computational  models.  However,  it  is  not  straightforward  to  make  quantitative  comparisons  of  strain 
distributions  from  computation  and  experimentation  that  each  consist  of  about  106  data  points;  particularly  when  the  data  may 
not  be  in  the  same  coordinate  system,  at  the  same  scale  or  in  the  same  orientation. 


Fig  3  Prototype  reference  materials:  membrane  in  monolithic  cylinder  (left)  and  a  cantilever  protruding  from  a 

monolithic  block  (right). 
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Research  in  the  ADVISE  consortium  has  focused  on  treating  strain  distributions  as  images  and  using  of  image  decomposition 
methods  to  enable  the  strain  data  to  be  represented  by  a  less  than  a  hundred  geometric  moments  that  are  invariant  to  rotation, 
scaling  and  translation  [6].  These  techniques  have  been  used  previously  for  iris  and  finger  print  recognition  and  their  use  in 
validating  strain  maps  provides  an  elegant  means  of  comparing  data-rich  maps  of  strain  from  simulations  and  prototypes. 
Geometric  moments,  such  as  Zernike  and  Tchebichef,  are  information-preserving  moments  that  can  be  used  to  describe 
detailed  images  by  fitting  orthogonal  polynomials  to  the  digital  image  data.  The  result  is  a  relatively  small  number  of 
moment  values  from  which  the  original  image  can  be  reconstructed  and  that  can  be  used  for  comparative  purposes  in  place  of 
the  original  data-rich  map  of  strain.  An  example  of  Zernike  moments,  the  reconstruction  obtained  from  them  and  the  original 
strain  map  obtained  from  digital  image  correlation  performed  on  a  plain,  undamaged  composite  tie-bar  loaded  in  tension  [7] 
is  shown  in  figure  4. 
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Fig  4  Maximum  principal  strain  map  obtained  from  digital  image  correlation  (top  left);  its  Zernike  moment  descriptors 

(right)  with  the  inset  showing  the  same  data  but  without  the  first  moment;  and  the  reconstructed  strain  map  from  the 

moments  (bottom  left)  for  a  plain  undamaged  composite  tie-bar  (from  [7]) 

The  geometric  moments  obtained  from  maps  of  strain  derived  from  simulation  and  experiment  can  be  compared  by  using 
relatively  simple  statistical  approaches,  such  as  the  Pearson  correlation  coefficient,  Euclidean  distance  or  cosine  similarity. 
Work  is  in  progress  to  develop  this  final  step  in  the  process  that  would  allow  a  quantitative  measure  of  the  extent  of 
correlation  between  results  from  a  computational  model  and  experiments  with  a  prototype.  Figure  5  shows  an  example  of  the 
change  in  these  measures  with  mesh  density  for  a  simple  finite  element  model  of  a  aluminium  plate  loaded  in  tension 
compared  to  the  results  obtained  using  digital  image  correlation  to  obtain  the  strain  distribution  in  a  corresponding  laboratory 
specimen  [7].  A  value  of  unity  for  the  Pearson  correlation  coefficient  and  the  cosine  similarity  would  represent  perfect 
agreement  between  the  results  from  experiment  and  computation. 


DISCUSSION  AND  CONCLUSIONS 

A  brief  overview  and  status  report  of  the  pre-normative  research  programme  being  pursued  by  the  ADVISE  consortium  has 
been  described.  The  goal  of  the  programme  is  two-fold:  (a)  to  extend  the  existing  guidelines  for  the  calibration  of  optical 
systems  for  the  measurement  of  in-plane,  static  maps  of  strain  [4]  to  include  systems  capable  of  handling  out-of-plane, 
dynamic  deformation;  and  (b)  to  develop  a  methodology  for  using  the  data  from  such  instruments  in  the  validation  of 
computational  models.  A  rational  decision  making  process  [5]  has  been  used  to  incorporate  input  from  the  user-community 
into  the  design  of  a  new  reference  material  for  the  extension  of  the  calibration  process.  A  large  number  of  candidate  designs 
were  identified  and  evaluated  against  a  set  of  attributes.  Two  designs  have  been  retained  for  further  evaluation  via  round 
robin  with  the  consortium  and  more  detailed  embodiment,  namely  a  cantilever  attached  to  a  monolithic  block  and  a 
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membrane  attached  to  a  cylinder.  A  protocol  for  the  use  of  the  final  design  for  calibrating  optical  systems  for  measuring 
strain  will  be  developed  and  published  as  an  extension  or  supplement  to  current  guidelines  [4].  In  parallel,  novel  work  is 
underway  to  establish  an  efficient  and  effective  way  of  comparing  quantitatively  two  data-rich  maps  of  strain  so  that 
validation  of  computational  solid  mechanics  models  can  be  performed  relatively  straightforwardly  using  maps  of  strain  data 
obtained  from  calibrated  optical  instruments.  The  use  of  geometric  moments  to  achieve  a  substantial  reduction  in 
dimensionality  of  the  data  has  been  explored  and  combined  with  common  statistical  measures  to  provide  a  simple  indicator  of 
the  level  of  correlation  between  the  results  from  models  and  experiments.  It  is  planned  to  develop  a  guideline  for  validation 
based  on  this  preliminary  work. 
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Fig  5  Pearson's  correlation  coefficient,  Cosine  similarity  and  Euclidean  distance  between  results  from  a  computational 
model  and  an  experimental  prototype  based  on  geometric  moment  representation  of  the  strain  maps  and  plotted  as  a 

function  of  the  mesh  density  in  the  model 
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ABSTRACT 

Previous  uniaxial  tests  have  shown  that  the  viscoplastic  behaviour  of  several  polymers  can  be  accurately  described  by  means 
of  the  Rabotnov- Suvorova  integral  equation  for  materials  with  memory,  for  a  wide  range  of  loading  rates  in  tension. 
Prediction  of  deformation  can  also  be  made  in  creep  and  relaxation.  Present  investigation  concerns  biaxial  states  of  stress, 
achieved  by  simultaneously  applying  tensile  force  and  torsional  moment  to  thin- walled  tubes.  Results  show  that  this 
constitutive  equation,  whose  parameters  were  determined  from  uniaxial  tensile  tests  at  three  different  loading  rates,  also 
predicts  the  biaxial  behaviour  quite  well  until  the  torque  comes  close  to  the  buckling  load  of  the  specimen.  As  a  second 
verification,  creep  tests  of  a  polyoximethylene  membrane,  subjected  to  hydrostatic  pressure,  were  carried  out.  The  validity  of 
the  equation  is  again  confirmed. 

INTRODUCTION 

Thermoplastic  materials  are  sometimes  used  in  engineering  applications  at  load  levels  where  large  strains  are  expected  and 
the  influence  of  time-dependence  must  be  considered.  Uniaxial  tests  have  shown  that  the  hereditary  behaviour  of  many 
polymers  can  be  described  by  an  equation  of  type 

t  £ 

<p(e)  =  a(t)  +  J -?{r)dz  cd 

o  \t  —  T) 

as  suggested  in  [1],  which  takes  the  loading  history  into  account.  Here,  cp  denotes  the  instantaneous  stress-strain  curve  of  the 
material,  k  and  a  are  material  constants.  Both  these  and  cp  may  be  determined  in  uniaxial  tests,  preferably  by  means  of  tensile 
tests  at  several  loading  rates,  as  outlined  in  [2],  or  by  evaluating  creep  tests  at  several  stress  levels,  which  was  described  in 
[3].  Given  the  load  history  o(t),  the  strain  s  can  always  be  calculated  by  means  of  (1),  provided  the  material  characteristics  are 
known. 

SCOPE  OF  INVESTIGATION 

In  many  applications,  multiaxial  states  of  stress  prevail.  An  extension  of  (1)  to  such  states  is  then  needed.  The  relevance  of 
this  extension  was  examined  by  tests. 

APPROACH  TO  MULTI-AXIAL  STATES  OF  STRESS 

In  time-independent  plasticity,  it  is  assumed  that  the  plastic  strain  increments  are  proportional  with  the  corresponding 
component  of  the  stress  deviator, 
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ds  =  dXs 


(2) 
v  v 

Normally,  the  total  strain  cannot  be  obtained  by  direct  integration.  For  the  case  of  proportional  loading,  however,  the  total 

strain  can  be  shown  to  depend  only  on  the  final  stress.  One  obtains 


3s 
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SP  = -S..  (3) 

V  >")  ij 

e 

where  index  e  denotes  effective  stress  and  strain.  In  analogy  with  this,  it  is  assumed  in  our  case  that  the  plastic  strain 
components  should  depend  in  the  same  way  on  the  deviatoric  components,  while  the  effective  strain  may  be  calculated  from 
(1),  with  uniaxial  stress  and  strain  duly  replaced  by  effective  values.  The  right  hand  side  of  (1)  thus  contains  two  terms:  one 
for  the  instantaneous  stress  value  and  one  from  the  hereditary  type  integral  along  the  load  path. 

The  effective  strain  may  be  computed,  under  some  simplifying  assumptions,  for  stress  which  increases  linearly  with  time 
(loading)  and  for  constant  stress  (creep),  as  follows. 

loading      (p{SPe)  =  6t(\  +  - — -?")  (4a) 

(l-a)(2-a) 

creep       #?«  )  =  <j{\  + t"  )  (4b) 

\-a 

Denoting  strain  from  tension  by  s  and  shear  from  torsion  by  y,  and  assuming  incompressible  material,  one  obtains 


<  =  1 1\  de*de,  =  -\\  «  =  ^  (4s2  +  y 2 ) 

(The  special  case  of  pure  tension  is  not  fully  correct,  for  reasons  that  may  be  left  aside  at  the  moment.)  This  approach  also 
agrees  with  the  generalization  of  Norton's  law  for  stationary  (secondary)  creep  in  multiaxial  states  of  stress,  proposed  by 
Odqvist,  [4],  which  states  that 

£C=-^(%-V.  (6) 

"     2  a    a         ,J 

c  c 

The  creep  strain  is  proportional  with  the  corresponding  deviatoric  component,  and  with  time  t,  the  factor  of  proportionality 
thereby  containing  the  effective  stress.  For  long-term  creep  one  may  write,  if  the  present  material  model  is  valid,  that 

<p(£:)  =  a(\  +  -^t'-°)  ,7a, 

\-a 


3s 
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SP  = —S..  (7b) 
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MATERIALS  AND  METHODS 

Biaxial  experiments  were  carried  out,  using  thin- walled  tubes  (length  42  mm,  inner  diameter  19,  wall  thickness  1.5  mm) 
subjected  to  simultaneous  tension  and  torsion.  Force,  moment,  tensile  strain  and  torsional  shear  were  recorded  as  functions  of 
time.  Tests  were  made  in  an  MTS  servohydraulic  testing  machine  under  controlled  force  and  moment  conditions,  so  that  load 
history  was  prescribed  and  deformations  measured. 

Polyoximethylene  POM  and  a  polyamide  PA  were  investigated.  Ratios  of  normal  stress  to  shear  stress  were  0.5,  1.0,  and  2.0, 
with  some  variation  of  effective  stress, 


a  =V^+3? 

e 


(8) 


As  a  second  test,  a  circular  membrane  (diameter  2c=620  mm,  thickness  h=lmm)  made  from  a  POM  sheet  was  subjected  to 
hydrostatic  pressure  p.  Pressure  was  increased  stepwise  and  evaluation  can  be  performed  according  to  the  formulas  given 
above  for  strain. 

Strains  were  calculated  from  experimental  parameters  in  two  ways:  by  taking  direct  measurements  from  strain  gages  attached 
to  the  membrane  surface  in  circumferential  and  radial  directions,  and  also  by  measuring  the  deformation  of  the  membrane, 
using  an  LVDT  at  the  center.  Denoting  this  displacement  by  d,  the  length  of  the  arc  from  the  apex  to  the  edge  along  the 
surface  by  b,  and  the  radius  of  curvature  by  R,  one  has 

c/R  =  2cd/(c2+d2)  (9a) 

ap=a3=pR/2h  (9b) 

s  =(b  —  c)/c  =  d2 12c2  (9c) 

RESULTS 

Tension-torsion  tests 

For  POM,  parameter  values  were  obtained  from  previous  tensile  tests,  see  Figure  1,  whereas  for  PA,  for  comparison,  these 
values  were  derived  by  direct  curve-fitting  of  the  equation  for  the  function  (p.  Figure  2  a  &  b  shows  the  recorded 
displacements  versus  time  for  POM.  The  loading  stage  was  50  s  and  then  creep  at  constant  load  sets  in.  Figure  3  shows  the 
corresponding  displacements  for  PA,  at  two  different  values  of  the  effective  stress,  24  and  35  MPa,  respectively,  duly 
normalized.  Figure  4  shows  the  computed  effective  strain  for  PA  specimens  and  the  fitted  curves  for  the  appropriate  material 
model.  Figure  5  shows  the  loading  stage  strains  as  computed  by  means  of  the  model  for  PA.  It  gives  excellent  agreement  with 
the  recorded  strain  values  at  the  end  of  the  loading  stage. 
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Fig  1  Instantaneous  stress-strain  curve  for  POM  (1),  curves  for  three  different  loading  rates  (2,3,4),  linearized  curves  (5,6,7). 
Dashed  lines  are  curves  predicted  by  theory,  bold  lines  are  experimental  curves.  From  [2]. 
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Fig  2a  Elongation  of  POM  specimen  as  function  of  time,  at  prescribed  axial  stress. 


435 


120 


100 


80 


Q. 


60 


40 


20 


: 

7 
6 

- 1 

f/j/ 

5   ^^' 

4 

////                                   - 

^*iif^2 

.^zzz^^T. 

zsz^Z 

/  •' 

tj/rs*'^ 

Iff"' 

4  6 

Strain  (percent) 


1  0 


Fig  2b  Angle  of  rotation  of  POM  specimen  (degrees)  as  a  function  of  time.  Loading  for  50  s,  followed  by  creep. 
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Fig  3  Relative  deformation  for  PA  at  effective  stress  35  MPa  (upper  two  curves,  the  lower  of  the  two,  red,  is  elongation,  the 
other  is  torsion)  and  at  24  MPa  (lower  of  the  two,  blue,  elongation,  the  other  is  torsion).  It  is  seen  that  although  stresses  are  in 
constant  proportion,  deformations  are  not. 
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Fig  4  Results  from  tests  of  PA  at  35  MPa  effective  stress  (upper  curves)  and  at  24  MPa  (lower  curves).  The  smooth  curves 
ranging  from  0  to  5000  s  are  predicted  curves  (green  and  violet),  the  other  two  are  based  on  test  results  (turquoise  and  red). 
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Fig  5  Predicted  strain  during  loading  stage  for  PA.  Upper  curve  (green)  at  effective  stress  35  MPa.  Lower  curve  (blue)  at 
effective  stress  24  MPa. 
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Results  for  POM  are  presented  in  Table  1 .  All  tests  were  made  at  effective  stress  65  MPa.  Strains  are  in  percent,  presented  as 
axial  strain/shear  strain. 


Table  1 

Test        o  MPa    x  MPa     Time  s    Experiment 


Theory 


1             51 

23 

500 

11.4/10.3 

15.9/10.9 

1500 

13/12.2 

16.8/11.5 

2             19 

38 

500 

2.3/9.1 

2.4/7.3 

1500 

2.6/9.9 

2.6/8.0 

3             34 

31 

500 

5.3/9.9 

5.9/8.3 

1500 

6.0/11 

6.3/8.8 

Membrane  tests 

Pressure  load  in  bars  as  a  function  of  time  is  presented  in  Figure  6.  Measured  and  computed  strains  are  shown  in  Figure  7. 
Lower  curve  (green)  was  obtained  from  strain  gage  measurements.  Upper  curve  (blue)  are  strains  computed  from 
displacements.  Middle  curve  (red)  shows  results  according  to  theory. 
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Fig  6  Pressure  load  of  POM  membrane,  applied  in  steps. 
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Fig  7  Membrane  strain  at  apex.  Green  and  blue  curves  are  measured  strains,  see  text,  and  red  curve  is  predicted  strain. 

DISCUSSION 

Biaxial  testing  is  often  connected  with  many  trivial  problems  in  the  test  set-up,  like  slip  in  specimen  clamping,  and  precision 
in  measurements  of  displacements  and  their  conversion  to  strains.  Presented  results  are  average  values  taken  over  about  three 
specimens  subjected  to  the  same  treatment.  Scatter  in  these  tests  are  within  10  percent.  Experiments  agree  quite  well  with  test 
values,  taking  into  account  the  rather  strict  assumptions  that  must  be  made,  e.g.  concerning  incompressibility.  Corrections 
may  be  made  with  respect  to  elastic  deformation  but  it  seems  to  be  unnecessary  and  would  complicate  the  model. 

Buckling  was  observed  for  POM  in  most  specimens.  The  tube  began  to  "swell"  almost  symmetrically,  as  if  it  had  been 
subjected  to  interior  pressure,  an  unexpected  kind  of  behaviour.  Finally,  normal  buckling  with  a  pattern  of  two  buckles 
emerged.  Especially  for  high  biaxiality,  material  appeared  to  be  "brittle"  and  failed  by  brittle  fracture,  a  large  number  of 
fragments  being  created.  Obviously,  the  hereditary  theory  is  unable  to  predict  such  changes  in  material  behaviour,  which 
instead  may  be  caused  by  some  change  in  molecular  structure  of  the  polymer. 

CONCLUSION 

One  concludes  that  the  Rabotnov- Suvorova  theory  for  hereditary  materials  can  predict  plastic  deformation  of  the  polymers 
tested  in  monotonous  biaxial  loading  with  constant  ratio  between  loads  as  a  function  of  time,  both  at  applied  loading  and  at 
constant  load.  The  strength  of  the  singularity  in  the  integral  equation  (represented  by  parameter  a)  must  be  accurately 
determined  for  obtaining  good  results  for  long-term  creep. 
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Abstract: 

The  horizontal  stabilizer  is  a  fixed  wing  section;  it's  a  key  element  to  provide  flight  stability  for 
the  aircraft,  to  keep  it  flying  straight.  Most  of  horizontal  stabilizers  are  equipped  with  elevators 
which  are  a  movable  surfaces  intended  to  vary  the  amount  of  force  generated  by  the  tail 
surface  and  are  used  to  generate  and  control  the  pitching  motion  of  the  aircraft.  The  most 
important  requirement  expected  from  the  horizontal  stabilizer  is  to  be  reliable,  easy 
maintainable,  and  operable  at  any  condition  which  might  occur  during  standard  flight.  The 
main  goal  in  this  paper  is  to  perform  a  static  analysis  for  the  structure  of  the  stabilizer 
assembly  using  ABAQUS  CAE  to  simulate  and  predict  the  behavior  of  the  structure  under 
various  external  critical  loads. 

Keywords:  horizontal  stabilizer;  FEM,  parametric  study 
1. Introduction 

The  production  of  the  light  aircraft  becomes  more  and  more  important  nowadays,  considering 
the  primordial  need  for  these  types  of  aircraft  in  several  fields  such  as  pilot  training, 
agricultural  chemical  treatments,  topographic  pictures,  and  so  many  other  useful  field  of  our 
everyday  developed  way  of  life.  The  invention  of  the  airplane  and  numerical  drawing  and 
analysis  are  one  of  the  most  important  technical  developments  of  the  twentieth  century  [1-10]. 
Nowadays,  the  most  critical  issues  for  airplane  constructors  are  to  find  new  methods  and 
technologies  to  make  the  aircraft  lighter  and  also  find  design  and  testing  processes  at  the 
lowest  cost,  the  answer  to  these  issues  came  with  the  appearance  and  the  development  of 
new  mathematical  and  computational  tools  that  allow  the  development  of  the  virtual  drawing, 
simulation  and  testing  software.  Even  if  most  of  the  work  on  simulation  and  design  of  aircraft 
structural  component  is  directed  towards  large  commercial  aircraft  engineering  [11-12],  there 
is  also  considerable  interest  in  developing  design  of  small  aircrafts  type  A  and  B.  Essentially, 
recently  a  large  amount  of  structural  design  research  papers  have  been  the  focus  of  intensive 
investigations,  due  to  the  powerful  world  commerce  of  this  industrial  field.  As  far  as 
experimental  tests  of  aircraft  structure  during  design  process  are  extremely  expensive  and 
time  consuming  and  in  order  to  reduce  the  number  of  costly  prototype  tests,  a  reliable 
analytical  tool  is  necessary  to  accurately  predict  the  structural  responses  and  to  avoid  failure. 
This  work  consists  on  a  parametric  finite  element  simulation  of  a  full  horizontal  light  aircraft 
stabilizer  structure,  under  various  critical  loading  conditions.  In  order  to  improve  the  design 
and  performances  of  this  key  structural  aircraft  component,  under  critical  loading  conditions, 
the  ABAQUS  software  package  is  used  to  carry  out  this  study.  It  is  worthy  important  to 
perform  a  static  analysis  for  the  structure  of  the  stabilizer  assembly  using  ABAQUS  CAE  to 
simulate  and  predict  the  behavior  of  the  structure  under  various  external  critical  loads.  In  this 
investigation,  the  structure  was  modeled  with  a  3D  full  model  with  geometry  similar  to  a 
commercial  STORM  RG  aircraft.  A  realistic  and  accurate  description  is  done  via  figures  1  and 
2  as  it  seen  below.  This  study  has  been  very  constructive  and  useful,  so  that  it  has  allowed  us 
to  define  the  best  appropriate  geometric  parameters  under  critical  boundary  conditions.  The 
methodology  proposed  in  this  study  can  also  be  used  to  optimize  the  foremost  aircraft 
components.  The  first  section  explains  the  three-dimensional  pressure  distribution  over  the 
horizontal  stabilizer.  The  second  section  was  devoted  to  describe  a  simple  variable  cross 
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section  beam  extension  using  finite  element  method  (FEM)  analysis,  on  which  the  FEM 
software  packages  are  based  to  make  the  numerical  analysis.  The  third  section  illustrates  the 
numerical  analysis  of  the  horizontal  stabilizer,  the  main  wing  spar  using  ABAQUS  FEM  [13] 
software  package  and  CATIA  CAD  (computer  aided  design)  software.  A  discussion  and 
conclusions  are  presented  at  the  last  section  to  evaluate  these  case  studies. 
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Figure.  1  skin  of  the  stabilizer 


Figure.2  Internal  stiffeners  of  the  stabilizer 
2.  Experimental  conditions  and  pressure  distribution 


Initially,  the  plate  materials  with  a  thickness  of  2  and  3mm  were  made  of  special  continuous 
casting  by  our  objective  in  this  report  is  to  justify  that  the  wings  and  the  empennage  are  well 
dimensioned.  So  we  will  be  interested  at  the  worst  (limit)  conditions  to  which  of  the  aircraft 
flight,  by  mean  of  the  limit  values  of  VNE  (Speed  to  Never  Exceed)  of  310km/hour  as  IAS 
(indicated  air  speed)  at  5000ft  and  simultaneously  13000ft  altitude  with  no  gust  wind. 
Following  to  the  Storm  RG  Manual,  limit  testing  should  be  done  at  altitudes  of  at  least  5000  ft. 
So  the  Altitude  domain  at  which  we  got  to  justify  our  wings  and  empennage  structure  is 
between  5000ft  and  13000ft.  in  the  fooling  subsections  we  will  justify  the  geometric  and 
loading  parameters. 

2.1  Loading  parameters  evaluation 

As  it  is  shown  by  the  figure  3,  the  maximum  thickness  of  the  empennage  are  measured  and 
then  presented  in  figure  3.  Thickness  located  at  22.2  cm  from  the  leading  edge  which 
represent  30%  of  the  empennage  length  (74  cm),  is  about  8.9  cm.  Then,  the  maximum 
percentage  thickness  to  the  empennage  tip  chord  is  equal  to  —  *  100  =  12%.  It  is  noted  that 

74 

the  empennage  airfoil  is  symmetric;  the  airfoil  of  the  empennage  is  a  NACA  0012. 
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Figure. 3  the  maximum  thickness  to  the  empennage  tip  chord 
2.2  Calculation  of  the  Mach  and  Reynolds  numbers  at  the  limit  conditions 


For  both  of  case,  5000  ft  altitude  with  IAS  speed  of  310km/hour  and  13000  ft  altitude  with  IAS 
310km/hour,  we  have  to  estimate  the  Mach  number  and  the  Reynolds  number. 

(1) 


So  TAS  *  IAS/V^ 


IAS  »  EAS  (Equivalent  Air  Speed)  *   I±  *  TAS  =  V^  *  TAS 

\  Po 


Where  p  is  the  air  density,  and  p0=1 .225  kg/m3  is  the  air  density  at  zero  meter  altitude,  and  a 
is  the  relative  density   /—  given  by  the  International  Standard  Atmosphere  (ISA)  table  [14]  as 

y  Po 

a  function  of  the  altitude  Z  (in  feet). 


.         TAS         TAS 

Mach  =  —  =  ■ 


/yRT 


(2) 


Where  a  =  ^/yRT  is  the  local  speed  of  sound  and  it  is  function  of  the  temperature  T,  R=  287.05 
J/kg/K  and  y  =  1 .4.  The  Reynolds  number  is  given  by  the  following  formulation: 

Re  =  PjIAS±  (3) 


Where  p  the  air  density  at  5000ft,  TAS  is  is  the  true  air  speed  equal  to  99.9317  m/s,  L  is  the 
empennage  average  chord  length,  it  is  equal  to  0.773  meter,  and  \i  is  air  viscosity  at  5000ft. 
using  the  Sutherland  law  the  air  viscosity  is  done  by  equation  (4): 

1.4586*T  1 2. 


■*  10" 


(4) 

110.4+T  v    ' 

Taking  into  account  these  equations;  the  Mach  number  is  then  equal  to  0.2988  «  0.3  at 
5000ft  and  the  Reynolds  number  is  about  4.6  *  106.  Similarly,  at  13000  ft  Mach  number  of 
0.32  and  a  Reynolds  number  of  about  4.0  *  106. 

2.3  Determination  of  the  lift  coefficient  CL  and  the  drag  coefficient  CD  for  the  NACA0012 
at  the  limit  conditions. 


The  lift  coefficient  CL  for  this  empennage  NACA0012  and  the  empennage  attack  angle  a  = 

~4°  when  the  aircraft  is  at  a  straight  level  flight.  CL  represents  the  proportion  of  total  dynamic 
pressure  converted  to  lift  force.  The  following  graphs  presented  in  figure  4  a,  draw  the  CL 
coefficient  vs  the  empennage  attack  angle  a,  simultaneously  the  blue  curve  is  done  by  the 
reference  [15],  while  the  green  and  red  graphs  have  been  determined  using  two  airfoil 
prediction  codes  [16]  XFoil  and  Javafoil. 
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Figure  4  (a)  NACA0012  lift  coefficient  vs.  angle  of  attack  at  Re=4. 106,  (b)  NACA  0012  drag 
coefficient  vs.  angle  of  attack  at  Re=4milion 

We  can  see  that  the  three  curves  overlap  between  -12° and  12°  of  incidence,  -4°  is  incidence 
in  the  linear  domain  of  these  curves  with  a  slope  dCL  /  da  of  0.11,  so  that  the  CL  coefficient 
corresponding  to  the  incidence  a  =  -  41s  done  with  CL  (-4°)=  -0.449.  The  coefficie  nt  Cd0of  the 
NACA0012  is  0.006239  according  to  the  McCroskey  correlation  function  is  done  by  the 
relation  (5). 

Cd0=  0.0044  +  0.018  Re("°15)  (5) 

According  to  equation  (5)  Cd0  is  equal  to  0.006168.  The  figure  4b  presents  the  drag  coefficient 
Cd  vs  the  empennage  attack  angle  a  according  to  the  XFoil  and  Javafoil  prediction  codes;  we 

are  closer  to  the  blue  wind  Tunnel  curve.  Graphically  our  drag  coefficient  for  -4  °  is 
0.008,  so  in  the  two  cases  we  will  take  CD(-4°)=0.008. 


2.4  Determination  of  the  2-dimensional  pressure  distribution  of  the  empennage  airfoil 
at  the  limit  conditions. 

We  have  seen  that  the  pressure  over  an  airfoil  is  not  uniformly  distributed,  and  we  know  that 
the  pressure  distribution  depends  of  the  airfoil  shape,  the  angle  of  attack,  the  Mach  number, 
the  Reynolds  number.  To  have  a  realistic  pressure  distribution  over  this  NACA0012  airfoil 
empennage  in  the  two  limit  configurations  (5000ft  and  13000  ft),  we  have  used  NASA  report  [ 
15].  In  this  report  tests  were  conducted  in  the  two  dimensional  test  section  of  the  Langley  0.3 
meter  transonic  cryogenic  tunnel  on  a  NACA  0012  airfoil  to  obtain  aerodynamic  data  as  a  part 
of  the  Advanced  Technology  Airfoil  Test  (AT AT)  program.  The  test  program  covered  a  Mach 
number  range  of  0.30  to  0.82  and  a  Reynolds  number  range  of  3.0  106  to  45.0  106.  The 
stagnation  pressure  was  varied  between  1.2  and  6.0  atmospheres  and  the  stagnation 
temperature  was  varied  to  obtain  these  test  conditions.  This  will  give  us  the  answer  about 
how  the  pressure  is  distributed  for  our  two  cases. 

It  has  been  shown  in  the  McCroskey  report,  that  for  the  NACA  0012,  at  a  Mach  0.3,  the 
variation  of  the  Reynolds  numbers  from  3  to  9  million  have  mostly  no  effect  on  the  lift 
coefficient  CL  and  variation  of  10%  on  the  drag  coefficient  CD  (CD  is  evaluated  in  our  case  at 
a  hundred  percent  of  CL).  So  if  the  impact  from  3  to  9  million  of  the  Reynolds  number  is  so 
small,  the  impact  of  a  1.5  million  in  that  domain  is  negligible  (between  4  million  and  4.6 
million).  Thus,  we  can  assume  that  for  both  of  cases  we  have  a  unique  pressure  distribution 
function  and  an  average  Mach  number  of  0.31 . 

According  to  reference  [16],  it  is  deduced  that  the  closest  Reynolds  number  is  equal  to  3.1 
million,  the  closest  Mach  number  is  equal  to  0.3053,  and  the  closest  angle  of  attack,  a  is 
equal  to  -4.01°.  We  are  interested  here  for  this  specific  configuration  to  study  the  pressure 
coefficients  Cp  of  the  upper  and  lower  surface  which  will  give  us  the  shape  of  the  2-D 
pressure  distribution  over  the  lower  and  upper  surfaces  of  our  NACA0012  airfoil  empennage. 
So  we  will  extract  for  the  lower  and  upper  surfaces  the  coefficients  of  pressure  Cp 
corresponding  to  a  particular  position  of  X/C  in  %.  A  2-D  pressure  function,  Cp=  f  (X/C)  is 
drown  using  interpolation  via  Math  Lab. 

A  polynomial  interpolation  technique  is  used  to  identify  the  pressure  distribution  function  on 
the  upper  and  lower  surfaces.  Using  the  polyfit(x,y,n)  function  in  matlab  package,  we  have 
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rise  up  the  polynomial  function  until  the  best  approximation  was  found.  For  both  surfaces  the 
best  approximation  degree  function  is  obtained  with  degree  6  as  it  is  shown  by  figure. 6a  and 
Figure. 6b 


Figure. 6  polynomial  function  for  the  pressure  distribution  Cp=f(X/C),  best  fit  interpolation  with 
degree  "6"  from  polytool(x,y)  (a)  upper  surface,  (b)  lower  surface  of  the  empennage 
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Figure. 7     Pressure  distribution  on  the  upper/lower  surface  and  the  total  pressure  distribution 

on  the  upper  surface  Cp=f(X/C) 


The  green  curve  is  representing  the  total  pressure  distribution  over  the  upper  surface  which 
gives  us  the  total  down  lift  on  the  empennage,  the  red  curve  is  representing  the  upper  surface 
pressure  distribution  function  and  the  blue  curve  is  representing  the  lower  surface  pressure 
distribution  function. 

In  order  to  get  the  3-D  pressure  distribution  from  the  last  2-D  pressure  distribution  function  we 
have  to  consider  the  geometry  shape  of  the  empennage,  thus  we  consider  that  the  orthogonal 
projection  of  the  empennage  profile  is  rectangular  with  a  constant  chord  of  0.815  m  and  a 
span  of  1.229  m.  an  adequate  transform  is  applied  to  the  2D  pressure  function  to  get  the  3D 
pressure  distribution  as  it  is  shown  by  the  figure  8.  This  function  is  too  close  to  the  real 
pressure  distribution  applied  to  the  empennage  according  to  the  limit  flight  defined  previously. 
Taking  into  account  that  IAS  is  310km/hour  =  86.1 1  m/s,  the  magnitude  of  the  pressure 
distribution  function  over  the  empennage  area  "S"  is  done  with  equation  6: 
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So  far,  the  load  over  the  empennage  is  then  equal  to  1822.146  Newton  and  our  final  pressure 
distribution  function  is  given  by  the  following  plots  figure. 8. 


i 


Figure. 8    Plot  of  the  3-D  pressure  distribution  function  over  the  whole  empennage 

2.4  Punctual  loads  on  the  elevator  hinge  brackets  at  the  limit  conditions 

An  algorithm  was  build  with  mat  lab  package  to  provide  the  volume  function  of  the  pressure 
distribution  over  the  empennage  sections.  Then,  we  can  obtain  the  plot  of  the  pressure 
distribution  function  over  the  horizontal  stabilizer.  The  plot  of  the  pressure  distribution  over  the 
horizontal  stabilizer  given  via  figure. 9  b 


t 
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Figure. 9    (a)  Storm  RG  empennage  and  (b)  the  upper  view  of  the  pressure  distribution  over 

the  horizontal  stabilizer 

It  is  easy  so  to  deduce  the  elevator  loads  and  the  lift  and  drag  over  the  elevator  can  be 
calculated  then.  As  it  is  shown  via  figure  10,  the  horizontal  stabilizer  has  two  elevator  hinge 
brackets,  and  at  this  stage,  it  is  possible  to  get  the  over  load  distribution  on  the  different  parts 
of  the  empennage.  It  is  noticed  that  we  haven't  take  vortices  effect  into  account,  because  their 
effect  is  to  reduce  the  load  pressure  on  the  empennage  tip,  this  fact  lead  artificially  to 
overestimate  a  bit  the  load  on  our  empennage  and  so  to  justify  safely  those  boundary 
conditions. 


Figure.  10    View  of  the  pressure  distribution  function  on  the  horizontal  stabilizer  and  the  loads 

on  every  elevator  hinge  bracket 
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3.  FEM  numerical  study  of  the  horizontal  stabilizer. 

The  horizontal  stabilizer  is  a  fixed  wing  section;  it's  a  key  element  to  provide  flight  stability  for 
the  aircraft  keeping  its  flying  straight.  Most  of  horizontal  stabilizers  are  equipped  with 
elevators  which  are  a  movable  surfaces  intended  to  vary  the  amount  of  force  generated  by 
the  tail  surface  and  are  used  to  generate  and  control  the  pitching  motion  of  the  aircraft.  The 
most  important  requirement  expected  from  the  horizontal  stabilizer  is  to  be  reliable,  easy 
maintainable,  and  operable  at  any  condition  which  might  occur  during  standard  flight. 
Experimental  tests  of  aircraft  structure  during  design  process  are  extremely  expensive  and 
time  consuming.  In  order  to  reduce  the  number  of  costly  prototype  tests,  a  reliable  analytical 
tool  is  necessary  to  accurately  predict  the  structural  responses/failures. 

3.1  FEM  modeling 

Our  task  consists  of  performing  a  numerical  analysis  for  the  horizontal  stabilizer  using  Abaqus 
software  package.  The  horizontal  stabilizer  was  modelled  in  a  3D  space  and  its  geometry  was 
very  realistically  and  accurately  described  as  it  can  be  seen  in  Figure.  11.  A  3D  model  was 
produced  using  CATIA  V5.  In  figure  12  a  and  b,  it  is  shown  that  all  component  are  created  as 
parts  to  be  assembled  with  a  geometry  that  is  parameterized.  A  3D  model  was  imported  to 
ABAQUS  as  a  3D  shell  structure.  4SR  elements  are  used  to  model  the  skin  and  the  shell 
structural  components.  Riveting  is  done  with  fasteners  elements.  Connection  between  layers 
in  the  skin  is  done  with  fastening  points  using  either  connector  elements  or  BEAM  MPC.  Each 
fastening  point  is  connected  to  the  surface  using  a  distributing  coupling  constraint  that 
couples  the  displacement  and  rotation  of  each  fastening  point  to  the  average  displacement 
and  rotation  of  the  nearby  nodes.  The  number  of  fasteners  generated  over  the  structure  was 
up  to  500  fasteners.  Figure  12  c  illustrates  clearly  the  model  after  fastening,  and  also  the 
number  of  features  and  sets  under  the  assembly  module  in  the  model  tree.  Fastening  is 
among  the  most  delicate  and  time  consuming  operation  since  each  region  of  a  part  must  be 
fastened  independently. 

Based  on  the  information  provided  by  the  constructor,  we  assume  that  the  material  is 
isotropic,  linearly  elastic  and  the  load  is  transferred  symmetrically  to  both  halves  of  the 
structure,  so  only  one  half  of  the  structure  needs  to  be  analyzed  during  the  process  of 
numerical  calculation  as  shown  by  figure13  and  14.  The  material  used  for  construction  is 
aluminum  alloy.  Table  1  below  illustrates  the  material  properties  used  in  all  structural 
components.  Figure  13  show  the  boundary  and  loading  conditions  and  Figure  14,  illustrates 
the  dynamic  modal  response  of  the  different  assembly  components  tested  up  to  260  modes. 
After  performing  this  analysis  we  can  obviously  make  sure  that  all  the  parts  are  well  fixed  and 
well  positioned. 


Figure.  11  3D  presentation  of  the  model  using  Abaqus 
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Figure. 12  a  3D  presentation  of  the  internal  components  using  catia  v5 


Figure.  12  b  3D  presentation  of  the  skin  and  flanges  using  catia  v5 
Table.  1.  structural  material  properties 


Material 
category 

Density 
(kg/m3) 

Young's 

modulus 

(Gpa) 

Poisson's 
ratio 

Parts  involved 

6082-T6 

2700 

69 

0.33 

Skins(coversheets) 

6061 -T6 

2850 

70 

0.33 

Rib  stiffening 

2024-T3 

2780 

73.1 

0.33 

Beams  and  spars 

Figure. 12  c  3D  FEM  model  using  Abaqus 
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Figure. 13  3D  FEM  model  using  Abaqus 


Figure. 14  3D  FEM  model  using  Abaqus 

4  Results  and  Discussion 

The  maximum  displacement  of  the  horizontal  stabilizer  in  the  x-direction  is  20  mm,  the  figure 
15. a  and  15b  below  illustrate  displacements  of  the  main  wing  spar. 

The  maximum  principal  stress  in  the  model,  reported  in  the  contour  legend,  is  195,123  MPa 
located  in  the  attachment  zone  of  the  horizontal  stabilizer,  although  the  mesh  in  this  model  is 
fairly  refined  and,  thus  the  extrapolation  error  should  be  minimal.  The  maximum  stress  value 
doesn't  reach  the  yield  strength  of  material  which  is  483  MPa.  Figure  16. a  and  16  b  below 
show  the  stress  distribution  using  contour  plots  and  the  zone  of  maximum  stress  in  the  model. 


Figure.  15  (a)  mesh  details  of  the  model,  (b)  displacement  contour  of  the  deformed  model  of 

the  horizontal  stabilizer 


Figure.  16  (a)  stress  distribution  of  the  model,  (b)  stress  details  at  the  end  step. 
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The  central  spar  is  a  2024T3  aluminium  alloy  with  tensile  yield  strength  of  345  Mpa.  The 
maximum  principal  stress  in  the  main  spar,  reported  in  the  contour  legend  is  162  Mpa  located 
in  the  attachment  zone,  the  maximum  stress  value  show  that  the  structure  is  already  under 
the  yield  strength  of  material  which  is  345  Mpa. 

4.1  Stress  distribution  in  the  main  spar  reinforcement  plate 

The  main  spar  reinforcement  plate  is  a  6061 T6  aluminium  alloy  with  tensile  yield  strength  of 
276  Mpa.  The  maximum  principal  stress  figure  17  in  the  part  reported  in  the  contour  legend  is 
195  Mpa  located  in  the  attachment  zone,  the  maximum  stress  value  reached  show  that  the 
structure  is  already  under  the  yield  strength  of  material  which  is  276  Mpa. 
The  regions  distinguished  by  a  high  stress  distribution  are  subjected  to  a  high  shear  stress 
when  two  or  more  parts  are  riveted  together  where  the  appropriate  type,  size  and  mechanical 
characteristics  of  rivets  must  be  chosen.  The  size,  material,  and  mechanical  properties  of 
rivets  near  the  maximum  stress  zone  must  be  higher  than  other  regions.  The  figure  17  below 
shows  the  location  of  rivets  in  the  model. 


Figure.  17  (a)  stress  distribution  of  the  model,  (b)  mesh  details  at  the  rivets  vicinity. 


4.3  Main  wing  spar 

The  main  wing  spar  is  the  essential  part  where  every  wing  piece  (main  landing  gear,  ribs, 
etc.)  is  attached  to  make  up  the  entire  wing  of  the  aircraft.  The  main  wing  spar  is  also  the 
critical  part  of  the  wing  that  will  withstand  the  great  proportion  of  the  external  load  effect 
applied  on  the  wing. 

This  approach  of  geometry  and  meshing  simplification  made  by  the  aircraft  engineer  might  be 
a  way  to  reduce  the  computational  cost  of  the  simulation  when  the  machine  memory  and 
processing  is  limited,  however  it  will  reduce  the  accuracy  of  the  simulation  result  and  give  rise 
to  a  high  error  rate  which  will  entails  to  make  a  rough  and  even  wrong  observations  and  result 
confirmations.  The  right  way  to  have  accurate  results  is  to  make  the  model  with  maximum 
details  so  as  to  be  geometrically  close  to  the  real  model  since  the  model  geometry  has  a 
direct  connection  with  its  behaviour  under  load  effect.  The  zone  of  maximum  stress 
corresponds  with  the  first  series  of  vertical  holes  that  join  and  attach  the  main  wing  spar  to  the 
wing  box  of  the  fuselage.  The  same  result  was  found  with  the  constructor  simulation  which 
lead  us  to  confirm  the  behavior  of  the  main  wing  spar  under  the  same  principal  definitions 
which  are:  The  distribution  of  stress  over  the  model  implements  also  a  distribution  of  shear 
stress  between  parts  that  are  riveted  together.  This  phenomenon  enables  the  resizing  of 
rivets  by  modifying  materials  or  dimensions  according  to  local  stress  values. 


k       U^vv^l 

Figure.  18  (a)  stress  distribution  of  the  wing  and  their  orientation,  (b)  stress  details  of  the  wing 

spar 
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The  figure  18  shows  stress  simulation,  the  maximum  principal  stress  in  the  model,  reported  in 
the  contour  legend,  is  324  MPa  located  in  the  first  row  of  joint  holes,  although  the  mesh  in  this 
model  is  fairly  refined  and,  thus  the  extrapolation  error  should  be  minimal.  The  maximum 
stress  value  reached  show  that  the  structure  is  already  under  the  yield  strength  of  material 
which  is  483  MPa.  If  we  compare  our  simulation  result  with  the  other  simulation  we  see  a 
difference  in  the  maximum  principal  stress  as  well  as  the  stress  distribution,  the  maximum 
value  reached  by  the  other  simulations  is  about  336  MPa. 

5.  Conclusions 

Aircraft  stabilizers  are  complex  assemblies  of  thousands  of  components  and  as  a  result 
simulation  models  are  highly  idealized.  In  the  typical  design  process,  a  coarse  FE  model  is 
used  to  determine  loads  within  the  structure.  The  size  of  the  model  and  number  of  load  cases 
necessitates  that  only  linear  static  behavior  is  considered.  This  paper  reports  on  the 
development  of  a  modeling  approach  to  increase  the  accuracy  of  the  global  model, 
accounting  for  variations  in  loading. 

To  summarize  we  might  say  that  over  the  past  few  years,  many  aeronautical  engineers  are 
asked  to  use  commercial  FEM  software  packages  to  simulate  and  find  quantity  of  interest  for 
engineering  systems  that  are  generally  described  by  pictures.  Numerous  drawings  and  charts 
are  used  to  describe  important  concepts  and  theories;  this  is  very  important  and  definitely  is 
welcomed  by  readers,  especially  those  from  non-engineering  background.  One  thing  must  be 
kept  in  mind  that  the  finite  element  method  doesn't  gives  us  the  exact  solution  but  an 
approximate  one  with  more  or  less  degree  of  accuracy,  but  simulations  are  very  necessary  to 
report  a  synthesis  of  the  structural  behavior  under  the  most  limits  cases  of  flight.  The 
numerous  steps  performed  to  get  accurate  results  are  imperative  because  they  lead  to 
important  decisions  in  designing  engineering  systems.  It  is  to  be  noted  that  many  other 
simulations  might  be  done  such  as  dynamic  analysis,  virtual  crash  test,  computational  fluid 
dynamics  (CFD),  and  safety  analysis  are  important  approaches  toward  integrated. 
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ABSTRACT 

Mechanical  characterization  of  sub-micron  thin  films  or  similar  small  scale  structures  have  been  a  continuous  challenge  to 
the  mechanics  community  due  to  the  difficulty  in  accurately  quantizing  the  applied  load  and  resulted  deformation.  In  this 
work,  a  new  Force  Domain  Analog-to-Digital  Converter  (F-D  ADC)  is  adopted  to  perform  thin  film  tensile  tests.  The  key 
component  of  the  F-D  ADC  is  a  quantizer-array  of  microfabricated  buckling  beams  of  pre -determined  length.  During  the 
testing,  the  applied  force  is  quantized  using  the  critical  load  of  the  increasing  number  of  buckling  beams  and  the  deformation 
of  the  specimen  is  controlled  by  the  loading  stage.  The  resolution  and  accuracy  of  the  current  method  can  be  significantly 
improved  by  increasing  the  number  of  buckling  beams. 

INTRODUCTION 

With  the  rapid  development  of  MEMS  technology,  more  and  more  thin-film  materials  are  applied  in  the  MEMS  fields. 
Mechanical  properties  such  as  Young's  modulus,  tensile  strength,  Poisson's  ratio,  etc.  are  very  important  for  designing 
MEMS  devices  and  also  directly  linked  to  their  performance  and  reliability.  However,  the  mechanical  properties  of  thin-film 
materials  are  quite  different  from  bulk  materials  because  of  the  difference  in  scale  and  fabrication  process.  Therefore, 
measuring  mechanical  properties  of  thin-film  materials  has  become  an  essential  research  topic  in  MEMS  fields. 

In  general,  to  measure  the  mechanical  properties  of  materials  in  micro-  or  nano-scale,  the  method  must  be  able  to:  (1) 
fabricate  and  manipulate  test  specimens,  (2)  measure  geometric  scales  of  test  specimens,  (3)  apply  force  or  displacement  to 
deform  test  specimens,  (4)  measure  the  force  applied  to  test  specimens,  and  (5)  measure  the  deformation  of  test  specimens  [1]. 
Various  testing  methods  such  as  nano-indentation  [2],  surface  acoustic  wave  [3],  resonant  frequency  [4],  bending  test  [5], 
have  been  developed  to  measure  the  mechanical  properties.  However,  tensile  test  is  still  the  most  common  and  direct  method. 
To  perform  the  tensile  test  on  thin  films  or  micro -structures,  MEMS  technology  provides  a  promising  platform  on  which  test 
specimens  can  be  fabricated  and  tested.  Therefore,  MEMS  based  tensile  test  is  very  popular  for  characterizing  the  mechanical 
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properties  with  high  accuracy  and  reliability. 

Although  MEMS  technology  already  presents  significant  advantage  in  fabrication  and  alignment,  difference  in 
force/displacement  application  and  measurement  mechanism  greatly  affects  the  accuracy  of  the  tensile  test.  In  literature,  a 
few  research  groups  have  developed  several  outstanding  techniques  in  MEMS  based  tensile  testing  field.  Sharpe  et  al.  [6-9] 
adopted  an  interferometric  strain/displacement  gage  (ISDG)  technique  to  measure  the  deformation  of  the  test  specimen  and 
used  a  commercial  load  cell  to  record  the  applied  tensile  force.  Tsuchiya  et  al.  [10]  applied  electrostatic  force  to  a  probe  for 
gripping  test  specimens  and  measure  the  tensile  force  with  a  strain  gauge  on  the  probe.  The  testing  was  performed  in  an  SEM 
chamber  and  also  monitored  by  SEM  to  determine  the  deformation.  Chasiotis  and  Knauss  [11,  12]  also  adopted  electrostatic 
force  to  grip  test  specimens  but  monitored  the  local  deformation  with  an  atomic  force  microscope.  An  inchworm  actuator  was 
used  to  provide  displacement  to  test  specimens,  and  the  induced  tensile  force  was  measured  by  a  load  cell.  Saif  and  Haque 
[13-19]  proposed  an  in-situ  tensile  test  in  SEM/TEM.  The  experimental  setup  consists  of  a  test  chip  and  a  piezoelectric 
actuator  which  provides  displacement/force  to  the  test  chip.  The  applied  tensile  force  was  measured  by  the  force  sensing 
beam  while  the  deformation  was  measured  by  SEM/TEM.  Espinosa  [20,  21]  also  developed  a  tensile  testing  system  for 
in-situ  SEM/TEM  testing.  A  thermal  actuator  provides  force/displacement  to  the  test  specimen.  A  load  sensor  was  used  to 
measure  the  applied  tensile  force,  and  SEM/TEM  was  employed  to  monitor  the  deformation.  Ruoff  [22]  imported  the  force 
sensing  beam  to  measure  the  tensile  force  exerted  by  a  thermal  actuator.  The  deformation  of  the  test  specimen  was  also 
monitored  by  SEM/TEM. 

In  this  paper,  a  new  force  sensor,  Force  Domain  Analog-to-Digital  Converter  (F-D  ADC),  is  invented  and  applied  to  a  MEMS 
based  tensile  test.  F-D  ADC  proposes  an  innovative  method  to  quantize  the  magnitude  of  the  applied  tensile  force  with  a 
quantizer-array  instead  of  measuring  the  deformation  of  force  sensing  beam  under  high  resolution  microscopes.  The  most 
significant  feature  of  F-D  ADC  is  that  the  accuracy  of  the  tensile  test  can  be  greatly  improved  by  increasing  the  number  of 
quantizer-array  instead  of  improving  the  resolution  of  microscopes.  In  theory,  F-D  ADC  can  even  exceed  existing  high 
resolution  microscopes  by  selecting  proper  geometric  scales  and  substrate  material  for  high-numbered  quantizer-array. 

CONCEPT  OF  FORCE  DOMAIN  ANALOG-TO-DIGITAL  CONVERTER 

I.        Flash  ADC  vs.  F-D  ADC 

The  concept  of  F-D  ADC  comes  from  the  theory  of  analog-to-digital  converter  (ADC)  in  electric  and  electronic  circuits  [23]. 
An  electronic  ADC  converts  a  continuous-time  and  continuous -amplitude  signal  to  a  discrete-time  and  quantized-amplitude 
signal.  There  are  many  ways  to  implement  an  electronic  ADC  such  as  flash  ADC,  sub-ranging  ADC,  two-step  ADC, 
time-interleaved  ADC,  successive  approximation  ADC,  pipeline  ADC,  delta-sigma  ADC,  etc.  Among  these  various  ADCs, 
flash  ADC  is  the  fastest  and  one  of  the  simplest  ADCs.  Figure  1(a)  illustrates  the  architecture  of  an  n-bit  flash  ADC.  The  n-bit 
flash  ADC  performs  2n  —  1  level  quantization  on  input  voltage,  Vin,  with  2n  —  1  comparators.  The  reference  voltage  of 
each  comparator  is  generated  by  using  a  resistor  ladder  connected  between  VREF  and  ground,  which  determines  the  full  scale 
range  of  quantization.  Each  tap  at  the  resistor  ladder  is  connected  to  one  comparator  which  generates  logical  "0"  or  "1" 
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depending  on  whether  the  input  voltage  is  above  or  below  the  reference  voltage  of  each  resistor  tap.  Gathering  of  all  the 
comparator  outputs  forms  a  2n_1-bit  code  which  is  converted  to  an  n-bit  binary  code  after  a  digital  encoder. 


Bn 


B'0 

Bn 


3  L2n-: 


L2n-1 


(a)  (b) 

Figure  1 .  (a)  n-bit  flash  ADC,  and  (b)  n-bit  F-D  ADC. 

Based  on  the  concept  of  flash  ADC,  F-D  ADC  is  created  to  convert  continuous  force  input  to  discrete  buckling  responses. 
Figure  1(b)  shows  the  architecture  of  an  n-bit  F-D  ADC  which  consists  of  2n  —  1  pre-determined  length  beams  connected 
in-parallel  and  a  digital  microscope.  The  length  of  each  beam  is  determined  by  the  critical  buckling  length.  The 
pre-determined  length  beams  are  compressed  by  the  input  force,  Fin,  and  the  magnitude  of  the  input  force  is  identified  as 
buckled  beams  and  unbuckled  beams  by  comparing  the  input  force  to  critical  buckling  load.  In  this  research,  the 
pre-determined  length  beams  are  also  called  quantization  beams,  buckling  beams,  or  quantizer-array  of  F-D  ADC.  The 
symmetric  architecture  of  F-D  ADC  is  designed  for  the  stabilization  of  the  whole  structure.  In  contrast  to  flash  ADC,  the 
beam  arrays  corresponds  to  the  comparators  while  the  digital  microscope  corresponds  to  the  encoder. 


II.       Proposed  F-D  ADC  Tensile  Test 

In  this  paper,  the  concept  of  F-D  ADC  is  demonstrated  by  applying  F-D  ADC  as  a  force  sensor  to  a  tensile  test.  The 
architecture  of  a  2-bit  F-D  ADC  tensile  tester  is  illustrated  in  Figure  2.  As  the  tensile  force,  P,  is  exerted  to  the  tensile  tester, 
P  goes  through  the  test  specimen  and  then  compresses  the  quantization  beams.  Therefore,  the  tensile  force  of  test  specimen 
is  equal  to  the  compressive  force  of  the  quantization  beams.  In  other  words,  the  tensile  force  is  quantized  by  the  quantization 
beams.  If  distributed  compressive  force  in  beam  #1  is  smaller  than  the  critical  buckling  load,  Pcrl,  P  is  equal  to  the  sum  of 
the  elastic  reactive  forces  in  beam  #1,  #2,  and  #3  (i.e.  P  =  Pel  +  Pe2  +  Pe3).  If  distributed  compressive  force  in  beam  #1  is 
greater  than  Pcrl  while  in  beam  #2  and  beam  #3  are  smaller  than  Pcr2  and  Pcr3,  P  is  equal  to  the  sum  of  Pcrl,  Pe2,  and 
Pe3  (i.e.  P  =  Pcrl  +  Pe2  +  Pe3).  If  distributed  compressive  forces  in  beam  #1  and  beam  #2  are  greater  than  Pcrl  and  Pcr2 


454 

while  in  beam  #3  is  smaller  than  Pcr3,  P  is  equal  to  the  sum  of  Pcrl,  Pcr2,  and  Pe3  (i.e.  P  =  Pcrl  +  Pcr2  +  Pez)-  If 
distributed  compressive  forces  in  beam  #1,  beam  #2,  and  beam  #3  are  greater  than  Pcrl,  Pcr2,  and  Pcr3,  P  is  equal  to  the 
sum  of  Pcrl,  Pcr2,  and  Pcr3  (i.e.  P  =  Pcrl  +  Pcr2  +  Pcr3)  [see  Figure  2]. 
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Figure  2.  2-bit  F-D  ADC  tensile  test  when  beam  #1,  #2,  and  #3  progressively  buckle. 


The  configuration  of  an  F-D  ADC  tensile  test  chip  is  illustrated  in  Figure  3.  The  structure  includes  two  circular  holes,  two 
U-springs,  3  pairs  of  support  beams,  a  C-grip,  a  transmission  beam,  a  set  of  test  specimens,  a  T-beam,  and  a  quantizer-array. 
The  two  circular  holes  at  the  two  ends  are  designed  for  applying  tensile  force  with  two  pins  and  allow  the  test  chip 
automatically  align  with  the  applied  force  direction.  The  two  U-springs  provide  enough  displacement  for  the  deformation  of 
the  test  specimen.  3  pairs  of  support  beams  suspend  the  transmission  beam  which  transmits  the  applied  force  to  both  the  test 
specimens  and  the  quantizer-array.  The  C-grip  is  designed  to  avoid  unexpected  disturbance  during  fabrication  or  testing.  The 
T-beam  transfers  the  applied  force  from  tensile  to  compressive  force  exerting  to  the  quantizer-array.  The  quantizer- array 
quantizes  the  magnitude  of  applied  force  with  unbuckling  and  buckling  beams. 
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Figure  3.  Schematic  of  F-D  ADC  tensile  test  chip. 

III.     Post-Buckling  Behavior 

In  the  F-D  ADC,  the  quantizer-array  is  composed  of  numbers  of  different-length  beams  to  take  the  compressive  load  generated 
by  the  applied  force.  Once  the  compressive  load  in  the  longest  beam  reaches  the  critical  load,  the  longest  beam  starts  to  buckle 
and  laterally  deform  while  the  rest  of  beams  remain  concentrically  compressed  by  the  applied  force.  After  the  first  buckling 
occurs  in  the  longest  beam,  the  applied  force  keeps  increasing  till  the  next  buckling  occurs  in  the  second  longest  beam.  During 
the  first  to  the  second  buckling,  the  longest  buckling  beam  is  under  the  condition  of  post-buckling.  With  the  increase  of  the 
applied  force,  all  beams  buckle  and  then  enter  post-buckling  state  one  by  one.  The  post-buckling  behavior  of  a  fixed-fixed 
micromechanical  beam  generated  by  thermal  expansion  has  been  studied  by  Lindberg  et  al.  in  1993  [24]  and  Chiao  et  al.  in  2000 
[25]  and  the  one  generated  by  residual  stress  has  been  studied  by  Fang  in  1994  [26].  The  general  theoretical  analysis  of  the 
post-buckling  behavior  in  fixed-fixed  beam  is  also  derived  by  Saif  in  2000  [27].  The  ratio  of  the  post-buckled  and  pre-buckled 
axial  stiffness  is  (n2/6)(t/L)2,  where  t  and  L  are  the  thickness  and  length  of  the  buckling  beam  respectively.  Since  the 
ratio  in  our  test  is  0.00097  which  is  very  small  and  can  be  neglected,  the  post-buckling  effect  is  neglected  in  this  study. 


FABRICATION  OF  F-D  ADC  TENSILE  TEST  CHIP 

The  tensile  test  chip  is  fabricated  by  means  of  bulk  micromachining  in  Washington  Technology  Center  at  the  University  of 
Washington.  Figure  4  represents  the  process  flow  of  fabricating  the  tensile  test  chip.  First,  a  2  00  urn  thick  and  double  side 
polished  silicon  wafer  is  utilized  as  substrate.  Second,  a  1.5|im  thick  photoresist  (AZ1512)  is  spun  onto  the  front  side  of  the 
substrate  and  patterned  with  mask  #1  by  mask  aligner.  After  100°C  hard  baking  for  1  hour,  25|im  deep  trenches  are  etched 
by  deep  reactive  ion  etcher  (DRIE).  Next,  another  5|im  thick  photoresist  (AZ4620)  is  spun  onto  the  backside  of  substrate  and 
patterned  with  mask  #2  by  mask  aligner  again.  After  hard  baking  for  another  1  hour  at  100°C,  the  final  release  of  the 
structure  is  achieved  by  etching  through  the  substrate  with  DRIE  again.  Figure  5  shows  the  SEM  pictures  of  2-bit,  3 -bit,  4-bit, 
5-bit  F-D  ADC  tensile  test  chips,  C-grip,  and  supporting  beams. 
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Figure  4.  Process  flow  of  F-D  ADC  tensile  test  chip. 


(d)  (e)  (f) 

Figure  5.  SEM  pictures  of  (a)  2-bit,  (b)  3-bit,  (c)  4-bit,  (d)  5-bit  F-D  ADC  tensile  test  chip,  (e)  C-grip,  and  (f)  supporting 

beams. 
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EXPERIMENTAL  MEASUREMENT 

Figure  6  shows  the  experimental  setup  for  the  F-D  ADC  tensile  test  including  both  the  test  chip  and  the  measurement  system. 
The  test  chip  is  positioned  by  matching  the  two  circular  holes  to  two  pins  on  the  piezoelectric  actuator  (P-841.20,  PI)  and 
single-axis  linear  stage  (DM- 13,  Newport).  A  digital  microscope  (AD413T,  Dino-Lite)  is  mounted  above  the  test  chip  to 
monitor  the  testing  process.  The  piezoelectric  actuator  is  used  to  supply  voltages  to  induce  force/displacement  to  the  test  chip 
while  the  tensile  fore  of  the  test  specimen  is  derived  from  monitoring  the  buckling  behavior  of  the  quantizer-array.  A 
single-axis  linear  stage  is  used  to  preload  the  test  chip  by  adjusting  the  transmission  beam  to  contact  with  the  edge  of  C-grip. 
The  deformation  of  the  test  specimen  is  obtained  by  subtracting  the  deformation  of  the  quantizer-array  from  the  travel 
distance  of  the  piezoelectric  actuator.  The  deformation  of  the  quantizer-array  is  obtained  from  determining  which  beam  is 
buckled  and  then  tracing  back  to  its  buckling  deformation. 
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Figure  6.  Measurement  system  setup. 


Figure  7.  Measurement  results  of  the  2-bit  and  3-bit  test  chips. 


The  preliminary  measurement  results  of  the  2-bit  and  3 -bit  test  chips  are  shown  in  Figure  7.  By  linear  regression  and  skipping 
of  non-linear  data  points  on  measured  stress-strain  curves,  the  slope  which  represents  Young's  modulus  is  estimated  around 
88  GPa  and  148  GPa  from  the  2-bit  and  3-bit  chips  respectively.  Comparing  to  the  theoretical  Young's  modulus  of  silicon  of 
169  GPa,  the  3 -bit  testing  result  has  a  smaller  error  around  12%. 

CONCLUSIONS 


This  study  reports  a  new  method  to  measure  the  mechanical  properties  of  thin  films  and  microscale  structures  based  on  the 
concept  of  force-domain  analog-to-digital  converter.  While  the  displacement  is  provided  by  a  piezoelectric  actuator,  the  force 
is  sensed  by  an  array  of  beams  of  varying  lengths  based  on  a  progressive  buckling  phenomena.  Although  the  fabrication  of 
the  2-bit,  3 -bit,  4-bit,  and  5 -bit  F-D  ADC  were  all  completed,  preliminary  testing  results  were  only  obtained  from  the  2 -bit 
and  3 -bit  chips.  The  4-bit  and  5 -bit  chips  failed  prematurely  during  the  testing  due  to  fabrication  defects.  Current  effort  is 
being  devoted  to  the  optimization  of  the  fabrication  process  so  high  bit  number  chips  can  be  fabricated  and  tested 
successfully.  In  the  future,  this  new  test  method  will  be  applied  to  the  testing  of  various  known  and  new  materials  to  further 
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confirm  its  validity.  The  concept  of  F-D  ADC  can  be  further  applied  to  many  other  fields  which  require  accurate  force 
measurement. 
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Abstract:  This  paper  presents  the  use  of  distributed  fiber  optic  sensing  to  achieve  centimeter  level  resolution  strain  data 
along  the  entire  length  of  a  large  composite  beam.  A  6.5  meter  long  composite  beam,  designed  for  use  in  a  corrosive  flue  gas 
desulfurization  (FGD)  unit,  was  instrumented.  A  section  of  optical  fiber  was  embedded  into  a  fiberglass  rope,  which  in  turn 
was  embedded  into  the  composite  beam  during  the  manufacturing  process.  The  beam  was  experimentally  tested  in  four-point 
bending  at  the  North  Carolina  State  University  Constructed  Facilities  Laboratory,  and  the  strain  profile  along  the  entire  length 
was  measured  using  the  embedded  optical  fiber.  Strains  of  up  to  6500  microstrain  were  measured  at  over  300  unique 
positions  along  the  span  by  monitoring  changes  in  the  spectral  shift  of  the  Rayleigh  scatter  in  the  optical  fiber  using  optical 
frequency  domain  reflectometry  (OFDR).  The  fiber  used  in  this  test  was  optically  equivalent  to  standard  telecommunication 
fiber,  allowing  for  low-cost,  high-density  strain  measurements  on  large  structures.  The  experiment  confirms  the  potential  of 
embedded  fiber  optic  distributed  sensing  to  be  used  for  real-time  health  monitoring,  or  as  a  process  feedback  in  an 
instrumented  structural  system.  Benefits  of  employing  distributed  fiber  optic  sensing  in  structures  such  as  the  composite 
FGD  unit  include  the  ability  to  monitor  and  detect  deterioration  and  damage,  minimize  the  chance  of  unplanned  downtime  or 
failure,  and  limit  exposure  to  consequences  such  as  environmental  contamination. 
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1.     Introduction 


Common  methods  traditionally  used  to  inspect  composite  structures  are  not  conducive  to  online,  continuous  structural  health 
monitoring.  Traditional  inspection  techniques  are  often  time  consuming  and  labor-intensive,  and  rely  heavily  on  visual 
inspections  and  manual  measurements.  Large,  complex,  specialty  structures,  like  the  composite  flue  gas  desulfurization 
(FGD)  units  described  in  this  paper,  can  be  difficult  to  inspect  fully  using  current  methods.  One  possible  solution  is  fiber 
optic  distributed  sensing,  a  method  which  uses  a  glass  fiber  sensing  element  to  provide  a  continuous  strain  profile  along  a 
beam  or  other  structural  element  over  the  life  of  the  system.  This  paper  examines  the  implementation  of  this  method  to 
capture  hundreds  of  simultaneous  strain  readings  along  the  length  of  a  6.5  meter  long  glass  fiber  reinforced  polymer  (GFRP) 
composite  beam.  This  sensing  method  is  based  around  an  embedded  optical  fiber,  commonly  known  as  single  mode  fiber, 
which  is  continuously  interrogated  using  a  technique  known  as  Optical  Frequency  Domain  Reflectometry  (OFDR).  This 
highly  distributed  measurement  technique  [1-13]  can  be  used  to  identify  localized  manufacturing  defects  or  isolated  damage 
sustained  in  service.  Defects  can  be  detected  that  would  likely  be  missed  if  a  series  of  point  measurements,  such  as  electrical 
resistance  strain  gauges  or  conventional  Fiber  Bragg  Grating  (FBG)  fiber  optic  sensors,  were  used.  In  addition  to  the  benefits 
of  continuous  measurement,  the  small  size  of  the  fiber  optic  sensor  allows  it  to  be  embedded  in  a  structure  without  affecting 
the  strength.  The  sensor  cost  can  also  be  kept  low  by  using  common-grade  optical  fiber  typically  used  for  telecommunication 
infrastructure. 

In  this  paper,  fiber  optic  distributed  sensing  was  applied  to  a  full-scale  composite  beam  designed  for  use  in  a  flue  gas 
desulfurization  (FGD)  unit,  commonly  referred  to  as  an  exhaust  scrubber.  FGD  is  the  process  of  removing  sulfur-dioxide 
(S02)  from  the  emissions  of  coal-fired  power  plants.  The  chemicals  formed  in  the  process  are  highly  corrosive,  and  the 
process  elements  and  byproducts  are  extremely  abrasive.  Thus,  special  materials  must  be  used  in  the  construction  of  the 
building-sized  FGD  structures.  The  conventional  solution  relies  on  specialized  metallic  alloys  and  coatings,  which  are 
extremely  expensive.  A  new  approach,  developed  by  Non-Metallic  Resources  of  Mobile,  AL,  relies  entirely  on  glass-fiber 
reinforced  polymer  (GFRP)  composites.  The  experimentally  tested  beam  is  a  full-size  production  component  of  the 
composite  scrubber.  The  beam  was  designed  for  a  long  service  life  in  the  harsh  FGD  application  using  composite  materials 
and  a  special  abrasion-resistant  coating.  The  addition  of  fiber  optic  distributed  sensing  allows  for  the  health  of  this  critical 
structure  to  be  monitored  over  its  entire  life. 


2.     Measurement  Method 

Fiber  optic  distributed  sensing  measures  strain  and  temperature  by  processing  spectral  shift  in  the  Rayleigh  backscatter  of 
optical  fibers  embedded  in  a  structure.  Rayleigh  backscatter  in  optical  fiber  is  caused  by  small  variations  in  the  index  of 
refraction  in  the  amorphous  structure  of  the  glass,  and  creates  a  pattern  that  is  random,  but  stable.  The  instrument  used  to 
monitor  this  phenomenon  relies  on  a  tunable  laser  source  and  an  interferometer  to  resolve  small  fluctuations  down  the  length 
of  the  fiber  at  intervals  of  fractions  of  one  mm.  In  general,  the  instrument  is  connected  to  one  end  of  the  embedded  optic 
fiber,  sends  a  laser  signal  into  the  fiber,  and  measures  the  light  that  is  reflected  back.  The  optical  network  shown  in  Figure  1, 
presents  the  process  in  more  detail.  The  tunable  laser  source  (TLS)  sends  light  through  a  coupler,  splitting  the  light  between 
the  measurement  and  reference  arms  of  an  interferometer.  The  measurement  arm  is  connected  to  the  fiber  under  test  (FUT), 
here  the  fiber  embedded  in  the  structural  component.  A  polarization  controller  in  the  reference  arm  is  used  to  evenly  divide 
the  light  in  the  reference  arm  into  two  orthogonal  polarization  states.  The  returning  light  is  recombined  with  the  light  from 
the  reference  arm  and  directed  through  a  polarizing  beam  splitter  to  two  detectors.  In  this  way,  a  consistent  interference 
signal  can  be  obtained  regardless  of  the  polarization  state  of  the  light  returning  from  the  FUT.  The  signals  from  the  S  and  P 
detectors  are  digitized  and  sent  to  an  instrument  controller  for  processing.  These  detector  signals  are  processed  through  a 
Fourier  transform  to  calculate  the  Rayleigh  scatter  as  a  function  of  position  along  the  entire  fiber.  References  [14-15] 
provides  additional  information  on  this  process. 
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Figure  1  Optical  network  diagram  for  measurement  of  Rayleigh  Backscatter 

Figure  2  (a)  shows  the  reflected  spectrum  of  a  segment  of  scatter  from  a  piece  of  standard  single  mode  telecommunication 
fiber  (SMF-28),  calculated  by  windowing  a  segment  of  scatter  data  in  the  distance  domain  and  performing  an  inverse  Fourier 
transform.  Changes  in  temperature  or  strain  shift  the  reflected  spectrum  of  the  scatter  in  the  fiber  at  the  location  of  the 
disturbance.  Finding  the  frequency  shift  of  the  scatter  spectrum  is  accomplished  by  performing  a  cross-correlation  of  the 
scatter  spectrum  from  a  measurement  data  set  with  that  from  a  reference  data  set  taken  with  the  FUT  in  some  nominal 
temperature  or  strain  state.  Figure  2  (b)  shows  the  cross-correlation  of  a  reference  scatter  spectrum  with  one  that  was 
perturbed  by  external  strain.  The  correlation  peak  is  shifted  from  center  by  a  frequency  shift  resulting  from  the  strain  change. 
This  process  is  repeated  for  segments  of  scatter  along  the  entire  length  of  the  fiber  to  yield  temperature  or  strain  as  a  function 
of  distance. 
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Figure  2  (a)  Rayleigh  scatter  spectra  along  a  5  mm  fiber  segment  for  a  reference  (dotted)  and  strained  (solid)  scan 

(b)  Cross-correlation  of  the  two  spectra 

Strain  is  measured  by  either  bonding  the  fiber  to  the  surface  of  the  structure  to  be  measured,  or  in  the  case  of  composites, 
integrating  the  fiber  into  the  structure.  For  measuring  temperature,  the  fiber  must  first  be  installed  inside  a  low  friction  tube. 
This  isolates  the  fiber  from  strain,  so  all  dimensional  changes  in  the  fiber  can  be  attributed  to  temperature.  Small  Teflon 
tubing  etched  on  the  outside  diameter  to  facilitate  bonding  was  used  in  this  application.  While  this  paper  focuses  on  strain 
sensing,  temperature  testing  was  conducted  prior  to  the  presented  strain  testing. 


3.     Sensor  Integration 

Distributed  fiber  sensors  can  be  implemented  in  a  number  of  ways,  the  simplest  of  which  is  surface  bonding.  This  approach 
is  similar  to  that  used  for  conventional  bonded  electrical  resistance  foil  strain  gauges.  While  surface  bonding  is  a  fast  and 
effective  method,  it  leaves  the  fiber  exposed  to  the  external  environment.  To  avoid  external  exposure  and  the  potential  for 
physical  damage,  optical  fiber  can  instead  be  integrated  during  the  manufacture  of  glass  or  carbon  fiber  fabrics  [16],  however, 
this  technique  may  require  at  least  some  special  considerations  or  extra  care  during  manufacture.   The  approach  taken  in  this 
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paper  is  an  intermediate  technique.  The  optical  sensing  fiber  was  integrated  into  a  3D  braided  glass  rope,  which  was  bonded 
to  the  exterior  surface  of  the  completed  beam.  This  technique  allowed  the  sensor  to  be  applied  with  methods  familiar  to 
composite  producers,  protected  the  optic  sensing  fiber  from  the  external  environment,  and  did  not  require  any  special  fabric. 
The  FilletBraid  3D  braided  rope  used  to  house  the  sensing  fiber  can  be  formed  in  various  cross-section  shapes,  tailored  to 
work  with  joints  and  gaps  in  the  structure.  The  rope  was  specially  designed  so  as  not  to  constrain  the  sensing  fiber.  A  large 
portion  of  the  internal  glass  fibers  in  the  braided  rope  was  processed  to  disorient  and  spread  them  apart.  These  internal  lofted 
fibers  appear  almost  as  cotton  balls,  surrounded  by  non-lofted  angled  fibers.  The  off-axis  orientation  of  the  surrounding 
angled  fibers  allows  for  both  elongation  and  diameter  change  by  shear,  much  like  a  finger  trap.  The  combination  of  angled 
outer  fibers  and  lofted  inner  fibers  provides  a  soft  and  compliant  cross  section,  which  can  accommodate  variable  gaps  or 
grooves  [17].  Thus,  deformations  of  the  optical  sensors  inside  the  rope  are  driven  by  the  stiff er  and  stronger  structure  to 
which  the  rope  is  applied.  Additionally,  the  particular  FilletBraid  used  for  this  work  was  produced  with  boron-free  fiber  to 
reduce  susceptibility  to  corrosion  by  the  sulfuric  acid  present  in  the  service  environment  of  a  coal  gas  desulfurization  system. 


Figure  3  Sensing  rope  prior  to  installation  in  composite  structure 

The  optical  fiber  used  was  a  polyimide  coated  single  mode  fiber  with  an  outside  diameter  of  0.155  mm.  Two  such  fibers 
were  integrated  into  the  braided  fiberglass  rope.  One  was  directly  incorporated  into  the  core  of  the  rope,  and  the  other  was 
first  installed  in  a  Teflon  tube  to  allow  for  temperature  sensing.  Polyimide  coated  fiber  was  selected  in  place  of  more 
conventional  acrylate  coating  due  to  its  high  strain  transfer  performance,  wider  temperature  range,  smaller  size,  and  high 
durability.  This  type  of  fiber  is  produced  using  the  same  methods  used  to  mass  produce  standard  telecommunications  fiber 
kilometers  at  a  time.  Unlike  some  fiber  optic  strain  measurement  systems  that  utilize  discrete  wavelength  FBGs,  the  system 
presented  here  used  the  sensing  fiber  as  drawn.  This  feature  eliminates  post-production  operations  that  can  significantly 
weaken  the  sensing  fiber.  The  completed  sensing  rope  is  shown  in  Figure  4. 


Figure  4  Sensing  rope  prior  to  installation  in  composite  structure  (diagram  indicates  lofted,  bias,  and  optical  fiber 

locations  in  cross  section). 
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4.     Experimental  Test  Setup 

The  optical  fiber  distributed  sensing  system  was  installed  on  a  6.5  m  full-scale  rectangular  composite  beam  that  was  load 
tested.  Sensing  ropes  were  pre-installed  by  composite  fabricators  using  standard  resin  and  common  tools.  A  V-groove  was 
milled  in  the  top  and  bottom  surfaces  of  the  beam  using  a  die  grinder.  The  fiberglass  rope  was  then  placed  in  the  V-groove 
along  the  entire  length  of  the  beam,  and  resin  was  applied  using  brushes  and  rollers  and  allowed  to  cure.  By  first  installing 
the  optical  fiber  sensors  in  the  fiberglass  rope,  the  sensing  fiber  was  protected  during  and  after  installation,  as  the  beam  was 
transported  to  the  laboratory,  and  set  in  the  testing  rig.  Figure  5  shows  the  sensor  rope  installed  in  the  lower  surface  of  the 
beam,  along  with  a  diagram  of  the  beam  cross-section. 
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Figure  5  (a)  Sensing  rope  installed  the  full  length  of  the  composite  beam  (b)  Schematic  of  beam  construction 


The  instrumented  beam  was  tested  in  four  point  bending.  The  beam  was  supported  on  a  simple  6  m  span,  0.25  m  from  each 
end.  Steel  plates  and  rollers  resting  on  concrete  blocks  served  as  supports.  The  supports  allowed  for  rotation  and  horizontal 
translation,  but  prevented  vertical  motion.  Two  hydraulic  actuators,  each  with  an  1800  kN  capacity,  were  centered  on  the 
beam,  spaced  1.8  m  apart.  The  actuators  were  configured  to  apply  matching  loads  as  they  pressed  down  on  the  top  surface  of 
the  beam  at  a  rate  of  approximately  13  mm  per  minute.  In  addition  to  the  fiber-optic  sensing  data,  the  applied  loads  were 
measured  with  load  cells  integrated  into  the  actuators  and  deflections  were  measured  with  potentiometers  at  several  locations. 
In  addition,  a  foil  gauge  was  mounted  on  the  bottom  beam  surface  at  midspan,  adjacent  to  the  fiber  optic  sensing  rope.  Data 
from  the  conventional  instrumentation  were  collected  by  an  electronic  data  acquisition  system  at  a  rate  of  one  Hz.  Data  from 
the  optical  sensors  were  acquired  by  a  separate  system  at  a  rate  of  one  scan  every  10  seconds,  and  were  synchronized  to  the 
conventional  data  during  post  processing.  The  instrument  available  to  interrogate  the  fiber  was  a  single  channel  system, 
therefore  only  the  fiber  on  the  top  surface  of  the  beam  was  monitored  in  the  tests  presented  here.  Figure  6  shows  the  beam 
instrumented  and  ready  for  testing  in  the  laboratory  at  NC  State  University. 
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Figure  6  Beam  installed  at  NC  State's  Constructed  Facilities  Laboratory 


5.     Results 


Two  load  tests  are  described  here.  For  the  initial  test,  the  beam  was  displaced  approximately  22  mm  to  verify  that  all  systems 
were  working  as  expected.  This  displacement  required  a  combined  applied  load  of  258  kN,  corresponding  to  the  service 
load.  For  the  second  test,  the  actuators  were  extended  approximately  140  mm  with  a  total  combined  applied  load  of 
approximately  1650  kN,  corresponding  to  a  severe  overload  condition.  For  both  runs,  the  measured  data  was  processed  to 
provide  strain  readings  every  20  mm  along  the  entire  length  of  the  beam;  however,  a  much  finer  interval  could  be  selected  if 
necessary.  For  the  tested  beam,  the  20mm  interval  resulted  in  continuous  strain  measurements  at  over  300  individual  points 
along  the  span. 

Theoretical  Result 

Evaluating  the  experimental  results  requires  a  review  of  the  loading  of  beams  in  the  elastic  range,  a  well-documented 
behavior.  Of  greatest  interest  to  engineers  is  usually  the  shear  force  and  bending  moment.  Both  can  be  determined  from  the 
locations  of  the  loads  and  supports,  and  the  load  magnitudes.  A  shear  diagram  can  be  constructed  from  the  loading,  support, 
and  span  conditions,  and  a  bending  moment  diagram  can  be  constructed  from  the  shear  diagram.  The  strain  profile  in  an 
elastic  beam  is  directly  proportional  to  the  bending  moment  diagram.  Figure  7  shows  the  shear  and  moment  diagrams  for 
four  point  bending. 
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Figure  7  Shear  and  moment  diagrams  for  four  point  bending 


The  stress  on  the  top  beam  surface  is  theoretically  equal  to  the  product  of  the  applied  moment  (M)  and  the  distance  from  the 
neutral  axis  of  the  beam  (y),  divided  by  the  second  moment  of  area  (Ix),  as  shown  in  Equation  (1).  The  proportional 
relationship  between  stress  and  strain  can  then  be  used  to  relate  strain  and  moment  in  Equation  (2).  As  y,  Ix,  and  E  are  all 
constants  for  an  uncracked,  symmetric,  elastic  beam,  strain  is  proportional  to  moment  and  the  shape  of  the  strain  profile 
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should  match  the  shape  of  the  moment  diagram  in  Figure  7.    Since  the  top  surface  of  the  beam  is  in  compression  along  its 
length,  strain  will  be  negative. 
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As  noted  in  Figure  5(b)  the  sensing  fiber  was  embedded  approximately  24  mm  closer  to  the  neutral  axis  of  the  beam  than  the 
foil  gauge.  This  yields  a  distance  to  the  neutral  axis  about  10%  smaller  for  the  fiber  optic  sensor.  Equation  (2)  shows  that  the 
fiber  optic  sensor  should  measure  10%  lower  strain  relative  to  the  foil  gauge. 

Experimental  Results:  Initial  Test 

The  initial  test  corresponds  to  the  usual  load  in  service  for  the  composite  beam.  A  measured  strain  profile  along  the  length  of 
the  beam  is  presented  in  Figure  8  for  a  selected  moment  approximately  halfway  through  the  service  load  test.  The  strain  data 
show  the  expected  inverted  trapezoidal  shape  discussed  above.  All  strain  data  recorded  during  the  test  are  plotted  in  Figure  9 
verses  both  time  and  position.  The  distance  along  the  beam  runs  left  to  right  while  time  moves  from  the  back  of  the  graph  to 
the  front.  As  the  figure  shows,  distributed  sensing  can  provide  a  detailed  map  of  the  measured  strain  for  all  positions  and  all 
times  during  a  test  run.  Such  data  would  not  be  practical  or  cost  effective  to  generate  using  electrical  strain  gauges.  Figure  9 
does  utilize  interpolation  to  generate  the  surface  plot,  but  the  graph  contains  over  22,000  individual  data  points. 
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Figure  8  Single  scan  of  strain  data  during  Run  1 
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Strain  vs.  Position  vs.  Time 
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Figure  9  Strain  verses  position  and  time  for  Run  1 


One  measurement  point  in  the  fiber  optic  sensor  at  the  center  of  the  beam  was  selected  and  plotted  with  the  foil  gauge  verses 
time.  Figure  10  shows  the  differences  in  magnitude  of  the  measurements.  The  fiber  optic  sensor  measured  approximately 
15%  lower  strain  magnitudes  compared  to  the  foil  gauge.  As  discussed  earlier,  a  difference  of  about  10%  is  expected.  This 
result  indicates  an  additional  5%  error  that  is  unaccounted  for  and  may  be  due  to  several  factors.  First,  it  is  possible  that  the 
cross-section  of  the  composite  beam  contains  enough  variation  that  the  strain  levels  between  the  top  and  bottom  of  the  beam 
could  be  slightly  out  of  balance.  Second,  the  sensing  rope  developed  for  this  test  was  larger  than  necessary,  resulting  in  more 
distance  between  the  sensing  fiber  and  the  uni-axial  fibers  carrying  the  load  in  the  top  of  the  beam.  This  is  analogous  to 
mounting  a  foil  gauge  with  a  thick  adhesive  layer.  The  result  is  reduced  strain  transfer  performance  with  the  fiber  sensor 
measurement  lagging  the  actual  structural  strain.  Another  possible  contributor  to  the  unexplained  error  is  the  manufacture  of 
this  specific  sensing  rope,  as  the  sensing  fiber  wandered  slightly  through  the  rope  core.  Methods  to  improve  the 
manufacturing  process  have  been  identified,  but  were  not  available  at  the  time  of  this  experiment.  It  is  believed  that  this 
wandering  also  contributed  to  some  of  the  variation  seen  in  the  horizontal  portion  of  the  strain  profile  in  Figure  8. 
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Figure  10  Comparison  of  fiber  optic  sensor  at  the  center  of  the  beam  with  foil  gauge  for  Run  1  (not  corrected  for 

distance  to  neutral  axis) 

Experimental  Results:  Second  Test 

For  the  second  experimental  run,  the  beam  was  tested  well  beyond  the  service  load.  The  same  inverted  trapezoidal  profile  is 
apparent  in  the  strain  profile  data,  as  in  the  initial  test.  The  measured  strains,  as  would  be  expected,  were  much  higher 
reaching  a  peak  of  approximately  6800  microstrain  in  compression.  The  same  form  that  was  apparent  in  Figure  8  and  Figure 
9  can  be  seen  in  Figure  1 1,  but  becomes  more  pronounced  at  the  higher  strain  levels. 
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Figure  11  Strain  profile  along  beam  plotted  verses  time 
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6.  Conclusions 

Strain  was  measured  along  the  length  of  a  composite  beam  measuring  6.5  meters  in  length  using  single  mode  optical  fiber. 
Over  300  measurement  points  were  collected  with  each  scan,  although  the  system  could  be  used  to  collect  far  more  points  if 
desired.  Fiber  optic  measurements  were  collected  once  every  10  seconds  while  the  beam  was  physically  loaded  in  four  point 
bending.  Two  experimental  tests  were  performed;  one  to  the  service  load  rating  and  one  to  an  extreme  overload  condition. 
The  distributed  strain  measurements  performed  well  throughout  the  test,  and  matched  the  expected  theoretical  shape. 

The  methods  presented  here  can  be  applied  to  large  structures  and  high  strain  levels.  Sensor  installation  during  construction 
by  embedment,  or  after  construction  by  surface  bonding  with  or  without  a  protective  fiber  rope,  provides  a  wide  range  of 
usage  options.  Embedded  sensing  facilitates  continuous  structural  health  monitoring  while  structures  are  in  service.  This 
technique  is  particularly  useful  in  critical  specialty  applications  like  flue  gas  desulfurization  systems,  as  conventional 
inspection  methods  would  require  costly  system  outages,  and  would  necessitate  inspectors  work  in  a  very  hazardous 
environment.  Other  composite  applications  where  failure  is  costly  or  dangerous  like  wind  turbine  blades  and  aircraft 
structures  would  also  benefit.  The  use  of  off-the-shelf  telecommunications  rated  fiber  keeps  sensor  cost  low,  and  insures  a 
durable,  long  lasting  health  monitoring  system. 
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ABSTRACT 

This  paper  presents  the  results  of  a  research  program  aimed  at  developing  passive  and  active  circuit  components  to  be  used  in 
air  vehicle  applications.  The  team  of  Advanced  Engineering  Technology  (AET,  Inc.)  and  Vanderbilt  University  is 
developing  diamond  sensors  that  will  be  integrated  with  a  silicon-based  integrated  circuit  for  incorporation  into  air  vehicles. 
Specifically,  the  team  is  developing  the  technology  necessary  to  integrate  chemical  vapor  deposited  (CVD)  diamond  films 
with  the  silicon  integrated  circuit. 

INTRODUCTION 

The  primary  objective  of  this  program  is  the  development  of  manufacturing  technologies  for  passive  and  active  circuit 
components  to  be  used  in  air  vehicles  multifunctional  skin  applications.  Specific  advantages  of  the  miniaturization  of 
electronic  circuits  and  components  in  air  vehicles  lie  in  the  potential  to  integrate  these  devices  into  surface  layers  or  sub- 
surface layers  without  impacting  structural  integrity  or  aerodynamics. 

Advanced  fabrication  processes  and  manipulation  at  the  nanoscale  promise  smart  skin  technology  with  numerous 
possibilities.  Preferred  functions  are  manufacturing  of  devices  that,  due  to  size,  can  be  integrated  into  both  structural  and 
flexible  components.  Examples  of  nanodevice  integration  into  components  include  insertion  into  aircraft  parts  or  skin  to 
measure  structural  state  as  well  as  integrated  onto  surfaces  to  perform  the  signal  processing  for  conformal  antennas. 

This  seamless  integration  allows  for  multifunctional  skins  that  combine  sensing,  actuation  and  control  while  at  the  same  time 
supporting  load-bearing,  self-healing,  conformal  or  morphing  functionality.  Advantages  to  diamond  device  skin  integration 
also  include  increased  payload,  increased  internal  real- estate  as  well  as  concealment.  A  smart  skin  would  be  one  that  localizes 
sensing,  actuation  and  control  functions. 

SENSOR  CHIP  CONCEPT 

AET  is  developing  diamond  sensors  that  will  be  integrated  into  a  silicon  chip  so  that  the  information  coming  to  the  computer 
on-board  the  air  vehicle  can  accurately  process  the  data.  To  achieve  this  we  are  developing  a  system  concept  as  illustrated  in 
Figure  1 .  As  seen  here,  the  stimulus  for  the  Diamond  Sensor  Chip  can  be  any  information  from  the  environment  including 
temperature,  radiation,  pressure,  etc.  Actually,  this  includes  anything  that  can  be  detected  by  a  sensor  on-board  Diamond 
Sensor  Chip.  The  output  of  the  Diamond  Sensor  Chip  is  a  digital  signal  that  goes  to  the  aircraft  computer.  To  implement  this 
Nanoscale  Sensor  System,  we  propose  the  circuit  concept  shown  in  Figure  2.  The  temperature  and  radiation  sensors  will  be  a 
diamond  resistive  element  that  will  be  integrated  with  the  monolithic  silicon  integrated  circuit  that  makes  up  the  primary  part 
of  the  Nanoscale  Sensor  Chip.    Researchers  at  Vanderbilt  University  will  fabricate  the  diamond  structures. 
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Fig  1  System  Block  Diagram 
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Fig  2  Diamond  Sensor  Chip  Block  Diagram 


DIAMOND  TECHNOLOGY 


Diamond  is  generally  recognized  as  a  principal  candidate  for  advanced  semiconductor  devices.  The  applications  for 
diamond,  more  specifically  in  this  case,  CVD  (chemical  vapor  deposited)  diamond  layers,  include  microelectronic  devices, 
sensors,  micromechanical  systems,  and  high  power  structures.  Major  advantages  for  the  use  of  diamond  technology  are  its 
superior  nuclear  survivability  and  operation  at  much  higher  temperatures,  high  breakdown  voltage,  high  electron  saturation 
velocity,  high  carrier  mobility,  and  large  thermal  conductivity. 

Examination  of  the  critical  paths  to  useable  advanced  technology  for  SHM  will  invariably  lead  to  the  sensors  at  the  edge  of 
the  networks.  Certainly  the  network  design  is  important  -  intelligent  formulation  will  lead  to  faster/appropriate  response  and 
better  SHM  predictive  behavior  -  but  unless  the  data  in  is  extensive,  robust,  fast  and  true,  there  is  no  real  system  monitoring. 

The  fundamental  problem  with  existing  sensor  technology  begins  and  ends  with  the  sensor  material  Obviously,  by  virtue  of 
precedent,  silicon  is  the  established  sensor  material,  but  because  of  its  (relative)  narrow  band  gap  and  the  semiconductor 
physics  approach  to  sensing,  it  is  fundamentally  limited  by  temperature,  pressure,  radiation  exposure  and  most  other  variables 
of  interest/stress  to  system  health.  In  fact,  silicon  and  related  materials  lose  their  useful  sensing  properties  well  before  many 
system  health  extremes  (yellow/red  zone  range)  are  reached.  This  leads  to  either  overdesign,  dangerous  extrapolative 
techniques,  compromised  remote  sensor  placement  and/or  undermonitored  systems. 

The  need  for  sensors  that  will  operate  at  significantly  broader  extremes  (temp.,  radiation,  etc.)  and  be  economical  and 
embedded  (emplaced  with  no  effect  on  system)  is  apparent  and  essential  for  next- generation  systems.   As  discussed  below, 
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superior  sensors  will  come  from  superior  material  and  that  material  is  diamond.  First  of  all,  diamond  processing/deposition 
coating  has  become  a  commodity  operation.  It  has  become  deployed  routinely  and  "in  production".  This  form  of  diamond  is 
neither  expensive  nor  exotic.  Most  importantly,  it  will  extend  the  range _of  sensing  viability  by  many  times  as  illustrated  in 
Table  I. 

TABLE  I.  COMPARISON  OF  SILICON  AND  DIAMOND  FOR  SHM  SENSOR  PROPERTIES 


Parameter 

Silicon  Sensor  Limits 

Diamond  Sensor  Limits 

Maximum  Operating  Temp. 

-150C 

>500C 

Minimum  Operating  Temp. 

~-55C 

<  -270  C 

Junction  Rectification 

-0.7  V 

-0.1  V 

Pressure  "Strength" 

1 

>10X 

Radiation  Tolerance 

-  1  MRad 

>  10  MRad 

Chemical  Susceptibility 

Not  Inert 

Inert 

As  shown  in  Table  I,  silicon  devices  are  more  sensitive  to  temperature  than  are  diamond  devices, 
thermistor,  the  thermal  coefficient  of  resistance  of  diamond  is  well  behaved  [1]. 


For  example,  as  a 


TECHNOLOGY  INTEGRATION 


The  researchers  have  developed  a  process  flow  for  combining  silicon  integrated  circuit  structures  and  diamond  sensors  on  the 
same  chip.  This  flow  utilizes  all  existing  processes  at  Vanderbilt  University  and  allows  the  use  on  a  number  of  different 
silicon  integrated  circuit  fabrication  facilities.  In  addition,  this  flow  is  compatible  with  several  different  silicon  technology 
types,  including  both  standard  CMOS  and  SOI-CMOS.  The  silicon  process  will  proceed  normally  through  circuit  processing 
and  nominally  three  metal  layers  and  the  passivation  layer.  The  final  step  to  be  performed  by  the  SOI  foundry  will  be  to  open 
the  bond  pads  in  the  passivation  layer.  This  final  topology  is  represented  conceptually  per  a  mask  pattern  for  an  IC  chip  as 
shown  in  Figure  3. 


Passivation 


Silicon  Substrate 


Fig  3  Die  Topology  After  CMOS  Processing 
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The  wafers  will  then  be  transferred  to  Vanderbilt  University  for  the  processing  steps  to  achieve  diamond  sensors.  A  2-3 
micron  thick  diamond  film  will  be  deposited  at  a  temperature  low  enough  to  be  compatible  with  the  IC  wafer  (less  than 
450C).  The  diamond  processing  conformity  will  cover  the  topology  typical  of  such  CMOS  wafers  and  will  not  require  fine 
geometry  photoresist. 

The  first  step  performed  in  the  creation  of  the  diamond  sensor  is  to  deposit  a  lift-off  layer  comprised  of  Si02  'glass'  which 
may  be  applied  by  several  techniques.  The  liftoff  layer  is  then  patterned  and  etched  as  shown  in  Figure  4. 


Liftoff  Layer 


Passivation 


Metal  Layers  1-3 


Si  Active  Layer 


Si03 


p-  Si  Substrate 


Fig  4  Mask/Photoresist  Define  Lift-Off  Layer 


The  diamond  is  then  deposited  at  a  low  temperature  (less  than  45 OC).  The  optimum  process  to  do  this  will  be  evaluated 
during  the  development  phase,  determining,  for  example  whether  the  CVD  or  hot  filament  technique  provides  superior 
performance.  The  excess  diamond  is  then  'lifted  off  and  the  diamond  sensor  is  delineated  as  shown  in  Figure  5.  A  liftoff 
procedure  is  presently  preferred  to  achieve  more  benign  conditions  for  the  IC  wafer  substrate. 


Diamond 


Passivation 


Metal  Layers  1-3 


Si  Active  Layer 


SiO, 


p-  Si  Substrate 


Fig  5  Lift-Off  Excess  Diamond 


The  metalization  for  contact  to  the  diamond  will  be  deposited  and  defined  at  Vanderbilt.  The  metal  lies  completely  on  the 
diamond,  avoiding  step  coverage  issues.  We  do  not  anticipate  the  need  for  a  passivation  layer  over  the  diamond  and  metal 
layers  at  this  time.  Contact  between  the  diamond  sensor(s)  and  the  SOI  circuitry  will  be  made  with  bond  wires.  The  final 
topology  is  shown  in  Figure  6. 
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Fig  6  Die  Topology  after  Diamond  Contact  Metal  Deposition 


CONCLUSIONS 


AET  and  Vanderbilt  University  have  developed  an  integrated  circuit  manufacturing  process  flow  that  combines  both 
diamond  and  silicon  technologies  on  a  single  IC  chip.  This  chip  will  contain  a  variety  of  diamond  sensors  along  with  silicon 
CMOS  readout  circuitry.  The  application  for  the  chip  is  to  be  embedded  in  the  skin  of  air  vehicles  to  improve  the  structural 
health  monitoring  of  the  system. 
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ABSTRACT 


When  a  panel  is  tested  in  uniaxial  compression  in  a  test  machine,  the  boundary  conditions  are  not  quite  the  same  as  they 
would  be  if  it  were  part  of  a  complete  structure.  A  restraint  system  may  be  used  to  simulate  conditions  found  in  a  complete 
vehicle.  Quantifying  the  quality  of  the  restraint  with  only  point-measurement  devices  can  leave  an  inadequate 
characterization  of  the  out-of-plane  behavior.  However,  today's  full-field  displacement  monitoring  techniques  allow  for  much 
more  accurate  views  of  the  global  panel  deformation  and  strain,  and  therefore  allow  for  a  better  understanding  of  panel 
behavior.    In  "the  current  study,  the  behav  ior  of  a  hat -stiffened  and  two  rod-stiffened  carbon-epoxy  panels  is  considered. 
Panels  were  approximately  2  meters  tall  and  0.76  to  1.06  m  wide.  Unloaded  edges  were  supported  by  knife  edges  and 
stiffeners  were  attached  to  a  support  structure  at  selected  locations  to  restrain  out-of-plane  motion.  A  comparison  is  made 
between  test  results  based  on  full-field  measurements  and  analyses  based  on  assumptions  of  boundary  conditions  of  a 
completely  rigid  edge  restraint  and  the  absence  of  any  edge  restraint.  Results  indicate  that  motion  at  the  restrained  edges 
must  be  considered  to  obtain  accurate  test-analysis  correlation. 

INTRODUCTION 

When  a  panel  is  tested  in  uniaxial  compression  in  a  test  machine,  the  boundary  conditions  are  not  quite  the  same  as  they 
would  be  if  it  were  part  of  an  entire  wing  or  fuselage  structure.  The  panel  is  usually  supported  by  a  restraint  system  which 
may  be  representative  of  the  support  found  in  an  aircraft  structure.  Quantifying  the  quality  of  the  restraint  with  only  point- 
measurement  devices  can  leave  an  inadequate  characterization  of  the  out-of-plane  behavior.  However,  today's  full-field 
displacement  monitoring  techniques  allow  for  much  more  accurate  views  of  the  global  and  local  panel  deformation. 

The  ends  of  a  composite  compression  panel  are  usually  encased  in  a  potting  compound  which  is  surrounded  by  a  steel 
support  to  prevent  end  brooming.  The  unloaded  edges  are  often  supported  by  metallic  knife  edges  to  restrain  the  panel  from 
deforming  in  a  global  single  half- wave  mode,  and  to  prevent  the  free  edge  of  a  thin  skin  region  from  buckling  into  shorter 
wavelengths.  Analytically,  these  supports  are  often  approximated  by  restraining  all  degrees  for  freedom  except  axial 
shortening  for  the  entire  potted  region,  and  restraining  all  out-of-plane  motion  along  the  unloaded  edge.  In  addition,  a 
restraint  system  is  also  often  included  to  restrain  the  panel  from  out-of-plane  motion.  A  support  structure  is  attached  to  panel 
stiffeners,  where  the  connection  points  are  assumed  to  fully  restrain  out-of-plane  motion  but  allow  in-plane  motion.  The 
validity  of  these  assumptions  is  considered  in  this  paper  for  three  carbon-epoxy  panels.  One  hat-stiffened  and  two  rod- 
stiffened  panels  loaded  in  axial  compression  are  discussed  herein.    In  this  case,  "hat-stiffened"  refers  to  hat-stiffeners  in  the 
loading  direction  and  "rod-stiffened"  refers  to  stiffeners  with  pultruded  carbon  rods  in  the  stiffeners  in  the  loading  direction. 
Each  panel  was  fabricated  by  the  Boeing  Company  and  provided  to  NASA  Langley  Research  Center  for  testing. 

TEST  ARTICLES  AND  ARRANGEMENT 

Each  panel  had  stringers  in  the  loading  direction  and  frames  perpendicular  to  the  stringers,  as  shown  in  figure  1 .  The  hat- 
stiffened  panel  was  1.885  m  tall  and  76.2  cm  wide,  and  contained  three  hat-stringers  and  two  blade-frames.  The  hat-stiffener 
spacing  was  25.4  cm  and  the  frame  spacing  was  61  cm.  The  rod-stiffened  panels  were  2.032  m  tall  and  1.067  m  wide,  and 
contained  seven  rod-stringers  and  four  hat- frames.  The  stringer  spacing  was  15.24  cm  and  the  frame  spacing  was  50.8  cm. 
The  hat-stringers  and  hat-frames  were  supported  by  Rohacell  foam  on  the  inside  of  the  hats.  All  three  panels  were  fabricated 
from  dry  components  that  were  infused  with  resin  using  high  temperature  and  vacuum  pressure.  Skins,  flanges,  tear  straps 
and  webs  were  composed  of  layers  of  graphite  material  forms  that  were  prekitted  into  multi-ply  stacks  using  Hercules,  Inc. 
AS4  fibers.  Each  nine -ply  stack  had  a  [45/-45/02/90/02/-45/45]T  stacking  sequence  of  approximately  0.132  cm  thickness. 
Several  stacks  of  the  prekitted  material  were  used  to  build  up  the  desired  thickness  and  configuration.  Stringer  and  frame 
flanges  were  stitched  to  the  skin  using  Vectran  fibers;  no  mechanical  fasteners  were  used  for  joining.  Panels  were  infused 
with  HexFlow  VRM-34  epoxy  resin  using  a  VARTM  process  as  described  in  reference  1 . 
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In  the  hat- stiffened  panel,  the  skin  and  hats  were  composed  of  two  stacks  of  material  with  a  total  approximate  thickness  of 
0.264  cm.  The  blade-frames  were  composed  of  four  stacks  with  a  total  approximate  thickness  of  0.528  cm.  The  hats  and 
blades  were  5.5  and  5.0  cm  tall,  respectively.  Sketches  of  the  hat  stiffener  and  frame  cross  sections  are  shown  in  figures  2a 
and  2b,  respectively.  For  both  of  the  rod-stiffened  panels,  the  sides  of  the  hat  frames  and  the  stringer  webs  were  each 
composed  of  two  stacks  with  a  total  approximate  thickness  of  0.264  cm.  The  rod-stiffeners  contained  pultruded  rods  with  a 
diameter  of  0.95  cm  which  were  surrounded  by  one  stack  of  material.  The  rod-stiffeners  were  3.78  cm  tall  and  the  frames 
were  15.2  cm  tall.  The  skin  of  one  rod-stiffened  panel  was  one  stack  thick  and  the  skin  of  the  other  was  two  stacks  thick. 
These  panels  will  be  referred  to  herein  as  the  thin-skinned  and  thick-skinned  rod-stiffened  panels,  respectively.  Sketches  of 
the  rod-stiffener  and  hat-frame  cross  sections  are  shown  in  figures  3a  and  3b,  respectively. 

Each  of  the  three  panels  considered  in  this  study  had  potted  loaded  ends,  metal  edge  restraints  along  the  unloaded  edges,  and 
a  steel  support  structure  attached  to  the  frames.  The  edge  restraints  and  support  structure  were  intended  to  prevent  out-of- 
plane  motion  in  the  form  of  a  single  half- wave  along  the  panel  length.  The  edge  restraints  are  shown  in  figure  1. 
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Fig  1  Panel  geometry.  Dimensions  are  in  cm. 
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Fig  2    Stiffeners  in  hat-stiffened  panel.  Dimensions  are  in  cm. 
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Fig  3    Stiffeners  in  rod-stiffened  panels.    Dimensions  are  in  cm. 

The  dimensions  of  the  steel  tube  edge  restraints  for  the  three  panels  are  shown  in  figure  4.  The  steel  tube  was  slightly  shorter 
than  the  length  of  the  panel  between  the  potting  to  allow  for  axial  shortening  during  the  test.  A  slot  was  cut  through  the  wall 
thickness  for  the  full  length  of  each  tube  so  that  the  tube  could  slide  over  the  panel  skin.  However,  since  the  frames  extended 
to  the  panel  edges,  cutouts  in  the  tubes  at  each  frame  location  were  required  to  accommodate  the  frames.  The  edge  restraints 
were  required  to  just  touch  the  surface  of  the  panel.  Small  fasteners  were  inserted  through  holes  in  the  tubes  so  the  fasteners 
could  be  used  to  close  the  slot  to  match  the  skin  thickness  after  the  tube  was  in  position.  Teflon  tape  was  placed  between  the 
panel  surface  and  the  restraint  so  that  the  panel  would  not  bind  up  on  the  restraint  during  shortening.  The  edge  restraints  for 
the  thick-skinned  rod-stiffened  panel  was  the  same  as  for  the  hat-stiffened  panel  except  for  the  different  spacing  for  the 
cutouts  for  the  frames,  as  indicated  in  the  figure.  The  tubes  for  the  thin-skinned  rod-stiffened  panel  had  a  larger  diameter  and 
wall  thickness  than  for  the  other  two  panels. 
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Fig  4  Edge  restraints  with  dimensions  in  cm. 


Additionally,  since  the  frames  would  not  be  totally  free  to  move  in  a  real  structure,  a  support  structure  was  used  on  all  panels 
to  prevent  out-of-plane  motion  at  two  locations  on  each  frame,  as  shown  in  figure  5.  Steel  channel  arms  were  attached  to 
clips  on  the  frames  and  the  arms  were  attached  to  uprights  behind  the  panel.  The  uprights  were  attached  to  a  steel  I-beam 
sitting  on  the  floor.  These  arms  were  pinned  to  the  clips  and  to  the  uprights  so  the  restraints  did  not  restrict  rotation  of  the 
frames  during  loading,  as  shown  in  the  close-up  in  figure  5d.  However,  the  frame  support  structure  was  not  attached  to  the 
floor  or  test  machine  during  loading  for  the  hat-stiffened  or  thick-skinned  rod-stiffened  panel.  The  floor  I-beam  was  attached 
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to  the  floor  and  angle  bars  were  attached  between  the  frame  support  and  the  floor  during  the  test  of  the  thin-skinned  rod- 
stiffened  panel  as  shown  in  figure  5c.  In  addition,  lateral  supports  connecting  the  midlength  position  of  the  edge  supports  to 
the  frame  support  assembly  were  added  for  the  thin-skinned  panel  test  to  ensure  that  the  tubes  could  not  move  out-of-plane 
during  loading.  These  features  are  noted  in  figure  5c.  Shims  were  also  added  to  take  up  tolerances  where  the  arms  were 
pinned  to  the  uprights  in  the  frame  restraint  system. 
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Fig  5  Panels  in  test  machine 


INSTRUMENTATION  AND  TEST  PROCEDURE 

Each  panel  was  monitored  during  loading  using  approximately  80  strain  gages,  8  LVDTs  and  a  full-field  optical 
measurement  system.  The  optical  measurement  or  Vision  Image  Correlation  (VIC)  system  [2]  was  used  to  obtain  full  field 
displacement  and  strain  results  for  the  unstiffened  side  of  the  panel  skin  during  the  loading  of  each  specimen.  The  VIC 
system  required  a  black  and  white  speckle  pattern  be  painted  on  the  specimen  surface,  and  used  two  cameras  positioned  at 
different  angles  to  the  specimen  surface  to  simultaneously  photograph  the  specimen  at  set  intervals  during  the  test.  In  these 
tests,  the  specimen  was  photographed  every  2  to  5  seconds,  resulting  in  approximately  150  time  steps  of  data.  The  VIC 
system  also  recorded  the  load  from  the  test  machine  so  images  could  be  related  to  the  corresponding  load.  The  VIC  system 
compared  the  photographic  images  and  produces  three-dimensional  displacements  and  strains.  For  each  panel,  the  section 
between  the  centermost  frames  was  monitored  using  the  VIC  system.  A  typical  VIC  arrangement  is  shown  in  figure  6. 
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Photographs  of  the  hat-stiffened,  thick-skinned  and  thin-skinned  rod-stiffened  panels  in  the  test  machine  are  shown  in  figures 
5a,  5b  and  5c,  respectively.  The  stiffened  surface  was  painted  white  to  improve  the  video  images  and  was  not  monitored 
using  VIC  since  restraints,  instrumentation  and  shadows  would  limit  the  clear  vision  area  of  a  VIC  image. 

Each  panel  was  loaded  in  a  series  of  tests  at  a  load  rate  of  between  100  and  200  kN/min.  Even  though  each  panel  was 
subjected  to  barely- visible  impact  damage  prior  to  loading,  these  impacts  did  not  significantly  affect  the  panel  behavior  and 
are  not  visible  in  the  VIC  data,  so  this  damage  is  not  considered  in  the  current  paper. 

FINITE  ELEMENT  ANALYSIS 

An  analytical  evaluation  of  each  panel  was  conducted  using  the  computer  code  STAGS  [3].  The  finite  element  model  for  the 
hat-stiffened  panel  is  shown  in  figure  7.  The  others  used  a  similar  mesh  with  similar  numbers  of  elements.  The  hat-stiffened 
panel  model  included  13,656  quadrilateral  shell  elements  representing  the  skin,  flanges,  hats,  and  frames.  The  foam  inside 
the  hats  in  all  three  panels  was  modeled  as  part  of  the  shell  elements  representing  the  hat  tops  and  webs.  This  assumption 
was  adequate  since  the  foam  carried  a  negligible  amount  of  load  but  restrained  buckling  of  the  hat  webs.  For  all  three  panels, 
the  material  properties  are  based  on  the  compression  properties  for  a  stack  of  material  [1],  such  that  the  stack  axial  stiffness  is 
63.6  GPa,  the  lateral  stiffness  is  32.1  GPa,  the  shear  stiffness  is  15.6  GPa,  and  Poisson's  ratio  is  0.397.  In  addition,  the 
pultruded  rods  were  modeled  as  beam  elements  with  axial  stiffness  124  GPa  for  both  rod-stiffened  panels. 
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Fig  6  Vision  Image  Correlation  System. 


Fig  7  Finite  element  model  of  the  hat-stiffened  panel. 


The  loaded  ends  of  each  panel  inside  the  potting  were  restrained  by  forcing  all  lateral  and  out-of-plane  displacements  to  be 
zero  inside  the  potted  region.  Frame  supports  were  not  included  as  restraints  in  the  analyses  since  test  data  indicates  that  the 
frames  moved  out-of-plane  during  loading.  Two  types  of  edge  restraint  assumptions  were  used  for  each  panel.  First,  the 
unloaded  edges  were  restrained  such  that  no  out-of-plane  motion  was  permitted  but  all  other  degrees  of  freedom  were 
allowed.  Second,  no  edge  restraint  was  included,  allowing  the  unloaded  edge  to  deform  in  any  direction. 

RESULTS  AND  DISCUSSION 


The  experimental  full-field  deformation  in  the  center  region  between  frames  for  the  hat-stiffened  panel  is  shown  in  figure  8 
for  a  load  level  of  approximately  640  kN,  which  is  immediately  prior  to  the  failure  load  of  641.7  kN.  The  edges  of  the  panel 
display  an  out-of-plane  deformation  of  approximately  0.9  cm  despite  the  presence  of  the  edge  restraints.  Lines  of  data  for 
out-of-plane  motion  near  the  left  edge,  and  midbay  between  hats  were  extracted  from  the  VIC  data  and  plotted  in  figure  9  as  a 
function  of  vertical  position.  Frame  locations  are  indicated  by  the  light  black  dashed  lines.  Out-of-plane  deformations  along 
the  left  edge  and  midbay  between  hats  from  test  and  the  two  analyses  of  the  hat-stiffened  panel  are  shown  in  figure  9a  for  the 
full  panel  length,  and  in  figure  9b  for  the  center  section  between  frames,  for  a  load  of  approximately  640  kN.  The  analytical 
results  show  the  full  panel  length  and  are  represented  by  solid  lines,  while  test  results  were  only  obtained  between  two  center 
frames  and  are  shown  as  dashed  lines.  Panel  edge  deformations  are  shown  in  green  lines,  and  left  and  right  midbay 
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deformations  are  shown  in  red  and  blue  lines,  respectively.  Since  the  panel  is  symmetric,  the  analysis  indicates  that  the  two 
midbay  deformations  are  the  same,  so  only  blue  and  green  lines  for  analysis  are  seen  in  the  plot. 
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Fig  8  Experimental  full-field  out-of-plane  deformation  in  center  region  of  hat-stiffened  panel  at  99.8%  of  failure  load. 
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Fig  9  Out-of  plane  deformation  of  the  hat-stiffened  panel  at  approximately  failure  load. 


Significant  deformation  is  seen  for  all  three  locations  in  the  test  results.  Even  at  the  restrained  edges  and  frame  locations,  the 
panel  is  not  fully  restrained  for  this  load  level.  At  this  load  level  the  relatively  uniform  edge  and  frame  deformations  indicate 
that  the  edges  and  frames  have  moved  out-of-plane  by  approximately  0.76  cm  at  the  frame  locations  despite  the  presence  of 
the  restraints.  A  comparison  of  the  edge  deformation  and  the  midbay  deformation,  with  the  knowledge  that  the  loaded  ends 
of  the  panel  could  not  move  out-of-plane,  imply  that  the  panel  is  taking  on  a  single  half- wave  mode  shape  along  the  panel 
length  with  an  amplitude  of  approximately  0.9  cm  while  the  midbay  measurements  indicate  that  a  local  deformation  with  an 
amplitude  of  approximately  0.5  cm  is  superposed  on  this  global  mode. 


483 


The  predicted  out-of-plane  motion  of  the  unstiffened  side  of  the  hat-stiffened  panel  resulting  from  the  assumptions  of  the 
restrained  and  unrestrained  unloaded  edges  are  shown  in  figure  1 0  for  a  load  of  approximately  640  kN.  These  boundary 
conditions  result  in  the  same  local  buckling  pattern,  but  the  global  behavior  differs.  The  midbay  deformation  between  the 
stiffeners  shows  the  same  pattern  as  the  test  data,  but  the  amplitudes  are  different.  When  no  restraint  is  included  on  the 
unloaded  edge,  the  0.264-cm  thick  skin  buckles  along  the  free  edge  but  edge  buckles  are  not  seen  in  the  test  data.  The  hat- 
stiffened  panel  supported  its  Design  Ultimate  Load  of  600.5  kN  by  carrying  load  after  the  skin  buckled  locally,  so  the 
unanticipated  edge  deformations  along  the  frames  and  edges  had  no  major  impact  on  the  test  results. 


A  similar  process  of  evaluation  was  completed  for  the  rod-stiffened  panels.  The  only  difference  between  the  two  rod- 
stiffened  panels  is  the  thickness  of  the  skin.  The  experimental  full-field  out-of-plane  deformations  are  shown  in  figure  1 1  for 
a  load  of  approximately  915  kN  for  the  thick-skinned  panel  and  885  kN  for  the  thin-skinned  panel,  which  are  slightly  less 
than  the  failure  loads  of  918.6  and  889.6  kN,  respectively. 
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Fig  10  Predicted  out-of-plane  deformation  of  the  unstiffened  surface  of  the  hat-stiffened  panel  at  a  load  level  near 
failure. 
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Fig  11  Experimental  full-field  out-of-plane  deformation  in  center  region  of  rod-stiffened  panels  at  approximately 
99%  of  failure  load. 


Out-of-plane  deformations  at  a  load  level  just  prior  to  failure  along  the  left  edge,  midbay  location  nearest  the  center  of  the 
panel,  and  midbay  location  one  bay  away  from  the  center  are  shown  in  figure  12  for  the  thick-skinned  panel  and  figure  13  for 
the  thin-skinned  panel.  The  analytical  results  show  the  full  panel  length  and  are  represented  by  solid  lines,  while  test  results 
were  only  obtained  between  two  center  frames  and  are  shown  as  dashed  lines.  The  edge  is  shown  in  green  and  the  midbay 
locations  are  shown  in  red  and  blue.  Frame  locations  are  indicated  by  light  black  dashed  lines.  These  results  show  that  the 
edges  and  frame  locations  again  deform  out-of-plane.  Test  results  show  that  in  the  thick-skinned  panel,  one  edge  of  the  panel 
moved  out-of-plane  by  approximately  1.2  cm,  shown  in  figure  12b,  while  the  thin-skinned  panel  moved  out-of-plane 
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approximately  0.20  cm,  shown  in  figure  13b.  The  thick-skinned  panel  failed  at  a  load  of  918.6  kN  while  the  thin-skinned 
panel  failed  at  a  load  of  889.6  kN.  The  modifications  to  the  support  structure  reduced  the  out-of-plane  motion  for 
approximately  the  same  load  level  and  allowed  the  thin-skinned  panel  to  support  almost  as  much  load  as  the  thick-skinned 
panel.  Both  panels  display  local  buckling  between  the  stiffeners.  Notice  that  the  edge  in  both  unrestrained  edge  cases  shows 
a  global  single  half- wave  deformation  shape  along  the  panel  length,  while  the  midbay  locations  show  local  deformations 
between  the  frames  superposed  on  the  global  shape.  Buckling  mode  shapes  of  several  half- waves  occur  between  the 
stiffeners  and  add  to  the  global  deformation.  In  the  thick-skinned  panel,  the  test  data  indicates  a  larger  amplitude  of  the 
global  buckle  than  either  of  the  analysis  cases,  and  local  buckle  amplitudes  which  are  approximately  the  same  as  seen  in  the 
unrestrained  edge  case.    In  the  thin-skinned  panel  the  test  results  show  little  global  deformation  and  local  buckle  amplitudes 
which  are  close  to  what  is  predicted  for  the  unrestrained  edge  case. 
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Fig  12  Out-of-plane  deformation  of  thick-skinned  rod-stiffened  panel  at  a  load  of  approximately  the  failure  load. 
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Fig  13  Out-of-plane  deformation  of  thin-skinned  rod-stiffened  panel  at  a  load  of  approximately  the  failure  load. 
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The  out-of-plane  motion  of  the  unstiffened  side  of  the  rod-stiffened  panels  resulting  from  the  assumptions  of  the  restrained 
and  unrestrained  unloaded  edges  are  shown  in  figures  14  and  15.  Analytical  result  for  the  thick-skinned  rod-stiffened  panel 
for  the  restrained  and  unrestrained  conditions  at  a  load  of  890  kN  are  shown  in  figure  14a  and  14b,  respectively.  Analytical 
result  for  thin-skinned  panel  with  restrained  edges  at  a  load  of  934  kN  is  shown  in  figure  15a.  Analytical  result  for  thin- 
skinned  panel  with  unrestrained  edges  at  a  load  of  778  kN  is  shown  in  figure  15b.  The  deformation  patterns  are  similar  but 
not  identical  to  the  test  data  shown  in  figure  1 1 .  The  thick-skinned  and  thin-skinned  rod-stiffened  panels  support  70  and  97 
percent  of  their  Design  Ultimate  Loads,  respectively.  The  lack  of  adequate  edge  restraints  appears  to  have  contributed  to  the 
premature  failure. 

For  all  three  panels,  the  VIC  system  was  critical  to  understanding  the  effect  of  the  restraint  system.  Test  results  indicated  that 
the  restraint  system  for  the  hat-stiffened  panel  did  not  fully  constrain  the  panel  as  intended.  However,  the  panel  design 
limited  the  global  buckling  and  allowed  local  buckling  to  occur.  The  global  buckling  was  not  significant  enough  to  prevent 
the  panel  from  meeting  its  design  requirements.  The  restraint  system  for  the  thick-skinned  rod-stiffened  panel  did  not  fully 
constrain  the  panel  as  intended,  which  led  to  global  buckling  and  premature  failure.  The  modified  restraint  system  for  the 
thin-skinned  allowed  small  deformations  at  the  restraint  points,  however  the  panel  displayed  the  expected  local  buckling  and 
supported  97  percent  of  its  design  load. 
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Fig  14  Analytical  predictions  of  out-of-plane  deformation  the  thick-skinned  rod-stiffened  panels  at  a  load  of 
approximately  failure  load. 
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Fig  15  Analytical  predictions  of  out-of-plane  deformation  the  thin-skinned  rod-stiffened  panels  at  a  load  of 
approximately  failure  load. 
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CONCLUDING  REMARKS 


Three  composite  panels  were  loaded  to  buckling  and  failure  in  axial  compression.  In  each  case,  the  panel  deformation  was  a 
combination  of  a  global  one-half  wave  deformation  shape  and  a  local  multi-wave  shape  between  stiffeners.  The  amplitude  of 
the  global  wave  was  dependent  upon  the  edge  restraint  system.  Both  test  and  analyses  indicate  that  the  restraint  system  did 
not  fully  restrain  the  edges  of  the  panels  during  testing.  Without  the  measurements  at  the  panel  edges  provided  by  the  full 
field  measurement  system,  the  edge  behavior  would  not  have  been  quantified.  An  improved  restraint  system  was  used  for  the 
thin-skinned  rod-stiffened  panel  because,  by  the  time  of  that  test,  it  was  understood  that  the  prior  restraint  systems  were  not 
limiting  out-of-plane  motion  as  well  as  had  been  assumed.  This  understanding  of  the  limitations  of  the  restraint  system  relied 
upon  the  data  provided  by  the  full-field  measurement  system. 
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ABSTRACT 

The  elastic  and  plastic  strain  data  of  tubular  specimens  undergoing  rupture  under  internal  pressure  tests  are  presented  and 
analyzed.  Six  tubular  specimens  were  tested.  The  specimens  were  cut  from  longitudinally  welded  tubes  made  of  API  5L  X80 
steel  with  a  nominal  outside  diameter  of  457.2  mm  (18  in)  and  a  nominal  wall  thickness  of  7.93  mm  (0.312  in).  Each  of  the 
six  specimens  had  one  external  longitudinal  or  circumferential  corrosion  defect  that  had  been  machined  using  spark  erosion. 
Tensile  specimens  and  impact  test  specimens  were  tested  to  determine  material  properties.  Post-yielding  electrical  resistance 
strain  gages  were  used  to  measure  the  elastic  and  plastic  strains.  The  failure  pressures  measured  in  the  laboratory  tests  were 
compared  with  those  predicted  by  four  assessment  methods:  the  B3 1G  method,  the  RSTRENG  085dL  method,  the  DNV  RP- 
F101  method  for  single  defects  and  by  the  Kastner  equation.  The  paper  also  discusses  the  strength  of  the  pipe  segments  used 
in  the  tests  under  the  assumptions  of  following  the  Tresca  and  von  Mises  rupture  criteria. 

1.  Introduction 

General  or  localized  corrosion  represents  a  threat  to  pipeline  strength  because  it  produces  a  reduction  in  the  pipe  wall 
thickness.  In  order  to  evaluate  the  remaining  strength  of  a  corroded  pipe  segment  it  is  necessary  to  know  at  least  the 
following  parameters:  the  outside  diameter  of  the  pipe  De,  the  wall  thickness  of  the  pipe  t,  the  yield  strength  of  the  pipe 
material  Gyidd  or  the  ultimate  tensile  strength  of  the  pipe  material  aulh  the  remaining  wall  thickness  in  the  defect  t  or  the 
maximum  defect  depth  d  (d=  t-  t*),  the  defect  length  L  and  the  defect  width  w. 

Over  the  past  decade  over  forty  full  scale  burst  tests  have  been  conducted  by  PETROBRAS  and  the  Pontifical  Catholic 
University  of  Rio  de  Janeiro  with  the  objective  of  investigating  the  failure  behavior  of  pipelines  containing  corrosion  defects. 
Several  types  of  corrosion  defects  have  been  tested,  namely:  short  and  long  longitudinal  defects  (respectively  defects  in 

which  L  is  smaller  or  larger  than  ^20  De  t  ),  uniform  depth  defects,  non  uniform  depth  defects,  simulated  defects  (machined 

using  spark  erosion),  real  defects  (removed  from  service)  and  colonies  of  defects.  Most  of  these  tests  have  already  been 
published  and  are  referenced  in  Table  1  of  reference  [1]  and  also  in  [2-8]. 

In  this  paper  the  burst  tests  of  six  tubular  specimens  loaded  with  internal  pressure  (presented  in  [1]  and  [9])  are  analyzed  in 
terms  of  strain  distributions  determined  by  strain  gages  located  inside  the  corrosion  patches  and  in  terms  of  the  adequacy  of 
failure  pressure  predictions  based  on  simple  equations  existing  in  the  literature  for  corrosion  geometries  that  are  localized  in  a 
transition  zone  where  they  can  be  classified  as  short  longitudinal  defects  or  long  circumferential  defects. 

The  specimens  were  cut  from  a  longitudinal  welded  tube  made  of  API  5L  X80  steel  with  a  nominal  outside  diameter  of 
457.2  mm  (18  in)  and  a  nominal  wall  thickness  of  7.93  mm  (0.312  in).  Each  of  the  six  specimens  had  one  external  short 
length  uniform  depth  corrosion  defect,  machined  using  spark  erosion.  Measurements  were  carried  out  in  order  to  determine 
the  actual  dimensions  of  each  tubular  specimen  and  its  respective  defect.  Tensile  specimens  and  impact  test  specimens  were 
tested  to  determine  material  properties. 
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The  failure  pressures  measured  in  the  laboratory  tests  were  compared  with  those  predicted  by  four  methods,  three  of  them 
used  in  the  assessment  of  longitudinal  defects,  namely:  the  B31G  method  [10],  the  RSTRENG  085dL  method  [11],  the  DNV 
RP-F101  method  for  single  defects  [12],  and  the  fourth  of  them  being  based  on  the  Kastner  equation  [13],  which  is  used  for 
the  assessment  of  circumferential  defects.  Strain  data  collected  with  post-yielding  strain  gages  that  were  bonded  to  surface 
locations  inside  the  corrosion  patches  were  analyzed  to  determine  differences  in  the  strain  distributions  caused  by  the 
proposed  geometries  of  corroded  defects. 

2.  Theoretical  Background 

Assuming  that  the  pipeline  is  a  thin  shell  (ratio  of  the  pipeline's  outside  diameter  De  to  the  pipeline's  wall  thickness  t  is 
greater  than  twenty  ((De/t)  >  20)),  the  radial  stress  <jr  at  any  point  of  the  pipe  wall  is  negligibly  small.  Consequently  there  are 
only  two  stresses  at  any  point  of  the  pipe  wall:  the  hoop  or  circumferential  stress  crh  and  the  longitudinal  stressor  The  hoop 
tensile  stress  <jh  and  the  longitudinal  tensile  stress  <jl  are  related  to  the  internal  pressure/?  by  equations  (1-2)  for  points  of  the 
thin  pipe  located  in  nominal  regions,  i.e.,  located  far  away  from  the  defect  patches  and  from  the  pipe  caps. 

-,=^  (i) 

It 
aL  =  n.crh  (2) 

where  n  =  0.5  or  n  =  v  =  0.3  respectively,  are  associated  to  longitudinally  unrestrained  pipe  or  to  longitudinally  restrained 
pipe,  v  being  the  Poisson  coefficient. 

In  a  pipeline  subjected  only  to  internal  pressure,  the  nominal  hoop  stress  <jh  and  the  nominal  longitudinal  stress  <jL  are 
positive  (tensile  stress).  Thus,  the  equations  of  the  Tresca  failure  criterion  are: 

°h   =<Jflow{fR\  (3) 

or 
and  the  equation  of  the  von  Mises  failure  criterion  is: 

{<%!{/*!+<% 'if 3A°M\{<r  J  if *\T  =°floW  (5) 

where  ojjow  is  the  material  flow  stress  ,  and  (fR)h  and  (/r)l,  respectively,  are  the  reduction  strength  factors  in  the  hoop  and 
longitudinal  directions  caused  by  the  corrosion  defect's  geometry.  The  reduction  factor  in  the  hoop  direction  (fR)h  is  given  by 
equation  (6).  Table  1  presents  the  equations  adopted  by  three  selected  methods  to  calculate  flow  stress  ojjow,  pipe  diameter  D, 
geometric  factor  aarea  and  bulging  factor  M.  Other  variables  in  these  equations  are  maximum  depth  of  corrosion  d  and  length 
and  width  of  the  corrosion  patch,  given  respectively  by  L  and  w. 

(f\-  ^~aarea  (4 1 1)  /£\ 

The  reduction  factor  in  longitudinal  direction  (fR)L  was  derived  by  Kastner  [13]  and  is  given  in  equation  (7).  Angle  (3  is  the 
half  angle  width  of  the  circumferential  defect. 

„>  K)Hf) 

d    d)^^d  ■  R 

7i\  1 +2-sinp 

I        t)         t 

The  burst  pressure  based  on  the  hoop  stress  is  given  by  equation  (8).  It  is  generally  accepted  that  the  best  equation  to 
represent  the  longitudinal  stress  in  a  corroded  pipe  at  failure  is  the  Kastner  equation  [13]  given  by  equation  (9). 
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Application  of  the  Tresca  and  Mises  criteria  for  a  given  specimen  is  accomplished  bt  using  equations  (10)  and  (11). 

t/Lra=Dnfa((p/)>A)  (10) 


(p/)* 


i      i 

-  +  -; 


(11) 


Table  1  -  Parameters  adopted  by  the  three  selected  methods  to  predict  the  rupture  caused  by  the  hoop  stresses 


Method 

Oflow 

D 

^area 

M 

11   Oyield 

De 

2/3 

j}  ~ 
1  +  0.8  — 
Det 

1/2 

B31G(Z<  j20Det) 

B31G(Z>  pODet) 

1-1   Oyield 

De 

1 

00 

o-yieid  +  69  MPa 

De 

0.85 

r         r2          ( T2  v~ 

1/2 

085dL  (L  <  ^50Det ) 

1  +  0.6275 0.003375 

1^ 

Oyieid  +  69  MPa 

De 

0.85 

J} 

3.3  +  0.032 

085dL  (L  >  yl50Det ) 

DNVRP-F101 
(Part  B) 

Cult 

De-t 

1 

j}  ' 
1  +  0.31 

1/2 

3.  Experimental  Methods 

3.1.  Material  Characterization 

The  raw  material  used  in  this  research  was  composed  of  one  longitudinally  welded  tube  made  of  American  Petroleum 
Institute  API  5L  X80  steel  [14].  The  length  of  this  pipe  was  approximately  12m.  The  nominal  outside  diameter  and  the 
nominal  wall  thickness  of  the  pipe  were  457.2mm  (18in)  and  7.93mm  (0.312in),  respectively,  with  actual  dimensions  being 
459mm  and  8.1mm,  respectively.  This  pipe  was  named  Tube  3. 

A  summary  of  the  tension  test  results  for  the  transverse  tensile  specimens,  cut  from  the  Tube  3,  is  presented  in  Table  2.  The 
yield  strength  measured  as  the  stress  required  to  produce  a  plastic  deformation  of  0.2%  presented  a  mean  value  13%  greater 
than  the  specified  minimum  yield  strength  SMYS  of  API  5L  X80  steel  (SMYS  =  551.6MPa).  The  mean  ultimate  strength  was 
19%  greater  than  the  specified  minimum  ultimate  strength  SMTS  of  API  5L  X80  steel  (SMTS  =  620.6MPa). 

The  results  of  the  Charpy  V-notch  impact  tests  at  a  temperature  of  0°C  for  2/3  thickness  specimens  cut  from  the  Tube  3  are 
also  presented  in  Table  2.  This  table  also  presents  the  impact  energy  equivalent  for  full  thickness  specimens.  The  mean  value 
of  the  full  thickness  impact  energy  is  equal  to  80J,  the  minimum  all-heat  average  full-size  absorbed  energy  value  required  by 
product  specification  level  2  (PSL  2)  of  API  Specification  5L  for  pipe  size  18  and  grade  X80  [14]. 

3.2  Manufacture  of  the  Tubular  Specimens 

Three  tubular  specimens  1.7  m  long  with  circumferential  defects  and  three  tubular  specimens  1.9  m  long  with  longitudinal 
defects  were  manufactured.  Each  of  the  six  specimens  had  one  external  uniform  depth  corrosion  defect  that  had  been 
machined  using  spark  erosion.  These  defects  were  machined  opposite  the  tube  seam  weld  at  a  centralized  position  in  relation 
to  the  ends  of  the  specimens.  The  corrosion  defects  were  smooth  rectangular  defects,  i.e.,  the  shape  of  the  longitudinal  area  of 
metal  loss  was  rectangular  with  smooth  edges.  These  edges  were  made  with  a  small  radius  equal  to  4.4mm  for  the 
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circumferential  and  longitudinal  defects,  except  for  specimen  RDTS  1,  which  was  3.2mm.  The  tubular  specimens  were 
closed  by  specially  designed  plane  heads  with  crossed  reinforcements  that  were  welded  on  after  the  defects  were  machined. 
The  actual  dimensions  of  each  tubular  specimen  and  its  respective  defect  are  presented  in  Table  3.    Using  the  values  of 

ratios  L2  l(Dei) ,  one  can  see  that  all  the  corrosion  defects  are  short  according  to  the  ASME  B31G  method  [10]  (defects  in 
which  L<  J20De  t). 


Table  2  - 

-  Tension  test  and  Charpy  impact  test  results 

Tension  test  results  for  the  transverse  tensile 
specimens 

Charpy  impact  test  results 

Tensile 
specimen 

ayield 

(MPa) 

<*ult 

(MPa) 

° yield 

°ult 

Impact 
specimen 

Impact  energy  for 

2/3  thickness 

specimens 

(J) 

Impact  energy 

transformed  to  full 

thickness  specimens 

(J) 

T3T1 

645.0 

738.0 

0.87 

CHT31 

48 

72 

T3T6 

607.0 

736.0 

0.82 

CHT32 

51 

76 

mean  value 

626.0 

737.0 

0.85 

CHT33 

62 

93 

mean  value 

54 

80 

Table  3 

-  Actual  dimensions  of  the  tubular  specimens  and  of  the  machined  defects 

Specimen 

t* 
(mm) 

d=t-t* 
(mm) 

L 
(mm) 

w 
(mm) 

(°) 

d 
t 

L2 

DQ  =  459mm 
t—  8.1mm 

CDTS1 

2.84 

5.28 

40.3 

147 

37 

0.65 

0.44 

CDTS2 

2.51 

5.62 

40.0 

296 

74 

0.69 

0.43 

CDTS3 

2.05 

6.01 

40.0 

445 

111 

0.74 

0.43 

RDTS  1 

5.74 

2.36 

208 

32.1 

4.0 

0.29 

11.7 

RDTS  2 

4.05 

4.05 

208 

32.1 

4.0 

0.50 

11.7 

RDTS  3 

2.41 

5.69 

208 

32.1 

4.0 

0.70 

11.7 

3.3  Pressure  Tests 


The  tubular  specimens  were  loaded  with  internal  pressure  only.  The  pressurizing  system  used  an  oil  pump  with  a  maximum 
capacity  of  40MPa.  The  tubular  specimens  were  filled  with  de-aired  water  and  an  extra  pressure  vessel  located  between  the 
pump  and  the  tubular  specimens  separated  the  oil  and  water  pressure  fluids.  Pressure  rates  were  kept  to  a  maximum  of 
0.17MPa/min  up  to  the  beginning  of  yielding  of  the  most-strained  pipe  wall  in  the  defect  region.  From  this  point  up  to 
rupture,  the  pressure  rate  was  decreased  and  followed  the  volume  injection  rate  of  water,  which  was  kept  to  a  maximum  of 
2xl0"7m3/min.  Pressure  was  monitored  by  two  pressure  transducers.  The  volume  of  the  water  injected  into  the  tubular 
specimen  was  monitored  by  a  specially  constructed  direct  reading  device. 


Each  tubular  specimen  was  instrumented  with  high  elongation  strain  gage  rosettes  (5mm  gage  length)  that  were  bonded  to  the 
external  pipe  surface  with  an  adhesive  appropriate  for  high  strains.  The  strain  gage  rosettes  were  bonded  at  pre-selected  hot 
locations  on  the  outside  surface  of  the  tubular  specimen,  mainly  along  and  inside  the  corrosion  defect. 

4.  Results  and  Discussion 


The  second  column  of  Table  4  presents  the  failure  pressures  (/7f)test  measured  during  the  burst  tests  of  the  six  tubular 
specimens.  Depending  on  the  dimensions  of  a  circumferential  corrosion  defect  (d,  L  and  w),  its  failure  will  be  governed  either 
by  the  hoop  stress  or  by  the  longitudinal  stress.  For  this  reason  a  failure  criterion  based  on  the  Tresca  yield  criterion  was 
adopted  to  be  compared  with  the  experimentally  determined  burst  pressures.  The  Mises  criterion  was  also  used  for 
comparison  purposes.  In  terms  of  failure  pressures,  both  criteria  are  represented  by  Equations  (10)  and  (11). 

Each  method  used  for  longitudinal  failure  prediction,  represented  by  equation  (7)  and  information  given  in  Table  1,  was 
combined  with  the  single  version  of  Equation  (8),  resulting  in  a  pair  of  equations  for  which  two  values  of  failure  pressures 
were  calculated:  (pj)h  and  (p/)L.  The  lesser  pressure  {pj)^m  is  the  Tresca's  pressure  and  was  selected  to  be  the  predicted  failure 
pressure.  These  selected  predicted  pressures  are  depicted  in  Table  4  by  light  grey  shaded  cells.  The  flow  stress  in  the  hoop 
direction  was  also  adopted  to  calculate  the  flow  stress  in  the  longitudinal  direction. 
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The  DNV-Kastner  pair  of  equations  was  verified  to  be  the  one  with  minimum  deviation  from  the  actual  test  pressures.  Table  5 
repeats  the  data  of  Table  4  in  terms  of  the  results  obtained  for  the  pair  DNV-Kastner  and  included  the  Tresca  and  Mises 
predictions  given  by  equations  (10)  and  (11).  Fig.  1  presents  the  results  of  Table  5  in  the  form  of  a  plot  showing  that  both 
criteria  represent  reasonably  well  the  test  pressures,  the  Tresca  predictions  being  more  conservative  (5  out  of  6  results). 

Table  4  -  Actual  (test)  and  predicted  (pair  longitudinal  -  circumferential)  failure  pressures 


Specimen 

(P/)test 

(MPa) 

PairB31G-Kastner 

Pair  085dL-Kastner 

Pair  DNV-Kastner 

MPa) 

(MPa) 

(P/k 
MPa) 

(Pfk 
(MPa) 

(Pf)h 
MPa) 

(Pfk 
(MPa) 

CDTS1 

25.25 

21.95 

33.00 

21.49 

33.30 

23.74 

35.31 

CDTS2 

23.29 

21.73 

22.32 

21.11 

22.53 

23.27 

23.89 

CDTS3 

20.51 

21.42 

14.93 

20.57 

15.07 

22.54 

15.98 

RDTS  1 

22.73 

20.85 

47.42 

20.25 

47.86 

21.71 

50.76 

RDTS2 

17.36 

18.08 

46.02 

16.62 

46.45 

17.25 

49.25 

RDTS  3 

9.94 

15.13 

43.30 

12.56 

43.70 

11.70 

46.34 

Table  5  -  Actual  (test)  and  predicted  (DNV-Kastner  Pair)  failure  pressures 


Specimen 

(p^t  (MPa) 

DNV-Kastner  Pair 

fa)h(MPa) 

(Pf)L  (MPa) 

(/^tresca  (MPa) 

(PfknsES  (MPa) 

CDTS  1 

25.25 

23.74 

35.31 

23.74 

26.886 

CDTS2 

23.29 

23.27 

23.89 

23.27 

23.573 

CDTS  3 

20.51 

22.54 

15.98 

15.98 

17.94 

RDTS  1 

22.73 

21.71 

50.76 

21.71 

24.983 

RDTS  2 

17.36 

17.25 

49.25 

17.25 

19.639 

RDTS  3 

9.94 

11.70 

46.34 

11.70 

13.003 

Fig.  2  presents  a  plot  of  points  that  correspond  to  the  ratios  of  the  actual  failure  pressure  (pf)test  to  the  failure  pressure 
predicted  by  the  DNV-Kastner  pair  of  assessment  results  given  in  Tables  4  and  5.  The  Tresca  criterion  for  the  first  quadrant 
(positive  stresses)  is  also  depicted  in  the  figure.  The  data  point  falling  in  the  right  extreme  of  the  plot  is  related  to  specimen 
CDTS  3  and  it  clearly  predicts  that  fracture  will  occur  along  the  longitudinal  direction,  i.e.,  it  is  determined  by  the 
longitudinal  stress.  Tables  4  and  5  and  Fig.  1  show  that  the  Tresca  predicted  failure  pressures  are  conservative,  i.e.,  the  ratios 
are  less  than  or  equal  to  the  unity,  except  for  specimen  RDTS  3.  An  observation  about  this  result  is  made  in  the  last  paragraph 
of  this  section. 


Fig.  3  presents  photographs  of  the  defects  of  specimens  CDTS  and  RDTS  after  failure.  The  longitudinal  orientation  of  the 
fracture  suffered  by  the  defects  of  specimens  RDTS  1-3  and  CDTS  1-2  suggests  that  these  failures  were  governed  by  the 
hoop  stress.  On  the  other  hand,  the  circumferential  orientation  of  the  fracture  suffered  by  the  defect  of  the  specimen  CDTS  3 
suggests  that  its  failure  was  governed  by  the  longitudinal  stress. 

Strains  along  the  longitudinal  and  circumferential  directions  measured  by  the  strain  gage  rosettes  for  points  located  at  or  near 
the  center  of  the  corrosion  patches  are  shown  in  Fig.  4  for  specimens  RDTS  1  and  CDTS  3.  The  plots  shown  in  the  Fig. 
depict  the  circumferential  and  longitudinal  strains  varying  with  the  internal  pressure.  It  is  possible  to  separate  the  strain 
distributions  into  two  types  of  behaviors.  One  shows  very  large  circumferential  plastic  strains  and  very  small  longitudinal 
strains  and  is  connected  to  the  defects  characterized  as  longitudinal  defects  (specimens  named  RDTS  1  to  3  with  large  ratio 

L  /(Dj)  =  12  and  small  angle  /?).  The  reason  for  this  behavior  is  the  high  hoop  stress  compared  to  the  longitudinal  stress. 

These  stresses  cause  the  fracture  of  the  specimens  and  generate  the  fracture  path  along  the  longitudinal  axis.  The  second  type 
of  behavior  is  presented  by  the  specimens  named  CDTS  1  to  3,  which  present  wide  /?  angles  and  very  small  values  for 

ratio  L  l{Det)  =  0.4 .  In  this  case  the  longitudinal  and  circumferential  strains  are  of  the  same  order.  Specifically,  the 

circumferential  strain  was  much  greater  than  the  longitudinal  strain  for  specimen  CDTS  3. 
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Fig.  1  Burst  pressures  calculated  with  Mises  and  Tresca  criteria  using  the  DNV-Kastner  pair  of  equations  compared  with  the 

actual  burst  test  pressures 
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Fig.2  Normalized  plot  of  fracture  data  points  for  the  pair  of  DNV-Kastner  equations 


According  to  the  results  presented  in  Tables  4  and  5  and  in  Fig.  1,  the  DNV  method  applied  to  specimens  RDTS  1  and 
RDTS  2  led  to  conservative  predictions  while  non  conservative  predictions  were  met  for  the  specimen  RDTS  3.  The  good 
performance  of  specimens  RDTS  1  and  RDTS  2  is  useful  for  ruling  out  two  possible  causes  of  the  poor  performance  of 
RDTS  3:  the  generation  of  the  artificial  corrosion  (the  same  process  was  used  to  machine  the  defect)  and  the  material 
properties  (specimens  came  from  the  same  tube).  Moreover,  small  error  measurements  in  the  order  of  0.5mm  in  the 
remaining  thickness  can  propagate  errors  as  high  as  20%  in  the  predicted  failure  pressure  for  specimens  such  as  the  one 
named  RDTS  3  due  to  its  small  thickness  (about  2mm  along  the  defect  region).  An  investigation  is  underway  to  acquire  own 
and  selected  published  data  to  look  for  any  extraneous  behavior  of  specimens  that  present  very  thin  remaining  ligaments  (less 
than  2.5mm  in  large  diameter  pipes)  and  that  belong  to  corrosion  regions  with  lengths  greater  than  50mm. 
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Fig.  3  Fracture  path  inside  the  defect  patches  for  the  circumferential  defects  (CDTS)  and  longitudinal  defects  (RDTS); 

arrows  indicate  fractures  for  specimens  CDTS  1  and  2. 
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Notes: 

Plot  shown  at  lower  left  presents  the  nominal  strain  distribution  for 
points  far  away  the  defect.  This  plot  is  typical  for  similar  points  of 
all  specimens  tested.  For  specimen  RDTS  1,  at  lOObar  =  lOMPa  the 
longitudinal  and  circumferential  strains  were  314|ie  and  1085|ie, 
respectively.  These  values  compare  well  with  theoretical  values  of 
273 |is  and  1159|ie  calculated  using  a  Young  Modulus  equal  to 
207GPa.  The  plot  at  the  upper  left  shows  a  very  large 
circumferential  plastic  strain  after  yielding.  At  the  same  time,  the 
total  longitudinal  strain  approaches  zero  or  a  negative  value.  In  this 
case  the  radial  strain  (not  shown)  is  negative  and  numerically  equal 
to  the  circumferential  strain  to  guarantee  zero  volume  change.  The 
plot  at  the  upper  right  shows  that  the  CDTS  3  specimen  presents  a 
longitudinal  strain  larger  than  the  circumferential  strain.  This 
justifies  the  circumferential  fracture  path  that  occurred  for  this 
specimen  and  is  shown  in  Fig.  2 


Fig.  4  Strain  distribution  of  specimens  RDTS  1  and  CDTS  3  varying  with  internal  pressure. 
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5.  Conclusions 

Test  results  confirmed  that,  depending  on  the  dimensions  of  a  corrosion  defect  (d,  L  and  w),  its  failure  will  be  governed  by  the 
hoop  stress  or  by  the  longitudinal  stress.  The  longitudinal  orientation  of  the  fracture  suffered  by  the  defects  of  specimens 
RDTS  1  to  3  and  CDTS  1  and  CDTS  2  suggests  that  their  failures  were  governed  by  the  hoop  stress.  The  circumferential 
orientation  of  the  fracture  suffered  by  the  defect  of  specimen  CDTS  3  suggests  that  its  failure  was  governed  by  the 
longitudinal  stress.  The  Tresca  criterion  using  the  DNV  RP-F101  and  Kastner  equations  was  shown  to  predict  the  fracture 
path  correctly,  i.e.,  whether  it  would  follow  a  longitudinal  or  circumferential  direction  inside  the  corrosion  patch.  The  strain 
distributions  measured  for  points  inside  the  corrosion  patches  also  indicated  the  same  trend:  the  much  larger  circumferential 
strains  implied  longitudinal  fractures,  and  the  much  larger  longitudinal  strain  implied  a  circumferential  fracture. 
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ABSTRACT 

Two  full  scale  crash  tests  were  conducted  on  a  small  MD-500  helicopter  at  NASA  Langley  Research  Center's  Landing  and 
Impact  Research  Facility.  One  of  the  objectives  of  this  test  series  was  to  compare  airframe  impact  response  and  occupant 
injury  data  between  a  test  which  outfitted  the  airframe  with  an  external  composite  passive  energy  absorbing  honeycomb 
and  a  test  which  had  no  energy  absorbing  features.  In  both  tests,  the  nominal  impact  velocity  conditions  were  7.92  m/sec 
(26  ft/sec)  vertical  and  12.2  m/sec  (40  ft/sec)  horizontal,  and  the  test  article  weighed  approximately  1315  kg  (2900  lbs). 
Airframe  instrumentation  included  accelerometers  and  strain  gages.  Four  Anthropomorphic  Test  Devices  were  also 
onboard;  three  of  which  were  standard  Hybrid  II  and  III,  while  the  fourth  was  a  specialized  torso.  The  test  which  contained 
the  energy  absorbing  honeycomb  showed  vertical  impact  acceleration  loads  of  approximately  15  g,  low  risk  for  occupant 
injury  probability,  and  minimal  airframe  damage.  These  results  were  contrasted  with  the  test  conducted  without  the 
energy  absorbing  honeycomb.  The  test  results  showed  airframe  accelerations  of  approximately  40  g  in  the  vertical 
direction,  high  risk  for  injury  probability  in  the  occupants,  and  substantial  airframe  damage. 

Introduction 

The  Landing  and  Impact  Research  Facility  (LandIR)  at  NASA  Langley  Research  Center  (LaRC)  has  a  long  history  of  aircraft  and 
spacecraft  impact  testing.  The  73  m  (240  ft)  high,  122  m  (400  ft)  long  steel  gantry  structure  was  originally  built  in  1965  as  a 
training  facility  for  astronauts  to  practice  landing  on  the  moon  during  the  Apollo  program  [1].  It  has  since  been  converted 
for  use  as  a  full-scale  aircraft  crash  test  facility  [2].  Since  the  mid  1970s,  over  150  vehicles  comprising  a  mix  of  general 
aviation  aircraft,  helicopters,  and  fuselage  subsections  have  been  tested  at  LandIR  [3].  Currently,  the  facility  supports 
NASA's  Constellation  and  Subsonic  Rotary  Wing  Crashworthiness  research  programs  for  Orion  crew  module  landing  and 
rotorcraft  impact  testing.  The  LandIR  is  shown  in  Figure  1. 


Fig.  1  LandIR  Facility  at  NASA  LaRC 
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Research  in  aircraft  crashworthiness  has  mainly  been  focused  on  the  attenuation  of  impact  loads  and  ultimately  the 
mitigation  of  crew  or  occupant  injury.  External  airframe  airbags  are  a  common  external  energy  absorbing  concept,  which 
have  been  evaluated  for  crash  attenuation  [4-5]  in  the  past.  Similar  to  an  automotive  airbag  system,  these  deploy 
immediately  before  impact  and  offer  attenuation  through  active  or  passive  venting  systems.  One  design  challenge  with 
airbags  is  the  high  shear  forces  seen  from  horizontal  velocities,  which  can  make  them  unstable  and  unreliable  during 
impacts  involving  high  forward  velocities. 

At  NASA  LaRC,  a  program  has  been  implemented  to  demonstrate  a  novel  Deployable  Energy  Absorbing  (DEA)  composite 
honeycomb  concept  [6-8]  as  an  alternative  to  the  conventional  airbag  system.  Originally  developed  for  evaluation  on 
NASA's  Orion  spacecraft,  the  DEA  was  also  considered  for  aircraft  as  a  potential  device  to  attenuate  crash  loads  transmitted 
to  crew  members  and  to  alleviate  occupant  injuries.  The  DEA  structure  was  fabricated  from  Kevlar/epoxy  composite  sheets 
and  then  assembled  to  form  hexagonal  cell  walls.  The  DEA  featured  a  flexible  hinge  design  at  the  junctions  of  each 
individual  hexagonal  cell  which  allows  the  entire  structure  to  lay  flat  until  deployment.  A  mechanism  deploys  the  DEA  such 
that  the  cells  open  and  form  their  honeycomb  shape  oriented  normal  to  the  airframe  and  impact  surface.  Figure  2  shows  a 
sample  DEA  test  article  used  in  a  subscale  crush  test  so  that  the  reader  can  familiarize  themselves  with  the  concept.  Note 
these  photos  do  not  depict  the  actual  DEA  used  in  the  full  scale  test. 


Fig.  2  An  example  DEA  used  in  subscale  testing.  Isometric  view  (left)  and  top  view  (right) 

As  a  demonstration  of  concept,  engineers  at  NASA  LaRC  conducted  two  tests  on  a  small  MD-500  helicopter  which  enabled 
an  evaluation  of  the  DEA  concept  on  an  actual  airframe  under  realistic  crash  conditions.  In  the  two  full-scale  impact  tests 
conducted,  the  first  test  included  the  DEA  structure  externally  attached  to  the  airframe  while  the  second  was  a  baseline 
test  that  did  not  include  the  DEA  structure.  Identical  initial  conditions,  with  the  exception  of  the  presence  of  the  DEA,  were 
present  for  both  tests  such  that  the  performance  of  the  DEA  could  be  evaluated  using  metrics  including  airframe 
accelerations  and  loads,  human  occupant  injury  thresholds  and  limits,  and  airframe  deformation. 

Test  Article  Description 


The  MD-500  is  a  derivative  of  the  Hughes  OH-6  helicopter  and  over  5,000  airframes  have  been  built  since  1982.  The  latest 
civilian  utility  variant  is  the  MD-500E.  The  military  derivative  of  the  helicopter  is  the  Defender  series  that  is  currently  in 
service  in  the  US  Army.  Currently,  the  MD-500E  is  used  as  a  general-purpose  utility  and  executive  transport  helicopter. 
Maximum  gross  weight  is  1,360  kg  (3,000  lb),  with  an  empty  weight  of  703  kg  (1,550  lb).  The  total  length  of  the  airframe  is 
9.4  m  (30.84  ft)  and  the  tail  height  is  2.7  m  (8.9  ft).  The  as-received  test  article  weighed  approximately  227  kg  (500  lb),  and 
is  shown  in  Figure  3.  Components  not  included  in  the  as-delivered  helicopter  were  the  engine  and  gear  box,  main  rotor, 
rear  tail  and  tail  rotor,  avionics,  fuel  tanks,  seats,  restraints  and  doors. 
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Fig.  3  As-Received  MD-500  Helicopter  Test  Article 


Modifications  were  necessary  to  prepare  the  MD-500  helicopter  for  the  tests.  Major  modifications  included: 

1  -  Damaged  aluminum  skin  near  helicopter  tie  down  points  and  acrylic  windshield  panels  were  replaced  or 
repaired. 

2  -  Original  oleo-pneumatic  skid  gear  struts  were  replaced  with  crushable  energy  absorbing  struts.  [9] 

3  -  The  test  which  included  the  DEA  only:  Four  layers  of  0.25  mm  (0.010  in)  thick  graphic/epoxy  fabric  were  added 
to  the  belly  to  enhance  the  load  carrying  capability  due  to  the  expected  loading  from  the  DEA  crushing. 

4  -Aluminum  straps  were  added  to  each  side  of  the  helicopter  at  the  exterior  water  line  level  to  serve  as  DEA  tie 
down  attachment  points. 

5  -  Box  beams  were  added  to  the  front  and  rear  bulkheads  to  serve  as  LandIR  cabling  system  attachment  points. 

6  -  Ballast  mass,  in  the  form  of  lead  blocks,  was  placed  in  locations  representing  major  structural  and  mechanical 
components  of  the  aircraft,  such  as  the  engine  and  transmission,  main  rotor,  tail  rotor,  doors,  and  instrument 
panel. 

7  -  Sand  bags  were  placed  in  the  rear  sub-floor  to  represent  fuel  ballast. 

8  -  Original  skid  gear  was  replaced  with  new  gear.  New  skid  gear  was  installed  for  each  test. 

9  -  New  front  bucket  and  rear  bench  seats  were  installed  for  each  test. 

The  airframe  was  tested  in  the  modified  configuration  for  both  tests,  even  though  only  a  small  number  of  the  modifications 
were  directly  involved  with  the  DEA  and  DEA  attachment  hardware.  For  example,  the  aluminum  straps  added  to  the  water 
line  of  the  airframe  for  the  DEA  attachment  tie-down  locations  were  left  on  the  airframe  for  the  test  without  the  DEA  to 
generate  comparable  test  data.  The  test  weight  for  the  MD-500  with  DEA  test  was  1329  kg  (2930  lb),  while  the  test  weight 
for  the  MD-500  without  DEA  test  was  1318  kg  (2906  lb).  The  9  kg  (24  lb)  difference  was  due  to  the  removal  of  the  DEA 
between  tests.  The  weight  and  center  of  gravity  (CG)  of  the  airframe  stayed  within  realistic  limits.  [10] 


The  helicopter  was  instrumented  with  160  channels  of  instrumentation  to  collect  strain,  acceleration,  load  and 
Anthropomorphic  Test  Device  (ATD)  occupant  response  data.  Accelerometers  were  placed  on  critical  components  of  the 
airframe,  ballast  locations,  floors  and  subfloors,  while  strain  gages  were  placed  on  the  bulkheads,  keel  beam,  and  skid  gear. 
Four  ATD  occupants  were  onboard  the  helicopter  for  both  tests.  The  pilot  (front  left)  was  a  Hybrid  III  SO1  percentile  ATD. 
However,  instead  of  the  standardized  curved  spinal  column,  the  spinal  column  was  replaced  with  an  FAA  approved  straight 
spinal  column  [11].  The  co-pilot  (front  right)  and  rear  passenger  (rear  right)  were  a  standard  Hybrid  II  50*  percentile  ATD, 
which  normally  includes  a  straight  lumbar  spinal  column.  The  left  rear  was  a  specialized  human  surrogate  torso  model 
(HSTM),  designed  to  measure  the  internal  loads  on  a  human  torso  [12].  The  HSTM  torso  was  attached  to  a  standard  Hybrid 
III  pelvis  and  lower  extremities.  The  front  pilot  and  co-pilot  were  seated  in  mesh  cloth  bucket  seats.  The  rear  occupants  sat 
on  a  mesh  bench  seat.     Figure  4  shows  the  pre  impact  configuration  of  the  helicopter  before  each  test. 
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Fig.  4  Pre  test  configurations  of  the  MD-500  helicopter:  DEA  configuration  (left);  baseline  configuration  (right) 


The  aircraft  was  also  covered  with  black  and  white  targets  for  use  in  a  photogrammetric  imaging  system.  These  targets 
were  7.6  cm  (3  in)  diameter  black  dots  mounted  on  specific  locations  on  the  airframe  to  determine  impact  velocities  and 
orientations,  and  post-impact  structural  integrity  of  the  airframe.  The  numbering  scheme  of  the  targets  for  the  test  which 
included  the  DEA  is  shown  in  Figure  5.  Note  that  the  target  numbering  scheme  was  identical  for  both  tests. 


x 

X 

i  i\            !^^ 

KILIo 

0.   y* 

15 

«  \ 

17 

^j^B     BPa^^^W! 

jfJL 

,Vy         T^PFl^H  ^^^Bv    %  fl 

m 

F3B   ■  i^^m        '1 

*"*^           Hs! 

M  •  H 

-  -   °  B^ 

■  lN      ,h       JPoint  1000 


Fig.  5  Frame  of  video  from  MD-500  with  DEA  test  (top)  and  identified  target  locations  (bottom) 
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The  nominal  impact  conditions  for  the  full-scale  crash  tests  were  12.19  m/s  (40  ft/sec)  horizontal  and  7.92  m/s  (26  ft/sec) 
vertical  velocities  giving  a  resultant  velocity  of  14.54  m/s  (47.7  ft/sec)  at  a  33  degree  glide  angle  for  both  tests.  The  impact 
surface  was  concrete.  The  particular  velocities  were  chosen  to  represent  a  severe,  but  survivable  crash,  and  not  explicitly 
based  on  any  particular  crashworthiness  standard  such  as  MIL-STD-1290A  [13].  The  impact  conditions  were  achieved  by 
swinging  the  helicopter  through  a  pendulum  style  fashion  using  LandIR  cabling  equipment  and  hardware.  This  was 
achieved  through  two  sets  of  parallel  swing  cables,  located  on  either  side  of  the  vehicle,  and  a  pullback  cable.  The  pullback 
cable  lifted  the  vehicle  to  the  specified  drop  height  and  was  then  pyrotechnically  cut  at  the  beginning  of  the  test,  allowing 
the  vehicle  to  swing  toward  the  ground  via  the  swing  cables.  Immediately  before  impact,  pyrotechnics  severed  the  swing 
cables  such  that  free  fall  impact  conditions  were  present  immediately  prior  to  impact.  Figure  5,  above,  shows  the 
helicopter  immediately  after  the  swing  cables  have  separated. 

Results 

The  measured  impact  conditions  were  determined  through  photogrammetric  techniques  by  tracking  the  rigid  body  motion 
of  the  vehicle  through  the  final  portion  of  the  swing.  All  tracked  points  were  averaged  to  achieve  a  final  impact  velocity. 
For  angle  and  angular  rate  measurements,  the  photogrammetric  software  tracked  projected  angles  between  the  vehicle 
and  the  stationary  photogrammetric  backboard.  For  a  complete  description  of  photogrammetric  techniques  used,  see 
reference  14.  Table  1  lists  the  velocity,  attitude,  and  angular  rates  recorded  from  each  test. 

The  three  translation  velocities  between  tests  match  well  and  are  only  slightly  different  from  the  nominal  12.2  m/s  (40 
ft/sec)  forward,  7.9  m/s  (26  ft/sec)  vertical  and  0  m/s  (0  ft/sec)  lateral  velocity  conditions.  The  lower-than-anticipated 
forward  and  vertical  velocities  can  be  attributed  to  air  resistance  and  friction  in  the  cabling  systems,  while  the  non-zero 
lateral  velocity  can  be  attributed  to  prevailing  wind  conditions  pushing  the  test  article  off  center.  The  pitch  down  attitude 
present  in  both  tests  was  attributed  to  the  CG  of  the  vehicle  being  slightly  forward  of  the  midpoint  for  the  LandIR  parallel 
swing  cabling  system.  There  was  a  higher-than-normal  amount  of  roll  and  yaw  present  for  the  test  which  included  the  DEA. 
These  high  values  were  attributed  to  misalignment  of  the  LandIR  cabling  pullback  harness.  This  issue  was  only  identified 
during  post-test  data  analysis.  The  harness  was  modified  for  the  baseline  test,  and  both  the  roll  and  yaw  conditions  were 
much  closer  to  nominal  at  approximately  2  degrees.  The  pitch  rate  stayed  approximately  the  same  between  tests,  which 
was  assumed  to  be  constant  since  the  longitudinal  location  of  the  CG  did  not  change.  The  yaw  rate  was  especially  high  for 
the  test  which  included  the  DEA  as  the  uneven  pullback  harness  created  cable  preload  misalignments.  The  change  in 
pullback  harness  also  corrected  the  rate  results  for  the  baseline  test. 


Table  1  -  Impact  Conditions 


Impact  Parameter 

MD-500with 
DEA 

MD-500  without 
DEA 

Linear  velocity  -  m/s  (ft/sec) 

Forward 

11.8(38.8) 

11.9(39.1) 

Vertical 

7.8(25.6) 

7.3(24.1) 

Lateral 

0.2  (0.5) 

0.2  (0.6) 

Resultant 

14.2  (46.5) 

14.0  (45.9) 

Attitude  (deg) 

Pitch 

-5.69 

-6.2 

Roll 

7.04 

1.9 

Yaw 

9.3 

2.1 

Angular  Velocity  (deg/sec) 

Pitch  Rate 

0.44 

0.54 

Roll  Rate 

1.11 

0.68 

Yaw  Rate 

4.82 

1.65 

500 

Figures  6  and  7  show  still-frame  side  views  from  the  high  speed  camera  for  each  test.  The  figures  depict  four  images  each. 
These  four  images  represent  the  MD-500  helicopter  before  impact,  at  first  ground  contact,  at  maximum  vertical  deflection, 
and  during  post-impact  rebound.  Figure  6  shows  a  picture  of  the  MD-500  test  which  included  the  DEA,  while  Figure  7 
shows  a  picture  of  the  baseline  test. 
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Fig.  6  MD-500  test  which  included  the  DEA  -  Image  Sequence 
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Fig.  7  MD-500  baseline  test  -  Image  Sequence 


In  Figure  6,  picture  1  (left)  shows  the  helicopter  approximately  30  ms  before  impact,  pitched  down  and  with  some  slight 
yaw.  The  yaw  can  be  seen  by  noting  the  difference  in  horizontal  position  in  the  near  and  far  skid  gear.  Picture  2  (left 
center)  shows  the  helicopter  at  the  point  of  right  skid  gear  impact.  Picture  3  (right  center)  shows  the  point  of  maximum 
DEA  crushing  stroke,  and  picture  4  (right)  shows  a  post-impact  rebound,  again  noting  that  the  vehicle's  nose  has  pitched 
down.  At  the  point  of  maximum  crush  deflection  (picture  3),  the  helicopter  straightened  out  to  show  almost  no  pitch.  After 
the  point  of  maximum  crush,  the  nose  pitched  forward  on  the  rebound,  presumably  due  to  friction  between  the  DEA  and 
the  impact  surface.  An  analogous  sequence  is  shown  in  Figure  7  for  the  MD-500  test  which  did  not  include  the  DEA. 

In  Figure  7,  picture  1  (left)  shows  the  helicopter  before  impact.  Note  that  due  to  the  minimal  roll  and  yaw  present,  the  tips 
of  the  near  and  far  skid  gears  were  approximately  at  the  same  longitudinal  position.  Picture  2  (left  center)  shows  the 
helicopter  at  the  point  of  first  skid  gear  impact.  As  before,  for  the  MD-500  baseline  test,  the  far  (right)  gear  impacted  the 
ground  first  which  was  due  to  the  minor  amount  of  yaw  and  roll  present.  Picture  3  (right  center)  shows  the  point  of 
maximum  vertical  displacement,  noting  that  the  helicopter  still  had  a  down  pitch  orientation.  Picture  4  (right)  shows  a 
post-impact  rebound.  After  the  point  of  maximum  vertical  deflection,  the  nose  pitched  forward  on  the  rebound, 
presumably  due  to  the  downward  pitch  of  the  nose  at  impact.  Post  test  photographs  document  some  of  the  differences  in 
the  helicopter  after  the  completion  of  each  test,  and  are  included  to  show  the  damage  incurred.  Figure  8  shows  the  post 
impact  position  of  the  helicopter  immediately  after  each  test. 


Due  to  the  presence  of  some  yaw  in  both  tests,  the  helicopter  turned  to  the  left  during  the  post-impact  slide  out.  The  slide 
out  distance  for  the  test  which  included  the  DEA  was  13.86  m  (45  ft  6  in).  The  slide  out  distance  for  the  baseline  test  was 
15.57  m  (51  ft  1  in).  The  slide  out  difference  is  attributed  to  the  friction  contact  between  the  DEA  and  the  impact  surface. 
The  MD-500  with  DEA  turned  a  greater  distance,  presumably  due  to  the  greater  amount  of  yaw  and  yaw  rate.  Finally,  it  is 
noted  that  all  of  the  onboard  occupants  for  both  tests  are  leaning  to  their  right,  presumably  from  the  helicopter  turning  to 
the  left. 
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Further  inspections  were  completed  after  the  helicopter  was  moved  from  the  impact  area.  Figure  9  shows  the  condition  of 
the  front  bucket  and  rear  bench  seats  after  the  baseline  test.  Pictures  of  the  test  which  included  the  DEA  are  not  shown 
because  the  seats  remained  intact  during  that  test.  However,  Figure  9  shows  the  front  bucket  seats  buckled  in  multiple 
places,  one  of  which  is  highlighted  in  Figure  9(a),  while  much  of  the  rear  seat  failed,  as  shown  in  Figure  9(b).  The  rear 
support  beam  sheared  from  its  connection  points,  while  the  front  beam  and  the  side  beams  have  sheared  and  split  at  their 
attachment  point  junctions. 

The  seats  and  occupants  were  removed  from  the  airframe  and  deformations  of  the  supporting  seat  box  structure  were 
examined.  Figure  10  shows  the  structure  in  the  vicinity  of  the  front  seat  box  for  the  MD-500  baseline  test.  The  post  test 
photographs  show  extensive  damage  around  the  seat  box  area  for  the  baseline  test.  The  buckling  of  the  front  bucket  seats 
caused  the  occupants  to  directly  impact  and  dent  the  seat  box  cover.  The  seat  box  was  cracked  and  the  seat  box  support 
structure  buckled.     Figure  11  shows  pictures  looking  further  down  below  the  seat  box  and  into  the  subfloor. 


Fig.  8  Post  test  impact  position  of  the  MD-500  with  DEA  (left)  and  baseline  (right) 


(a)  -  Front  Seat  (b)  -  Back  Seat 

Fig.  9  Seat  failures  in  MD-500  baseline  test 
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Fig.  10  Front  seat  box  structural  deformations 


Fig.  11  Forward  structural  failures  in  MD-500  baseline  test 


Areas  below  the  seat  box  under  the  pilot  and  copilot  showed  extensive  buckling.  The  subfloor  support  showed  signs  of 
damage,  while  the  middle  keel  beam  and  co-pilot  frame  also  buckled.  Figure  12  shows  the  damage  from  the  keel  beam 
under  the  rear  occupants  for  the  baseline  test.  As  Figure  12  shows,  major  structural  damage  is  seen  in  the  rear  keel  beam. 
Cracks  and  buckled  regions  (not  shown)  were  present  under  the  rear  floor,  indicating  major  damage  to  the  bottom  section 
of  the  airframe.  These  failures  are  in  contrast  to  the  test  which  included  the  DEA,  where  the  airframe  did  not  show  any 
signs  of  damage. 


Fig.  12  Rear  Keel  Beam  failure  in  MD-500  without  DEA  test 
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Impact  loads  and  accelerations  which  caused  the  major  damage  were  next  examined.  Figure  13  shows  the  front  floor 
vertical  (z)  accelerations  for  both  the  left  and  right  sides.  Figure  14  shows  vertical  accelerations  from  the  rear  of  the  cabin, 
both  on  the  floor  and  on  the  rear  bulkhead.  In  both  Figures  13  and  14,  all  accelerations  were  filtered  with  a  four-pole,  low- 
pass  Butterworth  filter  with  a  60  Hz  cutoff  frequency. 

The  left  front  floor  acceleration  peaks  at  approximately  45  g  on  the  left  and  55  g  on  the  right  for  the  baseline  test,  and 
approximately  15  g  for  both  the  left  and  right  for  the  test  which  did  include  the  DEA.  For  the  baseline  test,  the  front  right 
floor  experienced  the  highest  acceleration  levels  of  the  entire  airframe.  This  was  due  to  the  downward  pitch  and  high  yaw 
in  the  test,  in  which  the  front  right  portion  of  the  helicopter  impacted  the  surface  first. 


Front  Left  Floor  z  Acceleration,  g  -  filtered  60  Hz 


DEA  Response 

No  OEA  Response 


0        0.05       0.1       0.15       0.2       0.25       0.3       0.35       0.4 
Time  after  impact,  sec 
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Front  Right  Floor  z  Acceleration,  g  -  filtered  60  Hz 


DEA  Response 

No  DEA  Response 


0.05       0.1 


0.15       0.2       0.25 
Time  after  Impact,  sec 


0.3      0.35       0.4 


(a)  -  Front  Left  Floor  Accelerations  (b)  -  Front  Right  Floor  Accelerations 

Fig.  13  Front  floor  accelerations 


Rear  Floor  Centerline  z  Acceleration,  g  -  filtered  60  Hz 


Rear  Bulkhead  z  Acceleration,  g  -  filtered  60  Hz 


0.05       0.1       0.15       0.2       0,25       0,3       0.35       0,4 
Time  after  Impact,  sec 


DEA  Response 

No  DEA  Response 


0,05       0,1       0.15       0.2       0.25       0.3       0.35       0.4 

Time  after  Impact,  sec 


(a)  -  Rear  Centerline  Floor  Accelerations  (b)  -  Rear  Bulkhead  Accelerations 

Fig.  14  Rear  floor  and  bulkhead  accelerations 
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In  Figure  14,  the  rear  floor  experienced  a  peak  acceleration  of  approximately  40  g,  while  the  rear  bulkhead  experienced 
approximately  42  g  for  the  baseline  test.  The  accelerations  which  did  include  the  DEA  showed  peaks  of  approximately  15  g. 
One  major  difference  between  the  two  tests  is  the  time  history  of  the  accelerations.  The  baseline  test  shows  a  large  spike 
at  approximately  0.1  seconds  after  impact,  lasting  approximately  40  ms.  The  test  which  included  the  DEA  showed  two 
peaks  of  less  magnitude  at  either  end  of  a  longer  pulse.  The  peak  value  at  the  beginning  of  the  pulse  is  from  the  initial 
contact  between  the  DEA  and  impact  surface  and  the  peak  value  at  the  end  of  the  pulse  is  from  bottoming  out  of  the  DEA. 
The  length  of  the  pulse  was  approximately  120  ms.  The  DEA  effectively  changed  the  shape  of  the  impact  pulse  from  a  high 
magnitude,  low  duration  pulse  to  a  low  magnitude,  high  duration  pulse.  This  shape  change  is  important  when  examining 
occupant  injury.  For  occupant  injury  protection,  since  both  the  magnitude  and  the  duration  of  the  input  pulse  have  an 
effect  on  occupant  response  [15],  acceleration  traces  from  the  onboard  occupants  were  examined  next. 

Three  of  the  four  onboard  occupants  had  instrumentation  recording  translational  accelerations  in  three  dimensions  for  the 
head,  chest  and  pelvis,  along  with  lumbar  load  values  in  the  spine.  Figure  15  shows  the  head  accelerations  from  both  tests 
for  the  pilot.  The  baseline  test  is  shown  in  Figure  15(a),  while  the  test  which  included  the  DEA  is  shown  in  Figure  15(b). 

The  results  in  Figure  15  show  that  the  DEA  attenuated  the  vertical  (z)  accelerations  of  the  pilot's  head  from  approximately 
30  g  to  approximately  10  g,  or  by  a  factor  of  3.  The  test  which  included  the  DEA  also  showed  lower  horizontal  (x) 
accelerations  as  well,  with  magnitude  attenuation  of  a  factor  of  2.  The  test  which  included  the  DEA,  however,  did  show 
higher  lateral  (y)  accelerations,  presumably  from  the  large  amount  of  airframe  yaw  present  in  the  impact  conditions 
described  previously.  This  lateral  acceleration  had  effectively  been  removed  for  the  baseline  test.  The  data  corresponds 
well  with  the  photogrammetric  impact  condition  data.  Figure  16  shows  the  chest  acceleration  responses  of  the  pilot  for 
both  tests.  The  baseline  test  is  shown  in  Figure  16(a),  while  the  test  which  included  the  DEA  is  shown  in  Figure  16(b). 


Pilot  Response,  MD-500  w/o  DEA 


Pilot  Response,  MD-500  w/  DEA 
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Fig.  15  Head  Accelerations  for  the  pilot 
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Pilot  Response,  MD-500  w/  DEA 
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Fig.  16  Chest  Accelerations  for  the  pilot 

The  results  in  Figure  16  show  that  the  DEA  attenuated  the  vertical  (z)  accelerations  for  the  pilot's  chest  from  approximately 
35  g  to  approximately  12  g,  or  by  a  factor  of  3,  which  is  similar  to  the  results  seen  for  the  pilot's  head.  As  with  the  head 
results,  the  test  which  included  the  DEA  also  showed  lower  horizontal  (x)  accelerations,  but  higher  lateral  (y)  accelerations. 
This  finding  is  attributed  to  to  the  large  amount  of  yaw  present  in  the  impact  conditions  for  the  test  which  included  the 
DEA.  Next,  Figure  17  shows  the  acceleration  responses  from  the  pelvis  of  the  pilot.  The  baseline  test  is  shown  in  Figure 
17(a),  while  the  test  which  included  the  DEA  is  shown  in  Figure  17(b). 

Pelvis  accelerations  matched  trends  seen  for  the  occupant's  head  and  chest.  The  pilot's  pelvis  experienced  vertical  (z) 
accelerations  of  approximately  40  g  for  the  baseline  test,  while  experiencing  only  10  g  in  the  test  which  did  include  the  DEA. 
The  test  which  included  the  DEA  also  attenuated  the  pilot's  horizontal  accelerations  by  a  factor  of  two.  The  head,  chest  and 
pelvic  results  all  show  an  attenuation  of  between  2  and  4  for  vertical  accelerations  and  approximately  2  for  horizontal 
accelerations  for  the  occupant  representing  the  pilot  of  the  helicopter.  The  other  occupant  acceleration  time  history  results 
showed  similar  trends  with  similar  magnitudes  and,  for  brevity,  are  not  shown.  However,  the  occupant  lumbar  load  values 
for  all  three  occupants  containing  a  lumbar  load  cell  were  examined.  Lumbar  load  responses  are  reported  in  Figure  18. 


Pilot  Response,  MD-500  w/o  DEA 


Pilot  Response,  MD-500  w/  DEA 
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Fig.  17  Pelvic  accelerations  for  the  pilot 
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(c)  -  Rear  Passenger 


Fig.  18  Lumbar  loads 


The  pilot  and  co-pilot's  compressive  lumbar  loads  reached  similar  magnitudes  and  durations  for  each  test,  presumably 
because  they  were  seated  in  similar  mesh  bucket  seats.  The  rear  passenger's  time  history  is  slightly  different  due  to  its 
position  on  a  bench  seat.  Comparing  results  between  tests,  the  compressive  lumbar  load  values  were  approximately  3860, 
3372,  and  2518  N  (643,  758,  and  566  lb)  for  the  pilot,  co-pilot  and  rear  passenger,  respectively,  during  the  test  which 
included  the  DEA;  and  8536,  8461,  and  6445  N  (1919,  1902,  and  1449  lb)  for  the  pilot,  co-pilot  and  rear  passenger 
respectively  for  the  test  which  did  not  include  the  DEA.  The  data  was  filtered  using  SAE  CFC  600  with  accordance  to  SAE 
J211  [16].  When  evaluating  potential  for  injury,  FAR  Part  27.562  (c)  [17]  establishes  a  lumbar  limit  of  6,672  N  (1,500  lb)  as 
being  injurious.  The  loads  incurred  in  the  occupants  were  well  below  this  limit  for  the  test  which  included  the  DEA,  but 
were  over  the  limit  for  the  front  occupants  for  the  test  which  did  not  include  the  DEA.  This  result  indicated  that,  when 
examining  the  lumbar  load  data,  the  DEA  protected  the  occupant  sufficiently  enough  to  avoid  injury. 

The  pilot,  co-pilot  and  rear  passenger  seat  pan  accelerations  were  input  into  the  Brinkley  model  [18],  which  is  used  to 
evaluate  the  risk  of  injury  in  a  variety  of  aircraft  and  spacecraft  systems  [19-20].  The  Brinkley  model  estimates  the 
likelihood  of  injury  using  a  spring/mass/damper  lumped  parameter  representation  of  the  body  for  each  axis  (x  -  chest  to 
back  direction,  y- sideways  direction,  and  z  -vertical  or  spinal  direction)  of  the  occupant.  The  coefficients  of  these  lumped 
parameters  in  the  mathematical  formulation  are  based  on  experiments  conducted  on  volunteers  from  the  U.S.  Army  and 
Navy. 

Seat  pan  acceleration  time  history  pulses  in  all  three  directions  were  input  into  the  Brinkley  model.  The  output  result  from 
the  Brinkley  model  is  the  beta  value,  which  is  an  index  taking  into  account  responses  from  all  three  axes.  The  value  of  beta 
is  given  for  three  risk  categories  (low,  medium  and  high),  and  a  beta  value  greater  than  one  in  a  particular  category  pushes 
the  injury  probably  into  the  next  higher  category.  Table  2  lists  the  beta  values  for  all  occupants  for  both  tests,  with  careful 
attention  being  paid  to  the  values  in  italic. 

The  Brinkley  responses  show  a  high  probability  of  injury  for  the  pilot  and  copilot  and  show  a  medium  probability  of  injury 
for  the  rear  passenger  for  the  baseline  test.  The  Brinkley  values  confirm  the  results  previously  obtained  for  the  lumbar 
loads:  Both  the  pilot  and  co-pilot  had  a  high  probability  of  injury  while  the  rear  passenger  was  only  slightly  under  high 
probability  of  injury,  and  very  close  to  the  limit  for  lumbar  load  and  0.01  over  the  limit  for  medium  injury  in  the  Brinkley 
results.  For  the  test  with  the  DEA,  all  injury  probabilities  were  low. 


Table  2  -  Beta  values  from  Brinkley  Model 


Beta  Low 

Beta  Med 

Beta  High 

Position 

w/o  DEA 

DEA 

w/o  DEA 

DEA 

w/o  DEA 

DEA 

Pilot 

1.87 

0.70 

1.56 

0.59 

1.22 

0.46 

Co-Pilot 

1.78 

0.62 

1.49 

0.52 

1.17 

0.41 

Rear  Passenger 

1.24 

0.86 

1.01 

0.72 

0.81 

0.57 
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Finally,  along  with  providing  the  six  degree -of -freedom  impact  conditions  for  both  tests,  photogrammetry  was  used  to 
examine  relative  deflections  between  the  target  locations  identified  on  the  helicopter.  Areas  of  large  relative  deflection  on 
the  aircraft  suggested  possible  compromises  in  structural  integrity  and  damage.  Figure  19  shows  visually  the  locations 
chosen  for  the  examination  of  relative  deflections  between  targets  while  Table  3  shows  the  results  obtained  from  both 
tests. 


Fig.  19  MD-500  Photogrammetric  Structural  Deformation  Locations 


Table  3  -  Deformations  from  both  MD-500  helicopter  tests 


Vehicle  Position  (ID  #  -  Figure  19) 

MD-500  without  DEA 
(Relative  deformation, 
/) 

MD-500  with  DEA 
(Relative  deformation,/ ) 

Nose  to  Water  Line  (1) 

0.28 

0.85 

Seat  Line  (2) 

0.43 

0.47 

Water  Line  (3) 

0.16 

0.17 

DAS  Shelf  Support  (4) 

2.78 

0.98 

Top  Mass  to  Front  Lifting  fixture  (5) 

0.77 

0.32 

Top  Mass  to  Rear  Lifting  fixture  (6) 

0.69 

0.34 

Tail  to  Rear  Lifting  fixture  (7) 

1.65 

0.24 

Table  3  shows  that  the  highest  relative  displacements  occurred  in  the  front  of  the  vehicle  and  near  the  rear  at  Position  4, 
for  the  test  which  included  the  DEA.  The  relative  displacements  in  the  front  occurred  when  the  nose  impacted  the  surface 
first  due  to  the  pitched  down  orientation  of  the  helicopter  at  impact.  The  large  deformations  from  the  DEA  crushing  upon 
impact  pushed  the  front  targets  upward  while  the  ballast  mass  in  the  nose  continued  downward.  However,  the 
photogrammetry  results  also  showed  that  no  permanent  deflection  occurred.  The  other  area  of  high  relative  deflection 
was  near  the  rear  of  the  helicopter,  under  the  tail  support,  in  position  4.   Position  4  measured  the  relative  deflection  on  a 
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bar  which  connected  the  aircraft  frame  to  a  metal  plate  which  held  the  onboard  data  acquisition  system,  acting  as  the 
ballast  mass  for  the  engine.  The  plate  and  data  acquisition  system  weighed  approximately  69  kg  (150  lb)  total,  and  was 
attached  to  brackets  located  on  the  tail.  During  impact,  the  inertial  load  into  the  tail  due  to  the  large  amount  of  ballast 
mass  in  combination  with  the  large  amount  of  compliance  in  the  tail  caused  the  surrounding  airframe  to  deform.  However, 
the  deformation  was  elastic  in  nature  and  the  structure  rebounded  to  its  pre-impact  position.  All  other  areas  examined 
exhibited  low  deflection,  and  confirmed  the  findings  from  the  visual  inspections  that  the  airframe  was  relatively 
undamaged. 

Large  relative  deformations  were  seen  for  the  test  which  did  not  include  the  DEA,  and  confirmed  the  findings  seen  in 
Figures  8  through  12.  The  common  trend  in  the  photogrammetry  data  showed  that  the  areas  which  had  large  amounts  of 
ballast  mass  produced  the  areas  of  largest  displacement.  Ballast  mass  for  the  main  rotor  affected  both  Position  5  and  6, 
ballast  mass  for  the  engine  affected  position  4  and  ballast  mass  for  the  tail  rotor  affected  position  7.  These  inertial  loads 
were  not  absorbed  by  the  DEA  structure  since  it  was  not  included  in  the  second  crash  test,  which  deformed  the  airframe 
the  greatest  amount.  These  photogrammetric  results,  along  with  acceleration  profiles  and  visual  inspections  post-test 
showed  that  the  airframe  was  unusable  after  the  test. 

Summary 

Two  full  scale  crash  tests  were  conducted  on  an  MD-500  helicopter  airframe  to  examine,  in  part,  the  performance  of  a 
deployable  energy  absorbing  (DEA)  concept.  In  the  first  test,  the  DEA  was  attached  to  the  bottom  of  an  instrumented  MD- 
500  helicopter,  which  impacted  a  concrete  surface  at  a  resultant  velocity  of  14.2  m/s  (46.5  ft/s).  The  response  data  shows 
that  the  airframe  experienced  a  peak  acceleration  of  approximately  15  g  in  the  vertical  and  8  g  in  the  horizontal  directions. 
Airframe  deflection  data  from  photogrammetry  measurements  suggested  that  the  airframe  survived  the  impact  relatively 
undamaged  after  the  impact.  The  occupant  data  was  processed  through  various  injury  criteria's,  all  of  which  showed  no 
injury. 

These  results  are  in  contrast  to  a  second  test  which  was  conducted  as  a  baseline  to  evaluate  the  DEA  performance.  The  test 
which  did  not  include  the  DEA  showed  vertical  airframe  accelerations  of  approximately  40  g.  The  various  injury  criteria 
showed  a  medium  to  high  risk  of  injury  for  the  onboard  occupants.  The  test  program  demonstrated  that  the  DEA  can  be  a 
valuable  energy  absorbing  or  attenuation  mechanism  for  aircraft,  and  can  be  modified  to  applications  for  future  aircraft  or 
spacecraft. 
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ABSTRACT 


Since  the  power  generation  capacity  of  a  wind  turbine  has  a  direct  correlation  with  increased  blade  length  there  is  a  general 
trend  in  the  wind  industry  to  move  towards  larger  blades.  Critical  design  issues  associated  with  larger  blades  are:  weight, 
strength  and  blade  stiffness,  reliability,  manufacturing,  installation  and  service  costs  and  testing.  Definitely,  full  scale  testing 
becomes  quite  expensive.  Therefore,  testing  components  reduced  in  size  and  containing  critical  parts  like  adhesive  bond  lines 
seems  to  be  an  interesting  alternative.  As  the  adhesives  are  one  of  the  main  load  carrying  materials  in  many  modern  wind 
turbine  blades,  the  bond  line  strength  investigation  is  of  vital  importance.  Recently,  linking  the  gap  between  coupon  size 
material  characterization  and  the  material  performance  on  a  blade  structure,  a  lot  of  effort  has  been  invested  in  the 
development  of  sub-component  tests  for  structural  evaluation  prior  to  the  construction  of  a  prototype.  In  the  present  study, 
two  GFRP  I-beams  are  loaded  incrementally  to  failure.  The  particular  subcomponents  simulate  the  complex  stress  state 
developed  in  the  adhesive  bonding  between  the  spar  cap  and  the  shear  web  connection  of  a  blade.  The  bond  line  has  a 
thickness  of  5  mm.  Typical  Acoustic  Emission  (AE)  load-hold  proof  tests  are  performed  at  intermediate  loading  stages,  in 
order  to  locate  and  characterize  damage  processes  at  relatively  low  loads. 

INTRODUCTION 

During  the  last  decade  the  size  of  the  Wind  Turbine  Rotor  Blade  has  increased  to  over  60m  and  is  expected  to  reach  90m 
within  the  next  years.  The  load  carrying  components  are  made  from  materials  that  have  a  high  weight  and  cost-specific 
strength  as  well  as  stiffness.  For  the  same  reason  Wind  Turbine  Rotor  Blades  are  adhesively  bonded  structure.  Structural 
evaluation  under  realistic  stress  fields  will  contribute  to  optimize  the  blade  design  and  reduce  costs.  As  the  adhesives  are  one 
of  the  main  load  carrying  materials  in  many  modern  Wind  Rotor  Turbine  Blades,  the  bond  lines  are  often  of  great  importance. 
Lately,  a  lot  of  effort  has  been  invested  in  the  development  of  sub-component  tests  for  material  evaluation  and  possible 
certification  prior  to  the  construction  of  a  prototype  blade.  The  investigation  of  the  sub-components  mechanical  behavior  can 
be  beneficial  for  the  structural  characterization  under  realistic  stress  field  in  terms  of  damage  initiation  and  propagation 
mechanisms  [1-2]. 
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Non  Destructive  Testing  (NDT)  techniques  are  widely  used  to  assess  damage  accumulation  in  tested  materials,  components 
or  systems.  Particularly,  Acoustic  Emission  NDT  technique  has  been  already  implemented  to  monitor  Wind  Turbine  Rotor 
Blades  during  static  and  fatigue  tests  [3-8]. 

Acoustic  Emission  (AE)  is  defined  in  E  1316,  Terminology  for  Nondestructive  Examinations,  as  the  class  of  phenomena 
whereby  transient  elastic  waves  are  generated  by  the  rapid  release  of  energy  from  localized  sources  within  a  material.  An  AE 
sensor  (usually  piezo-electric  based)  mounted  onto  the  component,  detects  the  high  frequency  mechanical  shock  wave  and 
converts  its  into  an  electronic  signal  that  is  amplified  by  a  preamplifier  and  processed  by  the  AE  instrument.  AE  is  generally 
transient,  occurring  in  discrete  bursts.  AE  systems  process  these  bursts  as  AE  "hits"  by  analyzing  various  aspects  of  the 
waveforms  associated  with  each  hit. 

The  AE  system  is  very  sensitive  and  can  detect  much  weaker  signals  than  those  normally  audible.  The  signals  can  be 
characterized  in  terms  of  their  features  such  as  Amplitude,  Energy,  rise  time  etc.  Their  on-line  or  post  analysis  can  reveal 
failure  location  and  damage  processes  taking  place  in  the  structure.  AE  monitoring  can  also  be  used  to  determine  damage 
severity  [9-10]. 

AE  events  can  be  located  in  different  ways.  The  simplest  one  is  zonal  location,  in  which  the  event  is  picked  up  by  one  sensor. 
Linear  Location  means  the  location  is  calculated  between  two  sensors  using  the  difference  in  time  of  arrival  of  the  AE  waves. 
Planar  location  means  the  location  is  calculated  using  the  difference  in  time  of  arrival  of  the  AE  wave  on  three  different 
sensors  providing  the  x-y  coordinates. 

In  the  present  study,  two  I-beams,  representing  the  adhesive  loading  of  the  spar  cap  to  web  bonding  are  loaded  incrementally 
to  failure.  The  I-Beam  assembly  comprises  two  flanges  of  a  multidirectional  layup  made  of  GFRP  (upper  and  lower),  a  shear- 
web  sandwich-like  structure  with  a  polymer  foam  core  and  GFRP  skins  and  a  5  mm  thick  epoxy  bonding  paste  joining 
flanges  with  shear  web.  The  first  I-Beam  is  incrementally  loaded  up  to  failure  in  order  to  measure  the  Ultimate  Strength  (US). 
During  the  test  the  structure  is  monitored  with  AE.  The  second  I-Beam  is  subjected  to  intermediate  loading  stages  while 
typical  AE  load-hold  proof  tests  are  performed  in  order  to  locate  and  characterize  damage  processes  at  relatively  low  loads. 

I-BEAM  DESIGN 

Two  different  Beam  geometries  are  tested.  One  with  a  symmetric  and  one  with  an  asymmetric  web  design.  The  height  of  the 
beams  is  110mm  and  the  bond  line  height  5mm.  The  bond  line  width  is  13mm  for  the  symmetric  and  19mm  for  the 
asymmetric  beam.  The  length  of  both  beams  is  1  meter.  The  I-beam  consists  of  three  different  materials.  The  flanges  and  the 
skin  of  the  sandwich  shear-web  are  made  of  glass/epoxy.  The  lay-up  of  the  flanges  is  [±45,04]2.  The  thickness  of  the  45° 
lamina  is  0.325mm  and  the  thickness  of  the  0°  lamina  is  0.7426mm.  That  leads  to  a  nominal  thickness  of  5.25mm  for  each 
flange.  The  lay-up  of  the  shear  web's  skins  is  [±45]2,  with  average  thickness  2.6mm.  The  core  of  the  shear  web  is  a  closed 
cell,  cross-linked  polymer  foam  that  combines  high  specific  stiffness  and  strength.  The  thickness  of  the  web  core  is  10mm.  A 
thick  bonding  paste  is  used  to  glue  together  the  three  parts,  the  two  flanges  and  the  shear-web.  The  adhesive  is  a  solvent  free 
epoxy  based  bonding  paste.  The  system  is  hot  thixotropic  and  particularly  suitable  for  bonding  laminates. 

TEST  PROCEDURE  AND  INSTRUMENTATION 

Two  cantilever  I-Beam  tests  are  performed.  Four  aluminum  pieces  are  glued,  using  the  commercial  adhesive  Araldite  420A/B 
on  the  two  sides  of  the  upper  flange  and  the  bottom  side  of  the  lower  flange.  The  aluminum  pieces  are  used  in  order  to  adjust 
the  I-Beams  to  the  loading  frame.  A  piece  of  the  shear  web  is  removed  in  order  to  increase  the  section  modulus  (the  further 
the  material  of  a  structure  is  from  its  neutral  axis  the  larger  the  section  modulus  becomes  and  the  larger  the  section  modulus 
the  larger  the  bending  moment  resistance).  Finally,  two  wooden  blocks  are  placed  between  the  load  introduction  point  and  the 
I-Beam  in  order  to  protect  the  flange  and  avoid  local  damage.  Figure  1  illustrates  how  the  I-beams  are  adjusted  to  the  loading 
frame. 
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FIG  1.  The  adjustment  of  the  I-Beam  to  the  loading  frame. 


The  first  I-Beam  is  incrementally  loaded  up  to  failure  while  the  second  I-beam  is  loaded  in  steps.  The  load  level  of  each  step 
is  defined  according  to  the  US  of  the  I-Beam  measured  in  the  first  experiment. 

The  two  I-Beams  are  instrumented  with  one  LVDT,  positioned  in  the  center,  measuring  the  deflection  during  the  uniaxial 
bending  test.  A  PAC  SPARTAN  system,  PCI-DSP4  (4  channels)  is  used  while  surface  mounted  AE  sensors,  R15  with  40dB 
internal  preamplifier,  monitor  the  activity.  The  sensors  are  located  in  such  a  way  to  perform  Linear  Location.  At  the  start  of 
each  test,  lead  break  tests  are  performed  to  check  the  mounting  of  the  sensors,  as  specified  in  standard  ASTM  E976-94  [11]. 
The  I-Beams  are  loaded  in  the  flapwise  direction  in  displacement  control  using  rate  2.5mm/min.  In  addition  to  the 
aforementioned  instrumentation,  Digital  Image  Correlation  (DIC)  is  used  in  order  to  measure  the  resulting  strain  field  in  the 
bonding  paste.  Results  of  the  DIC  will  not  be  discussed  in  this  paper. 

Figure  2a,b  presents  the  set  up  of  the  two  experiments.  In  the  first  experiment,  the  transducers  are  positioned  on  the  shear  web 
while  in  the  second  one  on  the  upper  flange,  for  safety  reasons.  Figure  3  depicts  the  load  hold  test  profile  which  consists  of 
four  blocks.  The  first  block  is  a  triple  loop  of  a  loading  up  to  20%  of  the  US,  holding  for  60  sec  and  unloading.  The  second 
block  is  a  double  loop  of  a  loading  up  to  40%  of  the  US,  holding  for  30  sec  and  unloading.  The  third  block  is  two  single  loops 
of  a  loading  up  to  60%  of  the  US,  holding  for  20  sec,  unloading  and  reloading  up  to  80%)  of  the  US,  holding  for  10  sec  and 
unloading.  Finally  the  fourth  block  is  a  single  loop  up  to  90%>  of  the  US  holding  for  10  sec  unloading  and  reloading  up  to 
failure.  The  first  and  the  second  block  are  named  'nominal  operating  load  ',  the  third  block  'examination  load'  and  the  forth 
block  'maximum  test  load'. 


FIG  2.  The  position  of  the  transducers  during  the  first  (a)  and  the  second  test  (b). 


514 


Load-Hold- Unloa.cE- Reload  Diagram 


FIG  3.  The  Load  Hold  Unload  Reload  test  Profile. 


RESULTS 


The  first  I-Beam  fails  at  17.1KN.  Figure  4  presents  a  3D  bar  distribution  graph  of  the  hits  versus  time  per  channel.  Figure  5 
presents  a  3D  bar  distribution  graph  of  the  planar  event  location  (counts  to  peak  are  selected  to  be  plotted  for  each  event). 
Figure  6  depicts  the  position  of  the  four  transducers  along  the  shear  web.  Useful  information  can  be  extracted  by  examining 
figures  4,5.  The  first  and  the  second  transducer  record  events  which  might  originate  from  the  friction  between  the  two 
wooden  blocks  and  the  loading  piston.  A  hits  peak  (transducer  number  3)  at  500  sec  indicates  the  existence  of  a  defect 
approximately  located  at  x=0.5m  and  y=0.075m.  However  this  defect  does  not  seem  critical  for  the  structural  integrity  of  the 
I-Beam. 
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FIG  4.  A  3D  bar  distribution  graph  of  the  hits  versus  time  for  each  channel. 
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FIG  5.  3D  distribution  bar  graph  of  the  planar  event  location  (counts  to  peak  are  selected  to  be  plotted  for  each  event) 
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FIG  6.  The  position  of  the  four  transducers  in  the  shear  web. 


Post  failure  analysis  of  the  I-Beam  may  confirm  the  previous  observation.  Figure  7a,b  illustrates  the  damaged  I-Beam. 
Although  the  failure  is  sudden,  it  can  be  observed  that  the  damage  is  initiated  at  the  bonding  paste  of  the  I-beam's  lower  part, 
close  to  the  clamped  region.  A  crack  is  propagating  across  the  adhesive,  then  into  the  adherent,  where  it  propagated  in  an 
interlaminar  mode,  producing  joint  separation  and  causing  severe  damage  to  the  flange. 


FIG  7.  The  damaged  I-beam 
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The  second  I-Beam  is  subjected  to  a  load-hold  proof  test.  This  test  is  appropriate  so  as  to  investigate  in  which  load  level  the 
damage  might  be  critical  for  the  I-Beam' s  structural  integrity.  Figure  8  presents  the  recorded  hits  during  the  whole  period  of 
the  proof  holding  test  while  a  more  detailed  view  of  the  events  follows  in  figure  8.  Almost  zero  activity  is  recorded  during  the 
first  block  -  upper  left  graph  of  figure  9.  During  the  first  loop  of  the  second  block  the  activity  starts  at  3.26  KN  and  keeps  on 
during  the  holding  period.  That  might  be  an  indication  of  damage  initiation.  On  the  other  hand,  during  the  second  loop  of  this 
block  there  is  no  significant  activity  in  the  holding  and  unloading  phase,  correlating  the  activity  of  the  first  loop  with  cracks 
coming  from  the  Araldite  420  A/B  paste.  Moreover,  during  the  third  block  the  felicity  ratio  is  0.97  which  proves  that  the 
structure  withstands  the  'examination  load'. 
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FIG  8.  The  recorded  hits  during  the  proof  holding  test. 
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FIG  9.  A  detailed  view  of  the  four  blocks. 
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Finally,  the  events,  occurring  during  the  unloading  period  of  the  forth  block  and  the  felicity  ratio  of  0.897  which  is  calculated 
in  the  reloading  phase  of  the  forth  block,  prove  the  existence  of  severe  damage.  The  second  I-Beam  fails  at  16.1  KN. 
Although  the  failure  seems  similar  to  the  first  I-Beam' s  failure,  it  is  hard  to  conclude  if  it  is  caused  due  to  shear  web  buckling 
or  due  to  failure  at  the  bonding  paste,  see  figure  10. 


FIG  10.  The  damaged  I-Beam 


CONCLUSIONS 


Two  I-Beams,  simulating  the  adhesive  complex  stress  field  of  the  spar  cap  to  web  bonding  were  loaded  incrementally  up  to 
failure.  The  first  one  was  incrementally  loaded  measuring  the  US  while  the  second  was  loaded  in  steps  performing  load-hold 
proof  tests.  Acoustic  Emission  technique  was  used  trying  to  locate  and  evaluate  the  damage  process.  Examining  the  results  of 
the  first  test,  one  can  notice  that  the  AE  technique  succeeded  to  locate  a  defect  early  in  the  loading  procedure.  However,  the 
defect  did  not  seem  critical  for  the  I-Beams  structural  integrity.  This  observation  might  be  confirmed  by  the  results  of  the 
second  test.  These  results  showed  that  severe  damage  to  the  I-Beam  appeared  at  almost  90%  of  the  US. 

However,  in  order  to  comprehend  better  the  results  and  confirm  firmly  their  validity,  more  tests  and  an  advanced  analysis  of 
the  Acoustic  Emission's  recordings  are  needed. 
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ABSTRACT 

Crazing  is  one  of  the  dominant  failure  mechanisms  in  amorphous  polymers.  The  micro-mechanics  of  crazing  is  often 
incorporated  by  embedding  Cohesive  Zone  Models  (CZM)  into  continuum  models.  In  CZM,  a  traction  separation  law  for  the 
cohesive  zone  is  specified  with  a  maximum  traction  and  a  critical  opening  as  the  parameters.  The  main  focus  of  the  present 
study  is  to  determine  the  cohesive  parameters  of  crazes  in  thin  polystyrene  films.  Polystyrene  granules  were  dissolved  in 
Toluene  on  a  glass  slide  which  was  then  transferred  to  a  spin  coater.  By  changing  the  spinning  speed,  polystyrene  films  of  the 
desired  thickness  were  prepared.  Single  Edge  Notch  Tension  (SENT)  specimens  were  cutout  of  the  prepared  sheets  and 
fracture  tests  were  conducted  inside  a  Scanning  Electron  Microscope  (SEM)  using  a  tensile  tester  at  a  loading  rate  of  0.1 
mm/min.  The  critical  opening  of  the  cohesive  zone  was  directly  measured  from  the  SEM  images  while  the  /-Integral  was 
calculated  from  the  load-displacement  curve.  The  opening  traction  was  calculated  by  differentiating  the  /-Integral  with  the 
measured  critical  craze  opening. 

1.     Introduction 

Glassy  amorphous  polymers  are  attractive  materials  for  many  engineering  applications  because  of  their  low  density,  excellent 
optical  clarity  and  ease  of  fabrication.  They  are  also  used  as  matrices  in  fiber  composites.  However,  the  tendency  of  these 
materials  to  fracture  in  a  brittle  manner  and  their  relatively  low  fracture  toughness  have  somewhat  limited  their  applicability. 
Fracture  in  glassy  polymers  involves  two  mechanisms  of  localized  deformation:  shear  yielding  and  crazing.  Shear  yielding 
involves  plastic  deformation  in  the  form  of  shear  bands.  Shear  bands  are  formed  in  polymers  which  exhibit  strain  softening  in 
their  stress-strain  response.  Upon  further  deformation,  the  material  hardens  due  to  molecular  orientation  and  this  leads  to 
multiplication  and  propagation  of  shear  bands.  The  deformation  zone  formed  during  shear  yielding  does  not  have  any  voids 
or  premature  cracks.  Crazing  is  another  mechanism  which  starts  with  the  formation  of  micro  voids  in  region  of  stress 
concentrations  and  primarily  normal  to  the  maximum  principle  stress.  These  voids  do  not  coalesce  to  form  cracks  since 
highly  stretched  molecular  chains  (fibrils)  stabilize  this  process  to  create  crazes.  However  further  craze  widening  leads  to  the 
breakdown  of  fibrils  and  eventually  to  the  formation  and  propagation  of  a  crack.  Figure  1  shows  both  deformation  processes 
observed  during  the  fracture  of  glassy  polymers  (polycarbonate  and  polystyrene).  . 

Unlike  cracks,  crazes  are  load  bearing  with  the  craze  surfaces  bridged  by  large  number  of  thin  polymers  fibrils.  Usually 
crazes  eventually  generate  into  a  crack  by  the  breakdown  of  craze  fibrils.  Therefore,  controlling  crazing  is  a  viable  way  of 
increasing  the  fracture  toughness  of  polymers.  The  plastic  work  required  to  create  crazes  ahead  of  the  growing  crack  appears 
as  the  major  contribution  to  the  fracture  toughness  GIc. 
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Fig.  1  Shear  yielding  in  0.5  mm  thick  sheet  of  polycarbonate  (a)  before  crack  propagation  (b)  after  crack  propagation  and 
crazing  in  800  nm  thick  polystyrene  film  (c)  fibril  formation  (d)  fibril  breakage 


The  earliest  works  on  crazing  can  be  found  in  Rabinowitz  and  Beardmore  [1],  Kambour  [2]  and  Gent  [3].  The  first 
authoritative  experimental  work  on  crazing  was  reported  by  Lauterwassar  and  Kramer  [4].  They  determined  the  stress 
distribution  around  the  craze  surface  using  the  craze  displacement  profile  determined  experimentally.  To  this  end  they 
employed  a  Fourier  transform  method  due  to  Sneddon  [5]. 

Generally,  the  phenomena  of  crazing  proceeds  in  three  steps  namely,  craze  nucleation,  craze  widening  and  craze  breakdown. 
Many  authors  have  proposed  different  models  for  different  aspects  of  crazing.  Argon  and  Hannoosh  [6]  assumed  that  the 
critical  event  in  the  craze  nucleation  is  the  formation  of  a  critical  level  of  porosity  in  the  material.  Sternstein  and  Ongchin  [7] 
proposed  a  simple  empirical  relation  for  the  craze  initiation.  Craze  growth  is  associated  with  two  important  aspects,  namely 
craze  tip  advance  and  craze  widening.  Donald  and  Kramer  [8],  Kramer  [9]  and  Kramer  and  Berger  [10]  performed 
systematic  experiments  and  proposed  a  criterion  for  craze  widening.  William  [11]  postulated  that  craze  breakdown  and 
subsequent  crack  advance  occurs  when  a  critical  craze  opening  displacement  is  reached.  From  fracture  experiments  on 
various  glassy  polymers  (Doll  [12],  Doll  and  Konczol  [13]),  indeed  such  a  critical  constant  craze  maximum  opening  has  been 
observed. 

Various  authors  (Estevez  R.  [14],  Tijssens  MGA  [15],  Van  der  Giessen  [16],  Saad  Gouider  [17],  Basu  et  al.  [18]  and  others) 
have  studied  the  crazing  phenomena  in  glassy  polymers  using  numerical  techniques  like  Finite  Element  Analysis  (FEA)  with 
Cohesive  Surface  Modeling.  The  success  of  a  CZM  depends  on  how  faithfully  the  traction  separation  behaviour  mimics  the 
actual  micromechanical  processes  of  initiation,  widening  and  breakdown.  To  this  end,  critical  opening,  maximum  stress  and 
the  energy  release  rate  (area  under  the  traction-separation  curve)  are  the  critical  parameters.  These  parameters  have  to  be 
carefully  determined  from  the  experiments  in  order  to  successfully  apply  the  CZM  in  FEA.  The  main  focus  of  the  present 
study  is  to  determine  the  cohesive  parameters  of  crazes  in  thin  polystyrene  films.  The  paper  is  organized  as  follows:  In  the 
next  section  we  discuss  the  experimental  methods  which  include  the  preparation  of  the  polystyrene  (PS)  film  and 
measurement  of  cohesive  parameters.  Results  obtained  from  experiments  and  final  conclusions  are  drawn  in  the  last  section. 
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2.     Experimentation 

2.1  Sample  preparation 

PS  in  the  form  of  beads  was  procured  from  the  Gail  Petrochemicals,  India.  The  molecular  weight  of  the  material  was 
measured  using  Gel  Permeation  Chromatography  (GPC).  The  measured  molecular  weights  were  Mw  =  1.88  x  105  and  Mn 

=  4.15  x  104,  where  Mw   and  Mn   are  the  weight  average  and  number  average  molecular  weights.  PS  beads  of  50  %  by 

weight  were  dissolved  in  Toluene  solution  by  continuous  stirring  and  then  filtered  using  vacuum  filtration  technique.  The 
films  were  prepared  using  the  spin  coating  technique.  For  that,  the  solution  of  PS  was  transferred  to  a  glass  slide  which  was 
mounted  on  the  spin  coater  and  by  changing  the  speed  of  the  spin  coater;  films  of  desired  thickness  were  prepared.  For  the 
present  study,  a  PS  film  of  52  urn  thickness  was  used. 

2.2  Testing 

The  films  so  formed  could  be  easily  peeled  off  from  the  glass  slides  and  cut  into  the  desired  dimensions.  The  width  (W)  and 
length  (Z)  of  the  films  were  15  mm  and  30  mm  respectively.  Crack  of  5  mm  length  (a)  was  cut  using  a  razor  blade.  Fig  2a 
shows  the  schematic  diagram  of  the  specimen  used  for  in  situ  experiments.  Since  PS  is  an  insulator  it  tends  to  get  charged  up 
by  the  electron  beam  of  the  SEM  and  images  tend  to  become  blurred  at  high  magnifications.  Hence  it  is  required  to  gold  coat 
the  PS  film  before  testing  under  an  SEM. 


PS  Film 


Extensometer 


(a) 


Gear  Box 


Jaws 


Fig  2  (a)  Specimen  geometry  (b)  micro  tensile  testing  machine. 

The  sample  was  fixed  on  the  micro  tensile  machine  (Deben  UK  Ltd,  UK)  after  gold  coating  using  flat  jaws  which  was  then 
mounted  on  a  mobile  stage  of  FESEM  (Field  Emission  Scanning  Electron  Microscope).  The  imaging  parameters  used  are 
given  in  Table  1.  The  micro  tensile  machine  was  operated  through  a  separate  data  port  which  could  be  connected  to  the 
computer.  Figure  2b  shows  the  micro  tensile  machine  used  for  experiments  clearly  indicating  the  jaws  for  holding  the 
specimen.  The  micro  tensile  machine  was  connected  to  the  digital  computer  via  a  controller  unit.  The  function  of  the 
controller  unit  is  to  give  power  supply  to  the  micro  tensile  machine  and  to  transfer  the  test  data  to  the  digital  computer.  The 
micro  tensile  machine  had  a  load  cell  of  capacity  300  N.  The  specimen  was  then  subjected  to  tensile  loading  at  a  slow  loading 
rate  of  0.1  mm/min.  Successive  micrographs  of  the  events  occurring  at  the  crack  tip  was  recorded  at  regular  intervals.  The 
load  corresponding  to  each  micrograph  was  also  noted.  This  helped  to  record  the  evolution  of  the  craze  from  the  crack  tip  as 
the  load  was  increased.  Further  analysis  of  these  micrographs  helped  in  finding  various  parameters  associated  with  crazing. 
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Table  1  Parameters  for  single  scan  imaging 


Imaging  Properties 

Zeiss  SUPRA  40 VP 

Magnification 

500X 

Electron  detector 

In  lens 

Working  distance  (mm) 

9 

Vacuum  mode 

High  Vacuum 

Accelerating  voltage  (kV) 

10 

Image  size 

1022  x  685 

Recording  pixel  shape 

Square 

Image  quantization 

8 

3.     Results 

3.1  In  situ  observations 

Figure  3  shows  the  successive  micrographs  of  events  happening  at  the  crack  tip  during  the  fracture  test.  The  micrographs 
clearly  show  the  nucleation,  growth  and  final  breakdown  of  a  craze  at  the  tip  of  a  crack.  It  can  be  observed  that  during 
loading,  a  fibrillated  zone  formed  ahead  of  the  crack  tip.  In  Fig  4a,  the  crack  tip  and  the  incipient  craze  are  clearly  seen. 


(d)        Fibrils  break  down 

New  craze  path     m 

IjSs&o-^. 

1  20  [jm 

Fig.  3  Deformation  stages  of  the  PS  film  at  various  load  levels. 
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The  distance  between  the  crack  tip  and  the  craze  tip  is  marked  as  lz,  length  of  the  craze.  The  craze  evolved  gradually  with 
applied  load.  Fibrils  in  the  craze  elongated  till  a  critical  load  after  which  they  broke  down  at  the  midrib.  Critical  opening  and 
the  length  of  the  cohesive  zone  during  loading  were  directly  measured  from  the  SEM  images. 

Figure  4  shows  the  global  load-displacement  curve  measured  during  the  fracture  test.  The  curve  shows  an  initial  linear 
portion  followed  by  a  plateau  before  dropping  to  zero.  Points  marked  (a)  -  (f)  on  the  load  displacement  curve  corresponds  to 
the  SEM  images  marked  (a)-(f)  in  Fig.  3.  The  craze  opening  (S)  as  a  function  of  the  craze  length  (lz)  measured  from  the  SEM 
images  at  different  load  intervals  is  shown  in  Fig.  4b.  The  craze  opening  was  measured  at  the  crack  tip.  It  can  also  be  seen 
from  Fig.  4b  that  the  craze  opening  was  constant  with  applied  load  but  the  length  of  the  craze  changes.  The  opening  at  the 
crack  tip  is  known  as  the  critical  opening  of  the  craze  which  should  be  constant  and  can  be  treated  as  a  material  property.  The 
critical  opening  was  measured  to  be  30  urn. 


■(b) 

■(c) 


Aa  =  102  ^m 


0.3  0.4 

A  (mm) 


(a) 


(b) 


Fig.  4  (a)  Load-displacement  curve  for  SENT  specimen  made  of  PS  (B  =  52  urn)  (b)  opening  profile  of  craze 

3.2  Determination  of  Traction-Separation  Law  (TSL) 

To  determine  the  cohesive  law  or  TSL,  the  /-integral  approach  was  used.  The  relation  between  the  /-integral  and  strain 
energy  release  rate  which  is  valid  for  Linear  Elastic  Fracture  Mechanics  (LEFM)  was  used.  LEFM  can  be  applied  when  the 
material  remains  elastic  except  in  the  small  damage  zone  forming  ahead  of  the  crack  tip.  The  length  of  the  damage  zone 
should  be  smaller  than  the  initial  crack  length  (lz  <  a).  Here  the  maximum  length  of  the  cohesive  zone  was  100  urn  before 
crack  propagation  which  is  much  smaller  than  the  initial  crack  length  (a  =  5.93  mm).  In  LEFM,  the  /-integral  is  correlated  to 
the  energy  release  rate,  G,  and  can  be  calculated  from  the  load  displacement  curves  shown  in  Fig.  4a. 


We 


B(W-a) 


(1) 


where  Ue  is  elastic  component  of  the  strain  energy,  rje  is  the  elastic  work  factor  and  B  is  the  thickness  of  the  specimen.  The 
elastic  work  factor  can  be  evaluated  for  a  given  specimen  geometry  from  the  LEFM  shape  factor,  Y(aAV).  For  SENT 
specimen  geometry,  r\e  is  given  by  [18-19]  as 


524 


(W-a)Y2a 
\Y2ada  +  (ZW/2) 


(2) 


where 


Y  =  1.99 -OAl(a/W) +  18  J  (a/ wf  -38A^a/W)\53M(a/W)\  and 


(3) 


Z  is  the  gauge  length.  For  the  present  case,  Z  =  30  mm  and  a/W  -  0.39.  For  the  given  geometric  dimensions,  the  value  of 
elastic  work  factor  was  1.85.  To  determine  the  cohesive  law,  the  /-integral  was  determined  experimentally  using  eq.  (1)  and 
the  crack  tip  opening  (S)  was  directly  measured  from  SEM  images.  The  cohesive  stress  was  calculated  by  numerically 
differentiating  the  measured  /-integral  with  the  measured  crack  tip  opening  as 


a{8)  = 


dJ{S) 
dS 


(4) 


0.015  0.02 

5  (mm) 
(a) 


0.015 

5  (mm) 
(b) 


Fig.  5  (a)  /-integral  as  a  function  of  crack  tip  opening  (b)  Traction  Separation  Curve 

The  calculated  /-integral  as  a  function  of  crack  tip  opening  is  shown  in  Fig.  5a  while  the  TSL  obtained  from  eq.  (4)  is  shown 
in  Fig. 5b.  Figure  5b  shows  that  the  normal  traction  increases  with  crack  tip  opening,  reaches  its  maximum  value  at 
approximately  15  urn,  then  decreases  and  eventually  vanishes  when  fibrils  brake  and  the  crack  propagates.  The  critical 
opening  (corresponding  to  zero  traction)  is  28.5  urn.  The  energy  release  rate  measured  from  the  TSL  was  0.83  N/mm.  Also 
the  opening  of  the  craze  zone  was  measured  during  crack  extension  and  it  can  be  observed  from  the  Fig.  6  that  the  maximum 
opening  remains  constant  during  crack  propagation.  The  average  critical  opening  measured  directly  from  the  SEM  images  is 
in  good  agreement  with  that  shown  in  figure  5(b). 
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300 

Aa(^m) 


Fig.  6  Critical  opening  as  a  function  of  a  crack  extension 


Conclusions 


In-situ  fracture  experiments  were  performed  inside  an  SEM  on  PS  film  using  the  SENT  geometry.  The  nucleation,  growth 
and  final  breakdown  of  the  craze  at  the  tip  of  the  crack  was  captured  in  real-time.  The  critical  opening  before  crack 
propagation  was  measured  directly  from  the  SEM  images.  The  /-integral  was  calculated  from  load-displacement  diagram. 
This  /-integral  was  numerically  differentiated  by  the  opening  at  the  crack  tip  which  was  measured  from  SEM  images  to 
obtain  the  traction.  The  maximum  traction  before  crack  propagation  was  determined  as  46  MPa.  The  critical  opening  at 
which  the  stresses  are  zero  was  28.5  urn.  The  critical  energy  release  rate  (area  under  the  TSL)  was  calculated  as  0.83  N/mm. 
It  was  also  observed  that  the  critical  opening,  directly  measured  from  SEM  images,  at  different  crack  lengths  remained 
essentially  constant. 
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ABSTRACT 

Adhesive  bonding  of  aircraft  primary  structures  has  been  in  use  for  many  years.  For  example,  joining  the  stringers  to  skins  of 
fuselage  and  wing  structures,  metallic  honeycomb  to  the  skins  of  elevators,  ailerons,  tabs,  and  spoilers  constitute  the  main 
uses  of  adhesives  in  aircraft  structures.  Due  to  this  increasing  use  of  bonded  structures  in  recent  years,  for  weight  saving, 
considerable  work  has  been  done  in  the  fracture  testing  of  different  types  of  adhesive  joints.  However,  most  previous  work  on 
adhesive  bonded  joints  deals  mostly  with  Mode  I  fracture,  and  very  little  work  appears  to  have  been  done  on  compressive 
delamination  of  adhesive  joints.  The  Chow  and  Ngan  test,  consisting  of  two  slender  beams  with  a  blister  at  the  centre  of  each, 
which  were  bonded  together  and  loaded  in  compression,  is  an  exception.  In  the  present  work,  a  cohesive  finite  element  model 
was  developed  for  this  blister  test-piece,  and  the  geometric  non-linearity  was  incorporated  in  the  strain/displacement 
relations.  The  crack  propagation  in  the  adhesive  joint  under  compression  for  the  proposed  test-piece  was  found  to  agree  with 
the  available  experimental  observation.  Most  importantly,  the  delamination  in  adhesive  joint  under  compression  for  different 
constrained  cases  was  studied  by  cohesive  finite  element  with  different  interface  mesh  densities.  Stronger  adhesive  joint  was 
achieved  for  less  constrained  Double  Cantilever  Beam  (DCB)  specimen. 

1.     Introduction 

Adhesive  bonding  has  been  used  in  the  fabrication  of  primary  aircraft  fuselage  and  wing  structures  for  many  years  [1].  For 
example,  joining  the  stringers  to  skins  of  fuselage  and  wing  structures,  metallic  honeycomb  to  skins  of  elevators,  ailerons, 
tabs,  and  spoilers  constitute  the  main  uses  of  adhesives  in  aircraft  structures.  Adhesive  bonded  aircraft  structures  are  stable 
and  durable,  and,  hence,  this  construction  method  has  a  good  potential  for  future  design  programs.  However,  application  of  a 
new  technology  needs  corresponding  development  of  design  and  assessment  methods.  In  industry,  the  earlier  analytical 
design  procedures  have  been  replaced  by  the  Finite  Element  Method  (FEM)  so  that  the  complete  structure  including  adhesive 
bonds  can  be  simulated  and  assessed.  The  detailed  FEM  computations  are  based  on  detailed  understanding  of  all  relevant 
material  behaviors  including  adhesives  in  joined  or  layered  materials. 

Delamination  is  one  of  the  most  common  failure  modes  in  layered  materials,  which  may  result  from  joint  imperfections,  edge 
effects,  and  various  loadings.  The  presence  of  delamination  can  cause  significant  reduction  in  stiffness  and  strength  of  a 
joined  structure  and  leads  to  a  failure;  hence  a  clear  understanding  of  the  failure  behavior  of  the  joined  structure  under 
shear/tension/compression  is  extremely  important.  Considerable  work  has  been  done  in  the  compression  delamination  of 
composite  structures  [2-9],  Mode-/ fracture  of  adhesive  joints  [10-14],  and  mixed  mode  fracture  [15-21];  however,  very  little 
work  appears  to  have  been  done  on  compressive  delamination  of  adhesive  joints. 

Besides,  different  constrained  ends  of  adhesive  joints  might  change  the  fracture  properties  of  the  adhesive  layer.  In 
experimental  study,  capturing  end  constrained  effects  on  fracture  properties  of  the  adhesive  under  compression  requires 
proper  complicated  models  of  adherents  and  adhesive.  On  the  other  hand,  the  cohesive  zone  model  can  be  introduced  to 
describe  the  response  of  the  adhesive  layer  and  to  simulate  fracture  process  under  compression  for  different  constrained  end 

cases. 
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The  objective  of  this  paper  is,  therefore,  to  study  the  delamination  and  growth  of  adhesively  bonded  joint  under  compression 
for  different  constrained  end  cases.  Although  most  of  the  previous  simulations  of  delamination  growth  were  either  for 
composite  laminates  or  for  the  peel  fracture  of  an  adhesive  joint,  simulation  for  adhesively  bonded  joint  under  compression 
having  different  constrained  ends  is  equally  important.  Chow  and  Ngan  [22]  proposed  a  test  consisting  of  two  slender  beams 
with  a  blister  at  the  centre  of  each  and  which  were  bonded  together  and  loaded  in  compression.  Simulation  of  this  test  along 
with  those  for  the  various  constrained  end  effects  on  an  adhesive  joint  under  compression  can  be  performed  by  using 
interface  cohesive  finite  elements. 

In  the  present  work,  a  finite  thickness  interface  cohesive  element  model  is  used  to  simulate  the  progressive  delamination  in 
adhesive  joints  under  compressive  in-plane  loads  for  different  constrained  end  conditions.  For  validation  of  the  delamination 
model,  a  cohesive  finite  element  model  is  developed  for  the  blister  test-piece,  and  the  geometric  non-linearity  is  incorporated 
in  the  strain/displacement  relations.  In  addition,  cohesive  finite  element  model  is  validated  with  available  literature  [23]. 
Finally,  the  delamination  in  adhesive  joint  under  compression  for  different  constraint  cases  is  studied  by  cohesive  finite 
element  with  different  mesh  densities  of  the  interface. 


2.     Crack  Propagation  on  Bonded  Joint  Under  Compression 

Chow  and  Ngan  [22]  proposed  a  test  consisting  of  two  slender  beams  with  a  blister  at  the  centre  of  each  and  which  were 
bonded  together  and  loaded  in  compression.  The  geometry  of  the  test-piece  is  depicted  in  Fig.  1,  which  consists  of  two 
slender  beams  bonded  together  with  adhesive  and  loaded  in  compression.  In  Fig.  1,  u  is  axial  displacement,  v  is  lateral 
displacement,  a  is  the  half  crack  length,  q  is  quarter  of  the  maximum  distance  between  the  curved  beams,  and  P  is  the  axial 
load.  A  blister  arrangement  is  made  at  the  centre  of  the  beam  simulating  the  bonding  flaw,  and  the  load  displacement 
relationship  is  formulated. 
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Fig.  1  Slender  beams  with  a  blister  at  the  center  [22] 

The  load,  P,  and  displacement,  u,  relationship  at  constant  crack  area  can  be  obtained  by  assuming  that  the  length  of  the 
curved  strut  is  not  affected  by  application  of  the  load  P.  The  axial  displacement,  u,  is  given  as 


u  =  l) 


1 >  dx 


a) 


For  small  initial  curvature  and  small  deflection,  both  the  (dy/dx)2  and  (dv/dx)2  are  much  smaller  than  unity.  From  the  first 
approximation  of  binomial  expansion  [22], 
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Assuming y  =  q(l-cosnx/a)  and  v  =  {q/j2a2/(n2-  ju2a2)}(l-cos7ix/a),  where//  =  (P/2EI)2, 
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where  E  is  the  modulus  of  elasticity,  and  /  is  the  second  moment  of  the  area  of  the  beam.  Although  the  load  displacement 
relationship  is  nonlinear  for  a  constant  a,  for  small  P,  Eq.  (3)  becomes  linear. 
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3.     The  Cohesive  Model 

The  idea  for  the  cohesive  model  goes  back  to  the  strip  yield  models  of  Dugdale  [24]  and  Barenblatt  [25].  Instead  of  letting 
stresses  become  singular,  finite  stresses  are  introduced  in  a  cohesive  zone  ahead  of  at  the  crack  tip,  which  are  assumed  to  be 
same  as  the  yield  stress  for  a  plane  stress  state  [24]  or  as  some  function  of  the  distance  to  the  crack  tip  [25].  This  model  has 
become  very  useful  for  practical  applications,  when  numerical  methods  are  used  to  solve  nonlinear  problems.  The  cohesive 

stresses  or  tractions  have  been  introduced  as  functions  of  the  local  separation,  <5"  =    \u\  \  =  U+  —if ,  of  the  material.  This 

local  separation  is  a  vector  having  three  components  in  mutually  perpendicular  directions  for  the  selected  orthogonal 
coordinate  system.  The  cohesive  model  for  crack  propagation  analysis  of  ductile  materials  is  introduced  by  Needleman  [26]. 

The  interface  element  for  cohesive  finite  element  is  an  isoparametric  element  with  a  very  small  thickness  as  shown  in  Fig.  2. 
The  thickness  of  the  element  is  about  1/50  of  the  adherent  thickness,  and  it  is  inserted  as  a  numerical  layer  between  the 
adherent  layers.  The  strain  vector,  £,  and  the  traction  vector,  t,  are  calculated  in  a  local  coordinate  system  (s,t,n),  which  is 
located  on  the  element  midplane.  The  local  separation,  5,  is  calculated  as  the  relative  movement  of  the  two  surfaces  from  this 
midplane.  The  strain  is  then  transformed  to  the  global  matrix,  (x,y,z),  to  calculate  the  nodal  reaction  forces.  The  displacement 
vector,  w,  and  the  strain  vectors  are  defined  by 
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Fig.  2  Cohesive  elements:  a)  3D  cohesive  element,  b)  local  coordinates  direction,  c)  2D  cohesive  element  [27] 
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In  an  elastic  region,  if  the  deflection  is  large,  nonlinearity  is  assumed  to  be  for  geometric  nonlinearity  and  not  due  to  a 
nonlinear  stress-strain  relationship.  The  strain  displacement  relationship  for  geometrically  nonlinear  case  with  respect  to  the 
reference  coordinate  system  can  be  written  as 


+   i/  + 


+  uj.+u~k 


Kj) 


(6) 


Here  i,j,  and  k  run  from  1  to  3,  and  Einstein's  summation  role  is  used  for  repetitive  indices.  The  indices  1,  2,  and  3  represent 
the  local  s,  t,  and  n  directions  respectively.  The  superscript  ±  represents  the  top/bottom  surfaces  with  respect  to  the  midplane. 
The  coma  between  subscripts  represents  the  partial  derivative.  From  Eq.  (6)  replacing  notation  for  local  coordinate  system, 
the  strain  displacement  relationship  for  non-linear  case  is 
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where  k  runs  from  1  to  3. 

The  material  separation  and  thus  damage  to  the  structure  is  described  by  interface  elements  at  the  boundaries  of  the 
undamaged  continuum  elements.  Thus,  the  mechanical  behavior  of  the  material  is  split  into  two  parts,  the  damage-free 
continuum  with  an  arbitrary  constitutive  law,  and  the  cohesive  zone  specifying  material  damage  and  separation.  Interface 
elements  open  according  to  some  decohesion  law  and  finally  lose  their  stiffness  so  that  the  adjacent  continuum  elements  get 
disconnected. 

4.     Constitutive  Equation 

A  bilinear  constitutive  law  is  chosen  which  is  based  on  the  2-D  cohesive  model.  This  constitutive  law  relates  the  stresses  to 
strains  for  any  pure  fracture  or  loading  mode.  In  the  case  of  mixed  mode  loading,  the  constitutive  law  relates  the  effective 
stresses  to  the  effective  strains,  as  shown  in  Fig.  3. 


loading 


separation 


Fig.  3  Bilinear  constitutive  relationship 


These  quantities  are  defined  as  follows:  The  effective  strain  is  a  positive  continuous  quantity  and  when  there  is  not  any 
compressive  normal  strain,  it  is  equal  to  the  norm  of  strain  vector  and  is  defined  by 
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where  <>  means  if  the  inside  parameter  value  of  that  is  negative,  it  will  be  considered  as  zero. 
This  constitutive  law  consists  of  three  different  parts  [27] : 
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i)  If  the  effective  strain  is  less  than  s°m  (Fig.  3),  the  interface  material  behaves  as  linear  elastic,  and  no  damage  is  presented  in 

the  element. 

ii)  If  the  effective  strain  reaches  s°m,  the  interlaminar  damage  initiates.  After  this  point,  the  interface  stresses  decrease 

linearly. 

iii)  Strain  em  refers  to  complete  decohesion. 

It  is  also  necessary  to  specify  the  strains  corresponding  to  initiation  and  completion  of  damage.  The  delamination  initiation  is 
predicted  by  the  quadratic  failure  criterion.  Damage  is  assumed  to  initiate  when  a  quadratic  interaction  function  involving  the 
nominal  stress  ratios  reaches  a  value  of  one.  This  criterion  can  be  represented  as 


M 

V    ln     J 


+ 


v2 


+ 


v2 


(9) 


where  t°n,  t°s>  t°t  are  the  Mode  I,  Mode  II,  and  Mode  III  strengths  respectively. 
The  constitutive  equation  for  the  elastic  behavior  can  then  be  written  as  [27] 
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where  n,  s,  and  t  are  the  local  coordinate  directions,  and  K  is  the  stiffness  matrix.  This  elasticity  matrix  (stiffness  matrix,  K) 
provides  fully  coupled  behavior  among  all  components  of  the  traction  and  separation  vectors.  It  is  required  to  set  the  off- 
diagonal  terms  in  the  elasticity  matrix  to  zero  if  uncoupled  behavior  between  the  normal  and  shear  components  is  desired. 

5.     The  Interface  Properties 

From  Eq.  (10),  uncoupled  constitutive  behavior  is  defined  as 
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The  elasticity  components  for  particular  cases:  (i)  Knn  =  Kss=  Ktt  =  0  means  complete  debonding  between  adherents,  (ii)  Km 

Kss=  Ktt  =  a  means  perfect  bonding  between  adherents. 

If  the  (interface  thickness/adherent  thickness)  «1,  an  approximation  of  stiffness  values  can  be  given  by  [28] 
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where  E3  G13,  and  G23  are  homogenized  adherent  moduli,  and  p  is  the  interface  thickness. 


6.     Cohesive  Zone  Modeling  Validation 

Double  Cantilever  Beam  (DCB)  Tests  for  Validation  of  Cohesive  Zone  Modeling 

The  DCB  test  specimen  is  generally  used  for  the  characterization  of  Mode-I  fracture.  The  geometry  and  the  loading 
conditions  of  the  DCB  configuration  is  shown  in  Fig.  4,  and  the  finite  element  mesh  is  shown  in  Fig.  5.  One  layer  of  linear 
quadrilateral,  type  CPS4R  (continuum  plane  stress  4  nodes  reduced  integration),  elements  are  used  for  adherents,  and  one 
layer  of  linear  quadrilateral,  #508  COH2D4  (cohesive  2-dimensional  4  nodes),  elements  is  used  for  the  adhesive.  The 
experiment  consists  of  a  load  that  is  applied  at  the  end  blocks  attached  to  the  DCB  specimen.  The  geometrical  properties  are 
the  length  Z=203mm,  the  arm  thickness  h  =  6.35mm,  and  width  B  =  25.4mm.  The  initial  crack  length  a0  is  about  55mm.  The 
mechanical  properties  of  the  DCB  specimen  are  E  =  69  GPa,  v  =  0.3,  Gc=  1.6  N/mm  [23]. 
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Fig.  4  DCB  configuration  [23] 


Fig.  5  Finite  element  model  of  the  DCB  configuration 

The  load  history  from  the  finite  element  simulation  is  compared  to  the  experimental  result  of  this  DCB  configuration  tested  at 
a  cross  head  speed  of  O.lmm/min.  The  corresponding  load-displacement  curves  of  the  DCB  tests  are  shown  in  Fig.  6.  For  the 
quasi-static  loading,  the  model  result  was  in  excellent  agreement  with  the  experimental  result  [23]. 
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Fig.  6  Load-displacement  curves  using  the  nominal  interface  strength  40  MPa  for  a  DCB  test 
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Compression  Delamination  Model 

Since  we  have  experimental  results  for  compression  delamination  test  for  Aluminum  adherents  with  initial  crack  at  the  center 
point  along  the  longitudinal  distance  of  the  adhesive  [22],  we  developed  compression  delamination  model  following  the  exact 
shape  of  the  experimental  set-up  for  proper  validation  of  the  model  response.  The  finite  element  model  of  the  system  and  the 
boundary  and  loading  conditions  is  shown  in  the  Fig.  7.  The  left  end  is  fixed,  and  the  x-directional  displacement  is  applied  at 
the  right  end.  Three  layers  of  linear  quadrilateral,  type  CPS4R  (continuum  plane  stress  4  nodes  reduced  integration),  elements 
are  used  for  Aluminum,  and  one  layer  of  linear  quadrilateral,  type  COH2D4  (cohesive  2-dimensional  4  nodes),  elements  is 
used  for  the  adhesive.  The  geometrical  and  mechanical  properties  of  the  system:  adherent  thickness=6  mm,  joint  length  on 
each  side  =  80  mm,  E  =  150  GPa,  v  =  0.25,  and  Gc  =  0.352  N/mm. 


Aluminum 


Adhesive 


Aluminum 


Fixed 


_P 


Fig.  7  Finite  element  model  of  the  compression  delamination  test 

The  linear  relationship  between  the  reaction  force  and  free  end  displacement  was  observed  (Fig.  8)  before  the  crack  started  to 
propagate.  Reaction  force  had  linearly  increased  to  a  certain  peak,  where  the  crack  started  to  propagate.  The  simulation  result 
showed  similar  response  to  that  given  by  Chow  [22]. 
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Fig.  8  Reaction  force  profile 
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7.     Compression  Delamination  Under  Different  Constrained  End  Conditions 

In  this  work,  the  DCB-specimen  is  studied  under  compression.  The  adhesive  layer  is  modeled  using  cohesive  elements.  The 
effect  of  the  compression  and  different  constrained  ends  on  the  fracture  is  studied  for  different  mesh  densities  of  the  cohesive 
interface.  The  geometry  and  the  loading  conditions  of  the  DCB  configurations  are  shown  in  Fig.  9  for  fixed  end  and  Fig.  10 
for  the  top  adherent  with  free  end.  The  geometrical  properties  are  the  length  L=  100mm;  the  arm  thickness  tj  =  2  mm,  t2  =  4 
mm,  width  B  =  4  mm,  and  the  initial  crack  length  a0  =  50mm.  The  material  properties  for  adherents  are  Ej=  E2=200  GPa,  v  = 
0.3,  and  for  adhesive  are  ultimate  strength  =  35  MPa,  and  fracture  energy  =  0.7  N/mm. 
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Fig.  9  DCB  configuration  for  fixed  end 
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Fig.  10  DCB  configuration  for  the  top  adherent  with  free  end 

The  result  of  the  delamination  under  compression  for  constrained  end  for  different  mesh  densities  of  the  cohesive  interface  is 
shown  in  Fig.  11.  The  reaction  force  continued  to  increase  to  a  certain  peak  before  the  delamination  started  to  propagate.  The 
reaction  force  gradually  decreased  after  the  peak,  since  the  delamination  occurred  like  the  peel  delamination.  After  the 
reaction  force  rises  to  a  certain  peak,  crack  propagates  until  the  entire  interface  fails.  Fig.  12  shows  the  delamination 
characteristics  for  different  mesh  densities  of  the  cohesive  interface  for  the  DCB  configuration  under  compression  with  top 
adherent  free.  The  reaction  force  had  increased  to  a  certain  peak  before  the  delamination  suddenly  propagated.  The  reaction 
force  rapidly  decreased  after  the  peak,  since  the  delamination  occurred  in  the  entire  interface,  at  the  same  time,  after  the 
maximum  tolerable  deformation.  Since  for  the  free  end  case,  the  entire  layer  failed  at  a  certain  peak  (with  no  gradual 
decrease),  the  reaction  force  was  larger  in  the  free  end  case. 
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Fig.  11  Load  displacement  profile  for  fixed  end  DCB  specimen  with  different  mesh  densities  of  the  cohesive  interface 
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Fig.  12  Load  displacement  profile  for  free  end  DCB  specimen  with  different  mesh  densities  of  the  cohesive  interface 

However,  in  such  trends  inertia  effect  might  be  significant.  For  this  reason,  future  work  would  be  the  study  of  effect  of 
constrained  ends  on  the  delamination  in  adhesive  joint  under  compression  in  dynamic  case. 

8.     Conclusions 

The  delamination  under  compression  in  the  adhesive  joint  was  numerically  investigated  in  this  study.  The  delamination 
growth  caused  by  compressive  loads  was  modeled  via  softening  behavior  of  cohesive  interface  elements.  The  effect  of 
compression  in  crack  propagation  was  studied  and  found  to  be  in  satisfactory  agreement  with  experimental  observations.  A 
cohesive  finite  element  model  was  developed  for  this  blister  test-piece,  and  the  geometric  non-linearity  was  incorporated  in 
the  strain/displacement  relationship.  The  crack  propagation  through  the  adhesive  joint  under  compression  for  the  proposed 
test-piece  was  found  to  agree  with  the  available  experimental  observation. 

The  effect  of  end  constrained  on  the  fracture  resistance  of  the  DCB  specimen  under  compression  was  investigated.  The 
numerical  observations  showed  that  for  the  fixed  end  DCB  configuration,  the  reaction  force  had  increased  to  a  certain  peak 
before  the  delamination  started  to  propagate  gradually.  For  the  free  end  condition,  on  the  other  hand,  the  reaction  force  had 
increased  to  a  certain  peak  before  the  delamination  propagated  rapidly.  Since  for  the  free  end  case  the  entire  layer  failed  at  a 
certain  peak  (with  no  gradual  decrease),  the  reaction  force  was  larger  in  the  free  end  case. 
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Abstract 

A  cohesive  zone  model  (CZM)  based  approach  is  applied  with  3D  finite  element  method  to  simulate  stable  tearing  crack 
growth  events  in  Arcan  specimens  made  of  2024-T3  aluminum  alloy.  The  CZM  parameter  values  are  calibrated  for  a 
triangular  cohesive  law  under  Mode  I  condition.  Simulation  prediction  of  the  load-crack  extension  curve  compares 
reasonably  well  with  experimental  data.  With  the  same  set  of  CZM  parameter  values,  simulations  are  performed  for 
mixed  Mode  I/II  stable  tearing  crack  growth  events  as  well.  A  good  agreement  is  also  reached  between  the  simulation 
predictions  and  the  experimental  results.  The  CTOD  variation  with  crack  extension  is  also  checked  under  both  Mode  I 
and  mixed-mode  I/II  conditions.  The  results  suggest  that  CZM  based  simulations  can  predict  the  critical  CTOD  value, 
which  conventionally  is  used  as  an  input  in  CTOD  based  stable  tearing  simulations  and  is  obtained  from  experimental 
measurements.  The  findings  of  the  current  study  establish  a  connection  between  CTOD  and  CZM  based  simulation 
approaches. 

Keywords'.  Cohesive  zone  modeling;  Finite  element  analysis;  Crack  growth;  Mixed-mode  fracture;  Stable  tearing 
1.  Introduction 

The  analysis  of  stable  crack  growth  events  plays  an  important  role  in  assessing  the  structural  integrity  and  residual 
strength  of  critical  engineering  structures  such  as  aircraft  frames.  In  practice,  fracture  criteria  based  on  the  concept  of 
crack  tip  opening  displacement/  angle  (CTOD/CTOA)  have  been  shown  to  be  effective  in  stable  crack  growth 
simulations.  Computational  studies  under  Mode  I  (e.g.  [1])  and  mixed-mode  (e.g.  [2])  conditions  have  been  performed  to 
assess  the  viability  of  a  CTOD/CTOA  based  fracture  criterion  for  simulations  of  stable  tearing  crack  growth.  As  an 
alternative  approach,  the  cohesive  zone  model  (CZM)  [3-5]  represents  the  behavior  of  the  fracture  process  zone  and 
describes  the  relationship  between  cohesive  tractions  and  separations  across  the  cohesive  crack  surfaces.  The  CZM 
approach  has  been  used  to  simulate  fracture  processes  in  a  wide  range  of  material  systems  and  at  multi-length  scales  [6]. 
The  current  study  aims  at  investigating  the  applicability  of  the  CZM  based  approach  in  simulating  mixed-mode  stable 
tearing  crack  growth  events  in  ductile  materials.  The  CZM  parameter  values  will  be  calibrated  by  trial  &  error  based  on 
certain  physical  considerations  of  Mode  I  stable  tearing  crack  growth.  Predictions  of  mixed-mode  I/II  tearing  crack 
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growth  will  be  performed  using  the  same  CZM  parameter  values.  The  variation  of  CTOD  with  crack  extension  and  the 
load-crack  extension  curve  will  be  examined  under  both  Mode  I  and  mixed-mode  I/II  conditions  and  compared  with 
experimental  measurements.  An  effort  will  be  made  to  establish  a  connection  between  the  CZM  approach  and  the  CTOD 
approach. 

2.  Arcan  fixture  and  specimen  for  stable  tearing  crack  growth  tests 

The  Arcan  fixture  and  specimen  are  designed  to  facilitate  stable  tearing  crack  growth  tests  under  the  mixed-mode  loading 
conditions  ranging  from  pure  mode  I  to  pure  mode  II  [7].  The  Arcan  fixture,  which  is  shown  in  Fig.  la,  is  made  of 
stainless  steel  and  has  a  Young's  modulus  of  207  GPa,  a  Poisson's  ratio  of  0.3,  and  an  initial  yield  stress  of  1,724  MPa. 
The  test  specimen,  as  shown  in  Fig.  lb,  is  made  of  2024-T3  aluminum  alloy  and  has  a  Young's  modulus  of  71.7  GPa,  a 
Poisson's  ratio  of  0.3,  and  an  initial  yield  stress  of  345  MPa.  Both  the  steel  and  the  aluminum  alloy  exhibit  a 
strain-hardening  behavior.  A  single-edge  crack  with  a  6.35  mm  length  is  introduced  on  one  side  at  the  mid-section  of  the 
specimen.  The  Arcan  specimen  is  loaded  by  gradually  pulling  apart  the  grips  of  the  fixture  at  a  pair  of  grip  holes  on  the 
opposite  sides  of  a  radial  line.  When  the  loading  angle,  O,  is  zero,  the  specimen  is  under  Mode  I  condition,  while  O 
equals  to  90°,  the  specimen  is  under  Mode  II  condition.  Between  the  two  angles,  the  mixed-mode  loading  conditions  are 
obtained  by  changing  the  pair  of  loading  holes. 
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Fig.  1  A  schematic  of:   a.  the  Arcan  test  fixture  and  b.  test  specimen 


3.  Finite  element  modeling 

CZM  simulations  are  carried  out  using  the  commercial  software  ABAQUS.  The  fixture  and  the  specimen  are  meshed 
with  8-node  hexahedral  elements,  C3D8R,  while  the  cohesive  zone  is  meshed  with  8-node  quadrilateral  cohesive 
interface  elements,  COH3D8.  A  layer  of  cohesive  elements  is  placed  along  the  experimentally  measured  Mode  I  crack 
path,  starting  from  the  initial  crack  tip  (at  the  left  edge  of  the  specimen)  to  the  right  edge  of  the  specimen.  At  the  right  end 
of  this  layer,  a  few  cohesive  elements  along  the  crack  path  are  removed  and  node  pairs  above  and  below  the  crack  path 
are  tied  together  at  the  location  of  the  removed  elements.  This  will  prevent  the  penetration  between  the  top  and  bottom 
cohesive  surfaces  due  to  the  overall  bending  of  the  specimen  as  the  crack  grows  and  becomes  sufficiently  long.  Based  on 
the  result  of  convergence  study,  the  mesh  in  the  specimen  region  is  divided  into  eight  layers  through  the  thickness  and  the 
cohesive  elements  have  a  uniform  length  0.05mm.  Fig.  2  shows  the  3D  mesh  (Fig.  2a)  and  a  zoomed-in  view  of  the 
cohesive  interface  elements  (Fig.  2b)  for  the  Mode  I  case. 


539 


a  b 

Fig.  2  a.  3D  mesh  of  the  Arcan  fixture-specimen  system  for  the  Mode  I  case;  b.  a  zoomed-in  view  of  the  mesh 

showing  the  cohesive  interface  elements 
4.  Calibration  of  triangular  cohesive  law  parameter  values 

The  triangular  traction- separation  cohesive  law,  as  shown  in  fig.  3,  was  used  in  this  study.  The  triangular  cohesive  law 
contains  two  critical  parameters:  the  cohesive  strength  Tmax  (the  maximum  traction  the  interface  can  endure)  or  the 
separation  length  Ssep,  and  the  cohesive  energy  IT  which  is  the  area  of  the  triangle.  As  such,  the  two  parameters  rmaxand 
Sscp  can  be  chosen  as  the  two  input  parameters.  It  is  a  common  practice  to  let  the  cohesive  energy  IT  equal  the  energy 

fracture  toughness  of  the  material,  </>c.  Thus,    S     =20  IT     • 


Fig.  3  The  triangular  cohesive  traction- separation  law 
The  cohesive  parameter  values  for  TL  oriented  aluminum  alloy  2024-T3  will  be  selected  by  trial  and  error  based  on  the 
values  used  in  the  literature [6,8,9],  through  matching  simulating  predictions  of  the  Mode  I  load-crack  extension  curve 
with  experimental  data.  From  the  fracture  toughness  ^ic=35  MPam1/2  for  AL2024-T3  thin  sheet  specimens,  <f>c  was  set  as 
17  KJ/m2  for  exponential  cohesive  law  in  [9].  Since  the  traction  in  the  exponential  CZM  approaches  0  at  infinite 
separation,  the  area  under  the  cohesive  curve  (  the  cohesive  energy)  is  larger  than  that  of  the  triangular  CZM.  Thus,  the 
cohesive  energy  for  the  triangular  CZM  here  is  taken  to  be  95%  of  the  value  for  the  exponential  CZM.  The  cohesive 
strength  Tmax  is  chosen  from  the  range  of  1.0ery  to  2.5cry,  where  <ry  is  the  initial  yield  stress  of  AL2024-T3. 
5.  Results  and  discussions 
5. 1  Load-crack  extension  curve 

The  load-crack  extension  curve  is  an  important  curve  in  structural  integrity  and  residual  strength  analyses,  describing  the 
variation  of  the  load  carrying  capability  of  a  cracked  specimen  or  structure  with  the  amount  of  crack  extension  during 
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stable  tearing  crack  growth.  In  the  simulations,  the  load  corresponding  to  a  certain  amount  of  crack  extension  is 

computed  by  finding  the  reaction  force  at  the  fixed  points. 

After  a  range  of  trials  for  the  Mode  I  case,  a  proper  set  of  CZM  parameter  values  is  found  as  Tmax  =  2.2<7y=759MPa  and 

Ssep=0. 0426mm.  A  comparison  of  computer  simulation  results  with  experimental  measurements  is  shown  in  fig.  4,  the 

simulating  results  of  traction-crack  extension  relation  agree  with  the  experimental  data  reasonably. 

The  prediction  of  the  load-crack  extension  curve  has  often  been  made  using  a  fracture  criterion  based  on  the  crack  tip 

opening  displacement  (CTOD)  [10].  In  the  case  of  the  Mode  I  stable  tearing  crack  growth  in  an  Arcan  specimen,  good 

agreement  between  experimental  data  and  simulation  predictions  based  on  the  CTOD  criterion  have  been  demonstrated 

using  both  a  2D  model  [11]  and  a  3D  model  [2].  The  simulation  prediction[2]  of  the  load-crack  extension  curve  using 

CTOD  approach  is  also  compared  in  fig.  4.  It  is  shown  that  the  CZM  and  CTOD  approaches  lead  to  similar  predictions, 

showing  good  agreement  with  the  experimental  data. 

5.2  Variation  of  CTOD  with  crack  extension 

To  understand  if  there  exists  any  connection  between  CZM  and  CTOD  based  simulations,  it  is  important  to  examine  the 

CZM  simulation  prediction  of  the  CTOD  value  at  the  same  distance  away  behind  the  current  crack  as  in  the  experimental 

measurement  of  CTOD. 


Mode  1  Arcan  test 
•     experimental  data 

predicted  results  using  CZM 

predicted  results  using  CTOD[2] 
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Crack  Extension  (mm) 

Fig.  4  Comparison  of  simulation  prediction  of  the  Mode  I 
load-crack  extension  curve  using  CZM  (Tmax  =759  MPa, 
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and  predicted  results [2]  using  CTOD  approach 
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Fig.  5  Comparison  of  CZM  prediction 
for  CTOD  at  1mm  behind  the  crack  tip 
with  experimental  measurements[7,12] 
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In  a  CTOD  based  simulation,  a  critical  CTOD  value  used  as  input  to  control  the  crack  growth  process.  This  critical 
CTOD  value  is  determined  based  on  experimental  measurement  at  a  fixed  distance  behind  the  crack  front.  If  this  value 
can  be  predicted  using  the  CZM  approach,  then  a  connection  between  the  CTOD  and  CZM  approach  is  established.  In 
the  current  study,  since  the  distance  of  1 .0  mm  was  used  in  the  experimental  measurement  of  CTOD,  this  distance  is  also 
employed  in  the  simulations  when  CTOD  is  computed.  In  Fig.  5,  with  the  CZM  approach,  Mode  I  predictions  of  CTOD 
variation  with  crack  extension  are  compared  with  the  experimental  measurements.  The  predictions  lay  in  the  range  of  the 
experimental  data.  Thus,  it  can  be  argued  that  there  exists  an  equivalence  or  connection  between  the  CZM  and  CTOD 
approaches  and  both  types  of  simulations  lead  to  good  predictions  of  the  load-crack  extension  curve. 
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6  Prediction  of  mixed  Mode  I/II  of  tearing  crack  using  CZM 

The  simulations  of  mixed-mode  I/II  stable  tearing  crack  growth  events  are  performed  using  3D  finite  element  models 
based  on  the  discussion  of  mode  I  models.  The  only  difference  is  that  the  predefined  crack  paths  are  modified  to  those 
measured  from  experiments  in  the  mixed-mode  I/II  conditions.  With  the  same  set  of  CZM  parameter  values  obtained  for 
the  Mode  I  case,  the  load-crack  extension  curves  and  the  CTOD  variation  with  crack  extension  are  predicted  for  two 
different  mixed-mode  conditions,  corresponding  to  the  15°  and  45°  loading  cases. 
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Fig.  6  Comparison  of  prediction  of  the  load-crack 
extension  curve  using  CZM  with  experimental 
measurements[7,12]  and  predicted  results  [2] 
using  CTOD  (15°  loading) 


Fig.  7  Comparison  of  prediction  of  the  load-crack 
extension  curve  using  CZM  with  experimental 
measurements[7,12]  and  predicted  results [2] 
using  CTOD  (45°  loading) 


As  shown  in  fig.  6  and  fig.  7,  the  CZM  approach  can  be  successfully  applied  to  evaluate  stable  tearing  crack  growth 
under  mixed-mode  I/II  loading  conditions.  The  predicted  results  of  load-crack  extension  responses  using  both  the  CTOD 
and  CZM  approaches  agree  well  with  the  experimental  measurements.  CTOD  variations  with  crack  extension  at  1mm 
behind  the  crack  front  are  obtained  for  two  mixed-mode  loading  cases.  The  predicted  results,  including  the  ones  for  the 
Mode  I  case,  are  compared  with  the  experimental  measurements  [7,12]  in  fig.  8.  For  all  of  the  three  loading  conditions, 
the  predicted  results  locate  in  the  range  of  the  corresponding  experimental  measurements.  The  average  values  are 
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Fig.  8  Comparison  of  predicted  and  measured  CTOD  variation  with  crack  extension 
under  Mode  I  and  mixed-mode  I/II  conditions 


542 


calculated  for  the  predictions  and  the  experimental  data,  respectively,  and  are  plotted  in  fig.  8  as  well.  Two  average 
values  reasonably  match  with  each  other.  The  experimental  average  is  the  critical  CTOD  value  employed  in  the  CTOD 
based  simulations.  The  fact  that  the  measured  and  CZM -predicted  critical  CTOD  values  match  explains  why  both  the 
CZM  and  CTOD  based  simulations  lead  to  the  same  good  predictions  of  the  load-crack  extension  curve.  Again  this 
demonstrates  a  certain  equivalence  or  connection  between  the  CZM  and  CTOD  based  simulation  approaches. 
7.  Conclusions 

A  cohesive  zone  model  (CZM)  based  approach  is  applied  to  simulate  mixed-mode  stable  tearing  crack  growth  events  in 
Arcan  specimens  made  of  2024-T3  aluminum  alloy.  3D  finite  element  models  are  developed  in  Abaqus  employing  the 
triangular  CZM  law.  From  the  current  study,  the  CZM  based  approach  can  be  successfully  applied  to  simulate  stable 
tearing  crack  growth  events  in  ductile  materials  under  both  of  Mode  I  and  mixed-mode  I/II  loading  conditions.  A  proper 
set  of  CZM  parameter  values  is  reached  for  Mode  I  case  and  is  used  for  the  mixed-mode  cases.  Both  the  CZM  and  CTOD 
based  approaches  lead  to  same  simulation  predictions  of  the  load-crack  extension  curve  that  compare  well  with 
experimental  measurements.  The  critical  CTOD  value  used  in  CTOD  based  simulations,  which  is  conventionally  taken 
from  experimental  data,  can  be  predicted  using  the  CZM  based  approach,  which  establishes  certain  equivalence  or 
connection  between  the  CZM  and  CTOD  based  simulation  approaches. 
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ABSTRACT 

Commercially  pure  Fe  and  Ni  have  been  diffusion  bonded.  Pure  Cu  (99.999%)  and  Au-20Sn  eutectic  alloys  have  been  used 
to  bond  Fe  while  Cu  has  been  used  to  bond  Ni.  Fe  bonded  using  Cu  at  1071°C  for  10  h  showed  -20  urn  thick  residual  Cu  in 
the  bond  centerline.  However,  at  1 100°C  bonding  temperature  for  10  h  the  residual  Cu  disappeared  and  the  Cu  content  of  the 
joint  centerline  was  -  7wt.%.  Although  Sn  forms  intermetallics  with  both  Fe  and  Au,  no  intermetallics  were  found  when  Au- 
20Sn  eutectic  was  used  to  bond  Fe  at  600-650°C  for  lOh.  Ni  bonded  at  1071°C  for  lOh  contained  40  wt.%  Cu  in  the  joint 
centerline  with  the  Cu  content  decreasing  gradually  with  increasing  distance  from  the  bondline.  Cu  content  in  the  bond 
centerline  decreased  to  35wt.%  at  1100°C  for  10  h.  The  concentration  profiles  of  Cu  in  a  Ni-Cu  diffusion  couple  were 
simulated  with  DICTRA/Thermocalc.  The  simulated  profiles  were  comparable  to  the  experimental  profiles.  The  ultimate 
tensile  strengths  obtained  for  Fe-Cu  system  were  245  and  276  MPa  at  1085±1  and  1090±1°C  for  10  h,  respectively. 

INTRODUCTION 

To  enhance  overall  efficiency,  the  operating  temperatures  of  aero-engines  and  power  generation  turbines  are  continuously 
increasing.  Higher  operating  temperatures  result  in  increased  effects  from  creep,  fatigue  and  corrosion  causing  rapid 
degradation  of  the  components.  This  damage  requires  the  repair  of  these  components  in  order  to  extend  their  total  life  and  to 
keep  the  material  costs  to  a  minimum.  Two  material  families  that  are  often  used  in  hot  sections  of  aero-engines  and  power 
generation  turbines  are  nickel-based  superalloys  and  stainless  steels.  Since  these  alloys  are  exposed  to  severe  operating 
conditions,  they  require  resistance  to  high  temperature  creep,  sufficient  tensile  strength  and  corrosion  resistance  [1].  For 
example,  stainless  steels  are  generally  used  in  process  plants,  petrochemical  industries,  aero-engine  hot  section  components, 
pump  and  valve  shafts,  steam  generators,  expansion  joints,  super-heaters,  re-heaters,  etc.  because  of  their  high  strength, 
ductility,  resistance  to  creep  and  resistance  to  corrosion  at  elevated  temperatures  [2]. 

The  most  widely  used  repair  process  for  metals  and  alloys  is  the  fusion  welding  process,  which  typically  involves  relatively 
large  scale  melting  at  the  joint  line  and  the  introduction  of  a  filler  metal.  Depending  on  the  material  chemistry,  borides  and 
silicides  can  be  formed  during  fusion  welding.  These  phases  are  brittle  and  detrimentally  affect  the  mechanical  properties  of 
the  joints  [3-5].  Also,  weldability  of  nickel-based  superalloys  largely  depends  on  the  Ti  and  Al  content.  Precipitation- 
hardened  nickel-based  superalloys  containing  high  Al  and  Ti  are  susceptible  to  heat  affected  zone  (HAZ)  cracking  during 
welding  and  post- weld  heat  treatment  [6-8].  Different  stainless  steels  also  show  intergranular  cracks  in  the  HAZ  during 
fusion  welding.  Fusion  welding  disrupts  the  ferrite-to-austenite  ratio  in  duplex  stainless  steels  [9].  In  contrast  to  fusion 
welding,  diffusion  bonding  is  a  joining  process  in  which  bonding  is  primarily  due  to  atomic  diffusion  between  base  metals 
and  filler  materials  (if  any).  Melting  may  occur,  as  in  the  case  of  transient  liquid  phase  (TLP)  bonding  in  which  a  filler  metal 
or  alloy  with  a  relatively  low  melting  temperature  is  used.  Joints  may  also  remain  solid  throughout  the  diffusion  bonding 
process  if  a  phase  with  a  higher  melting  temperature  forms  before  reaching  the  bonding  temperature.  Acceptable  joint 
morphology  depends  on  proper  control  of  the  thermodynamics  and  kinetics  of  the  materials  involved  in  the  joining  process. 
Transient  liquid  phase  bonding  (TLP),  or  diffusion  brazing,  has  become  a  preferred  method  of  joining  for  both  nickel-based 
superalloys  and  stainless  steels  [10].  Optimum  joint  quality  requires  proper  control  of  parameters  which  includes 
temperature,  time,  filler  alloy  composition  and  thickness. 
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To  simulate  diffusion-controlled  transformations,  two  steps  are  required:  (1)  calculation  of  the  thermodynamic  quantities,  and 
(2)  modeling  of  the  kinetics  of  the  transformation.  Thermocalc,  developed  at  the  Royal  Institute  of  Technology  in  Stockholm, 
can  predict  the  correct  equilibrium  state  in  multi-component  alloy  systems  [11].  DICTRA  (Diffusion  Controlled 
TRAnsformation),  can  simulate  the  diffusion  controlled  transformation  in  multi-component  systems  [12].  DICTRA  is  a  finite 
difference  code  and  uses  a  Newton-Raphson  iteration  technique  to  solve  the  multi-component  diffusion  equation.  In  solving 
the  diffusion  equation,  DICTRA  uses  kinetic  databases  and  recalls  thermodynamic  quantities  from  Thermocalc.  The  accuracy 
of  DICTRA  simulations  depends  on  the  accuracy  of  the  thermodynamic  and  kinetic  data  and  can  be  verified  by  comparison 
with  experimental  results. 

In  the  present  investigation,  commercially  pure  iron  and  nickel  are  diffusion  bonded  using  different  interlay ers.  The  ultimate 
goal  of  the  work  is  to  optimize  bonding  conditions,  including  temperature,  bonding  time,  interlayer  type  and  thickness,  with 
respect  to  the  resulting  joint  strength.  Joint  microstructures  and  chemical  compositions  are  reported.  The  concentration 
profiles  of  the  diffusing  species  in  a  diffusion  couple  are  simulated  using  DICTRA/Thermocalc  software  and  compared  with 
experimental  results. 

EXPERIMENTAL  METHOD 

Initial  studies  of  the  diffusion  bonding  joint  morphology  were  performed  using  base  metal  rods  with  a  diameter  of  6.35  mm, 
8  mm  long.  After  cutting,  the  samples  were  polished  to  a  1200  grit  finish  and  cleaned  in  an  ultrasonic  bath  using  isopropyl 
alcohol.  The  interlayer  foils  were  cut  the  same  diameter  as  the  base  metal  rods.  Immediately  after  cleaning,  the  samples  were 
placed  in  a  jig  and  put  in  a  tube  furnace.  The  tube  was  repeatedly  evacuated  and  purged  with  argon  gas.  All  bonding  was 
done  under  vacuum.  The  bonding  jig  was  made  of  Kovar  to  minimize  the  thermal  expansion  mismatch.  Following 
morphology  studies,  the  tensile  specimens  were  fabricated.  The  specimens  had  a  gauge  length  of  59±0.5  mm  and  diameter  of 
9.0±0.1  mm.  These  specimens  were  also  polished  to  a  1200  grit  finish  and  cleaned  in  ultrasonic  bath.  The  sample  geometries 
are  shown  in  Fig.  1. 
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Fig.  1  (a)  Schematic  of  diffusion  bond  geometry,  (b)  diffusion  bonded  sample  and  (c)  tensile  specimen  before  and  after 

diffusion  bond 


Cu  interlayer  was  used  for  bonding  both  commercially  pure  Fe  and  Ni  while  Au-20Sn  interlayer  was  used  for  Fe  only.  Cu  foil 
has  been  selected  because  it  does  not  form  any  intermetallics  with  either  Fe  or  Ni  and  it  has  a  melting  temperature  less  than 
either  of  the  base  metals.  The  thicknesses  were  100  and  25  urn  for  Cu  interlayers  and  100  urn  for  Au-20Sn  interlayers.  The 
bonding  temperatures  were  1050°C  to  1100°C  for  Cu  interlayers.  For  Au-20Sn  interlayers,  600-650°C  temperatures  were 
used.  Following  bonding,  the  morphology  samples  were  mounted  in  epoxy  and  polished  perpendicular  to  the  bondline  to 
prepare  for  metallography.  The  morphology  of  the  bonded  samples  was  examined  using  a  Hitachi  S-3400N  scanning  electron 
microscope  and  the  composition  and  different  phases  in  the  bond  area  were  determined  by  energy  dispersive  spectrometry 
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(EDS).  The  strength  of  the  tensile  specimens  were  measured  using  a  Shimadzu  AG-IS  50kN  universal  testing  machine. 
Samples  were  tested  under  a  cross-head  speed  of  lmm/min. 

For  the  numerical  simulation,  only  half  of  the  joint  was  used  modeled  due  to  symmetry.  The  integration  points  were  assumed 
to  be  linearly  distributed  throughout  the  Fe-Cu  diffusion  couple.  The  input  parameters  were  bonding  temperature,  bonding 
time,  heating  and  cooling  rate,  compositions  and  phases  of  the  diffusion  couple.  To  initiate  the  calculation,  the  Cu  region  was 
set  with  a  'seed'  of  0.001  wt.%  Ni  in  it  and  Ni  region  was  set  with  a  'seed'  of  0.1  wt.%  Cu  in  it. 

RESULTS  AND  DISCUSSION 
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Fig.  2  (a)  SEM  images  of  diffusion  bonded  Fe  using  Cu  interlay er  (25  jum)  at  1071°C  for  lOh,  (b)  magnified  image  of  (a)  and 
(c)  Concentration  profile  of  Cu  from  the  bond  centerline  to  the  interior  of  base  metal 


Initially,  1050°C  and  100  urn  C  foil  was  used  for  bonding  Fe,  but  the  interdiffusion  was  negligible.  The  temperature  was  then 
increased  to  1071  °C  and  the  foil  thickness  was  decreased  to  25  urn.  Fig.  2  shows  (a)  SEM  images  of  diffusion  bonded  Fe 
using  Cu  interlayer  (25  urn)  at  1071°C  for  lOh,  (b)  magnified  image  of  (a)  and  (c)  concentration  profile  of  Cu  from  the  bond 
centerline  to  the  interior  of  base  metal.  A  significant  amount  of  Cu  remained  at  the  centerline  of  the  joint.  The  thickness  of 
the  residual  Cu  was  -  20 urn  (the  foil  thickness  was  25  urn).  The  concentration  profile  indicates  that  the  Cu  concentration 
suddenly  dropped  just  after  interface  and  gradually  decreased  after  that.  The  Fe  content  in  the  residual  Cu  was  ~3  wt.%. 
According  to  the  Fe-Cu  phase  diagram  (Figure  3)  y-Fe  can  dissolve  -  7.2  wt.%  Cu  at  1100°C  and  8-Cu  can  dissolve  ~  4.15 
wt.%  Fe  at  the  same  temperature  [13].  So,  to  enhance  the  inter-diffusion,  the  bonding  temperature  was  increased  to  1 100°C. 
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Fig.  3  Phase  diagram  of  Fe-Cu  generated  using  Thermocalc  software  [11] 


Fig.  4  (a)  SEM  images  of  diffusion  bonded  Fe  using  Cu  interlay er  (25  urn)  at  1 100°C  for  lOh  and  (b)  the  concentration 
profile  of  Cu  taken  from  the  bond  centerline  to  the  interior  of  the  base  metal 

Fig.  4  shows  (a)  SEM  images  of  diffusion  bonded  Fe  using  Cu  interlayer  (25  urn  thick)  at  1100°C  for  lOh  and  (b)  the 
concentration  profile  of  Cu  taken  from  the  bond  centerline  to  the  interior  of  the  base  metal.  The  bond  centerline  contains  only 
-  7.4  wt.%  Cu.  In  diffusion  bonding  it  is  necessary  for  the  interlayer  to  diffuse  into  the  base  metal  as  completely  as  possible 
so  that  the  bond  strength  remains  close  to  that  of  the  base  metal.  However,  some  micro-pores  appeared  in  the  joint  area.  This 
might  be  due  to  the  fact  that  y-Fe  gets  supersaturated  at  7.2  wt.%  Cu  while  s-Cu  gets  supersaturated  at  4.15  wt.%  Fe  at 
1 100°C;  this  may  create  an  atomic  flux  imbalance.  Investigations  into  this  phenomenon  are  ongoing. 

Fig.  5  shows  SEM  images  of  diffusion  bonded  Fe  using  Au-20Sn  interlayer  (100  urn  thick)  (a)  at  600°C  for  lOh,  (b) 
magnified  image  of  (a)  and  (c)  at  650°C  for  lOh.  After  holding  at  600°C  for  10  h,  almost  all  interlayer  has  been  diffused  into 
the  base  metal.  The  thickness  of  the  residual  interlayer  was  less  than  a  micrometer  with  a  composition  of  40-45  wt.%  Au  and 
19-21  wt.%)  Sn.  The  joint  area  away  from  the  residual  interlayer  contains  a  maximum  of  4  wt.%>  Au  and  0.2  wt.%>  Sn  and 
decreased  gradually.  No  intermetallics  were  found  in  the  joint  area.  After  increasing  the  bonding  temperature  to  650°C,  the 
residual  interlayer  disappeared.  Fast  diffusion  occurred  at  such  a  low  temperature  because  the  Au-20Sn  eutectic  alloy  has  a 
melting  temperature  of  277°C. 
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Fig.  5  SEM  images  of  diffusion  bonded  Fe  using  Au-20Sn  interlay er  (100  urn)  (a)  at  600°C  for  lOh,  (b)  magnified  image  of 

(a)and(c)at650°Cforl0h 

Fig.  6  shows  (a)  SEM  image  of  diffusion  bonded  Ni  using  Cu  interlay  er  (25  urn  thick)  at  1071°C  for  10  h  and  (b)  measured 
and  predicted  (DICTRA)  concentration  profiles  of  Cu  from  the  bond  centerline  to  the  interior  of  base  metal.  The 
microstructures  of  the  base  metal  and  the  joint  area  were  not  distinguishable  because  Cu  and  Ni  form  a  complete  solid 
solution  in  any  composition  range.  The  composition  of  the  bond  centerline  was  -  40  wt.%  Cu  and  the  Cu  content  decreased 
gradually  away  from  the  bond  centerline.  DICTRA  was  able  to  capture  the  diffusion  behavior  of  the  system  quite  well. 
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Fig.  6  (a)  SEM  image  of  diffusion  bonded  Ni  using  Cu  interlayer  (25  um)  at  1071°C  for  10  h  and  (b)  concentration  profile  of 
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Fig.  7  (a)  SEM  image  of  diffusion  bonded  Ni  using  Cu  interlayer  (25  um)  atl  100°C  for  10  h  and  (b)  concentration  profile  of 

Cu  from  the  bond  centerline  to  the  interior  of  base  metal 

Fig.  7  shows  (a)  SEM  image  of  diffusion  bonded  Ni  using  Cu  interlayer  (25  urn  thick)  atll00°C  for  10  h  and  (b)  measured 
and  predicted  concentration  profiles  of  Cu  from  the  bond  centerline  to  the  interior  of  base  metal.  At  the  1100°C  bonding 
temperature,  the  Cu  content  at  the  bondline  decreased  to  -  35  wt.%  and  gradually  decreased  with  distance  from  the 
centerline,  as  found  in  the  previous  condition.  Cu  also  diffused  farther  from  the  bondline  than  before.  In  Fig.  6  and  Fig.  7,  the 
centerline  of  the  joint  is  shown  with  a  broken  line.  The  DICTRA-simulated  profile  agreed  well  with  the  experimental  profile 
for  this  condition. 

The  average  tensile  strength  for  commercially  pure  Fe  is  495  MPa  and  for  annealed  Cu  is  240  MPa.  The  Fe-Cu  joint  bonded 
at  1085±1°C  for  10  h  had  a  measured  strength  of  245  MPa  and  the  strength  increased  to  276  MPa  when  bonded  at  1090±1°C. 
Under  both  of  these  bonding  conditions,  residual  Cu  remained  in  the  joint  area.  The  measured  joint  strength  was  slightly 
higher  than  that  of  pure  Cu.  The  strength  increased  beyond  Cu  strength  because  of  solid  solution  effect  as  the  residual  Cu 
contained  small  percentage  of  Fe  (-3  wt.%).  The  strength  of  Fe-Cu  system  is  yet  to  be  optimized  while  the  strengths  of  other 
systems  (Fe-(Au-20Sn),  Ni-Cu)  have  yet  to  be  determined. 

CONCLUSION 

Fe  was  diffusion  bonded  using  Cu  and  Au-Sn  interlay ers  without  forming  any  intermetallics.  However,  residual  Cu  of 
approximately  20  urn  thick  was  found  in  the  joint  centerline  at  1071°C  for  10  h.  At  1100°C  for  10  h  of  bonding,  the  Cu 
content  in  the  bond  centerline  was  -7.15  wt.%,  but  some  micro-pores  appeared  in  the  joint  area  which  could  potentially 
decrease  the  strength  of  the  joint.  Au-20Sn  eutectic  interlayers  allowed  bonding  Fe  at  650°C  for  10  h  without  having  any 
residual  interlayer  material  at  centerline.  Ni  bonded  at  1071°C  for  10  h  contained  40  wt.%  Cu  and  at  1100°C  for  10  h 
contained  35  wt.%  Cu  at  the  centerline.  The  simulated  profiles  using  DICTRA/Thermocalc  software  for  Ni-Cu  system  agreed 
well  with  the  profiles  obtained  experimentally.  The  strengths  found  for  Fe-Cu  joint  were  245  and  276  MPa  at  1085±1  and 
1090±1°C,  respectively. 
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ABSTRACT:  Stable  tearing  with  crack  tunneling  in  ductile  materials  has  been  commonly  observed,  but  a  quantitative 
understanding  of  the  3D  complicated  crack  tunneling  phenomena  is  very  limited.  In  particular,  the  correlation  between  the 
driving  force  and  fracture  toughness  during  stable  tearing  with  crack  tunneling  has  not  been  well  evaluated.  In  the  current 
study,  modeling  efforts  have  been  made  to  simulate  stable  tearing  events  with  crack  tunneling  and  slanting  under  remote 
tension  in  A2024-T3  plate  specimens  of  two  thickness  values  (2.286mm  and  6.35mm).  It  is  observed  that  values  of  CTOD, 
stress  constraint  and  the  Lode  stress  parameter  vary  in  the  specimen  thickness  direction.  For  the  thinner  specimen,  a  higher 
stress  constraint  and  a  lower  CTOD  in  the  midsection  of  the  crack  front  are  found,  and  the  critical  CTOD  decreases 
approximately  linearly  with  an  increasing  constraint  and  is  weakly  dependent  on  the  Lode  stress  parameter.  The  variations  of 
CTOD,  the  stress  constraint  and  the  Lode  parameter  in  the  two  plate  specimens  in  the  thickness  direction  are  very  similar,  but 
the  magnitudes  of  these  parameters  near  the  midsection  of  the  crack  front  increase  significantly  in  the  thicker  specimen.  The 
approximate  linear  correlations  in  the  two  specimens  between  constraint  and  CTOD  are  not  identical,  probably  due  to  the 
coupled  effects  of  constraint  and  the  Lode  stress  parameter  in  this  midsection  region  of  the  crack  front. 

1.     Introduction 

Crack  tunneling  has  been  observed  in  stable  tearing  experiments  in  ductile  materials  under  tension  or  combined  tension 
torsion  loading  [1-5].  For  a  specimen  containing  a  through-thickness  crack  with  an  initially  straight  crack  front,  as  the 
specimen  is  loaded  monotonically,  the  midsection  of  the  crack  front  will  advance  first  and  then  the  rest  of  the  crack  front  will 
grow,  leading  to  the  formation  of  thumbnail  shaped  crack- front  profiles  [1,  3,  6].  In  addition  to  tunneling,  slant  crack  growth 
may  also  occur  in  ductile  materials  [3,  4]. 

As  can  be  seen,  stable  tearing  is  a  complicated  three-dimensional  fracture  process.  One  important  subject  of  stable  tearing 
fracture  investigation  is  to  understand  the  mechanism  for  the  crack  growth  in  ductile  materials  and  to  develop  a  general 
fracture  criterion  to  predict  the  three-dimensional  fracture  process  (for  both  the  instant  and  direction  of  crack  growth)  [6]. 
Due  to  the  complexity  of  the  fracture  process  accompanied  by  large  deformation  and  large-scale  yielding  that  develops  in 
ductile  materials  under  stable  tearing,  there  is  currently  no  general  fracture  criterion  available  for  crack  growth  in  ductile 
materials.  Of  the  various  approaches  available  [7-13],  a  generalized  mixed-mode  I/II  crack  tip  opening  displacement  (CTOD) 
has  been  shown  to  be  a  viable  crack  growth  parameter  for  ductile  materials  (e.g.,  2024-T3  aluminum  alloy)  under  combined 
tension  (mode  I)  and  in-plane  shear  (mode  II)  loading  conditions. 

From  the  point  of  view  of  fracture  mechanics,  crack  tunneling  might  occur  first  in  a  specimen's  center  section  due  to  a  lower 
fracture  toughness  and/or  a  higher  driving  force  in  the  specimen's  center  section  (relative  to  the  specimen  surface)  so  that  the 
operating  fracture  criterion  is  satisfied  first  in  the  middle  portion  of  the  crack  front.  For  example,  a  higher  stress  triaxiality 
(also  called  the  stress  constraint)  in  the  specimen's  center  section  promotes  void  nucleation,  growth  and  coalescence,  leading 
to  a  lower  fracture  toughness  there  and  thus  crack  growth  first  in  the  interior  of  the  specimen  instead  of  at  the  specimen 
surface  [6,  14]. 

Recent  work  by  Zuo  et  al.  [6]  has  shown  that  the  critical  CTOD  is  a  strong  function  of  the  stress  constraint  or  triaxiality  (ratio 
of  the  mean  stress  to  the  von  Mises  effective  stress).  Using  a  custom  simulation  code,  CRACK3D,  and  the  measured  slant 
fracture  surface  and  tunneled  crack  front  shapes  in  a  2.3mm  thick  2024-T3  specimen  under  tension  loading,  they  obtained  the 
through-thickness  variations  of  constraint  along  crack  fronts  and  established  a  relationship  between  constraint  and  critical 
COD  for  the  crack  growth  process,  which  can  be  approximated  by  a  straight  line  for  the  range  of  observed  constraint  values. 
The  reduction  in  the  critical  CTOD  near  the  specimen  centerline  suggests  that  crack  growth  occurs  first  near  the  specimen 
centerline,  with  the  specimen  surfaces  lagging  behind  due  to  a  lower  constraint  in  this  region.  Using  the  obtained  CTOD  vs. 
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constraint  relationship,  the  shape  of  tunneled  flaws  during  stable  tearing  in  a  thin,  2024-T351,  LT  specimen  undergoing 
nominally  Mode  I  loading  was  successfully  predicted. 

Mahmoud  and  Lease  [15]  investigated  the  effect  of  specimen  thickness  on  the  surface  CTOA  in  2024-T351  aluminum  alloy 
with  thicknesses  of  2.3,  6.35,  12.7,  and25.4  mm.  The  critical  CTOA  was  shown  to  decrease  with  increasing  specimen 
thickness  and  appears  to  possibly  be  approaching  a  lower  limiting  value.  However,  there  is  very  limited  quantitative 
investigation  in  the  open  literature  on  the  variation  of  the  constraint  with  specimen  thickness  and  on  the  validation  of  the 
correlation  between  CTOD  and  constraint  when  the  specimen  thickness  changes.  In  addition  to  the  work  by  Zou  et  al  [6],  the 
only  work  in  this  area  can  be  found  by  Johnston  and  James  [16].  They  investigated  the  relationship  between  constraint  and 
the  critical  crack  tip  opening  angle  (CTOA)  (which  is  equivalent  to  CTOD)  in  a  6.35mm  thick  2024-T351,  LT  plate  under 
tensile  loading,  where  the  measured  load  and  FLAT  fracture  (no  slanting)  tunneling  data  were  used  as  input  for  the  finite 
element  analysis.  Similar  to  the  results  by  Zuo  et  al  [6],  an  inverse  linear  relationship  between  the  constraint  and  CTOA  was 
observed.  They  also  found  that  the  angle  along  the  crack  front  monotonically  increases  from  the  centerline  to  the  surface  for  a 
given  amount  of  surface  crack  growth,  however,  no  through  thickness  variations  of  constraint  were  provided  [16]. 

Although  similar  relationships  between  constraint  and  critical  CTOD  or  CTOA  were  observed  in  2024-T351  specimens  with 
different  thickness  (T=2.3mm  by  Zuo  et  al  [6]  and  T=6.35mm  by  Johnston  et  al  [16]),  a  careful  comparison  of  the  results  by 
Zuo  et  al  [6]  and  those  by  Johnston  et  al  [16]  reveals  that  a)  both  T=2.3mm  and  T=6.35mm  specimens  have  almost  the  same 
constraint  range  from  0.5  to  1.3  for  tunneled  cracks,  instead  of  a  higher  constraint  for  T=6.35mm  specimen;  b)  the  maximum 
CTOA  (corresponding  to  a  surface  CTOA)  in  the  T=6.35mm  specimen  obtained  in  [16]  is  about  14°,  which  is  much  greater 
than  the  averaged  experimental  measurement  of  5.17°  [15].  As  can  be  seen,  whether  and  how  constraint  and  CTOD  (or 
CTOA)  vary  along  tunneled  crack  fronts  in  ductile  specimens  with  different  thicknesses  need  to  be  further  clarified.  A 
particular  question  that  needs  to  be  answered  is  whether  the  constraint-critical  CTOD  (or  CTOA)  relation  depends  on  the 
plate  thickness.  If  yes,  then  the  critical  CTOD  must  depend  on  not  only  constraint  but  also  some  other  stress  state  parameters, 
such  as  the  Lode  parameter  (which  is  related  to  the  3rd  stress  invariant  and  reflect  the  role  of  the  2nd  principal  stress  [17]). 

The  objective  of  this  paper  is  to  investigate  (a)  the  variations  of  constraint  and  CTOD  along  tunneled  crack  fronts  in 
specimens  with  different  thicknesses,  (b)  the  effect  of  constraint  on  CTOD  in  different  thickness  specimens,  and  (c)  the  effect 
of  the  Lode  stress  parameter  on  the  critical  CTOD. 

2.  Experimental  conditions  and  crack  tunneling  measurement 

Fig.l  presents  the  major  dimensions  of  tension  torsion  loading  specimens  for  T=2.286  and  6.35mm  thick  AA2024-T3  sheets. 
The  pre-crack  length  for  T=2.286mm  and  6.35mm  specimens  are  respectively  12.7mm  and  25.4mm.  The  specimen  has  an  LT 
orientation,  i.e.,  the  loading  direction  is  along  the  longitudinal  rolling  direction  and  the  crack  is  along  the  transversal 
direction. 

The  engineering  tensile  curves  for  AA2024-T3  plates  with  different  thickness  are  shown  in  Fig. 2.  No  significant  difference 
was  observed  for  tensile  curves  from  different  thicknesses  of  AA2024-T3  plates  (from  2.286  mm  to  12.7mm). 

Experimental  measurement  results  for  crack  tunneling  in  T=2.286mm  and  6.35mm  thick  AA2024-T3  plates  under  pure 
tension  loading  (ST/SP=0)  are  presented  in  Fig. 3,  where  the  corresponding  load  levels  for  each  crack  front  are  also  shown. 
The  experimental  procedure  to  assess  the  crack  tunneling  can  be  found  in  reference  [1,3]. 

It  should  be  pointed  out  that  slant  fracture  surfaces  were  observed  in  all  these  experiments.  The  three-dimensional  digital 
image  correlation  technique  [3,10]  was  used  to  measure  the  three-dimensional  profiles  for  the  slant  fracture  surfaces 
including  tunneled  crack  fronts,  which  were  used  as  input  for  the  finite  element  analysis  (reference  to  Fig. 5). 

3.  Finite  element  simulation  procedures 

To  analyze  and  understand  the  fracture  behavior  around  the  actual  3D  crack  fronts,  the  experimentally  measured  fracture 
surface  and  crack  front  profiles  are  built  into  finite  element  models.  A  custom  finite  element  simulation  code,  CRACK3D  [6, 
18,  19],  developed  at  the  University  of  South  Carolina,  is  used  to  simulate  the  crack  growth  process  during  stable  tearing. 
Pre-processing  and  post-processing  are  done  in  an  ANSYS  environment.  The  nodal  release  option  in  CRACK3D  is  used. 
CRACK3D  performs  displacement  controlled  loading  in  small  increments  and  evaluates  the  resulting  load  at  each  loading 
interval.  At  specified  loading  levels  corresponding  to  experimentally  observed  crack  fronts,  the  node  pairs  between  the 
current  and  next  crack  fronts  are  released  sequentially  in  accordance  with  experimental  load  versus  crack  front  data.  The 
detailed  procedures  were  outlined  in  ref.  [6]. 

To  reduce  the  loading  step  and  thus  help  the  crack  growth  simulation  run  smoothly,  interpolated  crack  fronts  were  obtained 
and  built  into  the  finite  element  models.  Fig. 4  shows  measured  (solid  lines)  and  interpolated  (dashed  lines)  crack  fronts  for 
finite  element  models  in  T=2. 286mm  and  6.35mm  thick  AA2024-T3  plates  under  pure  tension  loading  (ST/SP=0).  The 
corresponding  load  levels  for  the  interpolated  crack  fronts  are  also  obtained  by  interpolation. 
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Fig. 5  presents  the  geometry  models  for  T=2. 286mm  and  6.35mm  AA2024-T3  plates  under  pure  tension  loading  (ST/SP=0), 
into  which  the  experimentally  measured  slant  fracture  surfaces  with  tunneled  crack  fronts  are  built. 

Values  of  fracture  parameters,  such  as  the  generalized  CTOD  (which  is  the  magnitude  of  the  vector  formed  by  the  differences 
of  the  displacement  components  of  the  upper  and  lower  crack  surfaces  at  a  certain  fixed  distance  behind  the  crack  front),  the 
stress  constraint  and  the  Lode  stress  parameter  at  the  actual  3D  crack  fronts  are  evaluated  right  before  the  nodal  release.  In 
the  analysis,  suppose  C\,  a2,  and  G3  (in  decreasing  order)  are  the  principal  stresses,  then  the  stress  constraint  is  defined  by  the 
ratio  Gm/ae,  where  Gm  is  the  mean  stress  and  oe  is  the  von  Mises  effective  stress,  and  the  Lode  stress  parameter  is  defined  by 
u=  -  (2c2-Ci-c3)/(  Ci-c3).  As  discussed  in  ref  [6],  integrated  average  values  for  stress  constraint  are  obtained  by  integrating 
the  stress  constraint  over  a  small  distance  of  0.3mm  ahead  of  the  crack  front,  in  the  direction  normal  to  the  crack  front  for 
interior  nodes,  within  the  plane  of  the  crack  surface;  for  nodes  on  the  specimen  surfaces,  numerical  integration  is  along  the 
specimen  surfaces.  Integrated  average  values  for  the  Lode  stress  parameter  are  also  obtained  similarly.  For  CTOD  in  this 
study,  it  is  chosen  to  be  computed  at  0.3mm  behind  the  crack  front  along  a  line  normal  to  the  crack  front  for  interior  nodes 
and  along  the  specimen  surface  for  surface  nodes.  As  can  be  seen  from  the  crack  profiles  shown  in  Fig. 3,  the  crack  was 
tunneled  so  severely  in  the  middle  region  of  a  crack  front  especially  for  thicker  specimen,  a  point  at  a  distance  greater  than 
0.3mm  behind  a  severely  tunneled  crack  front  along  a  line  normal  to  the  crack  front  may  be  too  close  to  other  parts  of  the 
crack  front,  making  this  point  inappropriate  for  getting  accurate  CTOD  values  (in  general  the  location  where  CTOD  is 
computed  should  not  be  too  close  to  the  crack  front  in  order  to  avoid  using  extremely  small  elements  to  achieve  CTOD 
convergence  [6]). 

4.     Results  and  Discussion 

Two  meshes  are  used  to  perform  the  mesh  convergence  study  for  the  crack  growth  in  T=2.286  thick  AA2024-T3  plate  under 
pure  tension  loading:  Mesh  I  with  20,215  nodes  and  11,326  elements  and  Mesh  II  with  45,302  nodes  and  27,141  elements  (as 
shown  in  Fig. 5  (a)).  Mesh  II  are  obtained  by  bisection  each  edge  of  elements  in  3D  space  near  the  crack  surface  region  of 
mesh  I.  Fig. 6  shows  comparisons  of  through-thickness  variations  of  constraint  (Am),  the  Lode  stress  parameter  and  CTOD 
(@  0.3mm  behind  crack  front)  for  measured  crack  Front  4  from  Mesh  I  (with  an  element  size  of  0.2  mm  around  the  crack 
front)  and  refined  Mesh  II  (with  an  element  size  of  0.1  mm  around  the  crack  front)  in  T=2. 286mm  thick  AA2024-T3  plate 
under  pure  tension  loading  (ST/SP=0).  As  can  be  seen,  very  close  results  from  Mesh  I  and  refined  Mesh  II  are  obtained 
respectively  for  stress  constraint  (Am),  the  Lode  stress  parameter  and  CTOD  (@ 0.3mm  behind  crack  front).  Similar  mesh 
convergence  study  is  also  performed  for  T=6.35mm  thick  specimen  under  tension  loading  and  converged  results  are  obtained. 

Fig. 7  shows  through  thickness  variations  and  averages  of  constraint  (Am),  the  Lode  stress  parameter  and  CTOD  for 
measured  crack  fronts  in  T=2. 286mm  thick  AA2024-T3  plate  under  pure  tension  loading  (ST/SP=0).  As  can  be  seen,  the 
CTOD  through  thickness  variation  for  Crack  Front  3  is  somehow  different  from  those  for  Crack  Fronts  4,  5  and  6.  For  Crack 
Front  3  CTOD  increases  from  the  minimum  at  the  mid-thickness  location  to  its  maximum  at  the  free  surfaces  of  the 
specimen,  while  for  the  rest  of  the  crack  fronts,  CTOD  increases  as  the  location  from  the  mid-plane  to  the  free  surface 
reaches  it  maximum  at  about  lzl=0.8mm  and  then  decreases.  The  difference  might  be  related  to  the  crack  front  profiles  as 
shown  in  Fig.4,  where  Crack  Front  3  profile  is  different  from  those  of  Crack  Fronts  4,  5  and  6,  but  the  reasons  behind  this 
behavior  need  to  be  further  investigated. 

The  following  trends  can  be  observed  from  the  averaged  variation  of  constraint,  CTOD  and  Lode's  stress  parameter,  a) 
constraint  varies  along  a  crack  front  from  a  higher  value  at  the  mid-plane  region  to  a  lower  value  near  the  crack  surfaces,  b) 
CTOD  along  the  crack  front  increases  from  the  mid-plane  (z=0mm)  to  lzl=0.8mm,  and  then  reaches  a  plateau  or  drops 
slightly  near  the  surface  regions,  c)  the  averaged  Lode's  stress  parameter  along  crack  front  oscillates  from  lzl=0  to  0.15mm, 
with  its  minimum  near  lzl=0.7mm  and  maximum  near  lzl=0.25mm.  The  observed  trends  for  constraint  and  CTOD  are 
consistent  with  the  results  published  in  ref.  [6]. 

Fig. 8  shows  the  through-thickness  variations  and  the  averages  of  constraint  (Am),  Lode's  stress  parameter  and  CTOD 
(@ 0.3mm  behind  crack  front)  for  measured  crack  fronts  in  6.35mm  thick  AA2024-T3  plate  under  pure  tension  loading 
(ST/SP=0).  A  comparison  of  Fig. 8  with  Fig.7  reveals  that  the  through-thickness  variations  of  constraint,  CTOD  and  Lode's 
stress  parameter  in  both  T=2.286mm  and  T=6.35mm  thick  specimens  are,  respectively,  very  similar. 

Shown  in  Fig.9  is  a  comparison  of  through-thickness  variations  of  averaged  constraint  (Am),  Lode's  stress  parameter  and 
CTOD  in  2.286mm  thick  and  6.35mm  thick  AA2024-T3  plates  under  pure  tension  loading,  where  the  normalized  thickness  is 
used.  As  stated  in  Section  3,  the  calculation  of  constraint  and  Lode's  parameter  should  be  along  the  normal  direction  of  the 
crack  front  at  that  node,  but  for  nodes  on  and  near  the  specimen  surfaces,  the  normal  direction  at  that  node  is  usually  towards 
outside  of  the  specimen,  so  there  is  no  data  there  to  obtain  the  numerical  integration.  As  such,  the  integration  directions  for 
these  nodes  on  or  near  the  specimen  surfaces  were  along  the  specimen  surfaces.  To  reduce  the  numerical  errors  due  to  this 
assignment,  the  two  data  points  near  each  surface  should  be  removed.  The  solid  lines  in  Fig.9  reflect  this  consideration.  The 
following  observations  can  be  made: 
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a)  The  variation  shapes  of  constraint  along  specimen  thickness  direction  in  both  specimen  thickness  (T=2.3mm  and  6.35mm) 
are  very  similar,  with  a  higher  constraint  in  the  crack  mid-point  region  and  a  lower  constraint  near  the  crack  surfaces. 
However,  the  overall  constraint  value  for  a  given  point  along  the  crack  front  increases  with  increasing  specimen  thickness, 
for  example,  the  mid-plane  constraint  increases  significantly  from  1.22  in  T=2.3mm  to  1.78  in  T=6.35mm  specimen  (about 
45%  increase). 

b)  The  overall  trend  in  the  through-thickness  variation  of  Lode's  stress  parameter  in  the  thicker  specimen  is  generally  similar 
to  that  in  the  thinner  specimen  except  that  there  is  a  shallow  minimum  in  the  mid-point  for  thinner  specimen.  The  value  of 
Lode's  stress  parameter  near  the  surfaces  in  both  specimen  thicknesses  oscillates  around  0,  but  when  the  normalized  length 
varies  from  -0.4  to  0.4,  the  amplitude  of  Lode' s  stress  parameter  in  the  thicker  specimen  rises  rapidly  to  0.422,  much  greater 
than  0.154  in  thinner  specimen  (about  174%  increases). 

c)  For  both  specimen  thickness  (T=2.3mm  and  6.35mm),  CTOD  varies  along  a  crack  front  from  a  lower  value  in  the  mid- 
section region  to  a  higher  value  near  the  crack  surfaces.  The  averaged  through-thickness  CTOD  values  near  the  specimen 
surface  regions  (-0.8  to  -0.4  and  0.4  to  0.8  in  normalized  length)  are  almost  identical  for  T=6.35mm  and  T=2.3mm  thick 
specimens.  This  is  consistent  with  the  experimental  results  for  surface  CTOA  in  2024-T351  specimens  with  different 
thickness  [15].  CTOD  in  the  mid-plane  region  increases  about  18%  (from  0.0272mm  to  0.0320mm)  with  increasing  specimen 
thickness. 

d)  By  comparing  the  through-thickness  variations  of  CTOD,  constraint  and  Lode's  stress  parameter  in  Fig.9,  it  is  revealed 
that  the  increase  of  constraint  near  the  crack  surface  regions  (-0.8  to  0.4  or  0.4  to  0.8  for  normalized  thickness)  in  the  thicker 
specimen  does  not  bring  up  much  CTOD  changes  in  this  region,  while  the  increase  of  CTOD  in  the  midsection  (-0.4  to  0.4 
for  normalized  thickness)  of  the  crack  front  in  the  thicker  specimen  is  well  correlated  with  the  increase  of  Lode's  stress 
parameter.  This  implies  that  in  the  thicker  specimen,  in  addition  to  constraint,  the  Lode's  stress  parameter  also  has  an  effect 
on  the  fracture  toughness. 

Based  on  the  results  (with  two  data  points  near  crack  surfaces  was  removed)  shown  in  Fig.9,  the  effect  of  constraint  and 
Lode's  stress  parameter  on  the  critical  CTOD  in  specimens  with  T=2.3mm  and  6.35mm  are  obtained  and  plotted  in  Fig.  10. 
As  can  be  seen  for  T=2. 286mm,  the  critical  CTOD  decreases  almost  linearly  with  increasing  stress  constraint  (Am),  but 
weakly  depends  on  the  Lode's  stress  parameter  (LSP).  The  linear  fitting  equations  for  T=2. 286mm  are  respectively, 

CTOD=0.0949-0.0574Am  (R2  =  0.9035)  (1) 

CTOD=0.0461-0.1255  LSP  (R2  =  0.4926)  (2) 

For  T=6.35mm,  the  linear  fitting  equations  are: 

CTOD=0.0787-0.0282Am  (R2  =  0.8395)  (3) 

CTOD=0.0411-0.0313  LSP  (R2  =  0.628)  (4) 

Equations  (1)  to  (4)  and  results  in  Fig.9  indicate  that  for  a  thin  specimen,  the  effect  of  constraint  on  CTOD  is  dominant  where 
the  effect  of  the  Lode's  parameter  is  low;  when  the  specimen's  thickness  is  increased,  the  Lode's  stress  parameter  in  the 
midsection  region  increases  dramatically  and  its  effect  on  CTOD  also  increases.  This  implies  that,  for  a  thicker  specimen 
where  the  second  principal  stress  is  important,  constraint  alone  may  not  be  sufficient  to  describe  the  stress  state  and  other 
stress  state  parameters,  such  as  the  Lode's  stress  parameter,  should  be  taken  into  consideration. 

5.     Conclusions 

Modeling  efforts  have  been  made  to  simulate  stable  tearing  events  with  crack  tunneling  and  slanting  under  pure  tension  for 
2.286mm  and  6.35mm  thick  AA2024-T3  plates  by  using  the  custom  simulation  code  CRACK3D  along  with  pre-processing 
and  post-processing  in  ANSYS.  Experimentally  measured  crack  fronts,  fracture  surfaces  and  load-crack  extension  curves  are 
used  as  simulation  input  data.  The  nodal  release  option  in  CRACK3D  is  used  to  control  the  crack  growth  process.  Fracture 
parameter  values,  such  as  the  generalized  crack  tip  opening  displacement  (CTOD),  the  stress  constraint  and  the  Lode's  stress 
parameter,  at  actual  3D  crack  fronts  are  evaluated  right  before  the  crack  growth.  The  through  thickness  variations  of  these 
parameters  and  the  effect  of  stress  constraint  and  Lode's  stress  parameter  on  critical  CTOD  have  been  established  for  the  two 
simulation  cases.  The  following  conclusions  can  be  made: 

1)  Values  of  CTOD,  stress  constraint  and  the  Lode  stress  parameter  ahead  of  the  crack  front  vary  in  the  specimen  thickness 
direction. 

2) For  different  thicknesses,  the  variation  of  CTOD,  stress  constraint  or  the  Lode  stress  parameter  along  the  thickness 
direction  is  very  similar. 

3) Critical  CTOD  decreases  with  increasing  stress  constraint.  In  thin  specimen,  the  effect  of  constraint  on  CTOD  is  dominant. 
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4) The  effect  of  Lode's  stress  parameter  on  CTOD  is  weak  for  thin  specimen  and  increases  for  thicker  specimen. 

Acknowledgments 

The  authors  gratefully  acknowledge  the  support  of  the  NASA  Langley  Research  Center. 

References: 

[I]  D.S.  Dawicke  and  M.A.  Sutton,  "CTOA  and  Crack  Tunneling  Measurements  in  Thin  Sheet  2024-T3  Aluminum  Alloy", 
Experimental  Mechanics,  34  (4),  357-369  (1994). 

[2]     Boone,  M.  L.,  1999,  "Characterization  of  Stable  Tearing  in  Thin  Sheet  of  2024-T3  Aluminum  Alloy  under  Tension- 
Torsion  Loading  Conditions,"  MS  thesis,  University  of  South  Carolina,  Columbia,  SC. 
[3]     Sutton  M.A.,  Helm  J.D.  and  Boone  M.L.  2001.  Experimental  Study  of  Crack  Growth  in  Thin  Sheet  Material  under 

Tension-Torsion  Loading,  International  Journal  of  Fracture  109  285-301 
[4]     James,  M.  A.,  and  Newman,  J.  C,  Jr.,  2003,  "The  Effect  of  Crack  Tunneling  on  Crack  Growth:  Experiments  and  CTOA 

Analysis,"  Eng.  Fract.  Mech.,  70,  pp.  457-468. 
[5]     B.E.  Amstutz,  M.A.  Sutton  and  D.S.  Dawicke,  "Experimental  Study  of  Mixed  Mode  I/II  Stable  Crack  Growth  in  Thin 

2024-T3  Aluminum",  ASTM  STP  1256,  26,  256-273  (1995). 
[6]     J.  Zuo,  X.  Deng,  M.A.  Sutton,  and  C-S  Cheng,  Three-Dimensional  Crack  Growth  in  Ductile  Materials:  Effect  of  Stress 

Constraint  on  Crack  Tunneling,  ASME  Journal  of  Pressure  Vessel  Technology  130,  031401.1  -.8  (2008). 
[7]     Hutchinson,  J.  W.,  and  Paris,  P.  C,  1979,  "Stability  Analysis  of  J-Controlled  Crack  Growth,  Elastic-Plastic  Fracture," 

ASTM  STP  668. 
[8]     Chao,  Y.  J.,  and  Sutton,  M.  A.,  1994,  "On  the  Fracture  of  Solids  Characterized  by  One  or  Two  Parameters:  Theory  and 

Practice,"  J.  Mech.  Phys.  Solids,  42,  pp.  269-647. 
[9]     Ma,  R,  Deng,  X.,  Sutton,  M.  A.,  and  Newman,  J.  C,  Jr.,  1999,  "A  CTOD  Based  Mixed-Mode  Fracture  Criterion," 

ASTM  STP  1359. 
[10]  J.-H.  Yan,  M.  A.  Sutton,  X.  Deng,  Z.  Wei  and  Pablo  Zavattieri.    Mixed-mode  crack  growth  in  ductile  thin-sheet 

materials  under  combined  in-plane  and  out-of-plane  loading.  Int  J  Fract  (2009)  160:169-188 

[II]  Sutton,  M.  A.,  Deng,  X.,  Ma,  F.,  Newman,  J.  C,  Jr.,  and  James,  M.,  2000,  "Development  and  Application  of  a  Crack 
Tip  Opening  Displacement-Based  Mixed  Mode  Fracture  Criterion,"  Int.  J.  Solids  Struct.,  37,  pp.  3591-3618. 

[12]  Dawicke,  D.  S.,  Sutton,  M.  A.,  Newman,  J.  C,  Jr.,  and  Bigelow,  C.  A.,  1993,  "Measurement  and  Analysis  of  Critical 

CTOA  for  an  Aluminum  Alloy  Sheet,"  NASA  Langley  Research  Center,  NASA  TM  109024. 
[13]  F.  Ma,  X.  Deng,  M.A.  Sutton,  "Plane  Strain  Mixed  Mode  Crack-Tip  Stress  Fields  Characterized  by  A  Triaxial  Stress 

Parameter  and  A  Plastic  Deformation  Extent  Based  Characteristic  Length",  Journal  of  the  Mechanics  and  Physics  of 

Solids,  49,  292-2953  (2001). 
[14]  Weiming  Lan,  Xiaomin  Deng,  Michael  A.  Sutton.  Investigation  of  crack  tunneling  in  ductile  materials.  Engineering 

Fracture  Mechanics  77  (2010)  2800-2812 
[15]   Samer  Mahmoud  and  Kevin  Lease,  The  effect  of  specimen  thickness  on  the  experimental  characterization  of  critical 

crack-tip-opening  angle  in  2024-T351  aluminum  alloy,  Engineering  Fracture  Mechanics  70  (2003)  443-456 
[16]  William  M.  Johnston  and  Mark  A.  James.  A  Relationship  between  Constraint  and  the  Critical  Crack  Tip  Opening 

Angle.  NASA/CR-2009-215930,  2009 
[17]  R.A.C.  Slater,  Engineering  Plasticity:  Theory  and  Application  to  Metal  Forming  Processes,  MacMillan,  London,  1977. 
[18]  J.  Zuo,  M.A.  Sutton  and  X  Deng,  "Basic  studies  of  ductile  failure  processes  and  implications  for  fracture  prediction", 

Fatigue  and  Fracture  of  Engineering  Materials, ,  27,  231-243  (2004). 
[19]  J.  Zuo,  X.  Deng  and  M.  A.  Sutton,  "Computational  Aspects  of  3D  Crack  Growth  Simulations",  Paper  #  IMECE  2004- 

60699,  Proc.  of  2004  ASME  International  Mechanical  Engineering  Congress,  Nov.  13-20,  2004,  Anaheim,  CA. 


558 


^^     i  9.53 


12.7  dia.  Hole, 
6  places 


Rolling  Direction 


15.24^ 


i^U 


P  re-crack 
Lp  front 


€P  dp  cP 


h- 


A 


221 


0.05  0.1  0.15  0.2 

Eng.  strain,  mm/mm 


0.25 
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Fig.2   Engineering    tensile   curves    for   T=2. 286mm, 
6.35mm  and  12.7mm  thick  AA2024-T3  plates 
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Fig.3  Experimental  measurement  results  for  crack  tunneling  in  T=2.286  and  6.35mm  thick  AA2024-T3  plate  under 
pure  tension  loading  (ST/SP=0) 
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Fig.4  Crack  fronts  (solid  lines  for  measured  ones  and  dashed  lines  for  interpolated  ones)  used  in  the  modeling  in 
T=2.286mm  and  6.35mm  thick  AA2024-T3  plate  under  pure  tension  loading  (ST/SP=0). 
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(a)T=2 .286mm  with  45 302  nodes  and  27 14 1  elements 


(b)T=6. 3 5mm  with  46651  nodes  and  30734  elements 


Fig.5  Geometry  models  for  (a)  T=2.286mm  and  (b)  T=6.35mm  AA2024-T3  plate  under  pure  tension  loading  (ST/SP=0) 
showing  crack  tunneling  and  slanting 
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Fig.6  Through  thickness  variations  of  constraint  (Am),  Lode's  stress  parameter  and  CTOD  (@ 0.3mm  behind  crack 
front)  for  measured  crack  front  4  from  Mesh  I  and  refined  Mesh  II  in  T=2. 286mm  thick  AA2024-T3  plate  under  pure 
tension  loading  (ST/SP=0). 
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Fig.7  Through  thickness  variations  and  averages  of  constraint  (Am),  Lode's  stress  parameter  and  CTOD  (@ 0.3mm 
behind  crack  front)  for  measured  crack  fronts  from  coarse  mesh  and  refined  mesh  in  T=2. 286mm  thick  AA2024-T3 
plate  under  pure  tension  loading  (ST/SP=0) 
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Fig.9  Comparison  of  through  thickness  variations  of  (a)  averaged  constraint  (Am),  (b)  Lode's  stress  parameter  and 
(c)  CTOD  (at0.3mm  behind  crack  front)  in  2.286mm  thick  and  6.35mm  thick  AA2024-T3  plate  under  pure  tension 
loading  (ST/SP=0) 
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ABSTRACT 

In  this  study,  a  phenomenological  tissue  damage  model  has  been  developed  to  describe  the  fatigue-induced 
stress  softening  and  permanent  set  of  biological  tissues.  Since  damage  evolution  is  an  irreversible  dissipative 
process,  following  thermodynamic  principles,  an  equivalent  strain  proportional  to  the  strain  energy  of  the  material 
is  employed  as  the  damage  criterion.  The  maximum  equivalent  strain  represents  the  value  necessary  to  cause 
complete  sample  failure  during  one  loading  cycle,  while  the  minimum  equivalent  strain  is  the  value  required  to 
elicit  the  onset  of  fatigue  damage.  The  damage  parameter  evolves  from  zero  (below  minimum  equivalent  strain) 
to  one  at  maximum  equivalent  strain  as  a  function  of  both  the  equivalent  strain  and  number  of  loading  cycles. 
The  permanent  set  evolves  as  a  function  of  the  peak  strain  in  the  principal  directions.  The  damage  model  is 
implemented  into  ABAQUS  via  a  user  defined  material  (UMAT)  in  conjunction  with  the  nonlinear  orthotropic  Fung- 
elastic  model.  For  the  purpose  of  this  study,  glutaraldehyde-treated  bovine  pericardium  (GLBP),  a  collagenous 
tissue  traditionally  used  for  fabricating  bio-prosthetic  heart  valve  (BHV)  leaflets,  is  utilized  as  a  representative 
collagenous  tissue  due  to  its  limited  durability  in  BHV  applications. 

INTRODUCTION 

Biologically  derived,  chemically-treated  collagenous  tissues  are  extensively  utilized  in  a  broad  spectrum  of 
medical  applications  including  cardiovascular  grafts  and  bio-prosthetic  heart  valves  (BHV),  as  well  as  ligament, 
tendon,  cartilage,  sclera,  and  hernia  repair  and  replacement.  However,  despite  their  widespread  use,  similar  to 
devices  made  of  metallic  and  polymeric  materials,  fatigue-induced  degradation,  wear  and  tearing  have  been 
identified  as  some  of  the  major  problems  associated  with  collagenous  tissue  implant  failure. 

Fatigue  is  an  especially  critical  issue  for  the  application  of  BHVs.  Today,  the  only  effective,  long-term  treatment 
for  valvular  heart  disease  (VHD)  is  open-chest  cardiac  valve  repair  or  replacement  surgery.  BHVs  fabricated  from 
glutaraldehyde-treated  bovine  pericardium  (GLBP)  have  been  used  to  treat  VHD  for  over  three  decades  \  and 
continue  to  be  one  of  the  dominant  replacement  valve  modalities,  either  as  a  conventional  prosthetic  valve  design 
or  more  recently  for  minimally  invasive  percutaneous  delivery  2'3.  BHVs  display  superior  hemodynamics  to 
mechanical  valves,  and  they  eliminate  the  need  for  anticoagulant  therapy.  Regardless  of  the  specific  design, 
long-term  fatigue  resilience  remains  the  major  limitation  in  the  durability  of  the  GLBP  tissue  leaflets  (10-15  years) 
and  the  mechanisms  governing  this  process  are  largely  unknown. 

There  are  many  challenges  associated  with  fatigue  testing  of  BHV  materials.  The  experimental  methods  can  be 
very  time  consuming,  involving  complex  testing  instruments.  The  current  FDA  requirement  mandates  new  BHV 
designs  to  be  tested  up  to  200  million  cycles  to  evaluate  the  fatigue  performance  using  accelerated  wear  testers4. 
Although,  accelerated  wear  testers  can  approximate  the  in  vivo  hemodynamics,  it  remains  difficult  to  determine 
the  specific  effects  of  different  fatigue  modalities  (tensile,  compressive,  bending,  etc.)  on  the  leaflet  material 
properties  when  using  this  technique.  To  address  this  drawback,  several  groups  have  conducted  isolated 
material  tests  in  order  to  determine  for  instance,  the  effects  of  uniaxial  cyclic  loading  on  GLBP  material  properties 
56  and  collagen  fiber  orientation  6.  Others  have  investigated  the  effects  of  cyclic  bending  fatigue  on  the  leaflet 
flexural  rigidity4.  These  studies,  however,  are  limited  to  less  than  100  millions  of  cycles  of  fatigue. 
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There  is  a  lack  of  constitutive  models  for  describing  the  damage  process  in  soft  biological  tissues,  which  can  arise 
from  the  plastic  deformation  or  fracture  of  the  fibers  or  tearing  of  the  matrix  7~9.  In  1987,  Simo  7  introduced  the 
concept  of  a  fully  three-dimensional  (3D)  finite-strain  viscoelastic  damage  model,  based  on  irreversible 
thermodynamics  with  internal  variables.  This  pioneering  work  served  as  the  basis  for  several  soft  tissue  models  8" 
10.  Each  of  these  models  can  be  utilized  to  model  damage  induced  by  cyclic  stretching  with  increasing 
magnitude;  however,  damage  in  these  models  is  dependent  only  upon  the  strain  history  and  not  on  the  number  of 
loading  cycles,  which  limits  the  applicability  of  such  models  to  study  long-term  fatigue  damage  in  BHVs. 

In  this  study,  we  propose  a  phenomenological  damage  model  to  describe  the  overall  fatigue  damage  of  GLBP 
due  to  the  strain  history  and  number  of  loading  cycles  for  the  purpose  of  investigating  the  fatigue  damage  process 
of  BHVs.  The  model  incorporates  descriptions  of  the  fatigue-induced  stress  softening  and  permanent  set  of 
biological  tissues.  The  damage  model  is  implemented  into  ABAQUS  via  a  user  defined  material  (UMAT)  in 
conjunction  with  the  nonlinear  orthotropic  Fung-elastic  model,  and  is  utilized  in  a  tissue  biaxial  fatigue  loading 
simulation  and  a  BHV  fatigue  simulation. 

METHODS 

Un-fatigued  State  Tissue  Properties 

Glutaraldehyde-treated  bovine  pericardium  is  assumed  to  be  anisotropic,  nonlinear,  hyperelastic  material  per  Sun 
et  al.  11.  Therefore,  the  in-plane  second  Piola  Kirchhoff  stress  (S°)  at  the  un-fatigued  state  can  be  computed  by 
Eq.  1,  where  E  represents  the  Green-Lagrangian  strain  tensor  and  W°  is  a  strain  energy  function. 

Furthermore,  because  this  tissue  is  assumed  to  be  incompressible  and  planar,  the  generalized  Fung-type  strain 
energy  function  for  the  planar  biaxial  response  of  soft  biological  tissues  given  by  the  following  equations  was  used 
for  subsequent  calculations  12: 

W0  =  c_(eQ_1)  (2) 

Q  =  AxElx  +  A2El2  +  +2A3EX1E22  +  A4E?2  +  2A5E11E12  +  2A6E22E12  (3) 

where  c  and  A  are  material  parameters. 


The  elasticity  tensor  C  is  given  by  Eq.  4. 


Damage  Evolution 


C=Su  =  l-2  (4) 


The  stress-strain  response  of  collagenous  soft  tissues  have  3  distinct  regions:  the  toe  region  where  the  collagen 
fibrils  extend,  the  quasi-linear  region  as  the  collagen  fibrils  uncrimp  as  they  bear  load  causing  the  tissues  stiffness 
to  greatly  increase,  and  the  damage  region  as  the  strain  exceeds  a  specific  limit  and  collagen  fibrils  and 
interfibrillar  bonds  progressively  break  down,  and  the  material  stiffness  decreases  until  the  tissue  fails  13.  Here  it 
is  assumed  that  material  damage  is  related  to  the  maximum  distortional  energy,  independent  of  hydrostatic 
pressure  7. 

Equivalent  Strain 

In  order  to  establish  the  law  of  tissue  damage  evolution,  we  first  define  an  equivalent  strain  Et  7,  a  scalar  quantity 
proportional  to  the  strain  energy  at  time  t, 

Sc(B(t)):=V2W°(I(t))  (5) 

where  E(t)  is  the  deviatoric  Green  strain  tensor  at  time  t  e  [0,7]  and  W°  is  the  isometric  strain  energy  of  the  un- 
fatigued  tissue.  In  an  effort  to  reduce  computational  time,  the  damage  criterion  were  only  evaluated  at  the  peak  of 
each  sinusoidal  loading  cycle.  Therefore,  we  introduce  a  peak  equivalent  strain  E*eak 

zrk=Zt<n+l)r   n  =  0,1,2,3,-  ,N  (6) 

where  /  is  the  loading  frequency  and  n  is  the  number  of  loading  cycles. 
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Fatigue  Induced  Stress  Softening 

The  stress  softening  caused  by  cyclic  fatigue  damage  is  a  function  of  both  equivalent  strain  and  the  number  of 
loading  cycles.  The  parameters  ipmin  and  ipmax  are  employed  to  describe  the  accumulation  of  damage.  A 
specimen  cyclically  loaded  to  an  equivalent  strain  of  ipmaxw\W  completely  fail  during  the  first  loading  cycle.  A 
specimen  loaded  to  an  equivalent  strain  of  ipmin\N\\\  be  able  to  endure  a  maximum  number,nmax,  of  loading  cycles 
before  complete  failure.  Therefore,  \pmin  represents  the  minimum  equivalent  strain  to  elicit  the  accumulation  of 
fatigue  damage,  while  xpmax  represents  the  tissue  equivalent  strain  limit.  Here  we  chose  nmax  =  368  million 
loading  cycles  as  an  upper  bound  because  this  translates  to  approximately  10  patient  years  considering  a  heart 
rate  of  70  beats  per  minute.  Therefore,  the  number  of  cycles  until  failure  (ntot)  is  given  by  the  following  novel 
equation: 


ntot("n        J  = 


Piny, 


-1) 


\       tymax  J 
1-exp   \  / 


if   wVeak         , 


^peak 


iPmin+P 
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1-exp 


+  1  if  ^min  ^  ^n6a     ^  ^max  (7) 
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where  nmax  represents  the  number  of  cycles  required  to  completely  damage  a  specimen  loaded  successively  to 
an  equivalent  strain  of  ipmin,  while  a  and  |3  represent  the  rate  of  damage  accumulation  as  a  function  of  E*eak . 
These  parameters  should  be  measured  experimentally. 

Assuming  further  that  at  a  set  equivalent  strain,  an  equal  amount  of  damage  is  accumulated  during  each  loading 
cycle,  the  rate  of  damage  accumulation  is  given  by 
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Therefore  the  total  amount  of  damage  after  N  tensile  loading  cycles  is  given  by 
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Fatigue  Induced  Permanent  Set 

Tissue  damage  is  associated  with  permanent  tissue  elasticity  loss.  Therefore,  when  the  elastic  limits  of  the  tissue 
are  exceeded,  a  permanent  set  is  exhibited  upon  unloading.  A  negative  stress  at  zero  deformation  is  equivalent 
to  a  permanent  set  (deformation)  at  zero  stress;  therefore,  we  employ  a  plastic  stress  SP  to  ensure  this 
condition 


14 


SPij  =  (1  -  D2) 


dN 


(10) 


tank 


D2  = 


wpeak  J 


T4.wPeak 


tanh(l) 


(11) 


where  D2  is  a  function  of  the  equivalent  strain  which  governs  the  contribution  of  SP  to  the  overall  tissue  response 
throughout  loading  and  unloading  and  Af  is  a  pseudo-energy  function  following  the  theory  of  pseudo-elasticity  of 
Dorfmann  and  Ogden  14.  We  chose  N  in  the  form  of  a  modified  Fung  energy  function,  which  is  dependent  upon 
the  maximum  strain  achieved  in  each  principal  direction.  This  modified  Fung-type  strain  energy  function  enforces 
a  negative  stress  at  zero  deformation  which  is  necessary  to  capture  the  permanent  set.  Thus,  Af  is  given  by  the 
following  relations 


Q2  =  £i(£iip  -  £n)2  +  B2{E22p  -  E22)2  +  2B3[Ellp  -  £,n)(£,22p  _  ^22) 


(12) 
(13) 
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where  Ellp  and  E22p  are  the  strains  along  the  principal  axes  at  the  peak  of  the  loading  curve,  and  C2,  B1}  B2,  and 
B3are  material  parameters. 

Fatigued  State  Tissue  Properties 

The  inclusion  of  Dx  and  D2  provides  a  means  of  changing  the  form  of  the  energy  function,  which  is  no  longer 
elastic,  as  a  response  to  cyclic  loading.  Assuming  that  Dt  and  D2  are  independent  of  E,  the  second  Piola-Kirchoff 
stress  tensor  for  the  matrix  may  be  expressed  in  the  following  form: 


5(n)  =  (l-D1)  — +  (1-D2)- 
Therefore,  the  deviatoric  elasticity  tensor  in  the  material  description  may  be  expressed  in  the  following  form: 

Z(n)  =  (l-D1)—r+{l-D2)- 


dE2 


dE2' 


(14) 


(15) 


RESULTS 

Determination  of  Damage  Parameters 

The  model  parameters  for  the  un-damaged  GLBP  tissue  (Eqn.  (2))  were  obtained  using  the  biaxial  mechanical 
testing  data  reported  previously  by  Sun  et  al.  15.  Typical  equi-biaxial  testing  data  of  GLBP  is  illustrated  in  Figure 
1a.  The  damage  criterion,  ijjmin  and  i/jmax,  were  chosen  based  upon  the  biaxial  data  of  GLBP.  Illustrated  in 
Figure  1b,  is  the  contour  plot  of  the  equivalent  strain.  In  this  study,  we  assumed  that  ipmin  =  9  and  ipmax  =  65, 
within  which  marks  the  damage  evolution  region.  The  maximum  number  of  loading  cycles,  nmax,  was  set  to  368 
million  cycles.  However,  to  reduce  computational  cost,  in  the  simulation,  nmax  was  proportionally  scaled  from  368 
million  to  36  cycles,  reflecting  an  accelerated  accumulation  of  damage. 
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Fig.1  -  Contour  plot  of  equivalent  strain  with  xp^ 
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=  9  and  i/jmax  =  65  marking  the  damage  evolution  region. 


The  effects  of  varying  a  and  (3  in  Eqn.  (9)  on  the  tissue  damage  factor  are  illustrated  in  Figure  2.  It  can  be  seen 
(Fig.  2a)  that  an  increase  in  a  results  in  a  more  gradual  accumulation  of  damage,  whereas  an  increase  in  p 
accelerates  the  rate  of  damage  (Fig.  2b).  The  corresponding  effects  of  varying  a  and  (3  on  the  number  of  cycles  to 
failure  are  illustrated  in  Fig.  2c&d. 
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Fig. 2  -  Illustration  of  the  effects  of  parameters  alpha  and  beta  on  the  (a&b)  rate  of  damage  evolution  and  the 
(c&d)  number  of  cycles  to  failure  as  a  function  of  equivalent  strain. 

Fatigue  biaxial  loading  simulation 

The  fatigue  damage  model  of  Eqn.  (14)  was  incorporated  in  the  finite  element  software  ABAQUS  via  the  user 
subroutine  UMAT.  To  evaluate  model  effects,  a  finite  element  model  of  a  biaxial  test  specimen  was  constructed 
and  subjected  to  simulated  equi-biaxial  cyclic  loading.  The  biaxial  testing  simulation  model  consisted  of  400 
plane  stress  elements  to  allow  for  test  specimen  geometry  of  25  mm  x  25  mm  x  0.4  mm  (Fig.  3a).  Four  evenly 
spaced  node  forces,  with  5  mm  between  two  adjacent  nodes  and  2.5  mm  inside  the  specimen  edge,  were 
imposed  on  each  side  (Fig.  3a).  Each  node  force  was  2.5  N,  imposing  a  net  total  1  MPa  Lagrangian  stress  on 
each  edge.  Similar  to  the  actual  biaxial  testing  experiments  15,16,  only  the  central  region  was  used  for  stress-strain 
measurements.  This  was  accomplished  by  averaging  the  stress  and  strain  tensor  components  for  sixteen 
elements  located  in  the  center  of  the  FE  model,  delimiting  a  5  mm  x  5  mm  region.  Details  of  the  constitutive  model 
implementation  into  ABAQUS  have  been  previously  presented 
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The  biaxial  test  fatigue  simulation  demonstrated  the  altered  mechanical  properties  of  the  tissue  specimen  in 
response  to  cyclic  loading.  As  illustrated  in  Fig.  3c,  the  equi-biaixal  stress-strain  curves  exhibited  progressive 
tissue  softening  and  increased  permanent  deformations  throughout  the  cycles.  A  redistribution  of  the  maximum 
principal  stress  throughout  the  central  16  elements  of  the  tissue  specimen  model  is  evident  during  the  progression 
of  damage  (Fig.  3d-f). 
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—  X1  fatigued  state 

—  X2  fatigued  state 
o      X1  unfatigued  state 
•     X2  unfatigued  state 
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Fig. 3  -  (a)  Loading  conditions  for  simulated  biaxial  test  specimen,  and  (b)  the  max  principal  stress  contour  plot  for 
the  simulated  specimen  under  maximum  tension,  (c)  The  average  stress-strain  response  of  the  central  16 
elements  throughout  loading  cycles.  Fatigue  response  of  simulated  biaxial  test  specimen  subjected  to  cyclic 
loading  cycles.  The  max  principal  stress  at  peak  loading  of  the  16  central  elements  at  the  (d)  un-fatigued  state, 
the  (e)  moderately  fatigued  state,  and  the  (f)  highly  fatigued  state. 

Fatigue  BHV  simulation 

The  BHV  finite  element  model  was  developed  previously  by  Sun  et  al.  18.  Briefly,  the  tri-leaflet  valve  is  fabricated 
from  GLBP  sheets  that  are  die-cut  to  form  leaflets,  which  are  then  mounted  onto  a  metal  frame.  In  the  finite 
element  model  the  wireframe  was  modeled  using  beam  elements.  The  nominal  material  properties  of  the 
wireframe  were  taken  from  the  material  properties  of  Elgiloy  with  a  Young's  modulus  of  2.33x1 07  kPa  and  Poisson 
ratio  of  0.3.  The  leaflets  were  attached  to  the  wire  frame  and  modeled  using  large  strain  shell  elements.  Each 
leaflet  had  its  own  local  coordinate  system  for  material  property  definitions  that  are  fully  defined  by  the  constitutive 
law  Eq.  (14).  It  was  assumed  that  each  leaflet  can  be  modeled  with  one  set  of  material  parameters18.  The  leaflets 
were  also  assumed  to  have  uniform  thickness,  which  has  been  verified  for  pericardial  tissue  that  is  selected  for 
valve  fabrication.  The  valve  model  was  cyclically  loaded  from  a  stress-free  position  to  a  fully  loaded  configuration 
by  applying  a  uniform  pressure  to  the  aortic  side  of  the  leaflet.  The  contact  between  two  leaflets  was  modeled 
using  a  master-slave  contact  pair  (an  option  in  ABAQUS).  The  leaflet  that  was  stiffer  in  the  radial  direction  was 
assigned  as  the  master  surface  while  the  other  was  specified  as  the  slave  surface. 
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Fig.4  -  (a)  Damage  contour  plot  and  (b)  residual  strain  contour  plot  of  an  unloaded  (zero  stress)  BHV  model  after 
cyclic  loading.  Strain  contour  plot  of  a  BHV  leaflet  at  the  un-fatigued  state,  the  (b)  moderately  fatigued  state,  and 
the  (c)  highly  fatigued  state  under  ~1 20mmHg  of  pressure. 

The  valve  simulation  demonstrated  the  model  capability  to  describe  the  fatigue-induced  effects  of  GLBP  leaflets 
subjected  to  cyclic  loading  cycles  of  120mmHg  pressure.  A  contour  plot  of  the  damage  factor  (Fig.4a)  reveals 
high  damage  in  the  belly  region  of  the  leaflets,  and  a  contour  plot  of  the  logarithmic  strain  (Fig.4b)  shows  residual 
strains  in  the  damaged  regions  at  the  zero-stress  state.  As  the  leaflets  become  more  damaged,  they  achieve 
higher  strains  at  loading  as  evident  from  the  strain  contour  plots  of  a  GLBP  leaflet  at  different  fatigue  states  in 
Fig.3c-e. 


DISCUSSION 

In  this  study,  we  developed  a  theoretical  and  computational  framework  to  model  soft  tissue  damage  that 
incorporates  the  long-term  fatigued-induced  stress  softening  and  permanent  set  phenomena  exhibited  by 
biological  tissues  under  cyclic  loading.  We  demonstrate  the  feasibility  of  this  approach  by  simulating  tissue 
fatigue  damage  under  biaxial  loading  conditions  as  well  as  for  BHV  applications.  The  distinguishing  characteristic 
of  our  approach  with  respect  to  that  of  others  7"9,19,  is  that  our  focus  is  on  long-term  fatigue  effects.  Unlike 
previous  damage  models  for  fibered  composites  7"9,19  we  considered  an  incremental  accumulation  of  damage  at  a 
set  equivalent  strain,  whereas  other  models  considered  an  accumulation  of  damage  only  when  the  previous 
maximum  equivalent  strain  had  been  exceeded.  Our  approach  was  also  unique  to  other  models  that  consider 
residual  strain  14,2°,  because  our  focus  was  not  to  model  the  hysteresis  effect  upon  each  unloading  cycle,  rather 
the  progressive  permanent  change  in  specimen  geometry  due  to  long-term  loading  cycles,  and  thus  our  Dx  and  D2 
functions  are  active  during  both  loading  and  unloading  cycles  at  the  onset  of  damage.  Therefore,  our  framework  is 
not  intended  for  the  accurate  fitting  of  each  loading  and  unloading  curve,  rather  we  assume  uniform  damage 
accumulation  to  model  the  transition  from  a  zero-state  to  a  fatigued  state  with  long-term  (100+  million)  loading 
cycles. 

One  of  the  limitations  of  this  study  is  that  we  assume  a  linear  progression  of  damage  at  a  given  equivalent  strain 
as  a  function  of  loading  cycles,  whereas  the  damage  may  be  more  dramatic  during  the  initial  cycles.  Also,  the 
damage  parameters  used  in  simulations  may  not  be  representative  of  actual  experimental  fatigue  data  of  GLBP 
tissue. 
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ABSTRACT 

Interfacial  delamination  is  a  key  reliability  challenge  in  composites  and  micro-electronic  systems  due  to  (high  density) 
integration  of  dissimilar  materials.  Predictive  finite  element  models  are  used  during  the  design  and  optimization  stage  to 
minimize  delamination  failures,  however,  they  requires  a  relevant  interface  model  to  capture  the  (irreversible)  crack  initiation 
and  propagation  behavior  observed  in  experiments.  Therefore,  a  set  of  experimental-numerical  tools  is  presented  to  enable 
accurate  characterization  of  delamination  mechanism(s)  and  prediction  of  the  interface  mechanics. 

First,  a  novel  Miniature  Mixed  Mode  Bending  (MMMB)  delamination  setup  is  presented  that  enables  in-situ  SEM 
characterization  of  interface  delamination  mechanisms  while  sensitively  measuring  global  load-displacement  curves  for  the 
full  range  of  mode  mixities.  Accurate  determination  of  the  critical  energy  release  rate  from  the  global  load-displacement 
curve  requires,  however,  identification  and  separation  of  bulk  plastic  contributions  from  the  measured  total  energy 
dissipation;  to  this  end,  an  analytical  procedure  is  presented.  Finally,  a  cohesive  zone  model  suitable  for  mixed  mode  loading 
with  realistic  coupling  is  presented  that  can  capture  the  range  of  interface  failure  mechanisms  from  damage  to  plasticity,  as 
observed  in-situ  with  SEM,  as  well  as  a  parameter  identification  procedure.  The  set  of  experimental-numerical  tools  is 
validated  on  delamination  measurements  of  a  glue  interface. 

INTRODUCTION 

In  the  past  century,  the  ever  increasing  demand  from  the  aerospace  industry  for  lightweight  structures  with  superior 
mechanical  and  physical  properties  has  led  to  the  development  of  several  composite  materials  with  many  different 
combinations  of  matrix  and  reinforcement  materials.  On  the  other  hand,  the  demand  for  continuous  miniaturization  and 
multi-functionality  of  electronic  devices  led  to  the  development  of  new  packaging  technologies  like  "system  in  packages"  in 
which  multiple,  thin,  stacked  layers  manufactured  using  different  materials  and  processes  are  integrated  in  a  single  package  to 
achieve  multi-functionality.  The  common  feature  in  both  systems  (composites  and  electronic  package)  is  that  superior 
properties  come  along  with  a  high  density  of  interfaces  that  are  formed  between  dissimilar  materials.  Therefore,  interface 
integrity  is  inherently  crucial  for  the  reliability  and  performance  of  these  systems.  In  spite  of  many  efforts  [1,  2]  to  improve 
the  mechanical  properties  of  these  interfaces,  interface  delamination  is  often  identified  as  the  prominent  failure  mechanism  in 
many  of  the  modern  interface  structures  ranging  from  micro-electronic  packages  [3-5],  advanced  aerospace  composite 
structures  [6-8]  to  the  adhesive  joints  in  honeycomb  sandwich  structures  [6,  9]  and  wind  turbine  blades  [10].  Figure  1  show 
the  examples  of  delamination  failures  observed  in  a  typical  lead  frame  based  micro-system  package  and  a  composite  material. 
Delamination  occurs  mainly  due  to  significant  stresses  generated  at  these  interfaces  during  thermal  cycling,  triggered  by  the 
mismatch  of  the  coefficient  of  thermal  expansion  (CTE)  and  the  Poisson's  ratio  of  the  adherent  layers  or  by  mechanical 
loading  of  the  structure.  No  adequate  methodologies  are  currently  available  for  the  proper  characterization  and  prediction  of 
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interfacial  failure  in  these  systems.  As  a  consequence,  the  industry  is  still  heavily  depending  on  trial- and-error  methods  for 
product/process  development.  Predictive  finite  element  models  are  required  to  minimize  delamination  failures  during  the 
design  and  optimization  of  these  materials  and  systems.  Successful  prediction,  however,  requires  a  relevant  interface  model 
that  can  capture  the  observed  (irreversible)  crack  initiation  and  propagation  behavior  in  experiments. 


compound 


gold  wire 


(a) 

Figure  1.  Example  of  delamination  failures  in  (a)  lead  frame  based  package  [3]  and  (b)  (f/90°  ultra  high  molecular  weight 

polyethylene  composite  [6]. 

To  minimize  the  delamination  failures  and  to  improve  the  design  rules  of  these  products  a  generic  experimental-numerical 
methodology  that  can  accurately  characterize  and  predict  interface  delamination  is  needed.  Therefore,  the  aim  of  this  work 
was  to  develop  an  experimental-numerical  methodology  for  characterization  and  prediction  of  interface  delamination  in 
dissimilar  multi-layer  systems.  To  achieve  this  goal,  (i)  an  experimental  setup  suitable  to  characterize  delamination  in 
dissimilar  bi-layer  material  systems  was  designed  and  realized,  (ii)  a  numerical  model  that  can  simulate  the  irreversible 
loading-delamination-unloading  behavior  of  the  interface  was  formulated  and  (iii)  a  procedure  to  extract  the  relevant 
parameters  of  the  interface  from  the  delamination  experiments  was  developed.  In  this  proceeding,  the  methods,  analyses, 
results  and  conclusions  of  this  work  are  briefly  summarized. 


RESULTS  AND  DISCUSSION 


A  miniature  mixed  mode  delamination  setup  for  in- situ  microscopic  interface  failure  analyses 

The  development  of  the  experimental  setup  started  with  a  literature  review  to  evaluate  the  suitability  of  existing  experimental 
setups  for  characterization  of  delamination  and  to  identify  the  requirements  for  the  new  setup.  Experimental  methods  based 
on  linear  elastic  fracture  mechanics  (LEFM)  approaches  [11-25]  are  widely  used  in  the  literature  for  delamination  studies. 
The  critical  load  for  delamination  together  with  information  about  the  crack  length  are  the  only  values  required  from  the 
experiment  to  obtain  the  interface  toughness  using  existing  LEFM  approaches  (assuming  the  geometry  and  material 
properties  of  the  adherent  layers  are  known).  Unfortunately,  this  approach  might  fail  for  cases  where  the  interface  exhibits  a 
relatively  large  fracture  process  zone  (compared  to  the  crack  length)  for  at  least  two  reasons:  (i)  validity  of  LEFM  solutions 
for  interface  toughness  is  questionable,  and  (ii)  quantification  of  interface  behavior  with  only  one  parameter  is  insufficient. 
Therefore,  detailed  characterization  of  fracture  process  zone  is  needed  to  quantify  the  behavior  of  such  interfaces.  Cohesive 
zone  (CZ)  models,  where  the  shape  of  the  constitutive  law  is  a  priori  assumed  and  is  parameterized  with  at  least  two 
parameters  (e.g.  interface  toughness  and  characteristic  fracture  length  scale),  are  widely  used  to  describe  the  behavior  of  such 
interfaces.  This  means  that  apart  from  the  interface  toughness,  additional  parameters  that  quantify  the  fracture  processes 
within  the  process  zone  are  needed  from  the  delamination  experiments.  Moreover,  the  setup  should  allow  for  the 
measurement  of  interface  toughness  without  any  LEFM  solutions.  Many  reports  in  the  literature  [26-31]  have  shown  that  the 
interface  fracture  toughness  varies  significantly  with  mode  mixity.  Therefore,  the  interface  toughness  should  be  evaluated 
over  the  full  range  of  mode  mixities.  Although  several  experimental  setups  for  mixed-mode  delamination  characterization  are 
available  in  the  literature  [20-24],  they  are  not  suitable  for  in- situ  visualization  of  the  delamination  process  under  a 
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microscope  which  is  mandatory  for  the  evaluation  of  details  of  the  process  zone  (e.g.  local  crack  opening  displacement  fields 
at  the  delamination  front)  to  quantify  the  input  parameters  needed  for  CZ  models. 


Figure  2.    (a)  the  improved  MMMB  setup  mounted  in  the  micro-tensile  stage:  (1)  main  loading  mechanism,  (2a,2b)  bottom 

hinges,  (3)  sample,  (4)  position  selector,  (5)  handling  plate,  (6)  micro-tensile  stage,  (7)  position  bar,  (8)  guiding  rods,  (9)  set 

screw,  (10)  screw  lock,  (11)  alignment  pins,  (12)  sample  height  adjuster,  (13)  alignment  screw,  (14)  bottom  plate,  (b):  (15) 

new  tapered  dovetail  connectors  and,  (16)  wedge  locking  tools  that  remove  any  clearance  in  the  connectors,  (c):  (17)  top 

supporting  plate  (to  lock  the  device  during  insertion  and  removal  of  the  wedges)  and  (d):  improved  MMMB  setup  mounted  in 

(18)  SEM  chamber  [32,33]. 


Therefore,  a  novel  Miniature  Mixed  Mode  Bending  (MMMB)  delamination  setup,  capable  of  in-situ  characterization  of 
interface  delamination  in  miniature  multi-layer  structures,  was  designed  and  realized  [32,33],  see  Fig.  2.  An  inventive  loading 
configuration  in  combination  with  friction  free  elastic  hinges  is  employed  in  the  setup  to  sensitively  measure  global  load- 
displacement  delamination  curves  for  the  full  range  of  mode  mixities  from  which  the  interface  toughness  or  Critical  Energy 
Release  Rate  (CERR)  can  be  determined.  The  setup  was  designed  to  work  in  a  horizontal  plane  with  sufficiently  small 
dimensions  to  fit  in  the  chamber  of  a  scanning  electron  microscope  or  under  an  optical  microscope  allowing  visualization  of 
the  detailed  real-time  fracture  process  during  delamination.  Finite  element  analysis  of  the  setup  proved  the  capability  of  the 
new  setup  to  achieve  a  full  range  of  mode  mixities,  with  a  constant  mode  angle  as  a  function  of  the  crack  length  and  crack 
opening  displacement,  see  Fig.  3.  Analysis  of  the  loading  configuration  revealed  that  the  conventional  end  notch  flexure  test 
(ENF)  may  not  be  a  good  representation  of  mode  II  delamination,  because  the  friction  (resulting  from  the  compressive 
normal  stresses)  between  the  two  layers  in  the  cracked  region  during  the  ENF  test  can  lead  to  overestimation  of  the  mode  II 
interface  toughness.  This  problem  can  be  circumvented  in  the  new  MMMB  setup  by  performing  a  delamination  test  in  a  pure 
mode  II  loading  configuration. 

It  was  found  that  the  setup  exhibits  (i)  a  wide  application  range  of  interface  systems  because  of  its  large  maximum  accessible 
load  (5 ON)  and  large  stroke  (the  maximum  achievable  displacement  depends  on  the  geometry  and  the  material  properties  of 
the  adherents)  for  all  mode  mixities,  (ii)  high  accuracy  in  measuring  the  load-displacement  response,  as  demonstrated  from 
experiments  on  validation  samples,  which  showed  negligible  hysteresis  (Fig.  4(a)),  (iii)  excellent  experimental 
reproducibility  characteristics  due  to  the  specially  designed  alignment  tools. 

The  measurement  concept  of  the  new  MMMB  setup  was  successfully  validated  by  testing  homogeneous  bilayer  samples  with 
a  glue  interface  system  over  the  full  range  of  mode  mixities.  It  was  also  demonstrated  that  the  crack  length  can  be  measured 
with  high  precision  (Fig.  5(a))  and  the  delamination  mechanism  (crack  bridging)  can  be  visualized  in  detail  by  performing  in- 
situ  delamination  tests  (Fig.  5(b)  and  5(c)). 

The  setup  was  employed  for  testing  industrially  relevant  (coated)  copper  lead  frame  -  molding  compound  epoxy  (CuLF- 
MCE)  samples  in  the  full  range  of  mode  mixities  (Fig.  4(b)).  As  explained  earlier,  loading-delamination-unloading  tests 
performed  were  used  to  calculate  the  CERR  at  different  mode  mixities  (Fig.  4(c)).  In  addition  to  the  CERR  measurements, 
real-time  microscopic  visualization  allowed  for  the  identification  of  the  difference  in  the  crack  growth  behavior  between 
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different  mode  mixity  tests  and  the  correlation  of  the  observed  behavior  with  the  measured  CERR.  A  relatively  brittle 
cleavage  type  of  fracture  was  observed  for  the  investigated  CuLF-MCE  samples,  although  at  high  magnification,  limited 
crack  bridging  was  observed  (Fig.  5(d)). 
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Figure  3.  Mode  angle  obtained  by  FEM  analysis  as  a  function  of  (a)  relative  loading  position  (^)for  a  crack  length  of  6  mm 

at  400  jum  MLM  displacement,  (b)  displacement  applied  to  MLM  for  three  loading  positions  for  a  6mm  crack  length 

specimen,  and  (c)  crack  length  for  three  loading  positions  at  400  jum  MLM  displacement. 
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Figure  4.  (a)  Load- displacement  results  for  loading-unloading  cycles  with  the  12  mm  validation  sample  at  different  loading 

positions  (indicated  by  £);  the  inset  shows  the  notched  extremity  of  a  validation  sample  used  for  mode  I  to  pure  mode  II  tests  £ 

=  0-0.8.  (b)  Comparison  of  load-displacement  plots  of  a  mode  I  (£  =  0)  and  mixed  mode  (g  =  0.4,  0.67,  0.8)  experiments 

conducted  on  CuLF-MCE  samples;  the  inset  shows  a  magnification  around  the  origin  of  the  £  =  0.8  curve  illustrating  the 

residual  opening  after  unloading  to  zero  load,  (c)  Critical  energy  release  rate  with  standard  deviation  band  width  as  a 

function  of  mode  angle  for  the  CuLF-MCE  samples. 
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(c)  After  crack  evolution 


(d) 


Figure  5.  (a)  SEM  micrograph  showing  the  precise  crack  tip  location.  (b,c)  S EM  micrographs  of  the  glue  interface  samples 
showing  the  mechanism  of  delamination:  bridging  of  the  small  cracks  into  a  main  crack,  (d)  SEM  micrographs  of  the  CuLF- 
MCE  samples  showing  small  cracks  and  a  limited  number  of  bridges  at  the  interfaces. 
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Modeling  and  characterization  of  irreversible  mixed  mode  interface  delamination  using  a  cohesive  zone  with  combined 
damage  and  plasticity 

In  the  delamination  growth  experiments  conducted  in  this  work,  the  energy  dissipated  in  one  loading-delamination-unloading 
cycle  (i.e.  the  area  under  the  load  displacement  curve)  is  divided  by  the  corresponding  increase  in  crack  length  during  that 
cycle  and  the  sample  width  to  obtain  the  interface  fracture  toughness.  This  procedure  for  determination  of  the  interface 
toughness  is  valid  for  any  size  of  fracture  process  zone  and  only  assumes  that  (i)  the  size  and  shape  of  (a  fully  developed) 
process  zone  remain  constant  during  the  crack  growth,  (ii)  the  energy  supplied  to  trigger  delamination  growth  is  stored 
elastically  in  the  specimen  structure,  without  any  plastic  dissipation  in  the  adherent  layers  (an  assumption  that  is  also 
employed  for  LEFM  approaches).  Consequently,  the  interface  toughness  can  be  straightforwardly  obtained  from  the 
measured  load-displacement  response  of  delamination  growth  experiments  when  there  is  no  plasticity  in  adherent  bulk  layers. 
However,  there  is  much  evidence  in  the  literature  showing  that  plasticity  often  does  occur  in  the  adherent  (bulk)  layers, 
particularly,  if  the  layers  forming  the  interface  are  ductile  and  the  interface  is  strong.  Consequently,  it  has  been  reported  that 
large  errors  in  the  measurement  of  the  interface  fracture  toughness  can  occur  if  these  bulk  plastic  dissipations  are  neglected. 
Moreover,  in-situ  SEM  observation  of  delamination  on  different  interface  structures  revealed  failure  mechanisms  ranging 
from  interface  damage  to  interface  plasticity  (Figs.  4  and  5).  However,  identification  and  separation  of  bulk  plasticity  from 
the  total  dissipated  energy  during  a  delamination  experiment  is  not  trivial,  particularly  in  the  presence  of  interface  plasticity 
which  is  part  of  the  interface  fracture  toughness.  To  be  able  to  understand  the  individual  contribution  of  bulk  and  interface 
plasticity  to  the  total  energy  dissipated  during  a  delamination  experiment  and  to  the  global  retained  opening  of  the  sample 
after  complete  unloading  (inset  of  Fig.  4(b)),  a  numerical  model  that  can  incorporate  both  damage  and  plasticity  behavior  of 
the  interface  along  with  bulk  plastic  behavior  was  developed. 

For  this  purpose,  a  combined  plasticity-damage  cohesive  zone  model  that  allows  for  modeling  of  irreversible  unloading 
behavior  with  partial  damage  and  partial  plasticity  and  is  suitable  for  mixed  mode  loading  with  a  coupling  between  different 
modes  was  implemented  [34],  which  is  summarized  here  and  is  illustrated  in  Fig.  (6).  The  combined  plasticity-damage 
formulation  is  generic  in  the  sense  that  it  can  be  applied  irrespective  of  the  shape  of  CZ  law  used.  In  the  current  research,  it 
was  implemented  based  on  the  improved  mixed-mode  Xu-Needleman  CZ  law  (Fig.  6(a,b)).  The  combined  plasticity-damage 
behavior  is  accomplished  by  altering  the  ratio  of  the  plastic  energy  and  the  total  energy  of  the  separation  with  one  additional 
parameter  called  the  plastic  limit,  hn>ph  in  addition  to  the  standard  CZ  parameters  (such  as  the  interface  toughness  and  critical 
displacement)  that  characterize  the  loading  behavior  of  the  traction- separation  law  used.  The  plastic  limit  was  defined  such 
that  until  the  effective  maximum  separation  of  the  cohesive  zone  reaches  the  plastic  limit,  the  cohesive  zone  behaves  fully 
elasto-plastic,  as  schematically  shown  in  Fig.  6(c,d).  Once  the  effective  maximum  separation  passes  the  plastic  limit,  the 
plastically  deformed  cohesive  zone  damages  with  further  separation  (Fig.  6(c)).  It  was  demonstrated  that  by  varying  the 
plastic  limit  from  0  to  oo,  the  irreversible  interface  behavior  of  the  CZ  can  be  varied  from  full  damage  to  a  mixture  of  damage 
and  plasticity  to  full  plasticity  (Fig.  6(d)).  The  CZ  with  a  plastic  limit  (and  without  plasticity  in  adherent  layers)  provides  a 
way  to  model  the  global  retained  opening  due  to  only  interface  plasticity  for  mode  I  and  mixed  mode  situations  (Fig.  7). 
A  hybrid  approach  was  proposed  and  demonstrated  to  determine  all  parameters  of  the  mixed  mode  CZ  law  for  a  glue 
interface  system.  In  this  approach,  first,  Andersson  and  Stigh's  method  [35]  is  applied  to  extract  mode  I  parameters  (Fig. 
8(a)).  Then,  the  mode  II  interface  strength,  Tt>maX9  is  determined  using  the  fracture  toughness  values  obtained  from  mixed 
mode  tests  performed  at  different  mode  angles  from  mode  I  to  mode  II  (Fig.  8(b)).  Finally,  the  plastic  limit  is  determined 
from  an  analysis  of  displacement  field  maps  obtained  with  digital  image  correlation  (Fig.  8(c)). 
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Figure  6.  Schematic  illustration  of  the  combined  plasticity-damage  cohesive  zone  interface  model  (a)  Influence  of  the  coupled 

damage  (dct)  term  on  the  normal  traction  separation  law  with  fully  plastic  unloading,  (b)  The  yielding  behavior  of  the 
tangential  traction-separation  law  when  the  loading  direction  is  reversed  (at  a  and  b ').  The  equivalent  curve  oabc  shows  the 
response  when  the  CZ  is  loaded  monotonically  in  one  direction,  (c)  The  unloading  behavior  of  the  new  combined  plasticity- 
damage  CZ  in  normal  opening  above  and  below  the  plastic  limit  (Sn>pi).  (d)  The  influence  ofSnpi  on  the  unloading  behavior  of 

the  new  combined  plasticity-damage  CZ  in  normal  opening. 
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Figure  7.  Global  load-displacement  response  of  mode  I  and  mixed  mode  delamination  simulations  using  the  combined 

plasticity -damage  cohesive  zone  interface  model,  (a)  Influence  of  plastic  limit  on  unloading -reloading  behavior  in  mode  I 

test,  (b)  Influence  ofTnrJnax  on  the  mode  I  response,  (c)  Results  of  mixed  mode  simulation  (y/  =  20°)  at  different  SnyPi  and  Tt>max, 
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Figure  8.  (a)  Mode  I  traction-separation  law  of  the  glue  interface  system  experimentally  determined  using  Anders  son  and 

Stigh's  approach  (red  line),  shown  together  with  the  best-fit  exponential  CZ  law  using  Sn  and  (pn  as  fitting  parameters  while 

taking  At  =0  (blue  line);  the  inset  shows  the  experimental  F0  data  as  a  function  of  opening  of  the  interface  at  the  crack  tip, 

A nexp  fitted  with  a  5th  order  polynomial  with  an  R2  value  of  0.9996.  (b)  Experimentally  measured  critical  energy  release 

rates  and  the  total  work  of  separation  of  the  cohesive  zone  model,  cotot,  as  a  function  of  the  mode  angle,  y/,  for  different 

values  ofy  —  Tt>max  /  Tn>max.  (c)  Experimentally  obtained  unloading  crack  opening  displacement  profiles  close  to  zero  load 

showing  the  plateau  with  a  value  ofSnpi  =  16  jum;  the  inset  shows  a  micrograph  of  the  edge  of  the  sample  (on  the  pre - 

cracked  side)  with  the  digital  image  correlation  (DIC)  facet  overlay  in  green. 


A  semi-analytical  approach  for  separation  of  interfacial  toughness  and  bulk  plastic  dissipation  in  a  delamination  experiment 

Finally,  a  semi-analytical  approach  is  proposed  that  can  be  used  as  a  data  analysis  tool  to  account  for  plasticity  in  the  adherent 
(bulk)  layers  to  obtain  an  accurate  value  for  the  interface  fracture  toughness  from  a  mode  I  experiment  [34] .  This  approach  is 
based  on  reconstructing  the  force-displacement  curve  equivalent  to  the  plasticity  free  case  from  the  measured  force- 
displacement  response  by  identifying  the  individual  contributions  of  bulk  and  interface  plasticity  to  the  total  retained  opening 
after  complete  unloading  of  the  sample.  This  was  achieved  by  assuming  (for  a  given  crack  length)  that  (i)  both  the  structural 
unloading  stiffness  and  (ii)  the  critical  load  for  delamination  remain  constant  with  and  without  bulk  plasticity.  The 
partitioning  of  the  individual  contributions  of  bulk  plasticity  and  interface  plasticity  to  the  total  retained  opening  is  obtained 
by  using  retained  crack  opening  profiles  of  the  sample  together  with  the  assumptions  that  (iii)  the  size  and  shape  of  the 
process  zone  are  constant  and  (iv)  the  bulk  deforms  plastically  only  in  the  region  surrounding  the  process  zone.  The  proposed 
approach  and  underlying  assumptions  were  numerically  verified  by  employing  a  finite  element  model  with  the  combined 
damage-plasticity  cohesive  zone  elements  at  the  interface.  An  experimental  assessment  performed  on  CuLF-MCE  samples 
with  different  thicknesses  of  the  CuLF  layers  demonstrated  that  the  correction  of  the  interface  fracture  toughness  due  to  bulk 
plasticity,  resulting  from  this  approach,  was  more  than  a  factor  of  2,  see  Fig.  9.  Finally,  this  approach  was  developed  such  that 
it  is  generally  applicable  for  most  of  the  existing  delamination  growth  experiments,  as  it  only  requires  the  determination  of 
the  crack  opening  displacement  profile  before  and  after  the  delamination  test.  Moreover,  the  approach  does  neither  require 
any  analytical  solution  or  numerical  simulation  nor  the  constitutive  behavior  of  the  adherents. 
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Figure  9.  Load- displacement  response  of  a  mode  I  de  lamination  experiment  conducted  on  (a)  a  thick  CuLF(0.2  mm)- 

MCE(0.5  mm)  bilayer  sample  showing  negligible  retained  opening  after  complete  unloading  yielding  CERR  =  36  J/m  , 

and  on  (b)  a  thin  CuLF(0.15  mm)-MCE(0.5mm)  bilayer  sample  of  exactly  the  same  interface,  which  exhibits  a  significant 

retained  bulk  plasticity.  The  shaded  grey  area  (ACDB)  shows  the  total  energy  spent  during  loading-unloading  cycle  2, 

corresponding  to  an  apparent  CERR  of  73  J/m2.  The  reconstructed  curve  with  enclosed  magenta  filled  area  (OA'C) 

shows  the  delamination  energy  in  cycle  2  after  separation  of  the  bulk  plastic  contribution  by  applying  the  semi- analytical 

approach,  yielding  a  corrected  CERR  value  of  31  J/m2  which  agrees  within  measurement  uncertainties. 


SUMMARY 

In  summary,  the  combined  application  of  in- situ  MMMB  experiments,  the  analytical  procedure  to  determine  the  CERR,  and 
the  cohesive  zone  model  with  a  parameter  identification  procedure  allows  for  accurate  characterization  of  delamination 
mechanism(s)  and  prediction  of  interface  mechanics. 
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ABSTRACT 

Stretchable  electronic  devices  enable  numerous  futuristic  applications.  Typically,  these  devices  consist  of  a  (metal)  intercon- 
nect system  embedded  in  a  stretchable  (rubber)  matrix.  This  invokes  an  apparent  stretchability  conflict  between  the  intercon- 
nect system  and  the  matrix.  This  conflict  is  addressed  by  shaping  the  interconnects  in  mechanistic  patterns  that  bend  and  twist 
to  facilitate  global  stretchability.  Metal-rubber  type  stretchable  electronic  systems  exhibit  catastrophic  interface  delamination, 
which  is  investigated  in  this  research.  The  fibrillation  process  occurring  at  the  delamination  front  of  the  metal-rubber  inter- 
face is  investigated  through  in-situ  SEM  imaging  of  the  progressing  delamination  front  of  peel  tests  of  rubber  on  copper  sam- 
ples. Results  show  that  the  interface  strength  is  dependent  on  the  delamination  rate  and  the  interface  roughness.  Additionally, 
the  fibril  geometry  seems  highly  dependent  on  the  interface  roughness,  while  being  remarkably  independent  on  the  delamina- 
tion-rate. 

INTRODUCTION 

To  allow  electronic  devices  to  be  used  close  to  or  inside  the  human  body,  the  devices  need  to  be  able  to  comply  with  the 
body.  Since  the  body  is  very  flexible,  and  locally  even  stretchable  it  is  desired  that  these  electronic  devices  are  also  stretcha- 
ble. These  devices  typically  consist  of  rigid  or  flexible  functional  electronic  components,  embedded  in  a  elastomeric  (rubber) 
matrix  material  [1-3].  These  functional  islands  then  need  to  be  connected,  and  for  the  interconnect  design  two  paths  can  be 
followed;  (i)  start  with  a  stretchable,  typically  non-conductive,  material  and  add  conductivity,  or  (ii)  start  with  conductive, 
typically  non-stretchable,  material  and  add  stretchability.  Designs  following  the  first  path  mostly  use  elastomers  for  the  inter- 
connect material  filled  with  conductive  particles,  or  even  nanotubes  [4].  These  interconnects  are  often  very  stretchable  but  the 
conductivity  is  low  which  limits  frequency  of  the  electronic  signals.  Designs  following  the  second  path  mostly  use  metals  for 
the  interconnects  adding  stretchability  by  structuring  the  interconnects  in  mechanistic  patterns  which  locally  reduce  the  de- 
formation, when  they  are  stretched  globally,  similar  to  a  helical  telephone  cord  [5-7].  Although,  both  design  paths  have  relia- 
bility issues,  this  paper  focuses  mainly  on  issues  related  to  the  second  design  path. 

In  previous  research  is  shown  that  interface  delamination  between  the  elastomer  matrix  and  metal  interconnect  is  a  precursor 
to  failure  [8-9].  After  delamination  the  device  has  not  yet  failed,  but  the  matrix  material  no  longer  distributes  the  load  over 
the  metal  structure,  thereby  causing  localization  in  the  delaminated  part  of  the  interconnect,  which  then  quickly  leads  to  fail- 
ure. Improving  the  interface  will  also  improve  the  stretchability  and  reliability  of  the  device  and  thereby  may  reduce  the  re- 
quirements on  the  mechanistic  design  or  even  render  it  obsolete.  The  amount  of  energy  an  interface  can  dissipate  before  de- 
lamination determines  the  toughness  of  the  interface.  Previous  research  indicated  to  the  rubber  fibrillation  which  occurs  at  the 
delamination  front  as  the  dominant  dissipative  mechanism.  Therefore  in  this  research  the  fibrillation  is  investigated  further 
focusing  on  the  dependence  of  the  interface  delamination  on  the  interface  roughness  and  on  the  delamination  rate. 

EXPERIMENTAL  SETUP 

The  interface  delamination  is  investigated  by  means  of  a  T-peel  test,  which  is  an  established  method  for  testing  interface  de- 
lamination properties  [10].  In  a  T-peel  test,  the  two  layers  of  an  interface  are  separated  at  an  angle  of  90°  using  a  tensile  stage 
(Figure  1).  From  the  force  measured  at  the  steady-state  part  of  the  peel-force  displacement  curve  the  work  of  separation  can 
be  calculated  as 
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where  Ue  is  the  mechanical  energy  supplied  to  the  system,  A  the  peeled  area,  F  the  force  measured  on  the  load-cell,  u  the 
displacement  of  the  clamps  and  b  the  width  of  the  peel  front. 
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Fig.  1  Schematic  illustration  of  the  sample  layout,  and  loading  conditions 

For  this  research  a  Kammrath- Weiss  micro-tensile  stage  is  used  which  is  especially  designed  for  use  in  combination  with 
optical  or  electron  microscopes.  The  stage  is  fitted  with  a  100N  load-cell  and  can  operate  at  clamp  displacement  velocities 
between  O.lum/s  and  lOOum/s.  This  tensile  stage  fits  inside  the  vacuum  chamber  of  the  FEI  Quanta  600,  Environmental 
Scanning  Electron  Microscope  (ESEM),  thereby  allowing  for  high  magnification  in-situ  observation  of  the  real-time  pro- 
gressing delamination  front  (Figure  2).  The  possibility  to  visualize  the  delamination  front  in-situ  is  proven  to  be  invaluable 
for  observing  the  fibrillation  process,  because  the  fibrils  quickly  relax  when  the  experiment  is  stopped.  Consequently,  imag- 
ing the  peel  front  in  a  paused  or  interrupted  experiment  would  not  have  shown  the  correct  fibril  geometry.  The  same  ESEM  is 
also  used  to  image  both  the  new  surfaces  created  by  the  peel-test  experiment,  where  for  the  rubber  side  the  Environmental 
mode  was  essential,  due  to  the  non-conductive  nature  of  the  material. 


Fig.  2  The  micro-tensile  stage,  placed  in  the  vacuum  chamber  of  the  environmental  scanning  electron  microscope 
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SAMPLES 


The  samples  used  in  the  test  where  provided  by  the  TU-Berlin,  courtesy  of  Thomas  Loher.  The  samples  consist  of  a  50  urn 
thick  layer  of  TPU1  laminated  on  a  35  urn  thick  layer  of  TW-YE  grade  printed  circuit  board  copper,  which  is  delivered  with 
the  interface  side  roughened,  exhibiting  a  3-5  jum  deep  fractal  surface  (Figure  3b).  This  combination  is  of  materials  is  chosen 
because  it  is  actually  used  in  current  stretchable  electronic  prototypes.  To  create  a  T -peel-test  sample  two  of  such  (bi-layer) 
samples  are  laminated  back  to  back,  with  the  TPU  in  the  center  at  a  processing  temperature  of  200°,  where  a  small  part  of  the 
sample  is  not  laminated  to  create  a  pre-crack.  This  effectively  creates  a  3  layer  sample  with  on  the  outsides  the  copper  layers 
and  in  the  middle  a  100  urn  thick  TPU  layer  with  a  pre-crack  in  the  middle  of  the  layer.  This  pre-crack  is  not  at  the  correct 
interface,  therefore  before  starting  the  "real"  experiment,  the  sample  is  first  peeled  until  the  crack  has  propagated  to  either 
one  of  the  two  copper-TPU  interfaces.  To  test  the  dependence  of  the  interface  delamination  properties  on  the  interface  surface 
roughness  the  smooth  side  of  the  copper  was  treated  with  a  chemical  roughening  step  to  create  a  1  urn  deep  fractal  surface 
(Figure  3a),  from  this  point  onwards  called  "smooth",  the  TPU  was  then  laminated  to  this  surface  in  the  same  way  is  for  the 
rough  surface,  which  is  from  this  point  onwards  called  "rough". 
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Fig.  3  Surface  height  maps  measured  with  optical  confocal  profilometry  for  (a)  the  "smooth"  sample  type,  and  (b)  the 
"rough"  sample  type 

SURFACE  ROUGHNESS  DEPENDENCY 

First  the  influence  of  the  interface  surface  roughness  on  the  fibrillation  mechanics  is  investigated.  The  surface  roughness  is 
quantified  by  measuring  "clean"  pre-laminated  copper  surfaces  of  both  sample  types  using  a  Sensofar  plu4200  optical  con- 
focal  surface  profilometer  (Figure  3).  From  the  surface  height  maps  of  both  sample  types  the  root  mean  squared  roughness  is 
calculated 


*,=^IM 
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where  N  is  the  number  of  data  points  (i.e.  pixels)  in  the  surface  height  map,  z  is  the  height  and  Z  is  the  mean  height  of  the 
entire  measurement.  Before  calculating  the  roughness,  the  surface  height  map  is  leveled  with  a  3rd  order  plane,  fitted  through 
the  data,  to  correct  for  any  large  scale  deviations.  The  two  sample  types  measured  a  roughness  of  0.52  urn  and  2.46  urn  for 
the  "smooth"  and  the  "rough"  sample  respectively. 
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The  peel-force  displacement  curves  of  peel-tests  performed  for  both  samples  revealed  that  the  "smooth"  interface  is  a  lot 
weaker  than  the  "rough"  interface  (Figure  4).  This  is  expected  and  already  shown  in  [9],  the  reasons  for  a  rougher  interface  to 
be  stronger  are  threefold,  a  rougher  interface  (i)  has  ha  larger  area  to  chemically  bond  to,  (ii)  increases  the  amount  of  delami- 
nation  mode-mixity,  caused  by  the  various  angles  of  the  local  interface  with  respect  to  the  peel-front  opening  angle,  and  (Hi) 
the  extreme  asperities  can  also  mechanically  interlock  the  elastomer.  However,  the  effect  on  the  fibrillation  process  was  not 
discussed  in  [9].  From  the  in-situ  imaging  of  the  progressing  delamination  front  the  fibrillation  process  can  be  visualized 
(Figure  5).  From  these  micrographs  can  clearly  be  seen  that  the  fibrils  for  the  "rough"  sample  are  much  larger  than  the  fibrils 
for  the  "smooth"  sample.  Furthermore,  for  the  "rough"  samples  the  fibrils  seem  to  remain  connected  to  the  copper  longer  in 
the  "valleys"  of  the  copper  roughness,  while  for  the  "smooth"  sample  no  clear  correlation  is  seen  between  the  roughness  pat- 
tern and  the  fibril  pattern. 


WOS  =  4.1  kN/m 


WOS  =  2.0  kN/m 


— Rough  sample 
— Smooth  sampl^ 


500  1000  1500 

displacement  [|im] 


2000 


Fig.  4  Typical  force  displacement  curves  obtained  from  two  peel  tests  for  samples  with  different  roughness,  each  curve  con- 
sists of  an  initiation  part,  where  the  sample  is  loaded  and  starts  to  delaminate  until  a  steady  state  peel-force  is  reached  where 
the  delamination  rate  is  in  balance  with  the  loading  rate,  this  is  where  the  work  of  separation  is  determined. 


Fig.  5  ESEM  micrographs  captured  of  the  progressing  delamination  front  for  (a)  the  "smooth"  sample  and  (b)  the  "rough" 
sample  type,  with  copper  shown  on  top  and  TPU  shown  on  the  bottom  side.  Note  that  for  the  "smooth"  sample  the  fibrils  are 
located  in  the  darker  band  at  the  peel-front. 


Movies  where  made  from  the  in-situ  ESEM  images,  which  allows  for  further  analysis  of  the  fibrils.  By  evaluating  the  movies 
backwards  an  estimation  of  the  average  fibril  length  is  acquired  by  measuring  each  fibril  in  the  movie  just  before  it  fractures. 
This  is  method  is  performed  for  both  sample  types  and  the  measured  fibril  lengths  are  approximately  12  ±3  urn  and  23  ±3  urn 
for  the  "smooth"  and  "rough"  sample  respectively  (Figure  6). 
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Fig.  6  A  quantitative  comparison  of  the  fibril  length  as  measured  from  movies,  taken  from  both  the  "smooth"  and  "rough" 
sample 


PEEL  RATE  DEPENDENCY 

To  investigate  the  rate  dependency  of  the  interface  delamination,  the  peel-test  experiments,  using  the  "rough"  copper  surface 
sample  type,  were  performed  at  various  peel-rates.  Where  the  peel-rates  were  chosen  logarithmically  over  a  regime  as  large 
as  possible  with  the  current  setup,  resulting  in  four  peel-rates  0.1,  1,  10  and  100  um/s.  For  the  fastest  peel-rate  it  was  imposs- 
ible to  capture  useful  in-situ  ESEM  images  due  to  the  too  low  acquisition  rate  compared  to  the  movements  within  an  image. 

Figure  7a  shows  typical  peel-force  displacement  curves  measured  at  all  four  peel-rates,  showing  that  for  increasing  peel-rate 
the  work  of  separation  also  increases.  To  reduce  the  scatter  between  different  series  of  measurements,  each  measurement  set 
is  normalized  with  the  10  um/s  measurement  of  the  set.  Interestingly,  if  the  normalized  work  of  separation  is  plotted  against 
the  logarithm  of  the  peel-rate,  a  linear  relation  is  shown  (Figure  7b). 
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Fig.  7  (a)  Four  typical  force  displacement  curves  obtained  from  peel  tests  performed  at  four  different  peel-rates,  (b)  Plotting 
the  work  of  separation,  normalized  with  the  10  um/s  measurement  of  that  measurement  set,  against  the  logarithmic  peel -rate 
reveals  a  linear  peel-rate  dependency. 

Using  the  same  method  as  described  above  to  measure  the  fibril  length,  gives  an  approximation  of  the  average  fibril  length 
for  each  peel-rate  (Figure  8).  From  these  fibril  length  measurements  can  be  concluded  that  the  fibrils  remain  remarkably  con- 
stant over  three  decades  of  peel-rates  (Figure  9).  This  indicates  that  while  the  peel-rate  affects  the  interface  strength,  it  does 
not  affect  the  delamination  micro-mechanisms.  Therefore,  to  understand  these  mechanisms  better,  the  surfaces  created  by  the 
peel  test  can  be  investigated.  The  interface  delamination  can  be  subdivided  in  three  failure  modes,  where  the  interface  can  fail 
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(i)  in  the  copper,  leaving  copper  behind  on  the  rubber  surface  and  (ii)  in  the  fibril,  leaving  rubber  behind  on  the  copper  sur- 
face, (Hi)  at  the  interface. 
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Fig.  8  ESEM  in-situ  micrographs  of  the  fibrillation  process  for  various  peel-rates,  note  that  the  fibril  geometry  is  remarkably 
similar  for  all  peel-rates 
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Fig.  9  A  quantitative  comparison  of  the  fibril  length  as  measured  from  movies,  taken  from  both  three  different  peel -rates 
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Figure  10  shows  typical  ESEM  micrographs  of  the  rubber  surface  after  peeling  for  three  peel-rates,  each  showing  small  cop- 
per particles  on  the  rubber  surface,  confirmed  with  Energy-dispersive  X-ray  spectroscopy.  From  the  area  created  by  the  peel 
test  experiment  for  each  respective  peel-rate,  five  images  are  taken.  For  each  image  the  amount  of  copper  left  behind  on  the 
rubber  surface  is  quantified  by  means  of  segmentation,  and  plotted  in  figure  1 1 ,  showing  that  there  is  an  increasing  trend  for 
the  amount  of  copper  for  increasing  peel-rate.  The  "rough"  copper  surface  is  created  by  adding  an  extra  electroplating  step  to 
the  TW-YE  grade  copper  foil.  Resulting  in  a  surface  covered  with  various  size  (and  strength)  asperities.  Consequently,  it  can 
be  assumed  that  if  more  copper  asperities  are  torn  off  the  copper  surface  by  the  fibrils,  that  in  the  distribution  of  torn-off  as- 
perities, some  were  stronger.  Following  this  reasoning,  we  can  assume  that  the  forces  in  these  fibrils  are  also  larger.  Figure  8 
shows  that  the  fibril  geometry  does  not  change  significantly  as  a  function  of  peel-rate,  leading  to  the  conclusion  that  if  the 
number  of  copper  particles  for  a  given  peel-rate  is  larger,  that  then  the  stresses  at  the  interface  must  also  have  been  larger. 
However,  it  must  be  noted  that  the  fibril  geometry  is  actually  very  difficult  to  quantify  or  compare,  therefore  this  conclusion 
must  be  taken  lightly. 


(a)  peel  rate=l^,m/s 


(b)  peel  rate=10/j.m/s 


(c)  peel  rate=100^mi/s 


Fig  10  ESEM  images  of  the  rubber  surface  created  by  the  peel-test  experiment,  the  bright  spots  are  copper  particles  torn  off 
the  copper  surface. 
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Fig  11  The  measured  area  of  copper  on  the  rubber  surface  after  peeling  for  various  peel-rates 
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Likewise,  the  copper  area  after  peeling  is  also  investigated,  where  rubber  fibril  fracture  will  leave  rubber  patches  on  the  cop- 
per surface.  For  all  four  peel  rates,  10  SEM  images  are  taken  from  the  area  created  by  the  peel-test  for  the  respective  peel- 
rates.  Similarly  to  the  rubber  surface  analysis  the  area  covered  with  rubber  is  quantified  using  a  threshold  technique.  The  ob- 
tained rubber  area  fractions  are  compared  in  figure  12,  which,  due  to  large  scatter,  show  an  unclear  trend  between  the  rubber 
area  fraction  and  the  peel-rate.  For  all  investigated  copper  surfaces  the  rubber  area  fraction  was  significant,  which  by  itself 
shows  that  the  rubber  fracture  mechanism  plays  a  significant  role  in  the  delamination  process,  and  thus  possibly  also  in  the 
peel-rate  dependency. 
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Fig  12  The  measured  area  of  rubber  on  the  copper  surface  after  peeling  for  various  peel-rates 


CONCLUSIONS 

In-situ  visualizations  are  a  powerful  tool  for  investigating  the  real-time  progressing  delamination  front,  because  it  allows  the 
visualization  of  the  real  fibrillation  process.  Due  to  the  fast  relaxation  of  the  fibrils  they  are  impossible  to  visualize  for  a 
paused  experiment  or  after  the  experiment.  The  in-situ  visualization  shows  that  the  fibril  geometry  depends  strongly  on  the 
copper  surface  roughness,  which  can  be  expected  since  the  onset  of  a  fibril  is  a  void  in  the  interface  which  will  probably  oc- 
cur in  the  weakest  spot  in  the  interface,  which  is  determined  by  the  micro-shape  of  the  interface.  This  is  confirmed  by  the 
measured  work  of  separation  which  is  larger  for  the  rougher  sample.  Remarkably,  the  in-situ  visualization  also  shows  that  the 
fibril  geometry  does  not  change  significantly  between  different  peel-rates,  while  the  work  of  separation,  or  interface  strength 
does  depend  logarithmically  on  the  peel-rate. 

Three  interface  failure  modes  are  identified,  (i)  failure  in  the  copper  near  the  interface,  (ii)  failure  in  the  rubber  fibril,  (Hi) 
failure  at  the  interface.  Analysis  of  the  rubber  surface  created  by  the  peel-test  revealed  that  for  increasing  peel-rates  more 
copper  fracture  occurs,  indicating  that  the  fibril  stresses  are  higher  for  faster  peel-rates,  which  is  in  contrast  with  the  apparent 
insignificant  changes  in  fibril  geometry  for  different  peel-rates.  Analysis  of  the  copper  surface  after  peeling  showed  that  fibril 
fracture  occurs  frequent  indicating  that  it  will  probably  have  a  significant  role  in  the  rate -dependency  of  the  interface.  It  re- 
mains a  question  if  the  observed  constant  fibril  length  is  due  to  the  fact  the  fibril  fracture  strain  is  actually  constant,  or  that  the 
fibrils  are  stronger  for  higher  peel-rates,  and  therefore,  pull  in  more  bulk  rubber  material,  where -after  they  fracture  at  a  lower 
(local)  strain. 

Finally,  these  interfaces  are  typically  modeled  using  Cohesive  Zone  (CZ)  elements  in  a  Finite  Element  Method  (FEM)  model. 
Such  CZ  elements  model  the  traction  response  of  the  interface  as  a  function  of  opening,  using  a  Traction  Separation  Law 
(TSL),  for  which  typically  three  parameters  are  required,  (i)  the  maximum  traction,  (ii)  the  critical  opening,  and  (Hi)  the  work 
of  separation.  The  work  of  separation  can  easily  be  determined  from  the  peel-force  displacement  curve,  and  through  the  TSL 
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all  three  are  coupled,  so  only  one  more  parameter  is  required  to  characterize  the  interface.  Considering  that  the  fibrils  did  not 
show  significant  geometrical  changes  for  changes  in  peel-rate,  indicates  that  if  only  one  of  the  two  remaining  parameters 
would  be  time  dependent  it  would  probably  be  the  maximum  traction,  since  the  critical  opening  of  an  interface  is  related  to 
the  maximum  opening  of  an  interface  which  is  where  the  fibrils  are  imaged. 
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ABSTRACT 

Flexible  electronic  devices  (flexible  displays,  solar  cells)  are  subjected  to  large  bending  loads  during  manufacturing  and  use, 
making  delamination  in  the  underlying  thin-film  structure  a  major  reliability  concern.  To  investigate  such  failures,  a  new 
miniature  contactless,  frictionless  pure -bending  device  is  presented  that  enables  highly  sensitive  moment-curvature 
measurements  and  simultaneous  in-situ  SEM  failure  analysis.  Bending  tests  are  of  particular  interest  as  they  apply  non- 
uniform loads  without  geometrical  instabilities  (necking,  buckling,  etc.).  Most  standardized  bending  tests  (3 -point,  4-point  or 
cantilever  bending)  are  contact-based,  however,  therefore  they:  cannot  straightforwardly  impose  (large  amplitude)  cyclic  or 
reversed  loading;  may  introduce  local  deformations  (indentations);  typically  obstruct  the  field  of  view  at  top  or  bottom 
surface;  and  typically  introduce  ill-defined  parasitic  frictional  forces  and  moments.  Contact  and  friction  contributions 
particularly  form  a  problem  for  cyclic  testing  or  miniaturization  and  significantly  complicate  experimental-numerical  material 
model  identification.  The  here  presented  miniature  pure-bending  device  overcomes  these  limitations.  Contactless  pure 
bending  is  realized  through  the  relative  rotations  of  two  clamps,  while  active  piezo  control  is  use  to  eliminate  axial  and 
normal  clamp  forces  and  keep  the  area  of  interest  in  field  of  view  for  continuous  SEM  observation. 

INTRODUCTION 

Thin  film  technology  has  become  indispensable  over  the  last  few  decades.  It  is  already  been  widely  used  in  many  industrial 
applications  and  its  potential  is  still  enormous.  Applications  can  be  found  in  Integrated  Circuits  (IC),  data  storage  devices, 
fuel  cells  etc.  Frequently,  thin  film  technology  is  also  used  in  flexible  applications.  For  instance,  flexible  organic  light 
emitting  diode  displays  is  an  example  of  thin  film  technology  in  such  an  application.  Flexibility  and  ruggedness  is  obtained 
by  using  a  polymer  substrate.  Although  advantageous  for  flexibility,  the  properties  of  polymeric  materials  seldom  match  with 
all  requirements  set  by  display  processing  usage,  either  mechanically  (e.g.  scratch  resistance),  chemically  (e.g.  chemical 
resistance)  or  physically  (e.g.  water  permeability).  Therefore,  multiple  layers  are  stacked  on  top  of  the  polymer  substrate  to 
improve  the  properties  of  the  total  film.  The  individual  layers  are  manufactured  using  different  materials  and  processes. 
Flexible  displays  are  frequently  subjected  to  bending,  which  results  in  both  tensile  and  compressive  stresses  in  these 
products.  Brittle  and  stiff  layers  can  crack  or  buckle  as  a  result  of  these  stresses.  In  both  cases  this  may  lead  to  interfacial 
delamination  of  the  stacked  layers.  Therefore,  tensile  failure  and  compression  failure  are  mentioned  to  be  the  most  common 
failure  modes  of  flexible  displays  [1].  The  same  trends  can  be  observed  in  flexible  electronics  which  are  subjected  to  both 
static  and  (large  amplitude)  cyclic  bending  [2,  3]. 

In  order  to  improve  the  design  rules  for  manufacturing  and  the  reliability  during  service  of  flexible  displays  and  electronics, 
bending  induced  failure  needs  to  be  researched  in  these  products.  To  this  end,  a  novel  miniature  bending  test  is  presented.  In 
the  following,  first  the  requirements  of  this  bending  test  are  specified  in  detail,  after  which  these  requirements  are  worked  out 
into  practical  design  criteria.  Finally,  the  concept  of  the  bending  test  is  presented. 
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REQUIREMENTS  OF  THE  BENDING  TEST 

A  transverse  load,  an  eccentric  load  and  a  moment  load  or  a  combination  of  these  three  loads  can  induce  bending  of  a 
material.  Transverse  and  eccentric  loads  results  in  the  simultaneous  presence  of  shear  forces  and  an  inhomogeneous  bending 
moment  in  the  material.  On  the  other  hand,  when  solely  a  bending  moment  is  imposed  to  a  material,  it  is  purely  bended.  The 
bending  moment  will  be  constant  over  the  material  indicating  that  the  loading  condition  at  every  part  of  the  material  is  well- 
defined.  Therefore,  pure  bending  is  a  commonly  preferred  loading  condition  in  both  numerical  and  experimental  tests  to 
characterize  bending  behavior  of  materials.  Hence,  the  most  important  requirement  of  the  bending  setup  is  that  it  applies  to 
the  specimen  a  pure  bending  moment,  i.e.  all  parasitic  loads  should  be  eliminated.  This  bending  should  also  be  known, 
therefore,  it  must  be  measured  by  the  setup.  With  the  requirement  of  pure  bending  in  mind,  existing  bending  setups  can  be 
investigated. 

A  wide  range  of  bending  setups  has  been  proposed  to  perform  experimental  bending  tests.  The  three-  and  four-point  bending 
tests  are  well-known  techniques  to  characterize  bending  behavior  of  materials.  The  working  principle  of  three-  and  four-point 
bending  is  based  on  a  sample  posing  on  two  supports  and  one  or  two  bars  which  impose  a  concentrated  force  on  the  sample 
resulting  in  pure  bending  for  small  loads.  The  bar(s)  cause(s)  local  effects  due  to  contact  with  the  sample.  Local  effects  (e.g. 
indentations,  slip,  rupture,...)  near  the  contact  areas  are  described  in  detail  by  Zineb  et  al.  [4].  Moreover,  reversed  loading  and 
large  amplitude,  cyclic,  pure  bending  tests  can  not  straightforwardly  be  performed  by  three-  or  four-point  bending  tests. 
Yoshida  et  al.  [5]  developed  a  large- amplitude,  cyclic,  bending  setup  with  the  possibility  to  apply  reversed  loadings.  This  last 
ability  can  be  used  for  the  experimental  examination  of  phenomena  like  the  Bausschinger  effect  or  elastic  springback.  Unlike 
three-point  and  four-point  bending  tests,  Yoshida's  setup  uses  a  non-contact  principle  to  induce  bending.  The  bending  is 
realized  by  relative  rotations  of  two  clamps  that  are  mounted  on  sliders.  The  friction  of  the  sliders,  however,  induces  a 
parasitic  load  to  the  bended  sample,  causing  the  state  of  pure  bending  to  be  lost.  The  presence  of  friction  in  a  setup  generally 
introduces  hysteresis  in  cyclic  tests  which  is  usually  not  trivial  to  calibrate.  On  top  of  that,  the  influence  of  friction  on  a 
measurement  increases  if  the  setup  is  miniaturized  e.g.  to  test  samples  in  combination  with  microscopy.  Boers  et  al.  [6] 
replaced  Yoshida's  sliders  for  frictionless  air  bearings,  enabling  their  setup  to  perform  large  amplitude,  cyclic,  pure  bending 
in  a  contactless  and  frictionless  fashion.  Boers  et  al.  also  notes  that  in  general,  influences  of  contact  and  friction  are  not 
included  in  numerical  tests.  Therefore,  contact  and  friction  effects  should  also  not  be  present  is  experimental  setups  in  order 
to  give  a  fair  judgment  on  numerical  tests. 

Setups  for  the  in  situ  Scanning  Electron  Microscope  (SEM)  characterization  of  mechanical  behavior  of  materials  are  another 
class  of  experimental  devices.  The  microscopic  information  obtained  from  these  experiments  is  used  for  the  research  on 
mechanical  behavior  at  the  microscale.  Kolluri  et  al.  [7]  reports  an  example  of  the  relevance  of  such  an  investigation  with  a 
miniaturized  mixed-mode  delamination  setup,  with  which  quantitative  delamination  characteristics  can  be  measured  while 
simultaneously  the  delamination  mechanisms  can  be  observed  during  real-time  in  situ  SEM  visualization.  Wiklund  et  al.  [8], 
Frei  et  al.  [9]  and  Buchanan  et  al.[10]  already  performed  in  situ  bending  tests  in  a  SEM,  relying  on  the  four-point  bending 
principle.  Crack  propagation  due  to  bending  was  examined  by  all  of  them  at  the  microscopic  level.  For  the  here  presented 
bending  setup  in-situ  SEM  observation  of  bending  failure  during  the  bending  test  is  also  an  important  requirement,  as  it  will 
greatly  enhance  the  possibilities  to  unravel  the  underlying  physical  origin  of  the  bending  failure. 

A  contactless,  frictionless  pure  bending  setup  for  large  amplitude,  cyclic  loading  was  developed  by  Boers  et  al.  [6]  which  can 
be  used  to  achieve  the  first  two  points  listed  above.  However,  simply  miniaturizing  the  contactless,  frictionless  pure  bending 
setup  developed  by  Boers  et  al.  such  that  it  fits  SEM  is  not  trivial.  Air  bearings  that  were  used  by  Boers  et  al.  can  not  be  used 
since  the  setup  should  be  able  to  operate  in  vacuum  circumstances.  Furthermore,  magnetic  fields  may  affect  the  electron 
beam  in  the  SEM  causing  a  disturbance  during  visualization.  Therefore,  strong  magnetic  fields  should  be  avoided.  When 
focusing  on  a  certain  region  of  interest,  it  should  stay  in  the  field-of-view.  The  constant  observation  of  a  microscopically 
small  area  which  can  undergo  large  amplitude  cyclic  displacements  is  another  mayor  problem  which  is  also  not  trivial  to 
solve. 

The  bending  setup  presented  here,  is  developed  for  the  bending  of  flexible  thin  films,  because  they  are  widely  used, 
frequently  fail  and  their  potential  is  still  enormous.  However,  the  setup  should  not  only  extend  the  pure  bending  of  flexible 
thin  films,  but  also  other  materials  like  metal  foils,  laminar  composites  and  paper.  Consequently,  quick  and  easy 
modifications  should  be  allowed  to  make  this  possible.  The  setup  should  be  usable  for  a  range  of  sample  dimensions  and 
testing  conditions  should  be  well-defined  and  reproducible.  Beside  all  of  this,  the  setup  should  enable  to  investigate  time- 
dependent  pure  bending  behavior  like  relaxation  and  creep.  Relaxation  can  be  measured  by  prescribing  a  fixed  bending  angle 
and  monitoring  the  bending  moment  over  time.  Creep  tests  on  the  other  hand,  can  be  performed  by  prescribing  a  fixed 
bending  moment  and  monitoring  the  resulting  bending  angle  over  time. 

In  conclusion,  the  goal  of  this  project  is  to  develop  a  large- amplitude,  cyclic,  pure  bending  setup  for  in  situ  SEM 
characterization. 
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DESIGN  CONCEPT 

The  proposed  basic  concept  for  the  bending  setup  is  based  on  the  analytical  description  of  the  kinematics  of  a  homogeneous, 
elastic,  purely  bended  beam.  Frictionless  and  contactless  pure  bending  is  imposed  by  prescribing  the  movement  of  the 
clamped  sides  of  the  beam  with  the  aid  of  a  combination  of  displacement  and  force  driven  manipulators.  This  concept  is 
introduced  in  this  chapter. 

Analytical  kinematics  description 

At  first,  we  consider  the  perfect  case  where  samples  have  a  uniform  composition  and  behave  in  an  either  orthotropic  or 
isotropic,  elastic  manner  over  their  full  length.  In  the  case  of  pure  bending  of  a  homogeneous,  elastic  beam,  see  Figure  1,  the 
clamp  positions  can  be  determined  analytically,  therefore,  a  purely  displacement  driven  setup  can  be  designed  based  on 
mathematical  positions.  The  sample  in  Figure  1  is  fixed  in  space  at  point  O  in  the  middle  of  the  beam.  This  point  O  represents 
the  region  of  interest  that  will  be  examined  in  the  SEM.  The  beam  should  be  uniformly  curved  as  a  result  of  the  pure  bending. 
The  facts  that  there  is  fixed  point  and  that  the  beam  is  uniformly  curved,  enable  us  to  analytically  describe  the  kinematics  of 
the  purely  bended  beam.  Fixed  point  O  is  also  the  origin  of  a  Cartesian  coordinate  system  with  coordinates  x  and  y. 
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Figure  1.  Model  to  describe  the  kinematic  behavior  of  homogeneously  bend  beam. 

(xl,  yl)  and  (x2,  y2)  are  the  coordinates  which  represent  the  location  of  the  right  and  left  clamped  sides  of  the  beam  (i.e.  the 
clamps)  with  respect  to  the  fixed  point  O.  (xl,  yl)  and  (x2,  y2)  can  be  written  as: 
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The  position  of  both  sides  of  the  sample  can  be  written  in  terms  of  the  bending  angle  86  and  the  length  L  of  the  sample.  The 
length  of  the  sample  is  considered  to  be  constant.  Manipulators  can  use  this  information  to  precisely  position  the  clamps 
correctly  with  respect  to  each  other  such  that  the  sample  will  be  in  the  state  of  pure  bending.  Multiple  strategies  to  realize  this 
are  discussed  next. 

Strategies  to  prescribe  clamp  movement 


The  first  concept  is  based  on  the  use  of  two  linear  and  one  rotation  stage  for  the  actuation  of  each  individual  clamp.  The 
linear  manipulators  should  position  the  clamps  to  positions  (xl,  yl)  and  (x2,  y2)  while  the  rotation  stages  should  rotate  the 
clamps  under  the  bending  angle  86  with  respect  to  each  other.  Detailed  study  on  this  concept  showed,  however,  that  the  space 
inside  the  SEM  was  too  limited  for  the  realization  of  this  proposal. 
A  second  strategy  is  based  on  the  description  of  the  clamp  movement  by  a  circle.  As  shown  in  figure  2,  circles  can  be 
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characterized  by  a  center  at  coordinate  (al,  a2)  and  a  radius  b.  In  this  concept,  each  individual  clamp  should  be  located  at  a 
distance  b  from  a  point  (al,  a2)  and  rotate  around  it,  such  that  a  simple  circular  movement  for  each  clamp  would  suffice  to 
follow  the  analytically  determined  path. 


Figure  2.  Circular  path  description  model. 
Every  point  (x,  y)  of  the  circle  shown  in  figure  2  can  be  mathematically  determined  by  the  following  equations: 


and 


x  =  al  +  h  sin  (0) 


y  =  a2-bcos(0) 


(3) 
(4) 


From  (1)  and  (2),  we  can  recognize  al  =  0,  a2  =  +  U  80  and  b  =  L/  80.  The  parameter  a2  and  the  radius  b  are  dependent  on 
the  bending  angle  and  thus  not  constant.  The  clamp  movements  can  therefore  not  perfectly  be  described  by  circles.  Besides, 
the  circular  path  is  described  with  an  angle  0  while  the  clamps  rotate  with  an  angle  80/2  with  respect  to  the  zero-bending- 
angle-condition.  Therefore,  simple  circular  movements  of  the  clamps  as  described  here  do  not  suffice. 

The  third  concept  is  actually  a  continuation  of  the  second  concept.  Bouten  [28]  introduced  another  model  to  describe  the 
movement  of  the  sample  sides  in  pure  bending  with  simple  circular  movements  and  already  concluded  that  these  would  not 
suffice  to  describe  the  clamp  kinematics.  Bouten's  model  describes  the  movement  of  the  clamped  sample  sides  with  two 
rotational  point  at  a  distance  a  from  each  other  and  two  end-plates  to  clamp  the  sample.  These  end-plates  clamp  the  sample  at 
a  distance  b  from  the  rotational  points.  An  extension  to  this  model  was  made  by  the  introduction  of  extra  degrees  of  freedom 
and  the  restriction  that  the  region  of  interest,  located  in  the  middle  of  the  sample,  is  fixed  in  space.  This  extended  model  is 
schematically  presented  in  figure  3. 
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Figure  3.  Extended  path  description  model. 


The  origin  of  the  introduced  Cartesian  coordinate  system  O  corresponds  with  the  fixed  region  of  interest,  (xl,  yl)  and  (x2, 
y2)  are  the  coordinates  of  the  clamped  sides  of  the  samples.  Coordinates  (xrl,  yrl)  and  (xr2,  yr2)  are  the  coordinates  of  the 
rotation  points.  Positions  (xl,  yl)  and  (x2,  y2)  in  the  drawing  can  be  calculated  by: 
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Xl  —  —.1*2 
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Vi  =V2  =  Ay  +  6sin(  — ) 


(5) 


(6) 
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Equations  (5)  and  (6)  should  be  equal  to  the  outcomes  of  equations  (1)  and  (2)  respectively.  This  lead  to  a  system  of  equation 
which  can  be  rephrased  in  a  matrix  form  as: 


|    0    cos(|) 
0     1     sin(f) 


o 

h 


^(l-n>s(f)) 


(7) 


One  extra  equation  is  required  to  solve  this  system  of  equations  for  the  full  bending  angle  range.  In  order  to  describe  the 
movements  of  the  clamps,  restrictions  can  be  put  on  the  degrees  of  freedom  of  the  movement  of  the  rotation  points  in  space. 
We  can  allow  only  movement  in  x-direction  (i.e.  varying  a),  only  movement  in  y-direction  (i.e.  varying  Ay),  full  freedom  of 
movement  in  both  x-  and  y-direction  or  no  movement  at  all.  Besides,  we  can  consider  a  fixed  and  a  varying  length  b.  In 
total,  eight  different  cases  can  be  considered.  Only  three  of  those  cases  are  suitable  to  solve  equation  (7):  the  case  in  which 
solely  y-movement  of  the  rotation  points  and  variation  in  distance  b  are  allowed,  the  case  where  solely  x-movement  of  the 
rotation  points  and  variation  in  distance  b  are  allowed  and  the  case  in  which  both  x-  and  y-movement  of  the  rotation  points 
and  no  variation  of  distance  b  are  allowed.  The  system  is  over-  or  underconstraint  in  all  other  conditions.  The  case  in  which 
both  x-  and  y-movement  of  the  rotation  points  and  no  variation  of  distance  b  are  allowed  is  similar  to  the  first  concept 
discussed  in  this  section,  so  it  will  not  be  considered  any  further.  In  case  no  linear  actuator  which  can  move  in  the  x-direction 
is  used,  symmetry  around  the  y-axis  is  required  to  keep  the  region  of  interest  at  a  fixed  point  in  space.  The  case  in  which 
solely  x-movement  of  the  rotation  points  and  variation  in  distance  b  are  allowed,  requires  two  actuators  to  move  both 
rotation  points  in  synchronous,  opposite  direction  for  the  realization  of  symmetry.  The  case  in  which  solely  y-movement  of 
the  rotation  points  and  variation  in  distance  b  is  allowed  (and  a  is  kept  constant),  only  requires  one.  Consequently,  this  last 
case  is  used  as  a  starting  point  for  the  actual  design  of  the  setup. 

Setup  kinematics 

This  section  explains  how  the  proposed  motion  pattern  is  realized  in  the  setup.  Before  this  is  done,  it  should  be  noted  that 
distance  a  between  the  rotation  points  is  chosen  to  be  zero,  resulting  in  a  single  rotation  point.  Because  the  samples  are  small, 
two  rotation  points  would  be  located  closely  together  possibly  causing  inconveniences  in  the  construction.  When  a  =  0  is 
postulated  in  equation  (7),  expressions  for  b  and  Ay  can  be  obtained: 


and 
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The  setup  consists  of  two  individual  clamps  which  are  attached  on  top  of  two  bars.  These  bars  with  a  length  LI  can  rotate 
around  the  single  fixed  joint  Jl.  By  using  two  push/pull  rods  attached  to  the  bars  with  joints  at  point  J2  and  J3,  synchronous 
rotation  of  the  bars  is  accomplished.  The  pull/push  rods  have  a  length  L2  and  they  are  linearly  actuated  at  joint  J4.  The 
actuator  at  this  point  is  referred  to  as  the  rotation  stage.  The  distance  between  the  clamps  and  the  fixed  joint  Jl  equals  the  half 
of  the  length  of  the  sample  in  zero-bending-angle  condition.  This  condition  is  drawn  in  figure  4. 


592 


Figure  4.  Rotation  mechanism  of  the  setup. 

Equation  (8)  shows  that  distance  b  should  vary  over  the  full  range  of  bending  angles.  The  clamps  should  therefore  move 
along  the  longitudinal  direction  of  the  bars.  Mechanical  bearings  can  not  be  used  for  this  clamp  movement  since  friction  in 
the  bearings  cause  parasitic  loading  of  the  sample.  Air  bearings  can  not  be  used,  because  the  setup  will  be  used  in  (low) 
vacuum  circumstances.  In  case  magnetic  levitation  would  be  used,  the  strong  magnetic  fields  will  disturb  the  electron  beam 
of  the  SEM  and  thus  the  real-time  visualization.  Free  movement  of  the  clamps  by  attaching  them  to  very  low-stiffness  leaf 
springs  causes  problematic  dynamic  behavior.  Finally,  a  solution  can  be  found  in  the  use  of  simple  linear  actuators.  Two 
actuators  will  move  the  clamps  synchronously  in  the  axial  direction  of  the  sample  with  a  magnitude  Ab  =  b  -  L/2  .  The  entire 
setup  is  positioned  on  top  of  another  linear  actuator  to  keep  the  region  of  interest  in  the  field-of-view.  The  movement  of  this 
field-of-view  stage  represents  the  Ay-movement  as  described  by  equation  (9).  Figure  5  shows  the  implementation  of  the  two 
synchronous  linear  actuators  and  the  mechanism  to  keep  the  region  of  interest  in  the  field-of-view. 


'Ay 


Figure  5.  Integration  of  axial  actuators  and  field-of-view  mechanism  in  the  basic  concept. 


Active  feedback 


So  far,  we  considered  the  perfect  case  where  samples  had  a  uniform  composition  and  behaved  in  an  either  orthotropic  or 
isotropic,  elastic  manner  over  their  full  length.  This  allowed  to  devise  a  purely  displacement  driven  setup  based  on 
mathematical  positions.  In  reality  this  perfect  case  does  not  exist  because  of  failure,  plastic  deformation,  material  defects, 
variation  in  geometric  properties,  etc.  These  phenomena  and  artifacts  have  a  significant  effect  of  the  deformation  of  a  sample 
in  pure  bending.  They  will  cause  diversion  from  the  perfect  pure  bending  path,  so  a  correction  needs  to  be  made  for  the 
inhomogeneity  of  samples  and  for  the  case  that  samples  behave  in  a  non-elastic  fashion.  The  position  of  the  clamps  should  be 
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determined  by  the  position  and  angle  of  the  ends  of  the  sample  and  not  the  other  way  around,  otherwise  the  clamps  will  apply 
undesired  parasitic  (axial,  transverse,  shear)  forces  on  these  samples.  However,  the  undesired  forces  can  be  used  for  active 
feedback  control  of  actuators.  These  forces  can  be  sensitively  measured  and  they  can  be  used  to  steer  the  movement  of 
actuators.  Therefore,  very  small  parasitic  loads  are  allowed  to  act  on  the  sample.  However,  these  loads  should  be  negligibly 
small  in  comparison  to  the  bending  moment  which  is  applied  on  the  sample.  Moreover,  the  sample  should  move  freely,  so  the 
loads  should  be  measured  according  to  a  contactless  and  thus  frictionless  principle.  Figure  6  represents  this  idea  in  case  of 
correction  of  the  (actual  or  transverse)  force.  A  clamp  holds  a  sample  and  is  attached  to  a  base  plate  by  two  leaf  springs. 
These  leaf  springs  have  a  low  stiffness  in  the  direction  in  which  the  force  of  the  sample  is  supposed  to  be  sensed.  When  the 
sample  starts  to  get  of  the  pure  bending  track,  it  will  push  or  pull  the  clamp  and  load  the  leaf  springs  with  a  force  F.  The 
displacement  of  the  clamp  Ax  caused  by  this  loading  is  sensed  by  a  sensitive  displacement  sensor  (it  was  found  that  a  Linear 
Variable  Differential  Transformer  (LVDT)  is  best  suited  for  the  present  purpose  considering  resolution  versus  range).  The 
clamp  is  attached  to  the  core  of  the  LVDT,  which  slides  free  of  contactless  through  the  LVDT.  When  the  sample  does  not 
induce  a  resultant  force,  the  distance  between  the  LVDT  and  the  clamp  is  xO.  The  signal  measured  by  the  LVDT  is  used  to 
determine  the  movement  of  an  actuator  which  is  located  underneath  the  base  plate.  The  actuator  will  move  till  the  distance 
between  the  clamp  and  the  LVDT  is  xO  again  (i.e.  the  leaf  springs  are  unloaded). 
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Figure  6.    (a)  Schematic  overview  of  the  active  feedback  control  system  (b)  Initial  condition  (c)  Condition 
of  the  system  when  the  sample  pulls  it  (d)  Condition  of  the  system  after  a  feedback  was  carried  out. 


As  mentioned  earlier  in  this  section,  the  clamps  positions  should  be  fully  determined  by  the  (position  and  angles  of  the)  edges 
of  the  sample.  To  realize  this,  all  the  linear  and  rotational  positions  of  the  clamps  other  than  the  rotation  around  the  bending 
axis  should  be  controlled  with  the  aid  of  a  feedback  system.  So,  forces  and  torsion  in  five  directions  need  to  measured  and 
actuated.  Besides,  the  setup  should  be  able  to  be  driven  by  the  bending  moment  and  to  characterize  the  bending  behavior. 
Thus,  a  bending  moment  measurement  needs  to  be  done  as  well.  Consequently,  loads  in  six  directions  need  to  be  measured. 
The  realization  of  this  is  difficult  since  space  is  limited  and  load  measurements  of  all  the  loads  according  to  the  described 
principle  (Fig.  6)  are  complex.  The  dynamic  behavior  of  the  complete  setup  with  multiple  leaf  springs  will  be  problematic 
and  loads  tend  to  interfere  with  the  measurements  of  other  loads.  Moreover,  use  of  many  actuators  lead  to  an  increase  of 
complexity  in  the  control  scheme  of  the  setup. 

In  order  to  simplify  the  problem,  the  number  of  directions  in  which  load  is  measured  and  actuation  is  provided,  should  be 
decreased.  First,  geometrical  errors  (e.g.  twist)  of  samples  are  not  incorporated  in  numerical  tests.  They  should  be  very  small 
for  a  fair  judgment  of  these  numerical  simulations.  We  limit  the  use  of  arbitrarily  samples  by  allowing  only  very  small  twists 
in  the  sample  such  that  torsion  (after  straightening  of  the  sample  during  clamping)  is  minimal.  Second,  actuation  and  force 
measurement  in  the  width  direction  of  the  sample  is  not  necessary,  since  the  position  of  the  clamps  in  width  (vertical) 
direction  should  remain  constant  during  the  bending  (in  horizontal  plane).  Moreover,  care  is  taken  to  clamp  the  sample  only 
from  side  in  the  thickness  direction,  thus  not  exerting  any  forces  in  vertical  direction  during  clamping. 

After  simplifying  the  problem,  still  feedback  in  the  horizontal  plane  needs  to  be  implemented  in  the  basic  concept.  This 
means  that  forces  in  the  axial  and  transverse  direction  of  the  sample  are  measured  and  used  for  feedback  control.  As  can  be 
seen  in  figure  7  just  one  more  stage,  which  moves  in  the  transverse  direction  of  the  sample  is  to  be  integrated  in  the  basic 
concept  discussed  above.  This  additional  stage  corrects  for  asymmetry  in  the  sample. 
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Figure  7.   Final  basic  concept  with  transverse  correction  actuator. 

We  accept  the  fact  that  symmetry  of  the  setup  is  lost,  since  solely  small  movements  in  the  transverse  direction  are  expected 
(i.e.  small  asymmetry  in  the  sample).  It  is  noted  that  the  setup  is  underconstraint  if  symmetry  would  be  obtained  by  adding 
two  transverse  correction  actuators  rather  than  one. 

An  advantageous  property  of  the  transverse  stage  is  its  ability  to  correct  for  non-synchronous  movement  of  the  two  axial 
actuators  (Ab).  In  case  of  pure  bending  of  a  homogeneous,  elastic  beam,  non-synchronicity  causes  the  clamps  to  force  the 
sample  to  a  certain  position.  This  induces  a  parasitic  load  on  the  sample.  The  transverse  actuator  however,  can  correct  for  this 
incorrect  positioning.  Though,  movement  of  the  transverse  actuator  causes  the  region  of  interest  to  shift  in  lateral  direction. 
This  is  further  clarified  by  figure  8  in  which  a  homogeneous,  elastic  beam  is  purely  bended.  A  difference  of  the  displacement 
between  both  axial  actuators  As  is  introduced.  This  non-synchronicity  leads  to  a  shift  Ax  of  the  region  of  interest.  The 
positions  of  the  depicted  clamps  can  be  mathematically  described.  These  clamp  positions  should  match  with  those  determined 
in  equation  (1)  and  (2). 


Figure  8.   Shift  of  the  region  of  interest  due  to  non-synchronicity  of  the  axial  actuators. 


Again,  a  system  of  equations  can  be  formulated  and  solved,  leading  to  an  expression  for  the  shift  Ax: 

Am 


Ax 


2cos(f) 


(10) 


which  shows  that  the  shift  as  a  result  of  non-synchronicity  Ax  remains  below  half  the  displacement  mismatch  As.  This 
mismatch  should  be  less  than  lOOum,  assuming  that  the  region  of  interest  is  at  the  center  of  the  lOOumxlOOum  field-of-view. 
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Finally,  synchronicity  of  the  two  axial  actuators  (Ab)  can  be  realized  in  either  a  mechanical  or  a  mechatronic  manner.  It  is  not 
trivial  to  integrate  a  mechanism  in  the  basic  concept  to  obtain  synchronicity  mechanically  for  the  full  range  of  bending 
angles.  Furthermore,  space  is  already  limited,  so  synchronicity  is  obtained  mechatronically.  This  is  needed  as  non- 
synchronicity  can  easily  be  obtained  due  to  misalignment  of  the  actuators  or  slip  in  the  driving  mechanism  etc. 


FINAL  DESIGN 

The  resulting  design  of  the  cyclic,  pure  bending  setup  for  in  situ  SEM  characterization  is  given  and  explained  in  Figure  9. 
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Figure  9.  Final  design  of  the  large  amplitude,  cyclic,  pure  bending  setup  for  in  situ  SEM  characterization.  The  sample  (not 

shown)  is  placed  in  the  clamps  (cj  and  c2)  and  each  clamp  is  closed  in  a  highly  controlled  concentric  manner  using  a 

clamping  mechanism  (only  cm2  is  shown).  The  clamps  are  rotated  by  a  rotation  mechanism  as  explained  in  Fig.  4,  where  Jh 

J 2,  J 3,  and  J 4  are  the  rotation  points  and  Lj  and  L2  are  the  (length  of  the)  beams,  while  AO  is  the  linear  actuator  with  motor 

MAO  that  moves  rotation  point  J4.  The  resulting  moment  applied  to  the  sample  is  measured  with  a  leaf  spring  mechanism  LFM 

which  displacement  is  measured  with  very  high  resolution  using  a  capacitive  sensor  SM.  The  axial  force  in  the  sample  pulls 

leaf  spring  LSAF  out  of  equilibrium,  which  displacement  is  measured  with  LVDT  sensor  Saf>'  subsequently,  the  two  linear 

actuators  Ab  move  the  clamps  synchronously  in  the  axial  direction  of  the  sample  to  reduce  the  axial  force  below  its  setup 

point  value  (explained  in  Fig.  6).  The  transverse  force  in  the  sample  pulls  leaf  spring  LSTF  out  of  equilibrium,  which 

displacement  is  measured  with  LVDT  sensor  STF  and  linear  actuators  Ac  moves  clamp  c2  to  reduce  the  transverse  force  below 

its  setup  point  value  (explained  in  Fig.  7).  Ay  is  the  linear  actuator  with  motor  MAy  that  moves  the  complete  setup  to  keep  the 

region  of  interest  in  the  field- of -view  (explained  in  Fig.  5).  Tj  and  T2  are  sensitive  tilt  sensors  that  allow  to  position  the 

rotation  axis  J4  exactly  vertically,  and  thus  leaf  spring  mechanism  LFM,  LFAF,  LFTF  exactly  horizontal. 
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SUMMARY 

Bending  tests  are  of  particular  interest  as  they  apply  non-uniform  loads  without  geometrical  instabilities  (necking,  buckling, 
etc.).  Here,  a  novel  concept  has  been  presented  for  a  contact-less,  (large-amplitude)  cyclic,  pure  bending  test  setup  that  can  be 
employed  under  in-situ  scanning  electron  microscopic  visualization.  Care  has  been  taken  to  installed  measures  that  reduce  to 
negligible  levels  all  ill-defined  parasitic  axial,  transverse,  shear,  and  frictional  forces  in  order  to  apply  a  well-defined  pure 
bending  moment  to  the  sample.  This  allows  for  the  measurement  of  (cyclic)  bending  test,  either  controlled  from  the  applied 
clamp  angle  or  from  the  (highly  sensitive)  measurement  of  the  applied  moment.  Such  tests  can  be  directly  and  accurately 
compared  with  conjugant  bending  simulations,  which  allows  for  straightforward  experimental-numerical  material  model 
identification.  The  ability  to  perform  in-situ  optical  microscopic  or  scanning  electron  microscopic  visualization  allows 
following  the  ongoing  deformation  behavior  and  resulting  failure  mechanism  (delamination,  cracking,...)  during  the  well- 
defined  bending  test.  In-situ  visualization  has  been  assured  by  (i)  reducing  the  size  of  all  mechanisms  and  components,  (ii) 
using  only  vacuum-compatible  materials  and  elements,  (iii)  by  using  applying  only  actuator  and  (feed-back)  mechanisms  that 
do  not  influence  SEM  operation  with  magnetic  or  electric  field,  (iv)  by  keeping  free  open  access  from  the  top  of  the  (bended) 
sample,  and  (iv)  by  installing  an  extra  actuator  that  keeps  the  region  of  interest  stationary  in  the  fleld-of  view.  The 
measurement  concept  will  be  validated  on  cyclic  bending  tests  of  flexible  electronic  samples. 
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ABSTRACT 


To  better  design  structures  and  machines,  understanding  of  flaws  and  failures  is  essential.  Stresses  in  the  vicinity  of 
a  crack  tip  can  be  characterized  by  Stress  Intensity  Factor.  The  effective  methods  of  experimentally  determining  the  stress 
intensity  factor  for  a  body  containing  a  crack  is  to  analyze  the  isochromatic  pattern  obtained  from  a  photoelastic  model.  The 
effect  of  biaxial  load  factor,  crack  angle,  Crack  length/width  of  specimen  and  length  of  specimen/width  of  specimen  were 
studied  and  a  regression  model  was  developed  for  geometry  correction  to  predict  stress  intensity  factor  for  tearing  mode  and 
intensity  factor  for  shearing  mode.  This  approach  is  being  used  to  predict  crack  growth  trajectory  under  biaxial  cyclic  loading  by 
assuming  that  the  crack  may  grow  in  a  number  of  discrete  steps  using  the  vectorial  method.  MTS  criterion  (Maximum  Tangential  Stress 
criterion)  is  used  for  prediction  of  crack  initiating  angle.  The  crack  growth  trajectory  has  been  determined  by  cycle  by  cycle  simulation 
procedure. 

INTRODUCTION 

The  strength  of  a  structure  could  be  severely  affected  by  presence  of  crack  like  defects  or  pre-existing  cracks  and  the 
defects  are  unavoidable  in  a  cost  effective  manufacturing  process.  Since  there  are  limitations  on  minimum  size  of  the  defects 
that  can  be  detected,  one  needs  to  know  the  relation  between  the  defect  size  and  the  strength  of  a  structure.  Fracture 
mechanics  provide  a  methodology  through  which  a  quantitative  relationship  between  the  applied  stress  on  a  structure,  defects 
size  present,  inherent  properties  of  material  and  the  fracture  resistance  characteristics  of  structure  may  be  obtained.  In  the 
middle  1950  Irwin  and  co-workers  laid  the  foundations  for  what  has  since  become  known  as  fracture  mechanics  [1].  The 
most  important  contribution  of  this  development  has  been  to  introduce  and  experimentally  determined  material  constant 
called  the  stress  intensity  factor  (K)  that  characterizes  the  significance  of  the  defects  present  in  a  material  from  the  point  of 
view  of  brittle  crack  growth.  The  effective  methods  of  experimentally  determining  the  stress  intensity  factor  for  a  body 
containing  a  crack  is  to  analyze  the  isochromatic  pattern  obtained  from  a  photoelastic  model.  Measurements  of  the  fringe 
order  N  and  position  parameters  r  and  0,  which  locate  number  of  points  on  a  fringe  loop,  are  sufficient  to  permit  the 
determination  of  Kx  and  Kn.  The  Irwin  method  for  SIF  extraction  from  photoelastic  patterns  was  the  accepted  method  for 
analysis  for  many  years.  In  this  method  the  positional  coordinates  and  fringe  order  for  a  specific  point  that  satisfies  the 
criteria  is  used  for  evaluating  Kx  and  Kn.  The  crack  usually  initiates  at  the  surface  of  the  specimen  and  propagate  slowly  at  first  into  the 
interior.  This  is  called  as  micro  crack  growth.  The  Material  will  continue  the  neck  down,  the  crack  is  found  to  nucleate  at  brittle  particle.  A 
particle  is  said  to  have  nucleated,  when  it  becomes  stable  and  will  not  disappear  due  to  thermal  fluctuation.  Once  the  particle  has  attained  this 
stage,  it  can  grow  further  with  a  continuous  decrease  in  energy.  If  fracture  initiate  at  pore  in  the  crack  region,  then  the  voids  are  already 
present.  The  voids  grow  with  increasing  deformation  and  ultimately  reach  sizes  of  the  order  of  millimeter.  This  is  called  as  macro  crack 
growth.  All  some  critical  stage,  the  crack  propagation  becomes  rapid  culminating  in  fracture.  With  the  recent  advances  in  computation 
technology,  researchers  around  the  globe  are  working  to  simulate  the  crack  propagation  under  different  loading  conditions.  One  can  predict 
the  crack  propagation  path  if  crack  initiation  and  subsequent  crack  extension  (initiation)  angles  are  known.  The  problem  needs  to  be  studied 
in  mixed  mode  since  in  mixed  mode  loading  both  crack  initiation  angle  and  hence  crack  growth  rate  varies  during  subsequent  growth 
process.  Prediction  of  initial  fracture  angle  of  mixed  mode  problem  allows  for  the  determination  of  the  crack  trajectory  based  on  strain  energy 
density  factor.  Several  studies  related  to  the  prediction  of  the  initial  fracture  crack  angle  and  crack  trajectories  under  mixed  mode  loading 
conditions  were  performed  for  uniaxial  loadings  as  well  as  for  biaxial  loadings.  The  strain  energy  density  criterion  has  used  to  predict  the 
crack  trajectory  by  approximating  the  developed  crack  by  new  crack  angle  and  a  fictitious  crack  length  under  uniaxial  loading.  Later,  this 
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approach  is  being  used  to  predict  crack  growth  trajectory  under  biaxial  cyclic  loading  by  assuming  that  the  crack  may  grow  in  a  number  of 
discrete  steps  using  the  vectorial  method. 


ANALYSIS  OF  THE  PROBLEM 


The  stress  optic  law  relates  the  fringe  order  N  and  principal  stresses  <3\  and  a2  as: 


(1) 


Where,  fa  is  the  material  fringe  value  and  t  is  the  model  thickness.  For  a  plane  stress  problem  the  principal  stresses  are: 

For  the  purpose  of  mixed  mode  study,  the  stresses  in  the  local  neighborhood  of  a  crack  tip  (r/a<l)  can  be 
approximated  by  Westergaard  Stress  component  Gy  in  an  increasing  order  power  series  as  follows  [2]: 
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where, 

"  '  2n  +  2)     2x4x In 

where  r  and  0  are  polar  co-ordinates  with  the  origin  defined  at  the  crack  tip. 

The  maximum  in-plane  shear  stress  (xm)  is  related  to  the  Cartesian  components  of  stress  by: 
(2rJ=(ay-ax}+(2rJ 

(ai-a2y=(av-ax}+(2rJ 
Subsisting  Equation  (1)  in  above  equation 
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Substituting  Equation  (3  to  5)  into  (8),  we  get 
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The  N-K  relation  given  in  Equation  (9)  is  non-linear  in  term  of  the  three  unknowns  KI?  Kn  and  gox.  In  the  present 
analysis  these  three  points  deterministic  approach  have  been  used. 

In  this  approach  data  is  selected  from  three  arbitrary  points  (r1?  00,  (r2,  62)  and  (r3,  03).  The  Newton-Raphson 
method  [3]  is  applied  to  the  solution  of  three  simultaneous  non-linear  equations. 

THE  DETERMINATION  OF  DIRECTION  OF  CRACK  INITIATION 

MTS-criterion  is  the  simplest  off  all,  and  it  states  that  direction  of  crack  initiation  coincides  with  the  direction  of  the  Maximum  Tangential 
Stress  along  it  constant  radius  around  the  crack  tip.  It  can  be  stated  mathematically  as, 

(da0/d8)0=0o  =0  GO) 

(d2cr0/d02)<O  (11) 

Using  then  stress  field  in  polar  co-ordinates  and  applying  the  M.T.S.-criterion,  we  get  the  following  equations 

tan2(6V2)-(///2)tan(<9/2)-0.5  =  0  (12) 

(-3/2)[{(l/2)cos3(6>/2)cos(6>/2)sin2(6'/2)}  +  {(l///)sin3(6>/2)  (13) 

-(7/2)sin(672)cos3(6V2)}]<0 
Where  /U  is  defined  as, 

M  =  (KI/KII)  (14) 

If  the  value  of  6  is  equal  to  the  f3 ,  the  solution  of  above  equation  will  give  the  value  of  crack  initiation  angle  (  /?0 ). 

To  solve  the  equations  for  the  crack  initiation  angles  defined  above,  we  need  to  have  expressions  for  the  stress  intensity  factors  for 
the  angled  crack  problem  for  different  loading  conditions. 

Where  an  and  ?    are  the  normal  and  tangential  stress  to  the  crack  plane  respectively,  to  obtain  expressions  for  <jn  and  T    for 

slant  crack  problem,  the  most  general  loading  case  is  considered  figure2. 

an  =ax  cos2  (3  +  <Jy  sin2  (3-rxy  sin 2(3  (15) 

*n   =  (fax  -ay)/2)  Sln  2P  ~  Txy  C0S  2P  (16) 

The  crack  growth  rate  da/dN  can  be  expressed  as  a  function  of  strain  energy  density  range  similar  to  Paris's  law[5]  of  model  1 
cyclic  loading  and  is  given  by 

(da/dN)  =  C(AS)n  (17) 

=  2.98xl010(AS)1 15  forl50  <  AS  <  AScr 

=  1.88xl(T18(AS)398  for  AS  <  750 

where  C  and  n  are  material  properties  to  be  determined  experimentally,  The  strain  energy  density  factor  range, AS,  can  be 
expressed  as: 


(18) 

(19) 
(20) 
(21) 
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AS  =  bnK)  +  2b12KIKII  +  b22K2n 
Where  Coefficients  bx  x ,  bn  and  b22  are  given  by 

bu  =  (1/16G)[(1  + cos /?)(£- cos/?)] 

b12  =  (1  / 1 6G)  sin  J3[2  cos  /?  -  (A:  - 1)] 

b22  =  (1  / 1 6G)[(k  + 1)(1  -  cos  jff)  +  (l  +  cos  yff)(3  cos  jff-1)] 
Where 

A:  =  (3  -  5l>)  for  plane  strain  (22) 

fc  =  (3  -  u)  /(l  +  y)         for  plane  stress  (23) 

Strain  Energy  Density  range  was  found  to  be  a  convenient  parameter  for  predicting  fatigue  crack  growth  under  complex  loading. 
Using  crack  geometry,  the  crack  angle  and  the  corresponding  crack  length  at  i   state  of  cycle  can  be  expressed  in  terms  of  initial  fracture 
crack  angle  and  the  incremental  crack  length  given  in  figure  2  as  follows: 
New  crack  inclination  angle  (after  crack  propagation) 

/?.  =  p  +  tan"1  [(Aa  sin  P0  )(a  +  Aa  cos  P0 )]  (24) 

New  half  crack  length  (after  crack  propagation) 

ai  =<s][(AasinP0)2  +  (<?  + Aacos/?0)2]  (25) 
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RESULT  &  DISCUSSION 

STRESS  INTENSITY  FACTOR  Ki 

The  effect  of  biaxial  load  factor  k,  crack  angle  a/W  ratio  on  stress  intensity  factor  (Kx)  is  shown  in  Figure  3(a-c)  for 
different  crack  length  and  crack  angles.  Figure  3  shows  that  Kx  increases  as  k  increases.  This  may  be  due  to  increase  in  plastic 
zone  size  produced  ahead  of  the  crack-tip.  Figure  4  shows  that  Kx  decreases  as  crack  angle  a  increases  for  all  values  of  k 
values.  This  may  be  due  to  the  change  of  crack  position  for  minimum  loading  direction  (a-axis)  to  maximum  loading 
direction  (ka-axis).  Kj  increases  when  a/W  increases  shown  in  figure  5. 
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Figure  3 :  Variation  of  crack  growth  rate  with  number  of  cycles  under  different  crack  length 


1.6 
1.4 
1.2 

E         1 
T 

S.    o.s  H 

*     0.6 

0.4 
0.2 


-alpha=0      — ■ —  alpha=30      — *^alpha=60      — *—  alpha=45 


0.75 


1.25 


1.75 


2,25 


Figure  3(a):  Effect  of  biaxial  factor  on  stress  intensity  factor  Kx  for  a/W  =  0.08 
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Figure  3(b):  Effect  of  crack  angle  on  stress  intensity  factor  Kx  for  a/W  =  0.06. 
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Figure  3(c):  Effect  of  (a/W)  ratio  on  stress  intensity  factor  KI?  for  a  =  60° 


0.75  0.95  1.15  1.35  1.55  1.75  1.95  2.15 


_§        0.4 


Figure  4(a):  Effect  of  biaxial  factor  on  stress  intensity  factor  Knfor  a/W  =  0.08 
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Figure  4(b):  Effect  of  a/W  on  stress  intensity  factor  Knfor  a  =  45° 


Crack  angle  (degree) 

40  50 


Figure  4(c):  Effect  of  crack  angle  on  stress  intensity  factor  Knf0r  a/W  =  0.08 


The  theoretical  relation  available  for  KT  is  written  as: 


KT 


aVTia 


{(l  +  k)-(l-k)cos2a} 


(26) 


This  relation  is  based  on  assumption  of  infinite  plate  with  remote  loading  conditions,  i.e.  Le/We  =  1  for  all  a  values. 
So  that  Kj  is  independent  of  (Le/We)  ratio  in  above  relation.Liebowitz  [6]  have  proposed  analytically  and  numerically  that 
stress  intensity  factor,  depends  on  the  (L/a)  and  (W/a),  where  L  is  the  length  of  specimen  and  W  is  the  width  of  the  specimen. 
In  the  present  investigation  it  is  seen  that  Kj  depends  upon  crack  angle,  biaxial  load  factor,  constant  stress  term  and  geometry 
factor  (a/W)  and  (a/L).  Hence  an  attempt  has  been  made  to  correlate  these  parameter  to  Kx  and  fallowing  from  is  presented. 


Kl  =av7ra{(l  +  ^)-(l-^)cos2a}/1 
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Where  Ze=L/2-acos(X  and  ^  =W/2-asin  OC , 

where  the  function  ix  (Le/We)  is  obtained  from  regression  analysis  and  found  as  : 


w„ 


(28) 


The  coefficient  (ai  to  a5)  are  shown  in  Table  (1)  for  various  biaxial  factor.  Le  and  We  are  defined  in  figure  1. 
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Table  1:  The  coefficient  of  Equation  (28) 


k 

Coefficients 

ai 

a2 

a3 

a4 

a5 

1.0 

2958.13 

-12319.36 

19224.87 

-13324.242 

3460.51 

1.2 

4537.08 

18372.43 

27972.43 

-18972.07 

4837.87 

1.4 

15558.09 

-64654.20 

100712.02 

-69686.75 

18072.87 

1.6 

25511.84 

-105574.57 

163730.04 

-112775.23 

29110.39 

1.8 

13629.04 

-56212.08 

87054.91 

-59991.82 

15522.33 

2.0 

42527.06 

-175971.91 

272858.97 

-187899.41 

48486.72 

The  correlation  coefficient  in  all  cases  are  found  to  be  greater  than  0.90. 

STRESS  INTENSITY  FACTOR,  Kn 

It  reveals  for  the  Figure  (6-8)  that  Kn  depends  on  a,  k  and  (W  and  L).  The  magnitude  obtained  form  experiments  are 
also  quite  different  from  the  theoretical  solutions  for  same  boundary  conditions  and  loading.  This  is  due  to  the  geometry 
constraint.  Hence  a  geometry  factor  is  derived  for  Kn  and  presented  in  following  form. 
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where  the  function  f2  (Le/We)  is  obtained  from  regression  analysis  and  found  as  : 
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The  coefficient  (a2i  to  a25)  are  shown  in  Table  (2)  for  various  biaxial  factor. 
Table  2:  Coefficient  of  Equation  (30) 


Coefficients 

k 

a2i 

a22 

a23 

a24 

a25 

1.0 

0.023338 

-0.006552 

0.0149691 

-0.103077 

0.026600 

1.2 

166886.09 

-484369.54 

751914.84 

-518243.74 

133810.83 

1.4 

52169.22 

-215980.16 

334828.70 

-230670.93 

59558.42 

1.6 

5040.72 

-22239.70 

36592.78 

-26637.27 

7234.41 

1.8 

8273.014 

-34264.72 

53203.89 

-36704.137 

9492.012 

2.0 

2974206.00 

-12400926.00 

19376463.00 

-13446820.00 

3497075.30 

A  detailed  analysis  has  been  done  under  fatigue  loading.  Maximum  Tangential  Stress  (MTS)  criterion  has  been  used  for  the 
prediction  of  crack  initiating  angle.  The  crack  growth  trajectories  have  been  determined  by  cycle  by  cycle  simulation  procedure.  For 
determination  of  instantaneous  crack  angle  and  instantaneous  crack  length  equations  (24)  and  (25)  has  been  used.  A  computer  programme 
in  C^  has  been  developed  to  solve  the  various  equations  to  find  out  the  life  and  to  study  the  effect  of  various  parameters  on  fatigue  life.  The 
results  obtained  from  the  simulation  are  presented  in  figures  9.  Figure  9  shows  a  graph  between  crack  growth  rate  and  number  of  cycles  for  a 
constant  inclination  angle  (30°)  at  different  initial  crack  length.  Figure  shows  that  for  crack  length,  initially  crack  grows  slowly  and  beyond  a 
cycle  of  5xl04it  increases  rapidly.  It  is  observed  that  as  the  crack  length  increases  the  growth  rate  also  increases  beyond  the  cycle  of  5x1  (f.  It 
is  concluded  that  the  life  of  component  depends  upon  the  initial  crack  length  and  crack  inclination  angle  and  stress  intensity  factors. 
According  to  the  equation  17  &  18  crack  growth  rate  increases  as  the  stress  intensity  factors  increases.  Stress  intensity  factors  are  depended 
upon  the  initial  crack  length,  crack  angle,  biaxial  factor  k  and  a/W  as  shown  in  figure  (3-5)  and  figure  (6-8).  It  is  concluded  that  the  life  of 
component  depends  upon  the  initial  crack  length,  crack  inclination  angle  biaxial  factor  k  and  a/W.  As  the  crack  inclination  angle  increases 
the  crack  growth  rate  increases  and  the  life  of  component  becomes  less.  Similarly  as  the  crack  length  increases  the  crack  growth  rate 
increases  and  the  life  of  components  decreases.  On  increasing  the  value  of  crack  inclination  angle  the  value  of  new  crack  length  increases 
for  a  constant  initial  crack  length. 
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ABSTRACT 

Based  on  the  crack  opening  displacement,  fatigue  crack  growth  model  is  expressed  as  a  function  of  mechanical  properties. 
The  effect  of  material  non-homogeneity  is  included  in  the  model  through  a  random  process  parameter  of  Gaussian  type.  The 
model  is  validated  through  the  experimental  and  predicted  results  from  several  data  sets.  All  experimental  data  are  taken  from 
literature. 


a 

Crack  size 

B 

Thickness  of  the  specimen 

E 

Modulus  of  elasticity,  GPa 

TV  or  Nf 

Number  of  cycles  to  failure,  or  fatigue  life,  cycles 

W 

Width  of  the  specimen 

m 

Degree  of  material  non-homogeneity 

V 

Population  mean 

gq 

Initial  crack  length 

af 

Final  crack  length 

a/ 
/w 

Crack  aspect  ratio 

Kj 

Mode  I  stress  intensity  factor,  MPayjm 

^max 

Maximum  stress  intensity  factor,  MPayjm 

^min 

Minimum  stress  intensity  factor,  MPayjm 

Kop 

Opening  stress  intensity  factor 

Kth 

Fatigue  threshold,  MPayjm 

KlC 

Fracture  toughness,  MPayjm 

AKj 

Stress  intensity  factor  range,  MPa^m 

da/  dN 

Crack  growth  rate 

<■■■■) 

Standard  deviation  of  parameter  (.) 

Oy 

Yield  strength,  MPa 

K ) 

Population  mean  of  parameter  (.) 

Introduction 

All  structural  component  experiences  cyclic  stresses  of  sufficient  magnitude  during  their  life  span.  Under  fluctuating 
load  condition  the  physical  mechanisms  leading  to  crack  formation  and  failure  is  very  complicated  and  difficult  to  model. 
However,  several  deterministic  crack  growth  models  are  available  in  literature.  It  is  widely  recognized  that  the  fatigue  crack 
growth  is  fundamentally  a  stochastic  phenomenon.  The  two  main  reasons  for  the  randomness  in  fatigue  crack  growth 
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behaviour  are  the  random  material  resistance  or  inhomogeneous  material  properties  and  the  random  loading.  During  the  last 
three  decades,  the  probabilistic  aspect  of  fatigue  crack  growth  has  been  addressed  by  many  researchers  [1-7].  These  studies 
are  based  on  Markov  chain  model,  random  process  model  or  random  variable  model.  Most  of  the  stochastic  crack  growth 
models  are  based  on  the  inclusion  of  a  suitable  stochastic  random  process  either  of  stationary  and  ergodic  process  of 
Gaussian  type  or  non  Gaussian  type  in  the  deterministic  crack  growth  model.  Mostly  the  deterministic  part  of  the  model  is 
based  on  Paris-Erdogan,  Elber  or  polynomial  models.  Keeping  in  view  these  aspects,  the  present  study  is  aimed  at  the 
development  of  a  stochastic  crack  growth  model  and  estimation  of  confidence  and  probability  bounded  crack  growth  relation 
(a-N)  curve)  coupled  with  stationary  Gaussian  random  process.  In  the  model  the  statistical  scatter  of  the  material  properties 
between  the  specimens  and  the  microstructural  stochastic  non-homogeneity  of  the  material  within  a  specimen  are  well 
addressed.  The  validity  of  the  model  is  demonstrated  through  the  comparison  with  an  extensive  amount  of  the  published 
crack  growth  data.  The  probability-confidence  bounded  prediction  of  a-N  curves  presented  in  this  paper  will  be  extremely 
helpful  for  the  reliability  assessment  of  structure. 

Stochastic  Crack  Growth  Model 

On  the  basis  of  energy  release  and  crack  opening  stress,  author  has  developed  the  following  crack  growth  model  [8] 

da      O^l-v^K^  i  (1) 


dN  {aEcry) 


y) 

l- 


f '  K  A 

^max 


2 


KlC 
where  a  is  plastic  zone  correction  factor,  AKefr  =  Km2iX  -  K0p  and  this  K0p  is  the  crack  opening  stress. 

It  is  now,  possible  to  consider  the  following  functional  dependence  for  the  phenomenon  of  fatigue  crack  growth  as: 
-^  =  f[E,cTy,AKIc,AKth,AKop;  KmSiX,R;  a0,W,B)  (2) 

f  in  Eq.  (2)  denotes  function.  Making  groups  of  the  similar  properties,  Eq.  (2)  can  be  expressed  as: 

^-  =  f(w,C,a)  (3) 

dN 

where  y/  is  vector  of  geometry  parameters,  C  is  the  experimentally  determined  function  of  monotonic  and  cyclic  strength 

and  a  -  a(N) ,  the  crack  length  at  cycle  TV .  With  the  randomization  of  material  and  geometry  parameters,  a-N  curves 

similar  to  experimental  observations  can  be  obtained  and  it  can  be  interpreted  as  crack  growth  model  for  generating  the 
sample  crack  growth  curves.  Hence,  Eq.  (1)  in  terms  of  mean  values  can  be  expressed  as: 

a  a(ME)(M(Jv)(        1        ff       1       fr  x 

Pr—2  "Fmax  Vflaj    \da  V*) 


N(a)=    J 


a0    <  u2 


MAK 


eff 


MKIC 


KlC' 


Eq.  (4)  can  be  solved  for  each  crack  increment  Aa  and  the  required  cycles  to  reach  the  crack  length  can  be  obtained.  Sum  of 
these  cycles  will  be  the  cycles  required  to  grow  the  crack  from  aQ  to  a  .  Let  the  cycles  obtained  at  each  crack  increment  be 
denoted  by  N{Aa).  The  total  cycles  required  to  grow  the  crack  from  aQ  to  a  is 

N{a)=      TN(Aa)  (5) 

aQ+Aa 

From  the  results  of  Eq.  (5)  a-N  curve  can  be  drawn.  The  a-N  curve  thus  obtained  explains  only  the  variability  due  to  the 
material  properties  and  specimen  geometry.  Hence,  the  variability  due  to  material  non-homogeneity  is  to  be  incorporated  to 
account  this  effect  on  the  growth  process. 
Consider  a  random  process,  X\a)  as: 

X(a)  =  §C  +  <JXt{a)\n  (6) 

where 

£(a)  is  the  standard  Gaussian  white  noise  and 

E[c(a)]=0  and  CoVar[£(a%£(a")]  =  S(a"-a')9  S(.)  as  the  Dirac  function. 
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X  and  cr^r  denotes  mean  and  variance  of  X[a) .  zu  is  the  degree  of  non  homogeneity  factor  and  it  can  be  assumed   that 

0  <  zu  <  1.0 .  The  random  factor  X\a)  now  is  added  to  the  each  normalized  life  data  (normalized  between  -1  and  1)  obtained 
for  each  crack  increment  from  Eq.  (5)  to  account  the  material  non-homogeneity  effect. 

Validity  of  the  model 

Equation  (5)  and  (6)  are  solved  with  the  initial  parameters  as  given  by  Virkler  et  al  [3]  and  model  predictions  are  compared  in 
Fig  1.  The  predicted  a-N  curve  seems  to  be  very  close  to  the  experimental  results  of  Virkler  data. 
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Fig.  1  Comparison  of  experimental  and  predicted  crack  propagation  curves  (a)  Experimental  curve  taken  from  Virkler  et  al  a- 

TVdata  set  [3]  (b)  Model  prediction  of  Virkler  et  al  <2-7Vdata  set 
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Fig.  2  Prediction  of  mean  a  -  N  curve  from  the  four  generated  sample  curves  at  90%  probability  and  95%  confidence  level 
within  an  error  of  5%.  Mean  experimental  life  data  are  taken  from  Wu  &  Li  [5] 
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Fig.  3  Predicted  and  experimental  growth  behaviour  of  Aluminum  alloys.  Experimental  data  are  taken  from  [9-10].  R=0.1 
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Fig.  4  S-N  curve  for  0.26%  carbon  steel  at  50%  Probability  and  different  confidence  level,  R=-l  [11] 


611 


1400 


♦    Experimental 
■-50%  Probability 
■A— 90%  Probability 


0         100000    200000    300000    400000    500000    600000    700000    800000 
Cycles  to  Failure 

Fig.  5  S-N  curve  for  4340  steel  at  90%  confidence  level  and  different  probability,  R=-l  [12] 
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Fig.  6  S-N  curve  for  7075-T6  Aluminum  alloy  at  50%  Probability  and  different  confidence  level,  R=-l  [12] 

Fig.  2  shows  the  predicted  a-N  curve  from  the  four  generated  sample  curves  at  90%  probability  and  95% 
confidence  level  within  an  error  of  5%.  Mean  experimental  life  data  are  taken  from  Wu  &  Li  [5].  Fig.  4-6  shows  the  predicted 
mean  S-N  curve  along  with  the  experimental  data  for  different  materials.  The  results  shown  in  figures  are  very  close  to  the 
experimental  results  which  show  the  capability  of  the  model  presented  in  this  study. 

Conclusions 

The  stochastic  crack  growth  model  based  on  crack  opening  and  random  process  parameter  for  the  effect  of  material  non- 
homogeneity  is  found  to  be  suitable  for  crack  growth  prediction.  The  model  is  validated  through  available  experimental 
results. 
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ABSTRACT 

This  paper  investigates  the  waveforms  and  frequency  spectra  of  elastic  emissions  (ELE),  or  quasi-rigid  body  vibration 
pulses,  due  to  the  formation  of  macrofractures  in  perfectly  brittle,  quasi-brittle  and  ductile  materials  subjected  to 
uniaxial  compression.  Elastic  emissions,  differently  from  acoustic  emissions,  are  detected  in  a  low  frequency  range  (i.e. 
below  15-10  kHz)  and  are  characterized  by  high  levels  of  released  energy.  Approaching  to  the  large  fractures  and  the 
final  collapse  of  the  material  bursts  of  ELE  are  observed  indicating  the  solid  elastic-mechanical  properties  degradation 
and  its  irreversible  plastic  deformation. 

Through  waveform  and  time-frequency  analysis  of  the  ELE  spectra,  measured  by  calibrated  transducers,  it  is  possible  to 
provide  quantitative  information  on  the  damage  evolution  and  the  strain  energy  released  during  each  ELE  event. 

INTRODUCTION 

The  brittle  fracture  of  materials  is  a  complex  phenomenon  which  occurs  according  to  two  broadly  defined  scenarios.  In 
the  first  one,  failure  occurs  by  sudden  propagation  of  a  single  fracture  without  appreciable  precursors.  In  the  latter, 
failure  occurs  as  the  culmination  of  progressive  damage.  The  phenomenon  of  damage  from  a  physical  point  of  view 
represents  surface  discontinuities  in  the  form  of  cracks,  or  volume  discontinuities  in  the  form  of  cavities  due  to 
decohesion  between  inclusions,  debonding  between  fibers  and  matrix  in  composite  materials,  delamination,  corrosion 
and  other  disruptive  phenomena. 

The  most  advanced  method  of  quantitative  non-destructive  evaluation  of  damage  progression  is  the  acoustic  emission 
(AE)  technique.  Since  many  years  the  expression  "acoustic  emission"  (AE)  is  used  to  mean  a  class  of  phenomena  in 
which  transient  elastic  waves  are  generated  by  the  rapid  release  of  energy  from  localised  sources,  typically  developing 
cracks,  within  a  material.  AE  waves,  whose  frequencies  typically  range  from  kHz  to  MHz,  propagate  through  the 
material  towards  the  surface  of  the  structural  element,  where  they  can  be  detected  by  sensors  which  turn  the  released 
strain  energy  packages  into  electrical  signals. 
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Traditionally,  in  AE  testing  a  number  of  parameters  are  recorded  from  the  signals,  such  as  cumulate  number,  occurrence 

and  amplitude.  The  condition  of  the  specimen  is  determined  from  these  parameters. 

Over  the  years,  through  more  sophisticated  analysis  techniques,  many  spectral  analysis  of  acoustic  emissions  generated 

by  fracture  in  many  typologies  of  materials  were  carried  out.  However,  in  general,  the  analysis  are  limited  in  frequency 

range  greater  than  100  kHz,  regardless  the  signals  in  the  audible  range,  and  are  mainly  focused  on  the  counting  of 

events  in  time. 

More  in  deep  analysis  of  the  waveform  and  frequency  on  spectra  of  AE,  allow  to  identified  additional  informations 

carried  by  elastic  waves,  such  as  the  quantification  of  the  energy  released  in  the  evolution  of  damage.  The  amplitude 

level  increasing,  the  variation  in  frequency  and  the  cumulative  rate  over  time  are  signature  of  the  damage  evolution, 

from  micro-crack  to  the  meso-  and  macro-crack  until  to  the  collapse  of  the  material. 

SHORT  BACKGROUND 

The  first  analytical  studies  on  the  AE  signals  are  due  to  Egle  and  Tatro  in  1967  [1];  the  authors  have  discriminate  the  AE 

due  to  longitudinal  waves  by  AE  due  to  flexural  waves,  providing  the  first  estimation  of  energy  released  for  each  AE 

event. 

Pollock  [2],  in  1971,  had  highlighted  the  question  of  broad-band  spectrum  of  the  acoustic  emission  claiming  that  these 

emissions  source  wave  carries  appreciable  energy  at  low  frequency.  The  analysis  of  the  energy  content  and  the 

frequency  spectrum  of  the  AE  allows  to  provide  relevant  information  on  the  fracture  and  on  its  evolution  from  the 

diffusion  of  microfractures  to  macrofractures  in  different  materials  experience  evolving  damage. 

In  1990  Bocca  and  Carpinteri  [3]  have  shown  that  in  rock  and  concrete  specimens,  with  very  high  strength,  the 

catastrophical  failure  gives  rise  to  the  release  of  a  remarkable  amount  of  energy  quantifiable  through  a  negative  impulse 

produced  by  the  specimen  in  the  time  interval  immediately  following  the  achievement  of  peak  load. 

Bruneau  and  Potel  [4],  through  a  statistical  analysis  of  the  energy  content  of  AE,  showed  the  evolution  of  fracture  in 

composite  materials.  AE  signals,  approaching  to  fracture,  are  characterized  by  different  higher  distribution  and  rate. 

Depending  on  the  energy  level  of  the  signals  two  main  stages  of  damage  are  classified:  matricial-cracks  and  interfacial 

decohesion. 

Aggelis  et  al.  [4]  have  also  used  the  AE  parameters  to  monitor  the  transition  of  the  damage  mechanism  from  transverse 

cracking  to  delamination  of  cross  ply  laminates  degradation,  through  an  analysis  of  the  signal  amplitudes  and 

frequencies  in  a  range  between  100  kHz  and  500  kHz,  of  acoustic  emissions. 

Recently  a  spectral  analysis  of  acoustic  emission  signals  at  very  low  frequency,  i.e.  between  1  kHz  and  20  kHz  has  been 

proposed  [6].  The  evolution  of  the  fracture  has  been  investigated  in  a  frequency  range  such  as  to  exclude  all  AE  due  to 

purely  vibration  modes  of  the  specimen.  Actually,  these  emissions,  defined  elastic  emissions  (ELE),  are  quasi-rigid 

body  vibrations  resulting  from  the  specimen  flexibility  and  the  constraints  (specimen-platen  contact  with  friction).  In 

the  next  stages  of  the  fracture,  until  to  the  final  collapse,  ELE  with  wavelengths  much  greater  than  the  maximum  size  of 

the  solid  under  consideration  are  detected. 

The  hypothesis  is  that  the  formation  of  macrocrack  generate  pulses  in  the  volume  of  the  solid,  which  excite  not  only  the 

vibration  modes  of  the  body  (whose  wavelengths,  depending  on  the  speed  of  elastic  wave  propagation  in  solid,  are  less 

than  the  size  of  the  solid  tested),  but  also  actual  dislocation  of  the  entire  parts  of  the  solid. 
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ELASTIC  EMISSIONS 

An  ELE  event  would  imply  a  rigid  vibration  of  the  body,  while  high-frequency  AE  are  pure  vibration  modes  of  the 
body,  including  longitudinal  (P-),  shear  (S-)  and  surface  (Rayleigh)  waves,  due  to  micro-crack  growth. 
Taking  into  account  that  the  Rayleigh  superficial  waves  velocity,  cR,  is  about  0.92  of  the  S  waves  velocity  cs  and,  at 
least,  cs  ~  cL  /V3,  the  propagation  velocity  cR  of  the  Rayleigh  superficial  waves  in  the  tested  materials  has  been 
estimated  to  be  roughly  0.53 l-cL,  from  the  measured  cL  of  the  longitudinal  elastic  waves.  On  the  basis  on  this 
restrictions,  for  the  typology  of  the  material  and  for  the  size,  i.e.  that  the  half- wavelengths  AELE  of  detected  signals  fulfil 
the  relationship  XELE  >  2-dMAX,  the  upper  limit  for  the  ELE  frequencies  is  defined  as: 

fELE  < * — -= — L—  -  0.265^^  (1) 

^  '  "max      2  •  V3  •  dMAX  "max 

In  order  to  verify  that  ELE  were  actually  fracture  phenomena  and  not  random  or  spurious  signals,  such  as  extraneous 
noise  and  background  vibration  statistical  analysis  for  specific  this  type  of  phenomenon  has  been  carried  out.  All  ELE 
were  subjected  to  the  Gutenberg-Richter  and  Omori  laws  [7].  These  statistical  methods  show  that  the  space-time 
organization  of  events  of  fracture  (from  seismic  macro-scale  to  faintest  acoustic  emissions),  is  governed  by  well-defined 
scaling  laws,  as  shown  in  some  recent  works. 

This  result,  comforted  by  other  evidences,  such  as  increase  of  rate  and  amplitude  in  time  [8],  allow  the  hypothesis  that 
ELE  are  actually  precursors  of  plastic  deformation  and  irreversible  damage  in  volume  of  the  solid  under  compression  to 
be  confirmed.  Besides  a  simple  method  to  quantify  the  released  energy  in  terms  of  kinetic  energy  of  ELE  has  been  also 
proposed  [9]. 

However  these  emissions  can  be  considered  as  precursor  of  large  fractures  or  collapse,  even  if  no  change  in  slope  can  be 
recognized  in  the  classical  stress-strain  curve.  This  consideration  implies  that,  even  if  the  material  is  undergoing  a 
yielding  or  damage,  for  certain  values  of  load,  the  elastic  modulus  does  not  seem  to  vary. 

EXPERIMENTAL  SET  UP  AND  TESTED  MATERIALS 

The  test  is  performed  in  displacement  control  at  constant  piston  velocity  of  0.5-jLtm/s,  using  a  servo-hydraulic  press  with 
a  maximum  capacity  of  500  kN,  equipped  with  control  electronics.  The  specimen  adheres  to  the  press  platens  without 
any  coupling  material  (specimen-platen  contact  with  friction).  The  applied  force  is  determined  by  measuring  the 
pressure  in  the  loading  cylinder  by  means  of  a  transducer.  The  margin  of  error  in  the  determination  of  the  force  is  1%. 
The  stroke  of  the  press  platen  in  contact  with  the  test  specimen  is  controlled  by  means  of  a  wire  type  potentiometric 
displacement  transducer.  Two  kind  of  "delta  shear"  accelerometers,  with  respectively  the  upper  frequency  limit  of  10 
kHz  and  20  kHz,  for  detection  of  ELE  events  are  used,  depending  on  the  typology  and  size  of  specimen  tested.  The 
events  are  characterized  by  the  output  response  of  the  calibrated  transducers  (charge  sensitivity  9.20  pC/m  s"2  and  0.33 
pC/m  s~2),  expressed  in  mm/s2.  The  accelerometer  transducers  are  rigidly  (fixed)  coupled  to  the  specimens  in  order  to 
detect  the  surface  acceleration.In  order  to  filter  out  environmental  background  noise,  we  set  appropriate  detection 
thresholds  for  acquisition  systems,  i.e.  60  dB  (referred  to  1  //m/s2)  for  ELE  signals  and  a  pass-high  filter  in  order  to 
filter  out  any  residual  background  vibration  under  1  kHz.  Tested  materials  are  two  specimen  of  concrete  (with  different 
features)  and  one  specimen  of  Green  Luserna  Granite.  As  shown  in  Table  1,  the  physical  quantities  of  interest 
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(specimen  size,  longitudinal  wave  velocity)  indicate  that  the  adopted  transducer,  working  in  the  range  of  1  to  10  kHz  or 
in  the  range  of  1  to  20  kHz,  properly  detects  only  ELE  events. 

Table  I.  Tested  materials  and  features 


Specimen 

Material 

Density 
[kg/m3] 

Mass 
[kg] 

Max  size 
[m] 

Longitudinal 

wave  speed 

[m/s] 

/eLE 

[kHz] 

1 

Concrete 

2500 

0.146 

5.3-10"2 

4270 

21.3 

2 

Luserna  gran. 

2480 

0.580 

10.6-10"2 

2950 

7.4 

3 

Concrete 

2200 

2.200 

io-1 

-4500 

11.9 

EXPERIMENTAL  RESULTS 

We  analyzed  the  energy  (in  terms  of  global  level  amplitude)  and  frequency  spectra  of  ELE  during  compression  tests  on 
three  materials  with  different  failure  modes:  ductile  (concrete  1),  quasi-brittle  (Luserna  2)  and  perfectly  brittle  (concrete 
3).  In  previous  works  such  investigations  were  restricted  to  high-frequency  AE.  The  increase  of  AE  amplitudes  as 
failure  is  approached  were  experimentally  observed  in  [4].  Variation  of  AE  frequencies  during  damage  evolution  has 
been  studied  in  [10].  It  has  been  observed  that  AE  frequencies,  as  a  function  of  increasing  load,  tend  to  decrease  during 
"pre-failure"  and  "post- failure"  stage,  while  tend  to  increase  after  the  main  fracture.  These  stages  are  separated  by  the 
so-called  "seismic  calm"  stage,  in  which  AE  activity  can  be  detected  only  in  the  MHz  range.  The  behaviour  of  AE 
frequencies  can  be  described  through  a  "s-shape"  curve,  as  shown  in  Fig.l.  In  this  work  analogous  analysis  on  ELE 
spectra  has  been  carried  out. 
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Fig.  1:  S-shape  curve  of  AE  during  failure  of  rock  specimen 


Here,  all  ELE  events  detected  during  a  compression  test  are  shown  as  a  function  of  time,  amplitude  and  frequency. 
These  3D-graphs  provide  exhaustive  information  on  the  ELE  activity.  Each  point  represents  the  global  level  of  a  single 
ELE  experimentally  measured,  and  the  frequency  value  is  related  to  the  peak  of  greatest  amplitude  in  the  considered 
spectrum.  As  an  example,  Fig.  2  shows  the  spectrum  related  to  a  single  point  in  the  time  -  energy  -  frequency  diagram, 
where  the  X-axis  represents  the  time  in  seconds,  the  Y-axis  is  the  frequency  in  hertz,  and  the  Z-axis  is  the  amplitude  in 
dB  referred  tol  //m/s2. 
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Fig.  2:  Example  of  spectrum  extrapolated  from  the  3D-graph  of  a  single  ELE  (detected  on  concrete  3  at  1209  s).  Global 
level  113  dB,  frequency  peak  8.6  kHz. 

Ductile  fracture 

The  duration  of  compression  test  on  concrete- 1  was  1600  s,  with  a  change  in  the  slope  of  the  stress/strain  curve  760  s 
since  the  beginning  of  the  test.  The  failure  behaviour  of  the  specimen  is  ductile.  In  the  graph  a  sporadic  ELE  activity  at 
the  beginning  of  the  test  and  during  the  failure  is  detected.  The  ELE  energy  is  spread  over  a  range  of  about  15  dB. 
Frequency  peaks  are  located  around  4.5  kHz,  both  before  and  after  the  collapse  of  the  sample.  However,  ELE  activity 
both  in  pre-failure  and  in  post-failure  stages  may  be  mainly  due  to  frictional  phenomena  within  the  specimen.  Failure 
occurs  as  the  culmination  of  progressive  damage  without  propagation  of  large  fractures  within  the  bulk  of  material. 
Therefore,  ELE  do  not  play  as  failure  precursors  in  the  specimens  which  exhibit  ductile  behaviour.  In  Fig.  3  distribution 
of  ELE  activity  during  compression  test  and  distribution  of  amplitude/frequency  are  shown. 


Time  fsl 


Fig.  3 :  ELE  activity  in  ductile  fracture  on  concrete  1 . 
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Quasi  brittle  fracture 

The  duration  of  compression  on  the  granite  Luserna  specimen  was  1420  s,  and  ELE  activity  started  600  s  since  the 

beginning  of  the  test.  ELE  events  concentrated  when  load  drops  occur.  A  burst  of  ELE  activity  can  be  recognized  at 

about  1000  s,  before  the  first  significant  load  drop  occurred  at  1180  s.  Although  the  slope  of  the  stress/strain  curve 

didn't  exhibit  any  significant  variation  between  600  s  and  1180  s,  the  presence  of  ELE  with  high  energy  content 

(between  105  dB  and  125  dB)  indicated  the  growth  of  meso-and  macro-fractures.  Moreover,  the  range  of  signal 

amplitudes,  i.e.  30  dB,  was  greater  than  the  ductile  specimen. 

Later  on,  between  1200  and  1400  s,  the  ELE  rate  increased  with  bursts  of  activity  at  each  load  drop.  While  in  the  stages 

shortly  afterward  each  load  drop  (e.g.  between  load  drops  3  and  4)  no  significant  ELE  bursts  were  detected,  similarly  to 

the  AE  "seismic  calm". 

The  ELE  frequencies  of  ELE  were  generally  at  3.5  kHz,  between  600  s  1200  s,  while  in  the  final  stage,  after  1200  s, 

ELE  peaks  appear  at  1.9  kHz.  4.5  kHz  and  6  kHz,  as  shown  in  the  3D  diagram  of  Fig.4. 


Fig.  4:  ELE  activity  in  quasi-fragile  fracture  on  granite  2. 


Perfectly  brittle  fracture 

The  ELE  activity,  during  the  compression  test  on  concrete-3  (high  resistance  concrete)  was  detected  during  all  the  test, 
although  a  significant  increase  was  revealed  after  1000  s.  In  this  specimen  a  significant  increase  in  the  ELE  amplitudes, 
and  a  concomitant  decrease  of  peak  frequencies  can  be  detected,  as  shown  in  Fig.  5. 
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Fig.5:  zoom  selection  of  ELE  activity  (frequency  in  blue  and  amplitude  in  red)  in  the  proximity  of  fracture. 

Between  900  s  and  1200  s,  as  the  slope  of  stress/strain  curve  didn't  change  appreciably,  the  ELE  activity  played  a 
significant  role  both  as  a  fracture  precursor  and  as  indicator  of  plastic  deformation  (or  irreversible  deformations). 
Moreover,  ELE  were  detected  in  a  very  wide  range  of  amplitude,  extending  approximately  over  50  dB. 
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Fig.  6:  ELE  activity  in  perfectly  brittle  fracture  on  concrete  3. 


CONCLUSIONS 

In  this  work  the  analysis  of  waveforms  and  frequency  spectra  of  ELE  has  been  proposed.  Each  spectrum  (including  the 
energy  content  as   a  function  of  frequency)  was  experimentally  determined  using  calibrated  accelerometers.   A 
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quantitative  analysis  of  the  global  level  of  acceleration  (or  velocity)  of  vibration  can  be  carried  out  for  all  detected  ELE 
events.  The  spectrum  shape  in  the  frequency  region  of  interest  and  the  energy  released  were  measured  as  well. 
The  variation  of  energy  content  and  ELE  frequency  depend  on  the  failure  behaviour  of  the  examined  solids.  In  perfectly 
brittle  materials,  ELE  energy  increase  is  correlated  with  a  frequency  decrease  until  the  specimen  failure.  In  the  case  of 
brittle  materials  (such  as  granite)  burst  ELE  seemed  to  show  a  random  distribution  of  frequencies,  although  it  is  still 
possible  to  highlight  significant  increases  in  amplitude  approaching  the  drop-load  and  the  main  fracture.  In  these 
materials,  after  the  drop-load,  the  phenomenon  of  so-called  "seismic  calm"  can  be  observed.  At  this  stage  it  is  assumed 
that  AE  are  probably  still  present  at  frequencies  too  high  to  be  detected  with  instruments  used  in  these  tests,  but  ELE  are 
completely  absent.  Finally,  in  materials  with  ductile  behaviour  ELE  events  are  due  to  internal  frictional  phenomena  and 
appear  during  progressive  damage  until  failure  occurrence. 
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ABSTRACT 

This  paper  is  concerned  with  the  failure  characteristics  and  the  failure  load  of  spot  welds  of  AHSS  under  combined  axial  and 
shear  loading  conditions.  A  testing  fixture  and  a  specimen  are  newly  designed  to  impose  the  pure-shear  load  acting  on  a  spot 
weld.  The  testing  fixture  and  the  specimen  proposed  by  Song  et  al.  [1]  are  used  to  impose  the  combined  axial  and  shear  load 
at  the  loading  angle  from  0°  to  75°  on  a  spot  weld.  Using  those  testing  fixtures  and  specimens,  failure  tests  of  the  spot  weld  of 
TRIP590  1.2t,  DP780  l.Ot,  and  DP980  1.2t  are  conducted  with  seven  different  conditions  of  combined  loading.  Based  on  the 
experimental  results,  failure  loads  and  failure  behaviors  of  a  spot  weld  of  AHSS  are  investigated  with  respect  to  the  different 
loading  angles.  Failure  loads  of  the  spot  weld  obtained  from  failure  tests  are  interpolated  to  construct  the  Song  and  Huh's 
failure  model  [2],  which  facilitates  the  failure  description  of  a  spot  weld  in  the  macroscopic  finite  element  analysis  of  auto- 
body  crashworthiness. 

INTRODUCTION 

Improvement  of  crashworthiness  becomes  one  of  the  challenging  issues  in  auto  industries  together  with  the  light  weight 
design.  Actual  crash  test  cost  to  evaluate  the  crashworthiness  of  the  auto-body  structure  become  larger  due  to  tighten 
regulation  for  a  car  crash.  Thus,  computer  simulation  as  an  alternative  method  to  evaluate  the  crashworthiness  of  the  auto- 
body  structure  is  widely  used  in  the  automotive  industry  [3].  In  order  to  estimate  the  crashworthiness  of  the  auto-body 
structure  properly,  the  correct  failure  prediction  of  a  spot  weld  is  indispensable  for  the  crash  simulation  [4],  [5].  Rupture  of  a 
spot  weld  is  likely  to  occur  prior  to  failure  of  the  base  metal  when  a  large  load  is  applied  to  the  auto-body  structure  since 
extremely  high  stress  is  concentrated  at  the  interface  between  the  nugget  and  the  base  metal  [6].  Because  the  impact  load 
transferred  from  one  part  to  another  part  through  a  spot  weld  is  abruptly  changed  after  the  spot  weld  fails,  deformation 
behaviors  of  the  auto-body  structure  usually  reveal  large  discrepancies  between  the  experiment  and  the  finite  element  analysis 
after  joined  components  are  separated. 

Research  on  the  failure  characteristics  of  a  spot  weld  has  been  investigated  over  the  past  few  decades.  Especially,  it  is 
necessary  to  estimate  the  strength  of  spot  welds  under  various  loading  modes  in  order  to  provide  a  failure  criterion  of  a  spot 
weld  for  the  structural  analysis  or  crashworthiness  assessment  of  the  auto-body  structures  using  the  finite  element  analysis. 
Lee  et  al.[l],  Barkey  and  Kang  [8],  Madasamy  et  al.  [9]  and  Langrand  and  Combescure  [10]  proposed  testing  fixtures  to 
provide  various  loading  conditions  including  pure  axial,  mixed  axial/shear,  or  pure  shear  loads  on  a  spot-welded  specimen 
through  changing  the  position  of  the  fixture.  The  failure  strengths  of  the  spot  weld  under  combined  loading  conditions  were 
utilized  to  provide  the  failure  criterion.  The  coefficients  that  constitute  a  force-based  failure  criterion  were  determined  by  a 
regression  analysis  from  the  failure  strength  data  of  the  spot  weld.  Similarly,  Lin  et  al.  [11],  [12]  proposed  a  test  methodology 
with  a  different  type  of  test  fixture.  They  analyzed  and  clarified  the  failure  mechanism  of  spot  welds  in  square-cup  specimens 
made  from  the  mild  steel  and  the  HSLA  steel  under  combined  loading  conditions.  After  failure  tests  of  the  spot- welded 
specimens  using  four  fixture  sets  designed  by  them,  an  engineering  failure  criterion  was  proposed  to  be  in  quadratic  form  in 
terms  of  the  normalized  axial  and  shear  loads  with  consideration  of  the  sheet  thickness  and  the  nugget  radius  under  combined 
loading  conditions.  Although  the  testing  fixtures  proposed  by  previous  researchers  could  impose  various  combinations  of 
axial  and  shear  loads  on  the  spot  weld  efficiently  by  changing  the  loading  position  of  the  fixtures,  it  is  impossible  to  consider 
the  change  of  load  histories  acting  on  the  spot  weld  due  to  the  rotation  of  the  nugget  during  the  failure  tests.  Since  the  rotation 
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of  the  nugget  during  the  failure  tests  alters  the  ratio  of  the  axial  load  and  the  shear  load  acting  on  the  spot  weld,  the  change  of 
the  load  histories  by  the  rotation  of  the  nugget  have  to  be  considered  when  the  ration  of  the  axial  load  and  the  shear  load  is 
calculated  using  the  failure  load. 

In  order  to  construct  a  reasonable  failure  model  of  a  spot  weld  for  crash  analyses  of  an  auto-body,  Song  et  al.  proposed 
testing  fixtures  and  specimens  for  failure  tests  of  spot  welds  under  combined  loading  conditions.  Failure  contour  of  a  spot 
weld  was  constructed  using  the  failure  loads  obtained  from  the  experiment  at  seven  different  loading  angles  of  0°,  15°,  30°, 
45°,  60°,  75°  and  90°.  The  parameters  that  construct  the  failure  criterion  of  a  spot  weld  in  mild  steel  and  HSS  were  directly 
calculated  using  the  regression  analysis  of  the  axial  load  and  the  shear  load  at  the  initiation  of  failure  in  the  experiments. 
Their  failure  criterion  took  the  shape  of  a  /?-norm  failure  contour.  In  general  case  of  a  failure  model  for  a  spot  welded  mild 
steel  and  HSS,  they  suggested  that  the  fi  value  of  1.45  with  the  axial  failure  load  and  the  shear  failure  load  obtained  from 
cross-tension  tests  and  pure-shear  tests  could  be  used  for  the  construction  of  a  failure.  But  the  characteristics  of  spot  welds  of 
AHSS  steel  sheets  are  different  from  mild  steel  and  HSS  because  AHSS  contain  more  carbon  than  mild  steel  and  HSS. 
Therefore,  the  failure  characteristics  and  the  failure  model  proposed  by  Song  and  Huh  of  a  spot  weld  of  AHSS  may  be 
different  from  those  of  mild  steel  and  HSS. 

This  paper  proposes  a  failure  criterion  of  spot  welds  of  TRIP5901.2t,  DP780  l.Ot  and  DP980  1.2t  based  on  the  Song  and 
Huh's  model.  In  order  to  construct  the  failure  model  by  determining  the  coefficients,  failure  tests  of  spot  welds  of  TRIP590 
1.2t,  DP780  l.Ot  and  DP980  1.2t  were  carried  out  under  combined  loading  conditions.  Testing  fixture  and  specimen  were 
proposed  newly  for  failure  tests  at  loading  angle  90°  to  obtain  the  more  reasonable  pure-shear  failure  load  of  spot  weld.  Finite 
element  analyses  for  deformation  of  a  spot  weld  were  first  carried  out  in  order  to  design  a  testing  fixture  and  a  specimen  to 
prevent  the  rotation  of  a  spot  weld  and  concentrate  plastic  deformation  around  a  spot  weld  during  the  test.  Failure  tests  of  the 
spot  weld  were  then  conducted  at  seven  different  loading  angles  of  0°,  15°,  30°,  45°,  60°,  75°  and  90°  with  test  fixtures  and 
specimens  proposed  by  Song  et  al.  and  this  paper.  Failure  contours  of  a  spot  weld  of  TRIP590  1.2t,  DP780  l.Ot  and  DP980 
1.2t  were  constructed  using  the  failure  load  obtained  from  tests.  Failure  criterion  was  constructed  in  order  to  describe  the 
failure  contour  of  a  spot  weld  for  numerical  simulations  in  engineering  applications.  The  coefficients  that  constitute  the 
failure  criterion  were  calculated  using  the  regression  analysis  of  the  axial  load  and  the  shear  load  at  the  onset  of  failure  in  the 
experiments. 

DESIGN  OF  THE  TESTING  FIXTURE  AND  SPECIMEN  FOR  THE  PURE-SHEAR  TEST 

In  order  to  examine  the  failure  load  of  a  spot  weld  under  combined  axial  and  shear  loads,  the  maximum  loads  measured  in  the 
experiment  were  decomposed  into  the  two  components  along  the  axial  and  shear  directions.  Decomposed  axial  and  shear 
loads  are  plotted  in  the  force  domain,  which  shows  that  a  typical  failure  criterion  can  be  constructed  in  terms  of  the  axial  and 
shear  load  to  describe  the  failure  contour  obtained  in  the  experiment.  Song  and  Huh's  failure  criterion  is  constructed  to 
describe  the  failure  contour  of  spot  welds  in  the  finite  element  analysis  of  auto-body  components  [2].  The  failure  criterion 
proposed  by  Song  and  Huh  is  expressed  as  Eq.  (1). 
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Here,  FN  and  Fs  are  the  axial  failure  load  and  the  shear  failure  load  of  a  spot  weld,  respectively.  The  variable  fl  is  a  failure 
parameter.  The  coefficients  that  constitute  their  failure  model  are  obtained  using  the  least  square  method  to  minimize  the 
discrepancy  between  the  experimental  data  and  interpolated  one.  Song  and  Huh's  failure  model  of  a  spot  weld  under  the 
combined  loading  condition  is  used  to  describe  the  failure  contour  of  spot  welds  of  AHSS. 

Song  et  al.  [1]  performed  the  pure-shear  test  to  obtain  the  failure  load  at  loading  angle  of  90°  using  the  pure-shear  test 
specimen  which  was  fabricated  with  three  sheets  stacked.  Three-sheet  spot-welded  specimen  is  not  practical  at  loading  angle 
of  90°  because  of  difficulties  in  making  pure-shear  specimens  with  the  same  welding  conditions  of  two-sheet  spot  weld.  In 
order  to  obtain  the  more  reasonable  pure-shear  failure  load  of  spot  weld,  this  paper  newly  proposed  testing  fixture  and 
specimen  for  failure  tests  at  loading  angle  90°  as  shown  Fig.  1 .  Main  purposes  of  this  fixture  and  specimen  are  to  prevent  the 
rotation  of  a  spot  weld  and  concentrate  the  plastic  deformation  around  a  spot  weld  during  the  failure  test.  The  proposed 
fixture  is  composed  of  four  parts  which  are  the  fixture  body,  the  gap  controller,  the  holder  and  the  keeper.  The  holder  that  is 
assembled  to  the  fixture  body  like  Fig.  1(b)  is  used  to  clamp  the  fixture  and  the  specimen  not  to  move  the  specimen  during 
the  failure  test.  And  the  keeper  that  is  assembled  to  the  fixture  body  like  Fig.  1(c)  is  used  to  prevent  the  rotation  of  a  spot 
weld  during  the  failure  test.  The  shape  of  the  pure-shear  test  specimen  is  designed  similar  to  a  dog  born  shape  like  a  tensile 
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Fig.  1  Schematic  design  of  the  fixture  set  for  the  failure  test  of  a  spot  weld  under  pure-shear  loading  condition:  (a)  assemble 
the  fixture  body  and  specimen;  (b)  clamp  the  specimen  with  the  holder;  (c)  assemble  the  keeper  to  prevent  the  rotation  of  a 
spot  weld. 


Fig.  2  Specimen  shape  for  the  failure  test  of  a  spot  weld  under  pure-shear  loading  condition. 


Specimen 


(a) 


(b) 
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Fig.  3  Finite  element  model  for  the  analysis  of  the  proposed  fixture  and  the  specimen:  (a)  assembled  testing  fixture  with  the 
specimen;  (b)  lap-shear  test  specimen;  (c)  proposed  pure-shear  test  specimen. 

test  specimen  as  shown  Fig.  2.  In  order  to  concentrate  the  plastic  deformation  around  a  spot  weld,  the  width  of  the  spot- 
welded  region  is  designed  smaller  than  other. 

Finite  element  analyses  of  the  proposed  fixture  and  the  specimen  were  carried  out  to  examine  the  loading  histories  and 
confirm  the  main  purposes  of  those.  In  order  to  investigate  the  rotation  angle  of  a  spot  weld  and  the  plastic  deformation  of  a 
specimen,  finite  element  analyses  results  are  compared  with  the  cases  of  using  the  lap-shear  shape  specimen  and  the  proposed 
pure-shear  test  specimen.  The  proposed  fixture  is  described  as  a  simplified  finite  element  model,  and  the  specimen  is 
discretized  as  a  full  model  as  shown  in  Fig.  3.  Refined  finite  element  models  are  utilized  to  describe  the  shape  of  the  nugget 
and  the  heat-affected  zone  (HAZ)  to  maintain  reasonable  aspect  ratios  of  the  three-dimensional  brick  elements.  The  material 
used  for  the  specimen  was  an  advanced  high  strength  steel  of  TRIP590  with  a  thickness  of  1 .2  mm.  The  flow  stress  of  the 
steel  sheet  is  expressed  as  a  =  1151.1(0.0147  +  e)0-287  MPa  whose  value  is  obtained  from  tensile  tests  performed 
following  Huh  et  al.  experiment  procedure  [13].  The  shape  of  the  nugget  is  assumed  to  be  cylinder  with  the  diameter  of  5.8 
mm  and  the  shape  of  the  HAZ  is  assumed  to  be  hollow  cylinder  with  the  thickness  of  1.0  mm.  Those  dimensions  are 
determined  from  the  failed  specimen.  The  material  properties  of  the  welded  nugget  and  the  HAZ  are  estimated  using  the 
determination  method  of  Ha  et  al.  [14]  and  the  hardness  distribution  method  originally  proposed  by  Zuniga  and  Sheppard 
[15].  Kinematic  constraints  are  imposed  on  the  nodes  around  the  holder  of  the  fixture  and  the  specimen  in  order  to  describe 
the  clamping  condition  between  two  components.  Contact  condition  is  imposed  on  the  surface  around  the  keeper  of  the 
fixture,  the  fixture  body  and  the  specimen  in  order  to  describe  the  sliding  behavior  between  two  components.  The  upper  part 
of  the  specimen  is  fixed  and  a  displacement  boundary  condition  is  imposed  on  the  lower  part  of  the  specimen.  Finite  element 
analyses  were  carried  out  using  the  commercial  implicit  code  Abaqus/Standard  [16]. 
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(a) 
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Fig.  4  Numerical  results  with  respect  to  the  testing  method  to  obtain  the  pure-shear  failure  load:  (a)  only  lap-shear  test;  (b) 
pure-shear  test  attaching  the  proposed  fixture  on  the  lap-shear  test  specimen;  (c)  pure-shear  test  attaching  the  proposed  fixture 
on  the  proposed  specimen. 
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Fig.  5  Rotation  angle  of  a  nugget  and  load-displacement  curve  with  respect  to  the  testing  method  to  obtain  the  pure-shear 
failure  load:  (a)  rotation  angle  of  a  nugget;  (b)  load-displacement  curve. 

Fig.  4  shows  the  deformed  shape  of  the  specimens  with  respect  to  the  testing  method  to  obtain  pure-shear  failure  load  of  a 
spot  weld.  It  is  impossible  to  obtain  the  pure-shear  failure  load  using  only  lap-shear  test  specimen  due  to  the  rotation  of  a 
nugget  during  failure  test.  If  pure-shear  test  is  carried  out  using  the  proposed  fixture  attaching  on  the  lap-shear  test  specimen 
or  the  proposed  pure-shear  test  specimen,  it  is  possible  to  prevent  the  rotation  of  a  nugget  during  the  failure  test.  The  rotation 
angle  of  a  nugget  and  the  reaction  force  acting  on  the  spot  weld  are  plotted  in  Fig.  5.  The  rotation  angles  of  a  nugget  with 
respect  to  the  testing  method  without  or  with  the  proposed  fixture  for  the  pure-shear  test  are  about  25°  and  2°  as  shown  in  Fig. 
5(a),  respectively.  Therefore,  the  testing  fixture  for  the  pure-shear  test  is  more  effective  to  prevent  the  rotation  of  a  nugget. 
However,  even  if  the  testing  fixture  is  used  for  the  pure-shear  test,  the  reaction  force  acting  on  the  spot  weld  is  measured 
differently  as  shown  in  Fig.  5(b).  This  difference  of  the  reaction  force  is  deduced  from  the  type  of  the  specimen  for  the  failure 
test.  When  the  lap-shape  test  specimen  is  used  for  the  test,  plastic  deformation  occurs  all  of  specimen  as  shown  in  Fig.  4(b) 
because  the  width  of  the  specimen  is  the  same.  However,  when  the  modified  specimen  is  used  for  the  test,  plastic  deformation 
is  concentrated  around  the  spot  weld  as  show  in  Fig.  4(c)  because  the  width  of  the  spot-welded  region  is  smaller  than  other 
part.  Therefore,  the  reaction  force  of  the  modified  specimen  is  higher  than  the  other's  one. 

FAILURE  TESTING  CONDITIONS  AND  EXPERIMENTAL  RESULTS 


Spot  welds  in  TRIP590  1.2t,  DP780  l.Ot  and  DP980  1.2t  are  considered  to  obtain  the  failure  loads  of  spot  welds  in  this  paper. 
These  materials  are  selected  to  construct  the  failure  contour  of  a  spot  weld  of  AHSS.  Spot  welding  was  performed  using  a 
static  spot/projection  welding  machine.  The  welding  schedules  shown  in  Table  1  were  determined  after  several  U-tension 
tests  with  the  aid  of  industry  standards  to  guarantee  a  nugget  diameter  of  about  5Vt  and  a  button-type  failure. 

Using  the  fixtures  and  specimen  proposed  by  Song  et  al.  [1],  failure  tests  of  the  spot  weld  were  conducted  at  six  different 
loading  angles  of  0°,  15°,  30°,  45°,  60°  and  75°.  And  the  pure-shear  test  at  loading  angle  of  90°  was  carried  out  using  the 
proposed  fixture  and  specimen  in  this  paper.  Failure  tests  were  conducted  using  an  INSTRON  4206  device  with  a  cross-head 
speed  of  3.0  mm/min  until  the  spot  weld  failed  and  the  specimen  separated  into  two  components.  The  load  and  the 
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Table  1.  Welding  schedule  of  steel  sheets  tested 


Squeeze  Time 
[cycles,  1/60  sec] 

Weld  Time 
[cycles] 

Hold  Time 
[cycles] 

Current  [kA] 

Force 

[kN] 

Material 

Base  metal 

Base  metal  & 
guide  plate 

TRIP590  1.2t 

20 

17 

17 

7.0 

7.8 

4.0 

DP780  l.Ot 

18 

13 

13 

6.8 

7.8 

3.5 

DP980  1.2t 

20 

17 

17 

7.4 

8.2 

4.0 

25 
20 
15 


5   10 
o 


□    DP980  1.2t 
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o    DP780  1.0t 
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Fig.  6  Average  maximum  loads  of  spot- welded  specimens  at  various  loading  angles. 
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Fig.  7  Vickers  hardness  distributions  of  a  spot  weld  in  each  material. 

displacement  were  measured  simultaneously  during  each  test.  The  load  was  measured  with  the  load  cell  in  the  testing 
machine  and  the  displacement  was  calculated  from  the  relative  movement  of  the  two  pull  bars.  With  these  testing  conditions, 
failure  tests  were  carried  out  at  seven  different  loading  angles  to  investigate  the  failure  load  and  the  failure  behavior  of  the 
spot-welded  specimen.  Failure  tests  were  carried  out  up  to  five  times  at  each  loading  angle,  and  then  reproducible  three  data 
of  those  were  used  for  constructing  the  failure  model  of  a  spot  weld.  Fig.  6  shows  the  average  maximum  loads  obtained  from 
the  failure  tests  with  the  different  loading  angles.  In  case  of  TRIP590  1.2t,  it  was  difficult  to  obtain  the  reproducible 
experiment  data  because  the  failure  of  a  spot  weld  was  easily  initiated  at  the  nugget. 

The  maximum  load  decreases  a  little  as  the  loading  angle  increases  when  the  loading  angle  is  less  than  30°,  whereas  the 
maximum  load  increases  dramatically  as  the  loading  angle  increases  at  the  interval  from  45°  to  90°  as  shown  in  Fig.  6.  The 
maximum  load  of  TRIP590  1.2t  and  DP980  1.2t  is  similar  to  each  other  at  the  loading  angle  of  0°.  Generally,  a  spot  weld  is 
failed  in  the  interface  between  the  HAZ  and  the  base  metal.  Therefore,  the  failure  loads  is  determined  by  the  strength  of  a 
base  metal.  However,  the  spot  weld  of  AHSS  is  failed  at  the  HAZ  or  the  nugget  easily  because  of  the  HAZ  softening 
phenomenon  and  the  increased  brittleness  of  a  nugget.  When  the  Vickers  hardness  was  measured  after  a  spot  weld  of 
TRIP590  1.2t,  DP780  l.Ot  and  DP980  1.2t,  the  HAZ  softening  phenomenon  was  found  in  the  spot  weld  of  DP780  l.Ot  and 
DP980  1.2t  as  shown  in  Fig.  7.  Therefore,  the  initial  crack  of  a  spot  weld  of  AHSS  is  generated  at  the  HAZ.  The  maximum 
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Fig.  8  Failure  contours  and  interpolation  of  those  of  spot  welds  using  Song  and  Huh's  failure  model:  (a)  TRIP590  1.2t;  (b) 
DP780  1.0t;(c)DP980  1.2t 

Table  2.  Coefficients  of  the  Song  and  Huh's  failure  model  of  a  spot  weld 


Material 

Axial  load  (FN)  [kN] 

Shear  load  (Fs)  [kN] 

Failure  parameter  (/?) 

TRIP590  1.2t 

10.04 

21.41 

1.52 

DP780  1.0t 

7.87 

16.92 

1.46 

DP980  1.2t 

10.41 

23.70 

0.88 

load  of  TRIP590  1.2t,  DP780  1.2t  and  DP980  1.2t  is  determined  by  the  strength  of  a  base  metal  at  the  loading  angle  of  90° 
due  to  failed  at  the  base  metal. 

FAILURE  CRITERION  OF  A  SPOT  WELD  OF  AHSS  UNDER  COMBINED  LOADING  CONDITIONS 

In  order  to  examine  the  failure  load  of  a  spot  weld  under  combined  axial  and  shear  loads,  the  maximum  loads  measured  in  the 
experiment  were  decomposed  into  the  two  components  along  the  axial  and  shear  directions.  Decomposed  axial  and  shear 
loads  are  plotted  in  the  force  domain  as  shown  in  Fig.  8,  which  shows  that  a  typical  failure  criterion  can  be  constructed  in 
terms  of  the  axial  and  shear  load  to  describe  the  failure  contour  obtained  in  the  experiment.  Failure  contours  from  the  tests 
were  interpolated  with  a  failure  criterion.  The  coefficients  that  constitute  the  failure  model  shown  in  Table  2  are  obtained 
using  the  least  square  method  to  minimize  the  discrepancy  between  the  experimental  data  and  interpolated  one.  Fig.  8  shows 
the  comparison  among  the  proposed  failure  model  and  the  conventional  models  by  Lee  et  al.  [7]  and  Lin  et  al.  [12]  as  well  as 
the  experimental  results.  The  comparison  indicates  that  the  conventional  failure  criterions  are  inadequate  to  describe  the 
failure  load  of  a  spot  weld  under  combined  loading  conditions.  On  the  other  hand,  the  Song  &  Huh's  failure  criterion  with  the 
value  of  P  in  Table  2  provides  a  relatively  good  description  of  the  failure  contour  obtained  from  the  experiment  since  the  axial 
load  and  shear  failure  load  are  coupled  in  a  bi-linear  form  with  the  failure  parameter  fi.  The  failure  models  of  a  spot  weld  in 
SPCUD  l.Ot,  SPRC340R  1.2t  and  DP590  l.Ot  were  interpolated  with  the  p  value  of  1.42,  1.35  and  1.57,  respectively  [2]. 
Therefore,  the  value  of  a  failure  parameter  fi  could  be  approximated  as  1 .45  for  a  spot  weld  in  SPCUD  1 .0t,  SPRC340R  1 .2t 
and  DP590  l.Ot.  The  J3  values  of  TRIP590  1.2t  and  DP780  l.Ot  are  similar  to  their  experiment  result.  But  the  /?  value  of 
DP980  1.2t  is  smaller  than  others  because  the  failure  load  of  the  spot  weld  of  DP980  1.2t  is  smaller  than  expectation  at  the 
loading  angle  of  0°.  There  is  a  transition  point  of  a  failure  parameter  p between  DP780  and  DP980.  The  failure  characteristics 
and  the  failure  contours  of  a  spot  weld  of  AHSS  are  different  from  mild  steel  and  HSS  because  of  the  high  carbon  containing. 


CONCLUSION 

This  paper  investigates  the  failure  characteristics  and  the  failure  criterion  of  a  spot  weld  of  AHSS  and  determines  the 
coefficients  of  the  Song  &  Huh's  failure  model.  In  order  to  acquire  the  correct  failure  load  under  the  pure-shear  loading 
condition  with  a  spot  weld  fabricated  by  the  same  welding  condition  between  two  sheets,  test  fixtures  and  a  specimen  were 
newly  designed  and  prepared  with  the  information  from  finite  element  analyses  at  the  loading  angle  of  90°.  The  apparatus 
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proposed  prevents  both  the  rotation  of  a  spot  weld  and  the  plastic  deformation  of  a  specimen  at  some  distance  from  a  spot 
weld  during  the  failure  test  at  the  loading  angle  of  90°.  The  tests  are  also  carried  out  at  the  loading  angle  ranging  from  0°  and 
90°.  From  the  experimental  data,  failure  criterion  has  been  constructed  for  AHSS  to  describe  the  failure  behavior  of  spot 
welds  for  numerical  simulation  of  car  crashes.  According  to  the  Song  &  Huh,  the  value  of  /?-norm  is  confined  to  a  certain 
value  from  1.4  to  1.6.  The  value  of  /?for  DP980  1.2t  is,  however,  determined  as  much  lower  value  of  0.88.  This  phenomenon 
can  be  explained  with  different  failure  behavior  which  shows  lower  failure  load  under  the  axial  loading  condition,  as  well  as 
high  carbon  contents  which  results  in  a  brittle  at  the  weldment  after  welding. 

REFERENCE 

[I]  J.H.  Song,  H.  Huh,  J.H.  Lim  and  S.H.  Park,  "Effect  of  tensile  speed  on  the  failure  load  of  a  spot  weld  under  combined 
loading  conditions",  International  Journal  of  Modern  Physics  B,  Vol.  22,  pp.  4169-1474,  2008. 

[2]    J.H.  Song  and  H.  Huh,  "Failure  characterization  of  a  spot  weld  under  combined  axial-shear  loading  conditions", 
International  Journal  of  Materials  Sciences,  Submitted  for  publication. 

[3]    M.  van  Schaik,  D.C.  Martin  and  S.  Denner,  "ULSAB  Advanced  Vehicle  Concepts  -  The  Latest  Steel  Demonstration  for 
Automotive",  SAE  2000-01-1545,  2000. 

[4]    K.  Sato,  A.  Yoshitake,  Y.  Hosoya  and  H.  Mikami,  "FEM  Simulation  to  Estimate  Crashworthiness  of  Automotive",  SAE 
982356,  1998. 

[5]    T.  Inoue  and  E.  Nakanishi,  "A  Crash  Simulation  Analysis  which  Consider  the  SPOTWELD  Rupture",  JSAE,  No.  88-00, 
pp.  5-7,  2000. 

[6]    H.  Zhang  and  J.  Senkara,  "Resistance  welding-fundamentals  and  application",  CRC  press,  Florida,  2006. 

[7]    YL.  Lee,  T.J.  Wehner,  M.W.  Lu,  T.W.  Morrissett  and  E.  Pakalnins  "Ultimate  strength  of  resistance  spot  welds  subjected 
to  combined  tension  and  shear",  Journal  of  Testing  and  Evaluation,  Vol.  26,  No.  3,  pp.  213-219,  1998. 

[8]    M.E.  Barkey  and  H.  Kang,  "Testing  of  spot  welded  coupons  in  combined  tension  and  shear",  Experimental  Techniques, 
Vol.  23,  No.  5,  pp.  20-22,  1999. 

[9]    C.  Madasamy,  T.  Tyan,  O.  Faruque  and  P.  Wung,  "Methodology  for  testing  of  spot- welded  steel  connections  under  static 
and  impact  loadings",  SAE  2003-01-0608,  2003. 

[10]  B.  Langrand  and  A.  Combescure,  "Non-linear  and  failure  behavior  of  spotwelds:  a  "global"  finite  element  and 
experiments  in  pure  and  mixed  modes  I/II",  International  Journal  of  Solids  and  Structures,  Vol.  41,  pp.  6631-6646,  2004. 

[II]  S.-H.  Lin,  J.  Pan,  S.-R.  Wu,  T.  Tyan  and  P.  Wung,  "Failure  loads  of  spot  welds  under  combined  opening  and  shear  static 
loading  conditions",  International  Journal  of  Solids  and  Structures,  Vol.  39,  pp.  19-39,  2002. 

[12]  S.-H.  Lin,  J.  Pan,  T.  Tyan  and  P.  Prasad,  "A  general  failure  criterion  for  spot  welds  under  combined  loading  conditions", 
International  Journal  of  Solids  and  Structures,  Vol.  40,  No.  21,  pp.  5539-5564,  2003. 

[13]  H.  Huh,  J.  H.  Lim  and  S.  H.  Park,  "High  speed  tensile  test  of  steel  sheets  for  the  stress-strain  curve  at  the  intermediate 
strain  rate",  International  Journal  of  Automotive  Technology,  Vol.  10,  No.  2,  pp.  195-204,  2009. 

[14]  J.W.  Ha,  J.H.  Song,  H.  Huh,  J.H.  Lin  and  S.H.  Park,  "Dynamic  material  properties  of  the  heat-affected  zone  (HAZ)  in 
resistance  spot  welding",  International  Journal  of  Modern  Physics  B,  Vol.22,  No. 3 1/32,  pp. 5800-5806,  2008. 

[15]  S.  Zuniga  and  S.D.  Sheppard,  "Resistance  spot  weld  failure  loads  and  modes  in  overload  conditions",  ASTM  STP  1296, 
pp.  469-489,  1997. 

[16]  Abaqus™,  2007.  User's  manual- Vers. 6. 7.  Hibbitt,  Karlsson  &  Sorensen,  Pawtucket,  RI,  USA. 


Characterization  of  Adaptive  Reinforced  Concrete  Structures 


Kirk  R.  Biszick 

Director  of  Engineering 

Optechnology,  Inc. 

5000  Allendale  Drive 

Huntsville,  AL  35811 

John  A.  Gilbert 

Professor  of  Mechanical  Engineering 

Department  of  Mechanical  and  Aerospace  Engineering 

University  of  Alabama  in  Huntsville 

Huntsville,  AL  35899 

Houssam  Toutanji 

Professor  of  Civil  Engineering 

Department  of  Civil  and  Environmental  Engineering 

University  of  Alabama  in  Huntsville 

Huntsville,  AL  35899 

Thomas  Lavin 

President 

Soems,  Inc. 

Watchung,  NJ  07069 

Michael  T.  Britz 

Department  of  Mechanical  and  Aerospace  Engineering 

University  of  Alabama  in  Huntsville 

Huntsville,  Alabama  35899 

Ravi  K.  Bommu 

Department  of  Mechanical  and  Aerospace  Engineering 

University  of  Alabama  in  Huntsville 

Huntsville,  Alabama  35899 


ABSTRACT 

This  paper  discusses  the  research,  development,  and  design  considerations  used  to  produce  a  Structural  Information  System 
(SIS)  capable  of  characterizing  the  behavior  of  an  adaptive  reinforced  concrete  structure  designed  to  withstand  reverse 
loadings.  The  SIS  consists  of  a  collection  of  surface  mounted  and  embedded  sensors  connected  to  a  portable  computer.  The 
composite  structure  is  reinforced  with  hollow  carbon  fiber  tendons  equipped  with  embedded  strain  gages  and  the  work 
includes  theoretical  arguments,  polymer  concrete  mix  design,  concrete  testing,  reinforcement  selection  and  placement,  sensor 
selection  and  placement,  and  structural  testing  and  analysis.  The  primary  objective  is  to  insure  that  the  stress  in  the  materials 
remains  within  the  elastic  range  so  that  damage  does  not  occur.     A  finite  element  model  is  developed  to  accurately 
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characterize  the  structural  response  in  the  elastic  range  and  a  hybrid  approach  is  suggested  in  which  displacement,  strain,  and 
stress  can  be  obtained  with  a  rudimentary  SIS  consisting  of  a  single  embedded  sensor.  The  ability  to  characterize  failure, 
once  it  occurs,  is  also  demonstrated  by  analyzing  data  obtained  from  displacement-controlled  tests.  Results  indicate  that 
splices  in  the  tendons  and  slippage  between  the  tendons  and  the  concrete  help  to  prevent  sudden  failure  and  allow  the 
structure  to  withstand  relatively  high  service  loads  despite  appreciable  deformation. 

INTRODUCTION 

Today's  common  advanced  composite  materials  are  made  of  continuous  fibers,  either  graphite  or  Kevlar®,  suspended  in  a 
polymeric  matrix,  typically  an  epoxy  of  some  type.  The  technology  underlying  these  materials  has  been  developed  over  the 
past  sixty  years  and  the  materials  have  been  widely  used  in  numerous  civil  and  aerospace  applications  primarily  due  to  their 
high  strength-to-weight  and/or  stiffness-to-weight  ratio.  While  advances  in  such  composite  materials  have  been  steady,  there 
have  been  relatively  few  revolutionary  changes  of  late.  But  the  investigation  and  development  of  a  new  breed  of 
cementitious  composite  materials  with  matrices  based  on  a  unique  hybrid  blend  of  inorganic  and  organic  components  has  the 
potential  to  revolutionize  structural  design. 

The  designs  associated  with  this  technology  are  based  on  the  strength  and  position  of  the  materials  in  the  composite  section 
but  the  overall  design  strategy  relies  mainly  on  the  large  difference  in  stiffness  between  the  constituents  in  the  composite 
section  to  drive  the  internal  stress  from  the  matrix  to  the  reinforcement  [1].  Since  it  is  possible  to  produce  a  cementitious 
matrix  that  is  more  flexible  than  the  polymeric  matrices  currently  used  to  construct  most  advanced  composite  materials,  these 
so-called  "STARS"  (Strategically  Tuned  Absolutely  Resilient  Structures)  offer  structural  and  aerospace  engineers  more 
design  flexibility. 

The  evolution  of  STARS  began  with  the  production  of  thin,  lightweight,  and  structurally  efficient  panels  capable  of  resisting 
stresses  produced  by  reverse  bending  [2].  The  study  showed  that  a  very  efficient  composite  structure  could  be  fabricated  by 
placing  a  flexible  polymer-enhanced  cementitious  matrix  having  a  relatively  low  elastic  modulus  over  two  layers  of  a  rigid 
steel  wire  mesh  having  a  relatively  high  elastic  modulus.  Materials  were  placed  symmetrically  to  form  an  '"adaptive"  section 
that  reacted  similarly  when  bending  couples  were  reversed.  Since  the  compressive  strength  of  the  cementitious  material  was 
less  than  its  tensile  strength  [3],  it  was  the  modulus  of  elasticity  and  tensile  strength  of  the  cementitious  matrix,  as  well  as  the 
bond  strength  between  the  matrix  and  the  reinforcement,  that  impacted  the  design  most. 

A  modified  transform  section  theory  was  developed  to  determine  the  deflections  and  stresses  in  these  highly  compliant 
cementitious  structures  [4]  and  the  method  was  applied  to  study  graphite -reinforced  composites.  Multi-layered  composite 
beams  were  analyzed  by  incorporating  material  properties  established  from  standard  tests  and  finite  element  modeling  was 
used  to  verify  results. 

The  work  fueled  another  investigation  that  quantified  the  dynamic  characteristics  of  laminated  plates  [5].  In  this  study,  an 
analytical  dynamic  finite  element  model  was  developed  to  evaluate  the  natural  frequencies  and  mode  shapes  for  structures 
subjected  to  different  boundary  conditions.  This  model  was  subsequently  applied  to  study  the  dynamic  performance  of  a 
larger  structure  [6].  Numerical  results  compared  favorably  with  experimental  impact  hammer  test  data.  As  a  result,  it  was 
concluded  that  the  classical  laminated  plate  theory  developed  for  composite  materials  could  be  applied  to  quantify  the 
dynamic  behavior  of  highly  compliant  composite  structures  made  from  cementitious  materials. 

Research  performed  on  stiffer  concretes  showed  that  material  deficiencies  caused  by  impact  could  be  overcome  by 
introducing  a  stiff  weave-like  reinforcement  [7],  and  tests  were  performed  to  characterize  the  impact  properties  of  STARS 
[8,9].  Recent  improvements  were  made  in  cementitious  matrices  by  capitalizing  on  the  atomic  and  molecular  interaction  that 
occurred  between  constituents  [10-12]. 

Although  research  in  this  area  has  progressed,  most  of  the  investigators  mentioned  above  relied  on  layers  of  continuous 
graphite  fiber  mesh  to  reinforce  their  sections.  However,  there  is  merit  associated  with  embedding  rebar,  especially  if  it  can 
be  outfitted  with  sensors  capable  of  monitoring  the  overall  performance  of  the  reinforced  cementitious  structure. 

Many  studies  have  been  performed  by  placing  strain  gages  directly  on  the  surface  of  rebar.  In  these  cases,  the  lead  wires  are 
typically  wrapped  around  the  rebar  and  fed  to  the  measuring  instrument.  As  such,  the  wires  are  embedded  in  the  surrounding 
matrix  making  them  susceptible  to  lead  wire  effects. 

In  recent  studies,  strain  gages  have  been  installed  within  hollow  steel  rebar  and  sister  bars.  The  rebar  is  embedded  directly 
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into  the  matrix  for  structural  purposes  while  the  sister  bar  is  strapped  to  a  reinforcing  element  [13].  Several  bars  can  be 
joined  by  screwing  them  together. 

Other  vibrating  wire  sister  bar  strain  meters  have  been  used  in  concrete  structures  such  as  piles,  diaphragm/slurry  walls, 
bridge  abutments,  tunnel  lining,  dams,  and  foundations  [14].  Gages  have  even  been  embedded  within  a  membrane  to  monitor 
the  effects  associated  with  waterproofing  roof  systems  of  large  buildings  [15]. 

This  paper  discusses  the  research,  development,  and  design  considerations  used  to  produce  a  Structural  Information  System 
(SIS)  capable  of  characterizing  the  behavior  of  an  adaptive  reinforced  concrete  structure  designed  to  withstand  reverse 
loadings.  The  SIS  consists  of  a  collection  of  surface  mounted  and  embedded  sensors  connected  to  a  portable  computer.  The 
composite  structure  is  reinforced  with  hollow  carbon  fiber  tendons  equipped  with  embedded  strain  gages  and  the  work 
includes  theoretical  arguments,  polymer  concrete  mix  design,  concrete  testing,  reinforcement  selection  and  placement,  sensor 
selection  and  placement,  and  structural  testing  and  analysis. 

REINFORCED  CONCRETE  BEAM  DESIGN 

As  mentioned  previously,  the  evolution  of  STARS  included  a  transition  from  steel  to  graphite  mesh.  This  was  done  primarily 
because  graphite  is  ten  times  stronger  and  five  times  lighter  than  steel;  graphite  is  also  less  susceptible  to  corrosion. 
Similarly,  an  alternative  to  producing  instrumented  steel  rebar  is  to  manufacture  discrete  instrumented  hollow  carbon  fiber 
reinforced  polymer  (CFRP)  tendons  that  have  strain  gages  mounted  within  them.  But,  before  these  structural  elements  could 
be  embedded  within  a  cementitious  matrix  to  form  an  adaptive  structure,  it  was  necessary  to  characterize  their  material 
properties  and  structural  response  [16,17]. 

The  design  of  the  reinforced  concrete  beams  used  to  demonstrate  the  SIS  began  with  determining  their  dimensions.  In  order 
to  comply  with  ASTM  C78/C78M-10  [18],  the  standard  for  determining  flexural  strength  of  concrete  in  third-point  loading, 
the  height  and  width  of  the  beam  were  made  8.9  cm.  The  total  length  of  the  reinforced  concrete  section  was  established  at 
53.3  cm.  This  allowed  a  third-point  test  to  be  conducted  over  a  45.72  cm  long  span  comprised  of  three  equally  distant 
sections  that  were  15.24  cm  long.  The  central  span  constitutes  the  constant  moment  section  of  the  beam  where  measurements 
were  taken. 

As  illustrated  in  Fig.  1,  an  adaptive  section  was  constructed  by  placing  two  instrumented  tendons  symmetrically  in  the 
section.  The  carbon  tendons  had  an  inner  diameter  of  1.59  cm  and  a  wall  thickness  equal  to  1.02  mm. 
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Fig.  1  Typical  cross  section  of  the  reinforced  concrete  beam 

Each  reinforcing  element  consisted  of  two  equal  length  tendons  sections  spliced  together  at  center  span  in  order  to  facilitate 
strain  gage  placement.  The  5.08  cm  long  splice  had  an  inner  diameter  of  1.4  cm  and  an  outer  diameter  of  1.54  cm. 


A  strain  gage  was  placed  on  the  inner  surface  of  each  reinforcing  element  adjacent  to  the  splice  before  the  sections  were 
joined.  The  elements  were  rotated  so  that  these  gages  were  located  at  the  furthest  distance  from  the  centroid  of  the  beam. 
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The  tendons  were  suspended  within  a  wooden  mold  and  the  concrete  mix,  described  in  Table  1 ,  was  placed  over  them.  After 
the  beams  had  cured,  strain  gages  were  placed  at  mid  span  on  the  upper  and  lower  surfaces  of  the  beam. 

Table  1  Acrylic  SBR  mix  table 


SBR  mix 

Proportion 

Cement 

10.08  kg 

710.1  kg/m3 

B-79 

3.84  kg 

270.5  kg/m3 

Metakaolin 

0.6  kg 

42.27  kg/m3 

Water 

0.36  kg 

25.36  kg/m3 

Sika 

0.12  kg 

8.45  kg/m3 

Acrylic  SBR  latex 

4.8  kg 

338.1  kg/m3 

TEST  SETUP 

Figure  2  shows  a  photograph  of  the  test  apparatus.  The  upper  roller  extensions  were  placed  15.24  cm  apart,  and  the  lower 
roller  extensions  were  placed  45.7  cm  apart.  The  strain  gage  wires  from  the  gages  placed  within  the  tendons  and  on  the  free 
surfaces  of  the  beam  were  inserted  into  separate  channels  of  a  data  acquisition  system.  Wires  from  two  linear  variable 
differential  transformers  (LVDT's)  were  also  inserted  into  separate  channels  to  ascertain  the  central  deflection  of  the  beam 
but  the  deflection  of  the  crosshead  was  ultimately  used  to  establish  this  parameter. 


Fig.  2  Beam  situated  within  test  apparatus 

During  the  tests,  the  bottom  of  the  platen  moved  upwards.  Displacement  control  was  used  to  apply  load  to  the  beam  at  a  rate 
of  1.27  mm/min.  Wires  from  a  load  cell,  located  directly  above  the  upper  platen,  were  also  fed  into  the  data  acquisition 
system. 

RESULTS  AND  DISCUSSION 

A  total  of  four  beams  were  tested.  Figure  3  shows  plots  corresponding  to  strain  vs.  deflection  data  taken  from  the  strain 
gages  placed  within  the  tendons  in  beam  1;  a  load  vs.  deflection  plot  is  superimposed.  Note  that  the  ordinate  values 
correspond  to  both  strain  (jus)  and  load  (N).  Since  the  test  was  conducted  in  a  deflection  controlled  manner,  the  abscissa 
reflects  the  time  expended  during  the  test.  In  this  case,  the  duration  was  12  minutes  (15.14  mm/1.27  mm/min). 


Figure  4,  on  the  other  hand,  shows  plots  corresponding  to  strain  vs.  deflection  data  taken  from  the  strain  gages  mounted  on 
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the  upper  and  lower  surfaces  of  beam  1;  the  load  vs.  deflection  plot  is  also  superimposed. 

In  this  case,  the  beam  remained  intact  until  a  crack  developed  in  the  central  span  at  the  lower  surface  of  the  beam.  The  first 
crack  occurred  when  the  load  reached  1 1.64  kN.  The  crack  is  detected  by  the  gages  and  can  be  seen  as  jump  discontinuities 
in  the  load  and  strain  plots  for  both  the  tendons  (see  Fig.  3)  and  the  surface  mounted  gages  (see  Fig.  4). 
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Fig.  3  Beam  1  load  and  tendon  strain  plotted  as  a  function  of  crosshead  displacement 
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Fig.  4  Beam  1  load  and  concrete  strain  plotted  as  a  function  of  crosshead  displacement 

Prior  to  cracking,  the  strains  increase  monotonically  and  fairly  linearly  with  load.  The  strains  in  the  upper  tendon  and  top 
gage  are  compressive  while  those  in  the  lower  tendon  and  bottom  gage  are  tensile.  The  magnitudes  of  the  strains  in  the 
tendons  are  nearly  equal;  the  same  holds  true  for  the  magnitudes  of  the  strains  measured  on  the  surface.  Up  until  this  point, 
the  material  behavior  can  be  construed  as  linearly  elastic. 

Referring  to  the  plots  shown  in  Figs.  3  and  4,  immediately  after  the  first  crack  occurred,  the  load  dropped  from  1 1.64  kN  to 
8.12  kN.  The  strain  in  the  upper  tendon  decreased  slightly  from  -1074|ie  to  -851|is,  whereas  that  in  the  lower  tendon 
significantly  increased  from  1004|ie  to  1646|ie.  At  the  same  time,  the  strains  on  the  upper  and  lower  surfaces  both  decreased, 
slightly  more  on  the  lower  surface. 


The  distinct  shape  changes  which  occurred  in  the  strain  plots  reflected  the  stress  transfer  from  the  weakened  concrete,  located 
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in  the  tension  zone,  to  the  lower  tendon.  When  this  happened,  the  neutral  axis  of  the  beam  moved  upward  toward  the  top  of 
the  beam  but  remained  below  the  inside  top  portion  of  the  upper  tendon  where  the  strain  gage  was  located. 

Remarkably,  once  this  stress  transfer  occurred,  the  load  continued  to  increase  significantly  to  a  peak  value  of  15.94  kN,  at 
which  point  a  second  crack  was  observed.  This  crack  occurred  in  the  central  span  on  the  right  side  about  2.54  cm  inside  the 
right  upper  roller.  The  second  crack  extended  up  to  the  top  of  the  upper  tendon,  and  as  time  went  on,  propagated  lengthwise 
toward  the  center  of  the  beam. 

During  the  time  between  the  occurrences  of  the  first  and  second  cracks,  the  magnitudes  of  the  strains  in  the  tendons  and  on 
the  surfaces  increased,  except  for  a  slight  glitch  observed  approximately  midway  through  the  cycle.  This  anomaly  was  later 
attributed  to  slippage  of  the  lower  tendon  within  the  concrete  matrix. 

Following  the  drop  in  load  to  8.88  kN,  created  by  the  onset  of  the  second  crack,  the  load  increased  to  11.96  kN  as  the  crack 
on  the  right  side  continually  widened.  During  this  time,  the  compressive  strains  in  the  upper  and  lower  tendons  increased; 
from  -823 |i8  to  -1646|is  and  from  2901|is  to  4825 |ie,  respectively. 

At  this  point,  the  lower  tendon  began  to  fracture  which  resulted  in  a  decrease  in  strain  from  4825 (is  to  3096|is.  But  the 
failure  did  not  happen  instantly;  since  the  tendon  continued  to  sustain  a  tensile  strain.  When  the  fracture  occurred,  the 
compressive  strain  in  the  upper  tendon  dropped  from  -1646|ie  to  -112|is  (compressive)  before  gradually  changing  to  321|is 
(tensile,  and  finally  increasing  to  795|is  when  the  test  was  halted;  after  12  minutes  when  the  crosshead  deflection  was  15.24 
mm.  During  this  portion  of  the  loading  cycle,  the  strain  on  the  bottom  surface  remains  fairly  constant  at  about  950|is,  since 
the  central  section  was  completely  segmented.  At  the  same  time,  the  strain  on  the  top  surface  became  progressively  higher 
and  increased  to  -12,380|is  as  the  stresses  were  transferred  to  this  region. 

The  change  in  sign  of  the  strain  that  occurred  in  the  upper  tendon  indicated  that,  when  the  lower  tendon  fractured,  the  neutral 
axis  shifted  even  further  towards  the  top  of  the  beam,  beyond  the  inside  portion  of  the  upper  tendon  where  the  gage  was 
located.  At  this  point,  both  tendons  were  in  tension;  albeit  the  lower  tendon  had  already  fractured.  The  minor  glitches  in  the 
strain  plots  extracted  from  the  tendons  were  later  attributed  to  lateral  movement  (slippage)  which  occurred  as  the  bonds 
between  the  tendons  and  the  concrete  matrix  broke. 

It  is  significant  to  note  that  the  beam  sustained  a  load  only  slightly  less  than  that  which  corresponded  to  the  first  crack  (1 1.64 
kN)  despite  appreciable  deformation  and  readily  observable  damage  that  was  observed.  This  remarkable  performance  was 
attributed  mainly  to  the  symmetrical  distribution  of  the  tendons  in  the  section  and  partly  to  the  expansion  joints  created  by 
placing  the  splices  in  them.  The  result  was  so  unexpected  that  a  decision  was  made  to  extend  the  duration  of  the  next  three 
tests  to  see  how  much  deformation  a  beam  could  really  take  before  it  was  readily  apparent  that  it  would  collapse. 

Figure  5  shows  a  superposition  of  load  vs.  deflection  plots  corresponding  to  the  four  beams  tested. 
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It  is  readily  apparent  that  these  curves  provide  a  measure  of  structural  integrity  as  well  as  valuable  clues  regarding  how 
damage  took  place  and  progressed.  A  similar  conclusion  can  be  reached  regarding  the  output  from  the  sensors  in  the 
structural  information  system.  It  is  also  apparent  that  the  structural  performance  of  these  reinforced  concrete  beams  is  nearly 
the  same  up  to  the  first  crack  but  it  may  be  very  different  after  that.  The  discussions  included  below  show  that  it  is  possible 
to  produce  a  finite  element  model  that  accurately  characterizes  the  structural  behavior  and,  as  a  result,  a  structural 
information  system  containing  a  single  sensor  is  all  that  is  required  to  completely  define  the  displacement,  strain,  and  stress 
for  every  point  in  the  structure. 

FINITE  ELEMENT  ANALYSIS  (FEA)  OF  REINFORCED  CONCRETE  BEAMS:  CONCRETE 

A  finite  element  model  was  developed  to  quantify  the  structural  behavior  of  the  beams  while  they  remained  within  the  elastic 
range.  The  analysis  was  performed  using  NX  Nastran  and  Patran  2010.  The  model  was  developed  using  FEMAP,  imported 
into  Patran,  solved  in  Nastran,  and  then  post  processed  in  Patran.  The  beam  section  was  made  45.7  cm  long.  It  was  simply 
supported  on  the  bottom  at  both  ends  along  the  direction  of  the  width.  This  corresponded  to  the  position  of  the  bottom  rollers 
of  the  loading  frame  used  to  test  the  beams.  In  order  for  the  model  to  successfully  run,  a  single  fixed  point  was  required  to  be 
placed  somewhere  along  the  bottom  roller.  This  was  done  at  the  center  of  the  right  roller  for  reasons  of  symmetry  and 
convenience. 

The  finite  element  model  utilized  the  material  properties  gleaned  from  the  concrete  tests  and  the  tendon  tests.  For  the 
concrete,  modeled  as  an  isotropic  material,  Ec  =  3.82  GPa  and  v  =  0.255.  For  the  nominal  portion  of  the  fused  tendon,  EL  = 
98.6  GPa,  ET  =  13.03  GPa.  For  the  fused  portion  of  the  same  tendon,  EL  =  103.2  GPa,  ET  =  20.9  GPa.  A  Poisson's  ratio  of 
0.27  was  used  for  both  portions  of  the  fused  tendon. 

Since  the  model  was  developed  in  tandem  with  structural  testing,  deflections  and  strains  are  presented  for  a  simulated  load 
case  of  11.12  kN.  To  simulate  the  loads  placed  at  the  upper  rollers  at  the  15.24  cm  center  span,  a  5.56  kN  load  was 
distributed  along  the  width  of  the  beam  at  the  position  of  each  of  the  rollers.  These  two  loads  when  added  together  constitute 
the  11.12  kN  load.  This  load  case  was  selected  because  it  approximated  the  load  value  to  the  first  crack  of  the  first  two 
beams  tested.  Comparisons  are  made  with  test  results  by  multiplying  the  analytical  results  by  a  scale  factor  of  0.953  that 
reflects  the  average  load  to  the  first  crack  for  beams  1  through  4  which  was  10.61  kN. 

A  linear  elastic  constitutive  model  was  used,  because  it  was  assumed  that  the  deflections  occurred  within  the  linear  elastic 
range.  The  mesh  element  used  to  simulate  the  carbon  fiber  tube  was  a  2D  quadrilateral  shell  (or  plate)  element  called 
CQUAD4.  The  elements  were  assigned  a  thickness  of  0.89  mm,  corresponding  to  the  thickness  of  the  carbon  fiber  in  the 
1 .59  cm  diameter  tube. 

In  the  5.08  cm  long  region  of  the  fused  piece,  elements  were  assigned  a  thickness  of  1.73  mm.  This  accounts  for  the 
thickness  of  the  0.89  mm  tube  plus  that  of  the  0.84  mm  splice.  The  rest  of  the  fused  tube  was  correctly  aligned  by  assigning 
the  material  orientation  <0.  1.  0>,  which  aligned  the  tube  with  the  local  7  axis  coordinate  system. 

The  solid  elements  used  for  the  concrete  in  the  model  were  a  solid  hexagonal  element  called  CHEXA8.  Locations  of  node 
points  of  the  concrete  elements  in  the  region  of  the  tendons  were  joined  with  the  nodes  from  the  tendons  so  that  the  model 
would  perform  correctly. 

Figure  6  shows  a  contour  plot  of  the  strain  in  the  concrete  beam.  The  beam  model  is  oriented  so  that  the  strain  on  the  top  of 
the  beam  can  be  more  easily  identified.  By  inspecting  the  contour  plot,  the  color  of  the  top  of  the  beam  can  be  matched  with 
the  color  key  identifying  the  corresponding  range  of  strain  in  the  model.  In  the  small  region  over  which  the  gage  was  placed, 
strains  range  from  -1 170|ie  to  -1910|ie. 

In  order  to  more  precisely  determine  the  strain  in  the  top  of  the  concrete,  maximum  and  minimum  ranges  of  the  color  key  are 
modified  during  post-processing.  In  this  case,  -1170|ie  to  -1910|ie  are  inserted  and  results  obtained.  Then  the  process  is 
repeated  for  a  smaller  range.  This  produces  a  rendition  in  which  the  contour  plot  is  isolated  to  the  upper  surface  of  the  beam 
between  the  load  points  (see  Fig.  7).  Based  on  the  contour  plot  in  Fig.  7,  the  strain  at  the  very  center  of  the  span  ranges  from 
-1795|ie  to  -1806|i8,  with  an  average  of-1800.5|ie.  This  value  is  compared  to  the  test  results  of  the  beams. 
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Fig.  6  Concrete  strain,  oriented  to  show  strain  on  top 


Fig.  7  Concrete  strain  on  top,  with  strains  isolated  between  the  load  points 

FINITE  ELEMENT  ANALYSIS  (FEA)  OF  REINFORCED  CONCRETE  BEAMS:  TENDONS 

Figure  8  shows  a  contour  plot  of  the  strain  in  the  tendons.  The  beam  model  is  oriented  so  that  the  strain  on  the  top  of  the 
upper  tendon  can  be  more  easily  identified.  By  inspecting  the  contour  plot,  the  color  of  the  top  of  the  tendon  can  be  matched 
with  the  color  key  identifying  the  corresponding  range  of  strain  in  the  model.  This  shows  the  strain  range  in  the  top  of  the 
upper  tendon  in  the  region  where  the  gage  was  placed.  Those  values  range  from  -900|is  to  -1  IOOjis.  The  contour  plot  is  of 
the  maximum  strains  in  the  tendons,  so  the  figure  most  accurately  interprets  the  strains  on  the  outside  of  the  tendon.  Note 
that  the  strain  gage  was  placed  on  the  inside  of  the  tendon. 


In  order  to  more  precisely  determine  the  strain  in  the  top  of  the  upper  tendon  in  the  region  where  the  strain  gage  was  placed, 
maximum  and  minimum  ranges  of  the  color  key  are  again  modified  during  post-processing.  In  this  case,  -550|ie  to  -1  lOOjis 
are  inserted  and  results  obtained.  This  produces  a  picture  where  the  contour  plot  is  isolated  to  a  portion  of  the  upper  surface 
of  the  tendon  (see  Fig.  9).  The  contour  plot  in  Fig.  9  is  of  the  inner  strains  in  the  tendons,  so  the  figure  most  accurately 
interprets  the  strains  on  inside  of  the  upper  tendon.    Based  on  the  contour  plot,  the  strain  in  the  region  of  the  upper  gage 
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indicates  the  strain  ranges  between  -1063|ie  and  -HOOjie,  with  an  average  of  -1082|ie.  This  value  is  compared  to  the  test 
results  of  the  beams.  Close  inspection  of  the  contour  plots  in  Figs.  8  and  9  shows  that  there  is  a  longitudinal  strain  gradient 
along  the  length  of  the  tendon,  highest  in  the  region  just  beyond  the  center  of  the  fuse  piece. 


Fig.  8  Tendon  strain,  oriented  to  show  outer  strain  in  the  top  of  the  upper  tendon 


Fig.  9  Tendon  strain,  oriented  to  show  inner  strain  isolated  in  the  top  of  the  upper  tendon 
COMPARISON  OF  FEM  AND  SIS  RESULTS 


The  finite  element  model  was  designed  to  characterize  the  elastic  behavior  of  the  concrete  reinforced  beams.  A  comparison 
of  the  results  of  the  four  beams  corresponding  to  the  point  at  which  the  first  crack  occurred  was  performed  to  verify  the 
model.  The  average  load  to  the  first  crack  for  the  beams  was  10.61  kN.  The  finite  element  model  was  developed  in  tandem 
with  structural  testing;  deflections  and  strains  were  presented  for  a  simulated  load  case  of  11.12  kN.  Thus,  comparisons  can 
be  made  with  the  test  results  by  multiplying  the  analytical  results  by  a  scale  factor  of  0.953. 

Figure  10  shows  plots  corresponding  to  strain  vs.  deflection  data  taken  from  the  strain  gages  placed  within  the  upper  and 
lower  tendons,  respectively.    The  results  are  presented  for  all  four  beams  and  only  up  to  the  point  at  which  the  first  crack 
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occurred.  The  average  value  of  the  strain  in  the  upper  tendon  is  -101  ljus,  whereas  the  average  value  in  the  lower  tendon  is 
871.5jus.  The  strains  predicted  by  the  model  on  the  inner  surfaces  (see  Fig.  9)  were  equal  to  -1082jus  and  1135jus, 
respectively.  When  multiplied  by  the  scale  factor,  strains  of -1031  jus  and  1082 jus,  respectively,  are  predicted.  Assuming  that 
the  model  is  correct,  the  percentage  errors  are  1.9  and  19.5%,  respectively. 
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Fig.  10  Load  vs.  upper  tendon  strain  (left)  and  lower  tendon  strain  (right)  in  the  four  beams,  to  first  crack 

Figure  1 1  shows  plots  corresponding  to  strain  vs.  deflection  data  taken  from  the  strain  gages  placed  on  the  upper  and  lower 
surfaces,  respectively.  The  results  are  presented  for  all  four  beams  and  only  up  to  the  point  at  which  the  first  crack  occurred. 
The  average  value  of  the  strain  on  the  upper  surface  is  -1537.5jus,  whereas  the  average  value  on  the  lower  surface  is  1736jus. 
The  strains  predicted  by  the  model  on  the  upper  and  lower  surfaces  (see  Fig.  7)  were  equal  to  -1800.5jus  and  1861  jus, 
respectively.  When  multiplied  by  the  scale  factor,  strains  of  -1716jus  and  1774 jus,  respectively,  are  predicted.  Assuming  that 
the  model  is  correct,  the  percentage  errors  are  10.4  and  2.1%,  respectively. 
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Fig.  11  Load  vs.  top  concrete  strain  (left)  and  bottom  concrete  strain  (right)  in  the  four  beams,  to  first  crack 
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The  average  value  of  the  tensile  stress  on  the  lower  surface  was  6.63  MPa.  The  tensile  stress  predicted  by  the  model  is  7.58 
MPa.  When  multiplied  by  the  scale  factor,  a  tensile  stress  of  7.23  MPa  is  predicted.  Assuming  that  the  model  is  correct,  the 
percentage  errors  are  10.4  and  2.1%,  respectively. 
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Table  2  summarizes  the  load,  strain,  and  stress  to  the  first  crack  in  the  beams,  and  compares  them  to  the  results  obtained  from 
the  FEA.  Considering  that  there  are  deviations  in  the  strain  plots  from  beam  to  beam  and  that  the  strain  response  is 
somewhat  non-linear  just  before  the  beams  crack,  the  model  predicted  the  structural  behavior  quite  well.  If  the  beams  were 
placed  more  consistently,  the  model  may  have  done  even  better. 

Table  2  First  crack  summary  of  beams  1  through  4,  with  test  results  compared  to  FEA 


Beam  1 

Beam  2 

Beam  3 

Beam  4 

Beam  average 

FEA  result 

Load 

11.64  kN 

10.88  kN 

10.12  kN 

9.75  kN 

10.60  kN 

10.60  kN 

Upper 
tendon  strain 

-1074|ie 

-1255|i8 

-795|is 

-920jie 

-1011|LIS 

-1031jLis 

Lower 
tendon  strain 

1004|ie 

976|ie 

753|is 

753|ie 

871.5fie 

1082|i8 

Top 
concrete  strain 

-1869|ie 

-1576|i8 

-1269|ie 

-1436|is 

-1537.5|is 

-1716|ie 

Bottom 
concrete  strain 

1757|i8 

2259|i8 

1436|i8 

1492|ie 

1736u£ 

1774u£ 

Bottom 

concrete  stress 

6.72  MPa 

8.63  MPa 

5.49  MPa 

5.70  MPa 

6.63  MPa 

7.23  MPa 

There  is  also  a  possibility  of  tuning  the  model  with  the  data  extracted  from  the  structural  information  system  or  making  the 
model  more  sophisticated  by  incorporating  an  iterative  procedure  to  account  for  things  like  changes  in  the  elastic  modulus 
with  strain. 

HYBRID  ANALYSIS 

Provided  that  an  accurate  model  can  be  developed,  it  should  be  possible  to  monitor  the  strain  at  any  location  and  by  scaling 
the  reading,  predict  the  displacements,  strains  and  stresses  at  every  point  in  the  structure.  Although  this  approach  is  only 
valid  while  the  structure  is  in  the  elastic  range,  it  has  the  potential  to  change  the  way  in  which  structural  monitoring  is 
currently  performed  and  could  significantly  lessen  the  associated  work  and  cost. 

CONCLUSIONS 

This  paper  showed  that  a  structural  information  system  can  be  developed  to  monitor  an  adaptive  structure  designed  to  resist 
reverse  loadings.  The  primary  objective  was  to  insure  that  the  stress  in  the  materials  remained  within  the  elastic  range  so  that 
damage  did  not  occur. 

A  finite  element  model  was  developed  to  accurately  characterize  the  structural  response  in  the  elastic  range  and  a  hybrid 
approach  was  suggested  in  which  displacement,  strain,  and  stress  could  be  obtained  with  a  rudimentary  SIS  consisting  of  a 
single  embedded  sensor. 

The  ability  to  characterize  failure,  once  it  occurred,  was  also  demonstrated  by  analyzing  data  obtained  from  displacement- 
controlled  tests.  Results  indicated  that  splices  in  the  tendons  and  slippage  between  the  tendons  and  the  concrete  helped  to 
prevent  sudden  failure  and  allowed  the  structure  to  withstand  relatively  high  service  loads  despite  appreciable  deformation. 
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Abstract. 

Laser-generated  ultrasonic  guided  and  bulk  waves  are  increasingly  considered  for  the  nondestructive  testing  (NDT)  and 
structural  health  monitoring  of  engineering  systems.  Methods  based  on  the  use  of  pulsed  laser  or  continuum  laser  are  ideal 
when  a  non-contact  approach  for  the  generation  and  detection  of  stress  waves  is  desired. 

This  paper  presents  the  initial  progresses  of  an  ongoing  study  where  pulsed  laser  is  used  to  generate  stress  waves  in 
underwater  structures.  In  particular,  in  this  paper  we  show  the  results  of  few  experiments  where  stress  ultrasonic  waves  are 
generated  in  an  aluminum  block.  Owing  to  the  geometry  of  the  specimen,  ultrasonic  bulk  waves  are  generated  and  detected 
by  means  of  either  a  dry  or  an  immersion  transducer.  The  study  presented  here  aims  at  investigating  the  effect  of  certain 
water  parameters  on  the  ultrasonic  energy  propagating  through  the  specimen.  The  results  of  three  experiments  are  presented. 
In  the  first  experiment  the  effect  of  water  level  on  the  signal-to-noise  ratio  of  laser  generated  bulk  waves  was  evaluated. 
Then,  the  effect  of  laser  energy  was  studied.  Finally,  the  effect  of  water  temperature  on  the  amplitude  of  the  bulk  waves  was 
investigated.  With  the  exception  of  the  latter  experiment,  we  used  laser  pulses  at  1064  nm  and  532  nm  wavelengths. 

1.  Introduction. 

Reliable  and  efficient  nondestructive  testing  (NDT)  techniques  are  needed  to  ensure  the  performance  and  the  proper  response 
of  engineering  systems,  avoiding  failures  as  well  as  keeping  maintenance  costs  at  a  minimum.  Among  all  the  available 
methods,  laser  ultrasonic  testing  (LUT)  have  been  used  during  the  past  two  decades  years  to  perform  material 
characterization  and  to  assess  the  integrity  of  structures.  LUT  involves  the  generation  of  mechanical  waves  through  the 
focusing  of  a  laser  beam  on  the  surface  of  the  specimen  under  investigation  [1].  Monchalin  and  Scruby  demonstrated  that  a 
duration  pulse  in  the  order  of  few  nanoseconds  can  excite  a  very  broad  frequency  spectrum  which  is  in  the  DC-20  MHz  range 
[2,  3,  4].  Furthermore,  LUT  is  extremely  useful  in  all  those  NDT  applications  that  require  non-contact  generation  and 
detection  of  stress  waves,  easy  scanning,  accurate  displacement  calibration,  broad-  or  narrow-band  signal  generation, 
wideband  measurement,  and  applicability  to  curved  surfaces  [5]. 

Although  the  use  of  laser  ultrasonic  in  dry  surface  application  is  known  and  widespread,  and  the  investigation  of  liquid/solid 
interface  waves  with  laser  has  been  carried  out  by  few  researchers  [6,  7,  8],  very  little  attention  has  been  given  to  the 
application  of  laser  ultrasonic  techniques  for  the  NDT  of  immersed  structures  [9].  When  laser  travels  through  water,  it  is 
subjected  to  absorption  which  is  dependent  on  the  laser  wavelength.  Theisen-Kunde  et  al  studied  the  effect  of  water 
temperature  on  water  absorption  in  the  1920-1940  nm  wavelength  range  [10].  Han  et  al  successfully  detected  different  types 
of  laser-generated  waves  at  liquid  solid  interface  using  the  532  nm  wavelength  [11]. 
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In  this  paper,  we  present  the  results  of  three  series  of  experiments.  First,  we  studied  the  effect  of  water  absorption  on 
laser-generated  bulk  waves  at  1064  nm  and  532  nm  wavelengths.  Then,  the  effect  of  laser  energy  is  investigated  for  both 
wavelengths.  Finally,  the  effect  of  water  temperature  is  studied  for  the  532  nm  wavelength.  For  all  the  experiments,  we  used 
a  Q-switched  Nd:YAG  pulsed-laser  operating  either  at  1064  nm  or  at  532  nm  to  generate  stress  waves.  The  laser  beam  was 
focused  on  the  surface  of  the  specimen  in  order  to  deliver  a  point-source  of  one  millimetre.  In  order  to  achieve  this,  we  used  a 
mirror  and  a  plano-convex  lens  (PCX)  with  an  effective  focal  length  of  350  mm.  In  all  the  experiments,  an  aluminum  block 
with  dimension  255  x  150  x  50  mm  was  used.  The  longitudinal  speed  velocity  was  considered  equal  to  6.32  mm/usec  [l].The 
time  waveforms  were  digitized  using  an  oscilloscope  (LeCroy  44Xi  400  MHz)  and  post-processed  using  Matlab.  The  long- 
term  scope  of  our  research  is  to  develop  an  innovative  NDT  technique  based  on  laser  ultrasound  to  assess  the  integrity  of 
underwater  structures. 

1.     Effect  of  water  level 

Figure  1  shows  the  set-up  used  to  investigate  the  effect  of  water  level  on  the  signal-to-noise  (SNR)  of  the  laser-induced 
stress  waves.  In  particular,  a  plastic  pipe  50.8  mm  in  diameter  was  glued  on  the  aluminum  block  and  filled  with  water  at  a 
temperature  of  22  °C.  The  water  level  was  progressively  raised  from  12.7  mm  to  203.2  mm  at  12.7  mm  increments.  By 
means  of  the  mirror  and  the  PCX  lens,  the  laser  beam  was  delivered  trough  the  column  of  water  on  the  surface  of  the 
aluminium  block.  An  ultrasonic  transducer  (resonance  frequency  equal  to  1  MHz)  was  attached  on  the  opposite  surface  of  the 
block  to  detect  the  bulk  longitudinal  waves  generated  by  the  laser  pulses. 


Fig.  1  Experimental  set-up  used  in  the  water-level  test.  Photo  of  the  laser,  PCX  lens,  aluminum  block  and  pipe  filled  with  water 


1.1  Effect  of  water  level  -  Results. 

We  repeated  five  times  all  the  measurements  for  each  water  level  in  order  to  assess  the  repeatability  of  the  set-up.  This 
procedure  was  used  both  for  the  case  of  the  1064  nm  and  for  the  case  of  the  532  nm  wavelength.  The  correspondent  level  of 
energy  was  chosen  for  the  two  wavelengths  in  order  to  properly  compare  the  results.  In  particular,  we  chose  an  energy  level 
equal  to  1 70  mJ. 


Figure  2  shows  two  typical  time  waveforms  detected  at  a  water-level  equal  to  12.7  mm.  In  particular,  figure  2a  shows  the 
time  waveform  excited  with  the  1064  nm  wavelength  and  figure  2b  shows  the  time  waveform  excited  with  the  532  nm 
wavelength.  In  both  cases,  the  bulk  longitudinal  waves  are  perfectly  detectable  and  their  time  of  arrival  is  consistent  with  the 
expected  one,  i.e.,  7.9  usee.  The  low  frequency  components  that  are  visible  in  both  time  waveforms  are  still  under 
investigation.  Nevertheless,  it  was  possible  to  detect  and  distinguish  the  arrival  of  the  longitudinal  waves  with  remarkable 
precision.  The  peak-to-peak  amplitude  of  the  longitudinal  waves  was  extracted  and  plotted  as  a  function  of  the  water  level. 
Fig.  3a  shows  that  the  amplitude  of  the  longitudinal  waves  decays  with  a  quasi-exponential  behaviour  in  the  case  of  the  1064 
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nm  wavelength.  By  contrast,  Fig.  3b  shows  that  the  amplitude  of  the  longitudinal  waves  remains  almost  stable  in  the  case  of 
the  532  nm  wavelength. 
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Fig.  2  Laser-generated  time  waveforms  registered  at  12.7  mm  water  level,  (a)  1064  nm  (b)  532  nm 
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Fig.  3  Peak-to-peak  amplitude  as  a  function  of  the  water  level.  Effect  of  the  water  level  on  the  SNR  of  the  laser-induced  bulk  waves,  (a) 

1064  nm  and  (b)  532  nm 

In  the  first  case,  as  the  water  level  increases,  the  peak-to-peak  amplitude  of  the  bulk  wave  decreases  almost  exponentially. 
This  is  mainly  explained  by  water  absorption  because  at  1064  nm  wavelength  the  optical  absorption  coefficient  of  water  is 
approaching  unity.  However,  a  non  perfect  exponential  decay  suggests  that  other  phenomena  beside  water  absorption  can 
occur  at  this  wavelength.  The  plot  also  clearly  shows  a  good  repeatability  of  the  test.  In  the  second  case,  the  water  absorption 
has  little  effect  on  the  propagation  of  the  mechanical  waves.  In  fact,  the  peak-to-peak  amplitude  is  almost  constant  due  to  the 
fact  that  the  optical  absorption  coefficient  of  water  at  532  nm  wavelength  is  very  small.  The  graph  shows  that  an  amplitude- 
drop  occurs,  even  though  the  decrease  in  amplitude  is  almost  insignificant.  This  outcome  can  be  positively  exploited  in  the 
NDT  of  underwater  structures.  The  plot  also  shows  a  significant  repeatability  of  the  results. 


2.     Effect  of  laser  energy  for  a  fixed  water  level 

The  same  set-up  described  in  the  previous  section  was  adopted  to  investigate  the  effect  of  laser  energy  on  the  peak- 
to-peak  amplitude  of  laser-generated  bulk  waves.  In  this  series  of  experiments,  we  fixed  the  water  level  and  we  tested  the 
system  with  the  1064  nm  wavelength  and  with  the  532  nm  wavelength.  In  fact,  the  level  of  the  water  column  in  the  pipe  was 
kept  constant  at  50.8  mm  and  the  water  was  at  a  temperature  of  22°C.  We  chose  four  values  of  laser  energy  for  the  1064  nm 
wavelength  and  we  adopted  the  correspondent  energy  level  for  the  532  nm  wavelength  in  order  to  compare  the  results.  In 
particular,  the  energy  levels  were  equal  to  160  J,  170  J,  180  J,  190  J.  Figure  4  plots  the  energy  level  versus  the  peak-to-peak 
amplitude  of  the  laser-generated  bulk  waves.  Specifically,  figure  4a  presents  the  case  of  1064  nm  wavelength  and  figure  4b 
presents  the  case  of  532  nm  wavelength.  In  both  tests  a  good  repeatability  was  proven.  The  increase  of  amplitude  is  very 
small  for  the  case  of  the  1064  nm  wavelength.  It  is  argued  that  the  absorption  of  water  plays  a  key  role  in  this  case.  Even  a 
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significant  increase  in  the  laser-energy  level  will  not  increase  the  amplitude  of  the  signal  detected.  However,  this  will  not 
happen  in  the  case  of  the  532  nm  wavelength. 
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Fig.  4  Peak-to-peak  as  a  function  of  the  laser  energy  level,  (a)  1064  nm  and  (b)  532  nm 


In  fact,  it  can  be  noticed  that  a  significant  increase  in  amplitude  occurs  as  the  energy  intensity  increases.  This  can  be 
mainly  explained  with  the  fact  that  water  absorption  does  not  interfere  with  the  propagation  of  bulk  waves  at  532  nm. 
Therefore,  a  higher  laser  energy  level  will  result  into  higher  peak-to-peak  amplitude  of  the  signal.  It  can  also  be  noticed  that 
at  160  mJ  the  amplitude  for  the  532  nm  wavelength  is  smaller  than  the  amplitude  at  the  1064  nm  wavelength.  However,  as 
the  energy  level  increases,  the  amplitude  for  the  532  nm  increases  significantly.  In  particular,  at  190  mJ  the  amplitude  at  532 
nm  is  much  larger  than  the  amplitude  at  1064  nm.  Therefore,  as  the  level  of  energy  increases,  the  amplitude  of  the  signal 
increases  more  for  the  532  nm  wavelength  than  for  the  1064  nm  wavelength.  This  can  be  particularly  useful  for  the  NDT 
investigation  of  underwater  structures  by  means  of  laser  ultrasound  because  the  532  nm  wavelength  can  be  suitable  for  this 
type  of  applications. 

3.     Effect  of  water  temperature  on  bulk  waves-532nm. 

In  this  chapter  we  studied  the  effect  of  water  temperature  on  laser-induced  bulk  waves.  In  order  to  achieve  this,  two 
experiments  were  designed.  In  the  first  test,  the  surface  of  the  specimen  was  in  contact  with  air  except  for  the  small  portion  in 
contact  with  the  water  that  was  contained  in  the  pipe.  Therefore,  thermal  equilibrium  was  reached  between  the  column  of 
water  and  the  portion  of  the  specimen  surrounding  the  water  pipe.  In  the  second  test,  we  wanted  to  mitigate  the  thermal 
difference  between  the  column  of  water  in  the  pipe  and  the  whole  specimen.  Therefore,  we  filled  in  a  tank  with  water  and  we 
placed  the  aluminium  block  in  the  tank.  The  level  of  water  was  such  that  the  upper  surface  of  the  aluminium  block  was 
minimally  covered. 


3.1  Testl 


Figure  5  shows  the  setup  adopted  to  estimate  the  effect  of  water  temperature  on  the  ultrasonic  signal  strength. 
In  particular,  a  plastic  pipe  50.8  mm  in  diameter  was  glued  on  the  aluminum  block  and  filled  up  to  50.8  mm  with  water.  The 
temperature  of  the  water-column  in  the  pipe  was  initially  equal  to  68.3  °C.  Measurements  were  continuously  taken  until  the 
water  reached  the  thermal  equilibrium  with  the  ambient  at  22.8  °C.  By  means  of  the  mirror  and  the  PCX  lens,  the  laser  beam 
was  delivered  trough  the  column  of  water  on  the  surface  of  the  aluminium  block.  An  ultrasonic  transducer  (resonance 
frequency  equal  to  1  MHz)  was  attached  on  the  opposite  surface  of  the  block  to  detect  the  bulk  longitudinal  waves  generated 
by  the  laser  pulses.  The  aluminium  block  was  placed  on  four  wood  blocks  in  order  to  be  placed  at  a  height  that  could  have 
been  exploited  in  the  second  test  where  we  were  planning  to  use  an  immersion  transducer.  Based  on  the  previous  experiment, 
the  level  of  energy  was  equal  to  1 70mJ. 
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Fig.  5  Experimental  set-up  used  in  test  1.  Photo  of  the  laser,  PCX  lens,  aluminum  block  and  pipe  filled  with  water 


Figure  6  presents  the  peak-to-peak  value  of  the  signals  as  a  function  of  the  water  temperature.  As  the  water  temperature 
decreases,  the  amplitude  of  the  bulk  waves  slightly  increases  but  there  is  not  a  significant  change  in  the  peak-to-peak  value.  It 
is  argued  that  thermal  equilibrium  was  only  reached  between  the  column  of  water  and  the  portion  of  the  specimen  illuminated 
by  the  laser.  Therefore,  we  wanted  to  mitigate  the  thermal  difference  between  the  column  of  water  in  the  pipe  and  the  whole 
specimen.  In  fact,  we  considered  this  latter  case  as  the  one  that  better  represents  the  effect  of  water  temperature  on  the 
amplitude  of  laser-generated  bulk  waves. 
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Fig.  6  Test  1:  peak-to-peak  amplitude  as  a  function  of  the  temperature  for  the  532  nm  wavelength 


3.2  Test  2 


On  the  basis  of  the  previous  considerations,  a  different  test  was  conducted.  Figure  7  shows  the  setup  adopted  for  test  two. 
In  particular,  we  filled  in  a  tank  with  water  at  a  temperature  of  15°C.  The  level  of  water  was  such  that  the  upper  surface  of  the 
aluminium  block  was  minimally  covered.  After  few  hours,  the  temperature  of  the  aluminium  block  was  measured  to  be  the 
same  as  the  temperature  in  the  tank.  A  plastic  pipe  50.8  mm  in  diameter  was  glued  on  the  aluminum  block  and  filled  up  to 
50.8  mm  with  water.  The  temperature  of  the  water-column  in  the  pipe  was  initially  equal  to  70.8°C.  Measurements  were 
continuously  taken  until  the  water  reached  the  thermal  equilibrium  with  the  whole  aluminium  block.  By  means  of  the  mirror 
and  the  PCX  lens,  the  laser  beam  was  delivered  trough  the  column  of  water  on  the  surface  of  the  aluminium  block.  An 
immersion  piezoelectric  transducer  (resonance  frequency  equal  to  1  MHz)  was  placed  beneath  the  aluminum  block  with  a  lift 
off  distance  of  1 0  mm.  Then,  a  preamplifier  set  at  40dB  was  employed  to  improve  the  SNR.  Finally,  the  level  of  energy  was 
equal  to  170mJ. 
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Fig.  7  Experimental  set-up  used  in  test  2.  Photo  of  the  laser,  PCX  lens,  aluminum  block,  immersion  transducer  and  pipe  filled  with  water 

Figure  8  presents  the  peak-to-peak  value  as  a  function  of  the  water  temperature.  In  this  case,  the  trend  of  the  time  waveforms 
is  substantially  different  from  the  one  observed  in  test  one.  In  fact,  as  the  water  temperature  decreases,  the  amplitude  of  the 
bulk  waves  almost  stays  constant.  In  particular,  the  trend  line  can  be  approximated  as  a  polynomial  of  order  two.  It  is  argued 
that  a  better  thermal  equilibrium  was  reached  between  the  whole  specimen  and  the  column  of  water.  Therefore,  this  case  can 
be  representative  of  the  effect  of  water  temperature  on  the  amplitude  of  laser-generated  bulk  waves.  On  the  basis  of  this 
experiment,  we  can  say  that  the  temperature  does  not  affect  the  peak  to  peak  amplitude  of  laser-generated  bulk  waves  for  the 
case  of  the  532  nm  wavelength. 
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Fig.  8  Test  2:  peak-to-peak  amplitude  as  a  function  of  the  temperature  for  the  532  nm  wavelength 


4.     Conclusions 


This  paper  represents  the  experimental  phase  of  a  project  aimed  to  develop  a  new  NDE  technology  for  the  inspection  of 
underwater  structures.  We  proved  that  the  532  nm  wavelength  is  suitable  for  the  scope  while  the  1064  nm  wavelength  is  not. 
In  fact,  in  the  latter  case,  water  absorption  strongly  affects  the  propagation  of  laser-generated  bulk  waves.  We  observed  a 
quasi-exponential  amplitude  decay  of  the  signal  as  the  water  level  increased.  On  the  other  hand,  this  phenomenon  does  not 
occur  for  the  532  nm  wavelength.  In  fact,  the  amplitude  stayed  almost  stable  as  the  water  level  increased.  Furthermore,  a 
significant  increase  in  amplitude  can  be  achieved  by  employing  higher  energy  levels  for  the  case  of  the  532  nm  wavelength. 
This  results  in  an  additional  advantage  for  the  use  of  this  specific  wavelength  in  underwater  inspection.  Another  important 
outcome  is  the  fact  that  water  temperature  does  not  significantly  affect  the  SNR  of  the  laser- induced  stress  waves.  In  fact,  the 
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amplitude  of  the  signals  almost  stayed  stable  as  the  water  temperature  decreased  approaching  the  thermal  equilibrium 
between  the  specimen  and  the  environment. 
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ABSTRACT 

This  paper  describes  the  development  of  a  finite  element  model  for  the  7.62x39  mm  mild  steel  core  (MSC)  bullet.  The 
derivation  of  the  numerical  model  is  based  on  results  of  compression  testing  performed  on  bullet  components  and  bullets. 
The  material  constants  needed  are  obtained  using  an  iterative  approach,  where  numerical  models  of  the  compression  tests  are 
carried  out  to  match  the  force  displacement  response  of  the  tested  structures.  Later,  these  set  of  constants  are  refined  by 
comparing  predicted  deformed  shapes  against  those  observed  during  ballistic  impact  experiments.  Numerical  simulations  of 
the  7.62x39  mm  MSC  bullet  impacting  a  semi-infinite  rigid  plate  are  carried  out  over  a  range  of  impact  velocities,  and  the 
predicted  deformed  shapes  compared  to  experimental  shapes  obtained  with  the  help  of  high  speed  photography.  Soft 
recovery  of  cores  and  jackets  are  also  used  to  perform  comparisons  with  predicted  results.  It  was  found  that  our  constitutive 
and  damage  models,  implemented  in  ABAQUS  Explicit  were  able  to  accurately  predict  deformed  shapes  and  failure  modes 
without  any  predefined  defects  in  the  element  mesh. 
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INTRODUCTION  AND  OBJECTIVES 


This  paper  covers  the  work  done  to  obtain  a  physical  -  mathematical  representation  of  small  arms  ammunition  identified  as 
critical  for  the  successful  design  of  helmet,  based  on  results  of  mechanical  experiments,  and  validated  by  ballistic  testing. 
The  projectile  selected  is  the  one  fired  from  the  AK-47  Kalashnikov  assault  rifle.  The  reason  for  selecting  this  bullet  is  the 
immense  popularity  of  the  AK-47  Kalashnikov  assault  rifle  around  the  world  [1,2]. 

Among  the  factors  affecting  the  penetration  resistance  of  an  armor  system  are  the  characteristics  of  the  projectile,  mass, 
geometry  (length,  shape  and  caliber),  materials  (stiffness,  strength,  and  density),  and  initial  impact  conditions,  striking 
velocity,  and  impact  angle.  The  goal  of  this  study  is  to  characterize  the  response  of  one  type  of  bullets  fired  by  the  AK-47 
assault  rifle.  Objectives  included  obtaining  the  geometrical  shapes  of  each  bullet  components,  hardness,  and  material 
constants  at  low  (Is-1)  medium  (100  s"1)  and  ballistic  strain  rates. 


Steel  and  Copper  Jacket  Steel  Core  Lead  Filler 

Fig.  1  AK-47  Kalashnikov  assault  rifle  bullet  components 

To  obtain  geometrical  shapes,  bullets  were  cut  in  half,  using  water  jets  and  wire  EDM  techniques  (Figure  1).  For  each  bullet 
component,  geometric  profiles  were  recorded  5  times  using  a  profilometer  (Figure  3),  and  then  an  average  profile  was 
obtained  for  each  of  them.  Figure  4  shows  the  averages  profile  for  the  core,  the  filler  and  the  jacket.  As  it  can  be  shown  in 
Figure  4,  the  steel  core  is  flat  at  the  top,  instead  of  being  machined  to  a  point  as  it  is  the  case  with  Armor  Piercing  rounds 
(AP -Armor  Piercing,  a  bullet  intended  to  penetrate  without  deformation). 

Hardness  measurements  were  conducted  at  several  locations  for  each  bullet  component  (Figure  2),  and  the  average  results 
are  summarized  in  Table  1  [3]. 


Table  1  Rockwell  Hardness  for  7.62x39mm  MSC  components 


Component 

Hardnes 

s 

Copper  plated  Steel 
Jacket 

92HRB 

Steel  Core 

23HRC 

Fig.  2  AK-47  Hardness  measurements  of  bullet  components 

The  average  mass  of  whole  bullet  is  determined  to  be  7.93  g,  steel  core  has  a  mass  of  3.58  g,  while  copper  plated  steel 
jacket's  mass  is  2.15  g.  The  lead  filler  has  a  mass  of  2.2  g. 
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Fig.  3  Bullet  jacket  on  profilometer 


Copper-plated  Steel  Jacket 


Fig.  4  Projectile  composition 
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EXPERIMENTAL 


Compression  Test 

In  order  to  obtain  material  properties  of  both  copper  plated  steel  jacket  and  steel  core,  bullets  were  cut,  with  high  precision, 

by  water  jet  (Figure  5)  into  cylindrical  test  samples,  as  shown  on  Figure  5. 


Fig.  5  The  way  bullets  are  cut 


Fig.  6  Core  and  jacket  compression  test  samples 


The  average  mass  of  the  cylindrical  core  test  samples  is  2.08  g,  while  cylindrical  jacket  samples  have  a  mass  of  1.01  g. 
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Quasi-static  Compression  test  results 

First  set  of  compression  tests  are  performed  under  very  low  strain  rate  of  Is"1  on  samples  freely  positioned  between  flat 

platens  (Figure  7). 


Fig.  7  Quasi-static  compression  test  setup 


Figure  8  shows  the  average,  base  on  five  repetitions,  load-displacement  and  approximate  stress-strain  responses  for  the  bullet 
steel  core  cylinders  under  compression. 


80000 


70000 


60000 


50000 


■O  40000 
CO 

o 


1 

u 

2         4         6 

Displacement  (mm) 


2500 

2000 

1500 

V 

/♦ 

1000 

:  l 

2^*^ 

500 

n 

I    ^ 

0.00      0.10      0.20      0.30      0.40      0.50      0.60      0.70      0.80      0.90      1.00 
Strain 


Fig.  8  Steel  Core  Compression  Test  Result 


From  the  graph,  three  different  regimes  of  material's  response  to  compression  can  be  distinguished.  After  first,  elastic 

response,  with  the  modulus  of  elasticity  of  Ei=31.72  GPa,  and  yield  point  of  ay=362  MPa,  there  are  two  strain  hardening 

zones  with  stiffness  of  E2=1.24  GPa  and  E3=3.45  GPa,  respectively,  ending  by  load  increase  due  to  platen  to  platen 

compression. 

Figure  9  represents  copper  plated  steel  jacket  compression  test  results.  Jacket  showed  to  be  stiffer,  having  Young's  modulus 

of  E=42.5  GPa  as  well  as  higher  yield  strength  of  ay=603.3  MPa,  then  steel  core.  During  compression,  cylindrical  test 

sample,  after  reaching  the  Yield  point,  gets  crushed  including  two  buckling  modes,  indicated  by  two  peaks  on  the  graph. 
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Fig.  9  Steel  Jacket  Compression  Test  Result 

Moderate  strain  rate  compression  test 

The  moderate  strain  rate  compression  test  is  performed  on  MTS  machine  with  the  load  limit  of  30  kN,  and  speed  range  up  to 

17  m/s  (Figure  10). 


Fig.  10  High  strain  rate  test  setup 


Note  that  because  the  MTS  machine  was  not  been  able  to  maintain  the  loading  rate,  high  strength  steel  core  was  able  to 
compress  only  to  a  certain  point,  when  the  test  would  stop.  Therefore  the  results  on  Figure  1 1  are  valid  only  up  to  0.5  mm 
displacement  (shown  with  the  arrow).  After  that  point,  the  strain  rate  would  change  due  to  the  deceleration  of  the  test.  On  the 
other  hand,  the  test  of  steel  jacket  results  in  full  compression  of  the  sample,  with  two  buckling  modes,  as  shown  on  a  Figure 
12. 
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Fig.  11  Moderate  strain  rate  compression  test  results  of  a  steel  core 


Fig.  12  Moderate  strain  rate  compression  test  results  of  a  steel  jacket 


Compared,  quasi-static  and  moderate  strain  rate  compression  results,  for  both  bullet  core  and  jacket  (Figure  13),  show 
initially  stiffer  response  (marked  on  graphs)  of  both  core  and  jacket  at  higher  strain  rate.  However,  it  has  to  be  noted  that 
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even  moderate  strain  rate  of  100  s"1  (that  was  set  by  machine  limitation)  is  still  much  lower  than  strain  rates  that  projectile 
materials  experience  during  ballistic  event,  which  are  in  order  of  10,000  s"  . 
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Fig.  13  Test  strain  rate  comparison:  (a)  Core,  (b)  jacket 


Bullet  deformation  during  ballistic  impact  (semi  -  infinite  steel  plate  impact  test) 

The  objective  of  this  experiment  is  to  capture  bullet  dynamic  deformation  while  impacting  a  hardened  steel  block  (Taylor 
test)  [6].  The  test  setup  consists  of  a  light  source  illuminating  the  prjectile's  side,  while  impacting  the  steel  block,  and  two 
high  speed  cameras  capturing  images  of  the  projectile  deformation  during  the  impact.  Figure  14  shows  a  schematic  of  the 
experimental  set  up.  While  back  camera  serves  to  ensure  straightness  of  the  impacted  bullet  (Figure  15),  side  camera  images 
(shown  in  Model  validation  paragraph,  Figures  20  and  21)  are  used  to  determine  projectile  deformation  during  the  impact. 
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Side  camera 


Back  camera 


Test  chamber 


Steel  block 
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Light  source 


Fig.  14  Test  setup 


Fig.  15  Back  camera  view  of  a  bullet  impacting  steel  block 


NUMERICAL 

To  determine  the  elastic  and  inelastic  material  properties  of  the  material,  numerical  simulations  of  the  quasi-static  (1  s"1  strain 
rate)  and  moderate  strain  rate  (100  s"1)  compression  tests  of  bullet  components  (core  and  jacket)  were  performed  using 
ABAQUS/Explicit. 


660 

The  jacket  model  was  compressed  between  two  flat  rigid  plates  that  represent  the  boundary  condition  in  the  compression  test. 
The  AB  AQUS/Explicit  general  contact  algorithm  was  employed.  The  bottom  plate  was  fixed  in  space  and  the  bottom  of  the 
component  was  in  contact  with  the  bottom  plate.  The  top  plate  moved  slowly,  compressing  the  specimen,  to  simulate  the 
strain  rate  of  1  s"1  and  100  s"  .  A  similar  modeling  approach  was  used  to  simulate  the  core  and  bullet  compression  tests 
(Figures  16  and  17).  Initial  literature  values  for  common  material  were  used  and  load-deflection  curve  from  the  simulation 
were  compared  to  the  experimental  load-displacement  curve.  The  material  properties  were  determined  through  an  iteration 
process  in  which  the  load-deflection  curve  of  the  model  with  the  best  fit  for  the  experimental  load-displacement  curve  was 
chosen. 
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Fig.  16  Test  and  Model  -  Core 
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The  second  set  of  simulations  included  the  model  of  a  whole  bullet  under  quasi-static  (Is-1)  and  moderate  (100s-1)  strain  rate 
(MSR)  compression  test  using  the  material  properties  developed  with  the  numerical  simulation  of  the  individual  bullet 
components  (Figure  18).  Note  that  comparison  of  the  test  and  model  is  not  valid  after  14mm  of  compression.  After  that  point 


tested  bullets  would  start  to  buckle,  therefore  assumed  perfect  symmetry  of  the  model  is  not  applicable  any  more, 
objective  was  to  refine  the  constitutive  and  damage  models  for  the  materials  and  the  structural  response  of  bullet. 
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Fig.  18  Force-Displacement  MSR  Test  and  Model 


The  final  numerical  simulation  was  of  bullets  impacting  a  semi-infinite  rigid  plate  over  a  range  of  impact  velocities.  The 
predicted  failure  modes  and  deformed  shapes  were  compared  to  the  experimental  results.  The  objective  was  to  obtain  an 
accurate  representation  of  bullet  response  during  ballistic  impact. 


Description  of  the  model 

A  numerical  simulation  of  the  compression  test  requires  a  3D  model  of  the  bullet.  Three-dimensional  linear  brick  elements 
with  reduced  integration  were  used.  FE  model  characteristics  are  listed  in  Table  2.  The  bullet  and  bullet  components  are 
symmetrical.  Consequently,  only  a  quarter  of  the  specimen  tested  with  a  symmetric  boundary  was  considered.  The 
component  models  represent  the  exact  dimensions,  geometry  and  loading  conditions  as  the  specimen  tested. 
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Table  2  7.62x39mm  MSC  FE  Model  characteristics 


Element  Type 

C3D8R 

Number  of 
elements 

jacket 

2487 

core 

2148 

filler 

1704 

Adaptive  mesh 

Yes 

Hourglass  control 

Enhanced 

Bulk  Viscosity 

0 

Kinematic  formulation 

Orthogonal 

The  bullet  geometry  determined  by  the  coordinates  on  profilometer  (Figure  3  and  4)  was  used  to  create  the  non-linear  finite 
element  model  of  the  jacket,  filler  and  core  of  the  bullet  (Figure  19). 


Fig.  19  Bullet  Model  (core,  filler  and  shell) 


Material  Constitutive  Model 


In  general,  the  response  of  material  under  high-speed  impact  involves  consideration  of  the  effect  of  strain,  strain  rate  and 
temperature. 
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The  Johnson-Cook  material  model  with  strain  rate  dependence  [4]  was  used  in  the  simulation  to  define  the  inelastic  behavior 
of  the  bullet  materials. 


The  static  yield  stress,  Q0J  is  assumed  to  be  of  the  form 


<7°    = 


A  +  B(sPl   )](l-<9") 


(l) 


Pi 


Where  S         is  the  equivalent  plastic  strain  and  A,  B,  n  and  m  are  material  parameters  measured  at  or  below  the  transition 
temperature  9  transition.  9     is  the  non-dimensional  temperature  defined  as 


0    = 


o  ->  e  <  0,„ 


(0-9  ) 

-A transition)  Q  <  Q  <Q 

I  s\  q  \  transition  melt 

\    melt  transition  ) 


1  ->  0  >  0 


melt 


(2) 


Where  9  is  the  current  temperature,  9  meit  is  the  melt  temperature  and  9  transition  is  the  transition  temperature  defined  as  the  one 
at  or  below  which  there  is  no  temperature  dependence  on  the  expression  of  the  yield  stress. 

The  Johnson-Cook  strain  rate  dependence  assumes  that 


And 


<7«(s*,0)R(i*) 


-  pi 

8  p  =  £0  exp 


for  a    >  <7 


(3) 


(4) 


Where 

(J  :  yield  stress  at  nonzero  strain  rate 
£  p    :  equivalent  plastic  strain  rate 
Sr,  :  reference  strain  rate 


C:  material  parameters  measured  at  or  below  the  transition  temperature 
(7  \£  p  ,  0  ) :  is  the  static  yield  stress 

Ry£  p  J :  is  the  ratio  of  the  yield  stress  at  nonzero  strain  rate  to  the  static  yield  stress  (so  that   R\£0  J  =  1 .0) 
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The  elastic  behavior  of  the  material  was  defined  with  a  hydrodynamic  material  model,  in  which  the  pressure  is  defined  as  a 
function  of  the  density  and  the  internal  energy. 

Two  different  dynamic  failure  models  were  used  in  the  numerical  simulation. 

The  ABAQUS/Explicit  Johnson-Cook  dynamic  failure  model  was  used  for  the  lead  material,  since  the  filler  of  the  7.62x39 
mm  Mild  Steel  Core  (MSC)  bullet  are  made  out  of  lead. 

The  ABAQSU/Explicit  progressive  damage  and  failure  model  was  used  for  the  steel  material,  in  order  to  simulate  the  core 
and  jacket  of  the  7.62x39  mm  Mild  Steel  Core  (MSC)  bullet  that  are  made  out  of  steel. 


Dynamic  Failure  Model  for  Lead  Material 

The  Johnson-Cook  dynamic  failure  model  [5]  which  is  suitable  for  high-strain  rate  deformation  of  metals  was  used  to  define 
the  lead  failure  in  the  high  speed  ballistic  impact  simulation.  This  dynamic  failure  mode  is  available  in  ABAQUS/Explicit. 

The  model  assumes  that  the  equivalent  plastic  strain  at  the  onset  of  damage,     8  F   ,  is  a  function  of  stress  triaxiality  and 
strain  rate.  The  failure  is  assumed  to  occur  when  the  damage  parameter  exceeds  1.  The  damage  parameter,  oo,  is  defined  as 


CO 


=Z 


rM^ 


ySf 


Pi 


(5) 


Where  As  p    is  an  increment  of  the  equivalent  plastic  strain,  8  F   is  the  strain  at  failure,  and  the  summation  is  performed 


pi 


over  all  increments  in  the  analysis.  The  strain  at  failure,  8  F    ,  is  assumed  to  be  dependent  on  a  non-dimensional  plastic 


strain  rate, 


§" 


.  a  dimensionless  pressure-deviatoric  stress  ratio,  p/q,  where  p  is  the  pressure  and  q  is  the  Mises  stress; 


and  the  non-dimensional  temperature  6    .  The  dependencies 
are  of  the  form 


pi  _ 


dx  +  d2  exp 


q 


1  +  d4  In 


ri*\ 


V   so    J 


{i+d50 ) 


(6) 


Where  di  to  d5  are  failure  parameters  measured  at  or  below  the  transition  temperature. 

Dynamic  Failure  Model  for  Steel  Material 

ABAQUS/Explicit  offers  a  general  capability  to  predict  progressive  damage  and  failure.  The  capability  supports  the 
specification  of  damage  initiation  criteria  and  damage  evolution. 

The  Johnson-Cook  damage  criterion  was  used  in  the  simulation,  which  is  defined  in  equation  (7). 

The  damage  evolution  was  based  on  effective  plastic  displacement,  which  is  defined  with  the  evolution  equation 


U 


7    Pl   - 


=  Ls 


Pi 


(7) 


where  L  is  the  characteristic  length  of  the  element 
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Table  3  Bullet  Material  Properties 


Johnson  -  Cook  Plasticity  Material  Model 

Bullet  Component 

A  [MPa] 

B  [MPa] 

n 

m 

C 

7.62x39mmMSC-core 

234.4 

413.8 

0.25 

1.03 

0.00333 

7.62x39mm  MSC-jacket 

448.2 

303.4 

0.15 

1.03 

0.00333 

Lead-filler 

10.3 

41.3 

0.21 

1.03 

0.00333 

Johnson  -  Cook  Dynamic  Failure  Model 

Bullet  component 

di 

d2 

d3 

d4 

d5 

Steel  core 

5.625 

0.3 

-7.2 

-0.0123 

0 

7.62x39mm  MSC-jacket 

2.25 

0.0005 

-3.6 

-0.0123 

0 

Lead  filler 

0.25 

0 

0 

0 

0 

Damage  Evolution  Type  displacement  =0.0001 

Mie-Griineisen  Equation  of  State  (used  on  all  the  materials) 

c0=  4.569E6  mm/s 

s=1.4 

IW.93 

Linear  Elastic  Shear  Modulus  G  =  9.446E3  MPa 
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Validation  of  Numerical  Model 

A  series  of  high  speed  ballistic  impact  test  simulations  were  performed  for  bullets  with  velocities  ranging  from  120  m/s  to 
600  m/s.  The  ABAQUS/Explicit  general  contact  was  employed  to  simulate  contact  between  the  projectile  and  the  plate.  This 
contact  algorithm  was  also  used  to  simulate  the  interaction  between  the  different  bullet  components,  such  as  the  interaction 
between  the  core  and  jacket  and/or  interaction  between  core,  filler  and  jacket.  During  the  bullet  impact,  the  petals  that 
developed  bend  until  they  come  into  contact  with  the  hardened  steel  plate.  The  self-contact  algorithm  was  used  to  consider 
this  interaction. 


Fig.  20  A  comparison  of  projectile  side  view  impact  and  numerical  simulation  of  an  MSC  Bullet 
traveling  at  253  m/s  and  impacting  a  hardened  steel  plate  (all  dimensions  in  mm) 


Fig.  21  A  comparison  of  projectile  side  view  impact  and  numerical  simulation  of  an  MSC  Bullet 
traveling  at  562  m/s  and  impacting  a  hardened  steel  plate  (all  dimensions  in  mm) 


Figures  20  and  21  show  a  comparison  between  the  experiment  and  the  model  of  a  bullet  impacting  steel  plate  at  253  m/s  and 
562  m/s,  respectively.  It  can  be  seen  that  the  model  accurately  represents  deformed  shapes  and  failure  modes. 
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The  predicted  versus  actual  bullet  diameter  change  for  a  range  of  velocities  are  plotted  on  Figure  22.  Again,  the  predicted 
bullet  deformations  are  in  good  correlation  with  the  measured  diameter  change. 
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Fig.  22  A  comparison  of  maximum  deformed  diameter  of  bullet  after  impacting  a  hardened  steel  plate  and  numerical 
simulation  of  an  MSC  bullet  traveling  at  various  velocities  and  impacting  a  hardened  steel  plate 


CONCLUSION 

In  order  to  develop  a  constitutive  and  damage  models  of  7.62x39  mm  mild  steel  core  (MSC)  bullet  for  nonlinear  FE  analysis, 
series  of  mechanical  experiments  are  performed  on  bullet  and  bullet  components,  including  quasistatic  and  moderate  strain 
rate  compression  tests.  Exact  geometry  and  dimensions  of  each  bullet's  component  is  obtained  using  profilometer.  Numerical 
simulations  of  a  bullet  impacting  a  semi-infinite  rigid  plate  are  carried  out  over  a  range  of  impact  velocities,  and  the 
predicted  failures  modes  and  deformed  shapes  compared  to  experimental  results  obtained  using  high  speed  cameras.  It  was 
found  that  the  models,  implemented  in  ABAQUS  Explicit  were  able  to  accurately  predict  deformed  shapes  and  failure 
modes  without  any  predefined  defects  in  the  element  mesh.  These  validated  models  form  part  of  a  growing  set  of  tools  within 
DuPont  to  study  energy  absorption  and  dissipation  mechanisms  during  the  ballistic  impact  of  fibrous  armor.  This  in  turns 
should  help  with  the  design  of  better  armor  structures  such  as  helmets,  small  arm  protection  inserts  and  vehicle  armor. 
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